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INTRODUCTION 

I am delighted that Professor Opitz has accepted our 
invitation to present the opening address to this 
Conference. As a scientist, researcher, teacher and 
adviser to universities and industry Professor Opitz 
needs no introduction. The laboratory which he 
created after his appointment to the Chair of machine 
tools and production technology at the Technical 
University Achen in 1936, and which today is one of 
the most, if not the most important laboratory of its 
kind in the world, can speak louder and with more 
emphasis than any words of mine could hope to 
achieve. 

There is practically no aspect in the academic and 
industrial field concerned with production 
engineering which has not in some way been 
positively influenced by the work carried out in the 
Aachen laboratory. His studies of tool wear and 
machinability have resulted in the development of 
new methods and materials. His research into high 
speed grinding has led to considerable progress both 
inside and outside Europe. His proposals for and 
contributions to workpiece classification, part family 
manufacture, group technology, computer-aided 
design and NC programming languages have enhanced 
the efficiency of many industrial organisations. 

When last June Professor Opitz mentioned that the 
1971 Aachen Kolloquium may be the last to take 
place under his leadership our selfish interests made 
us suddenly think of the fact that the 1971 Inter
national Machine Tool Design and Research 
Conference in Manchester may be the last which he 
would attend when still in office at Aachen. 

The organisers of our International Machine Tool 
Design and Research Conferences owe a particular 
debt of gratitude to Professor Opitz, because from 
the first and very modest beginning until today he has 
given us not only his wholehearted support, but also 
his active participation to every one of the 12 
conferences which took place between 1960 and 
today. His positive contributions have enhanced the 
value of the conferences and his moral support has 
given great encouragement to the organisers. 

I must mention in this connection that we in 
Manchester are especially indebted to Professor Opitz 
for his advice as external examiner in our post
graduate courses which has strengthened the impact 
on our young engineers who specialise in the field of 
machine tools. I am also sure that the regular 

exchange of staff between Aachen and Manchester 
has been of benefit to all concerned. 

During his long and distinguished career Professor 
Opitz has been invited to carry out many duties 
which not only brought honour to him but also great 
benefit to those for whom they were performed. 
Mention may be made of his two terms of office as 
Rector of the Technical University Aachen, his 
membership of many research committees and work
ing groups at national and international level and in 
particular his Presidency of the International Institute 
of Production Engineering Research {CIRP). Univer
sities and public bodies of many countries have 
honoured him; the Universities of Louvain, Strath
clyde and Cincinnati have conferred on him honorary 
doctorates, and we are particularly proud that he also 
accepted the honorary fellowship of UMIST. In 
addition to this he has received many decorations 
from engineering associations and governments. 

Through the success of his work Professor Opitz 
has proved that the needs of the machine tool manu
facturing and user industry can be fully covered only 
if the approach of a teaching and research unit is 
geared towards its special problems rather than being 
dictated by the requirements of a general engineering 
discipline. We are aware of the fact that Universities 
must play an ever increasing part in the development 
of machine tool technology as well as production 
engineering in this country. We know that this can be 
done most efficiently only if the role of the 
university, both in the line of research and teaching, 
is backed by efforts to anticipate the needs of this 
specialised field. Professor Opitz has proved that this 
is possible if a committed and professional interest 
exists across a diversity of the disciplines involved and 
if work is planned and carried out in an independent 
manner completely devoted to the needs of the 
machine tool manufacturing and using industry. 

We at UMIST have every intention of continuing 
to work along this path on which regrettably we have 
only been able to proceed at a relatively slow pace. 
We have no doubt, however, that we shall succeed in 
achieving the aims which we set ourselves and for the 
purpose of which we are organising this conference. It 
gives me great pleasure to ask Professor Opitz to 
declare the 12th International Machine Tool Design 
and Research Conference open. 

F Koenigsberger 
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OPENING ADDRESS 
Professor Dr-Ing, Dres he, H. Opitz, Laboratorium fur Werkzeugmaschinen 

und Betriebslehre der Technischen Hochschule Aachen, West Germany 

Production engineering in industry will soon have to 
undergo some considerable changes because in the 
long run it will be impossible to adapt by conven
tional means existing production plant and equip
ment to future requirements. Forecasts for the year 
2000 predict a nine-fold increase in turnover 
compared with 1960; at the same time only a small 
increase in population has been predicted for 
industrial nations. With decreasing working hours this 
situation leads to the necessity of increasing consider
ably the required productivity per worker. 

Moreover, it is known that the cycles of 
innovation become shorter and shorter and only 
those who will realise future developments in good 
time and adjust themselves accordingly, will be able 
to survive. It is also necessary to stress here the fact 
that we do not aim at technical progress merely for 
its own sake but that economic and social political 
requirements demand a higher volume of production 
at lower costs for the single product and with reduced 
human effort. It is clear already today that these tasks 
will only be solved in the near future by a much 
wider application of electronic data processing equip
ment in all fields of industrial organisation, as this 
will no doubt become the foundation for the rational
ization of the whole production process. The term 
'production process' covers in this connection all 
activities which are immediately concerned with the 
manufacture of a new product from design and 
production planning to complete manufacture. 

The development of the necessary basic principles 
on the one hand for the design of suitable manufac
turing systems, on the other, for the provision of the 
necessary hardware and software, will be a major task 
of the machine tool industry in years to come. It will, 
however, no longer be possible to carry out this task 
within one industrial organisation, due to the actual 
size of the companies in question. 

The development of the last few decades has 
shown that the path leading to success in research and 
development has become more and more difficult. 
The effort for each improvement increases corres
pondingly to the concept of diminishing returns in 
such a manner that, different from former times, even 
a small step forward is only possible at very high 
financial effort. 

Taylor could achieve his pioneering successes, 
when he developed high speed steel, without great 
cost by using the production plant in his workshops 
for his experiments. Today research and development 
in the field of production engineering requires not 
only highly qualified staff but also very costly plant 
and equipment. The necessary means are so consider
able that a single company can provide only part of it 
at the most. The only way to success-this is an 
unavoidable condition for survival in the markets of 
tomorrow-is an all embracing co-ordination of all 
efforts in the fields of research and development, in 
which industry, universities and government depart
ments work closely together and join in making avail
able the required financial means. 

These problems must be solved by co-operative 
research because they are of a fundamental nature 
and generate new solutions. When planning the neces
sary work it is, however, important to guard against 
too narrow a concept of 'fundamental research' 
purely for ideological reasons. With the increasing 
complexity of the problems which have to be solved, 
the boundaries between fundamental and applied 
research become more fluid, especially in view of the 
fact that the scientific methods are always the same. 

Within the framework of such plans the single 
company will have enough scope to adapt the jointly 
found solutions to its specific requirements and to 
amplify them by further development. For this 
reason such co-operation need not lead to a reduction 
in the ability of the various companies to remain 
competitive with each other. 

This concept of University- Industry collaboration 
has proved very successful in Germany. As an 
example you may be interested to know that after 
more than 35 years of such co-operation, today a 
considerable proportion of my laboratory budget is 
in fact financed by research contracts from industry. 
I must stress that in this connection the consultative 
activity of the laboratory plays a very minor role. The 
majority of the contracts are research projects based 
on a systematic and fundamental approach, and they 
are frequently extended over several years. 

Our research activity in Aachen covers the very 
wide range of work needed by our metalworking 
industry. The research staff are divided in four groups 
which are devoted to the problems of production 
control and management, metal cutting, machine tool 
design and numerical control. There is also a compre
hensive supporting staff. The machine tool design 
group, for example, is concerned with a range of 
investigations into the behaviour of machine tools 
including studies of chatter, kinematic accuracy, the 
static and dynamic stiffness of structures and the 
design of machine tool components. 

The manner in which the different projects are in 
fact approached will always be adapted to the specific 
requirements. For example in the field of gear wheel 
and gear drive investigations a working group has 
been established between the laboratory and the 
majority of well known German manufacturers of 
gear cutting machines and gear drives. This working 
group deals with problems which are of interest to all. 
The current range of studies include the determin
ation of gear drive stiffness, the life testing of gears 
and the optimum design of bevel gears. Once a year 
the results are presented at a working meeting and 
subsequent progress planning adjusted accordingly. 
This is one example of many. 

The co-operation between the laboratory and 
single firms or whole groups of companies has proved 
most advantageous to all concerned. The continual 
and close contact generates a lively exchange of 
opinions between the partners. This assures on the 
one hand that the research work is oriented towards 
the needs and possibilities of practical industry, on 



the other if offers the participating companies the 
very important opportunity of recognising the latest 
trends and considering them within their own 
development work. The participation of Government 
departments in the financing of many projects also 
ensures that the research results will be available to all 
those who are interested. There is in fact an obli
gation to publish, generally immediately, but at the 
latest within two years of completing a project. 

Such research projects can be carried out to the 
benefit of all concerned only when they are tuned to 
the needs of all partners. Some specific requirements 
put forward by companies who provide financial 
support may, of course, be accommodated within 
limits. The partnership with the industrial organi
sation must not result, however, in the freedom of 
research at universities being restrained. From my 
many years experience as Director of the Aachen 
Laboratory. I can state without hesitation that 
insoluble conflicts between the interested parties can 
always be avoided when the discussion is maintained 
at a factual scientific level. To date it has always been 
possible to come to a general agreement and I have no 
doubt that this will also be the case in future. 

In conclusion may I emphasise the following 
point. The task which I have sketched requires that 
the specifications for staff and equipment of a 
successful research laboratory in the field of machine 
tools exceed those normally encountered in classical 
mechanical engineering. On the other hand the rapid 
technological developments have Jed to a considerable 
splintering into many special subjects. However the 
complexity of the problems which must be solved in 
connection with the new manufacturing methods and 
technological processes requires close co-operation 
between the various specialists because a single person 
will rarely if ever be able to solve all problems on his 
own. Interdisciplinary co-operation must, therefore, 
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be a basic principle in all research laboratories. The 
combination of scientific fundamental work in 
different fields is one of the most important found
ations for successful research in engineering as a 
whole. This is why advances in production tech
nology would be impossible without the co-operation 
of such different disciplines as classical mechanical 
engineering, materials science, electronics, control 
engineering, as well as factory organisation, manage
ment and economics. 

For these reasons I am convinced that the re
organisation of the machine tool division at UMIST as 
planned by my colleague Koenigsberger represents an 
important step in the creation of a forward-looking 
concept for such a research establishment. From my 
experience over many years I can, therefore, strongly 
recommend the realisation of these plans. 

When work of the kind I described is proceeding at 
a satisfactory level and an acceptable rate, there 
remains still the problem of communication between 
the various interested people. It is over twenty years 
ago that we started for this purpose the Aachen 
Machine Tool Colloquia. Over the years we modified 
the arrangements until we had arrived at what 
appeared to us the most efficient form of communi
cation. Nevertheless, the undoubted success, which is 
perhaps best expressed by the number of participants 
consistently growing until this year we had some 
2000 people taking part, seems to indicate the value 
which industrialists and research workers attribute to 
such occasions. I have, therefore, watched with 
particular interest the progress of your International 
Machine Tool Design and Research Conferences in 
Birmingham and Manchester, and here again I am 
convinced that you are proceeding in the right direc
tion. It gives me great pleasure, therefore, to declare 
the 12th Conference open and to wish it every 
success. 
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ADAPTIVE CONTROL FOR TURNING 
OPERATIONS 

Dr. Ing. A. LEDERGERBER* ** 

SUMMARY 

This report initially deals with the basic considerations which have led to the development of control systems 
allowing more automation of the machining cycle than was possible in the past. A description of the system used 
for a new adaptive control indicates that such adaptive control of machine tools not only caters for optimized 
automatic production but also considerably reduces the programming effort, in comparison with the conventional 
programming, when the distribution of cuts is not automated. 

The results of a cost comparison for machining two workpieces show that the economical advantages which 
can be achieved by employing adaptive control for turning operations justify investment in such systems. 

Increasing utilization of adaptive control systems in their different versions is to be expected, precisely because 
such systems contribute towards the automation of small batch production, and therefore consistently expand 
the development trends originating from the introduction of numerical control. 

INTRODUCTION 

Efforts towards the development of new production 
techniques have a common aim, namely, to produce 
the workpiece defined by the designer in the form of 
a drawing with the requisite accuracy, while involv
ing the least possible effort and expenditure. Thus, 
very highly automated methods and machine set-ups 
were developed some considerable time ago, in par
ticular to deal with medium and large batch production 
problems. In comparison with machines in small
batch or one-off production, such machine systems 
operate at lower production costs per workpiece. 
This is possible because the machines use, as well as 
their tooling equipment and information, stores such 
as cams, stops or trip-dog rails, always designed for 
machining only one specific workpiece as defined by 
the drawing. As a rule, test runs are carried out to 
optimize the production cycle before starting up the 
machine system, and final corrections are made dur
ing the setting of each machine, these corrections 
being necessary to fulfil the intentions shown in Fig. I. 
As regards adaptive control, the following points are 
of particular significance: 

Feed and speed corrections in order to: 
• shorten cutting times; 
• cater for tensile strength differences in workpieces 
originating from different charge batches or to cover 
definite workpiece zones; 

• adapt machining data to output capacity and 
dynamic behaviour of the machine; 
• adapt to the 'state of wear' of tools; 
achieve the required surface finish and profile accuracy. 

Accordingly, corrections of tool traverses and tool 

I FEEDS AND SPEEDS n TOOL TRAVERSES 
AND POSITIONS 

1. Shortening of 1. Shortening of idle 
cutting times times 

2. Adoption of tool life 2. Catering for modified 
periods for various blank dimensions 
tools in a tool set 

3. Dimensional corrections 
3. Tensile strength caused through 

differences of workpieces 
(a) deflections originating from 

different charges or (b) tool wear differences over certain 
workpiece zones 

4. Adoption or machine 
output rating and its m WORKPIECE 
dynamic behaviour HANDLING 

5. Adoption of state of 1. Catering for modified 
wear of tooling blank dimensions 

6. Achievement of prescribed 2. Shortening of idle 
surface finish and profile times 
accuracy 

7 Improved chip disposal 

Fig. 1 Correction of production systems. 

*Werkzeugmaschinenfabrik Gildemeister & Camp. AG., Bielefeld 
*Translated from the German by: J. H. Hayes, CEng. FIMechE, FIProdE, FIL, Hayes Engineering Services, 
7 Hawtrees, Radlett, Hertfordshire. 
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positions are effected to avoid idle traverses and thus 
idle times. This is of particular importance when 
blank dimensions change or when these differ within 
a batch. 

For one-off and small-batch production, these 
considerations are essential in view of production 
costs, because in these cases the causes for any correc
tions required are the same. However, the salient 
difference is in assessing the economy of a change in 
machining data. 

In terms of economics, correction is not justifiable 
if effort and expenditure for establishing the need 
and for carrying out the correction are greater than 
the result ultimately achieved. Consequently-and 
especially in one-off and small-batch production
subsequent adaption of production data is the more 
justifiable in economic terms, the more rapidly and 
accurately the need can be established and correction 
effected. 

THE OBJECTS OF ADAPTIVE CONTROL 

In conventional programming-quite independently 
of program storage method-all data such as speeds, 
feeds and traverses must always take into consider
ation the extreme values occurring within a work
piece batch. To give an example, Fig. 2 shows the 

Without 
adapt ion 

Upper forging tolerance 

Lower forging tolerance 

Finished part 

Fig. 2 Conventional distribution of cuts on forged blanks. 

conditions when setting the traverses for turning 
forged blanks. To make sure that the tool does not 
traverse on any of the workpieces within a batch 
'into' the blank at rapid traverse rate, the changeover 
from rapid traverse to working feed has to occur at a 
coordinate point outside the maximum blank toler
ance. As a result, the tool has to cover a greater or 
lesser idle traverse after changing over to working 
feed and therefore 'cuts air' on most of the work
pieces. The time required for this is irretrievably lost. 
Similar conditions apply with regard to cutting speed 
and feed-rates on workpieces with varying hardnesses 
or in the case of tool wear. 

It is the object of any adaptive control to improve 
these conditions, and to influence the machining 
cycle in such a way that the cycle is optimized, con
sidering fully all those factors which affect it. 

Making such an ACO (Adaptive Control, Optimiz-

ation) system a reality would demand expenditure 
which at this stage cannot yet be fully appreciated, 
and which is only likely to be justit1able in extremely 
rare cases. In practice, it will suffice to optimize the 
machining process within pre-established limits and 
with regard to certain machining parameters. Whether 
in this case only one or several variable factors are 
included in the control depends on the machining 
operations involved and on the result of economic 
calculations. 

A control system of this type would be defined by 
ACC (Adaptive Control, Constraint). 

Regardless of whether attempts are made to 
provide an ACO or ACC system, it is initially essential 
to clarify how the machining process is to run off and 
what influence the individual machining parameters 
are to have. Answering these questions represents the 
actual problem and at the same time the key to its 
solution. The result of this initial, and simultaneously 
most important partial solution, is the definition of 
an adaption programme which determines the criteria 
controlling the adaption process. 

ACC for turning operations 
The following details are intended to describe a 
method employed for adaptive control in turning. In 
comparison with known adaption methods, the 
salient difference lies in the adaption programme 
used, this obviating extensive computer operations. 

In this case, the adaption programme starts out 
from a constant pre-selected cutting speed. The speed 
of rotation is then adapted in relation to the work
piece diameter handled and this through a variation 
facility and d.c. drive. The significance of a pre
selected cutting speed is indicated by Fig. 3. The 3-D 

Workpiece material Cm 55 N 

Tool material HMP15 

Depth of cut a = 3 mm 

Tool geometry :-

a 

Dntn for establishing 
production costs 

L+Km=75 DM/h Volq=2·107 mm3 

Wr = 1·50 OM 1 = 500 mmll 
tw =1min d =100mm3 

t, =60min t, =3min 

Fig. 3 Machining conditions and production costs (after 
Koenig-Depierereux). 
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graph clearly indicates that as far as production costs 
in machining a certain material are concerned, there is 
only one optimum cutting speed. Moreover, the illus
tration also indicates the influence of the feed-rate 
which represents an optimum value in terms of 
minimum production costs1 • 

In establishing the adaption programme, recogni
tion of the above facts is reflected in that the variable 
adaptive feed-rate must suit the pre-selected cutting 
speed-it must also: 

(a) allow pre-selection; 
and (b) be so arranged that feed-rate variation during 
adaption can only occur over a limited and pre
selected range. 

These restrictions would make the utmost per
missible machine loading demanded by the utilization 
of an adaptive control system doubtful if monitoring 
of depth of cut is not also included in the adaption 
programme. 

Insofar as the finished part contour permits, 
depth of cut is controlled in relation to the permiss
ible work spindle torque in such a way that the feed 
simultaneously cannot exceed or fail to reach the 
acceptable range. 

The control diagram is shown in Fig. 4. It can be 
seen that machining is monitored by picking a 
measuring signal (torque) off the spindle, while simul
taneously keeping speed under observation. For 
certain machining operations, such as drilling small 
holes or tapping, very small torque changes may have 
to permit evaluation for tool monitoring purposes. 
Because the torque picked off the work spindle 
cannot be utilized for this purpose, it may in such 
cases be desirable to cater for appropriate tool load 
monitoring with the aid of measurement data 
transmitters incorporated in the tool mount. This is 
indicated in the illustration by a dashed line repre
senting the measuring signal of the cutting force. 
When running a workpiece programme involving 
several different tools, it would then be necessary
depending on the tool called up-to bring the appro-

I 

I I-· 
--r·-

"Spindle speed 1.-J- 1....- - ·- ! 

priate measurement data transmitter into the moni
toring process. 

Fig. 5 shows a turning machine with ACC system 
which was introduced for the first time to the 
engineering public on the occasion of the 1969 Paris 
exhibition. In view of the economy of this machine, 
the many different blanks, widely varying in shape as 
is shown by the illustration, are noteworthy. 

The adaption programme used with this technique 
permits the preparation of a punched tape independ
ently of the blank shape. This decisive advantage is 
achieved through automatic distribution of cuts as 
shown in Fig. 6, orientating itself in relation to maxi
mum acceptable stock removal rate. Contrary to con
ventional production in which the programmer has to 
take into consideration in the programme the most 
unfavourable upper forging tolerance expected, the 
new adaptive control with distribution of cuts auto
matically caters for t1uctuating forging allowances in 
such a way that the tool either covers idle traverses at 
full rapid traverse rate, thereby avoiding the 'cutting 
of air', or machines the workpiece at the pre
established stock removal rate. 

To provide some idea of the processes involved in 
this new ACC system it is of help to highlight and 
briefly explain two machining aspects. 

One of the most important processes is starting the 
cut in the blank contour. Here,-to achieve the 
desired reduction in machining time-the turning tool 
is moved at rapid traverse rate, beginning at a starting 
point remote from the blank, right up to first contact 
with the workpiece, quite independently of blank 
contour. 

Fig. 7 shows the relationships which are of interest 
here. The left-hand illustration indicates three impor
tant phases in starting the cut. 

l. The programmed starting point remote from 
the workpiece contour. 

2. The point at which the cut begins; that is, the 
point where the tool first touches the workpiece. 

3. The changeover point. 

Adaptive control Numerical control 

Control 
system 

.......... \ J I z-axis 4 Depth I 
~------- -~ --------=-!Jl of cut I 

,.., - :r-"'~ rz ,- ,..._ 

8--,j, l+t_ I ~ - ~ Feed rate-: :--H -- . I ('' J.-.-1""- Drives I 
'V ~~ I X-axis 1 LJ Speed z X 

L Cutting force J --------- -----
I 

Measuring signal I 
(cutting performance) 

z- Drive im uls } P es X-. 

Fig. 4 Adaptive control for turning machine. 
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Fig. 5 Turret turning machine with adaptive controL 

Without 
adapt ion 

With 

Upper forging tolerance 

Lower forging 
tolerance 

Finished 

adoption 3rd 

Fig. 6 Distribution of cuts on forged blanks. 
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Fig. 7 Start of cut on workpiece when turning with adaptive 
control. 

As mentioned already, the tool moves from the 
starting point towards the workpiece at rapid traverse 
rate. As soon as the tool point touches the workpiece, 
a torque build-up occurs, which is measured by a 
highly sensitive measuring device in the turning 
spindle. The increase in torque is used to stop the 
rapid traverse instantaneously. A timer element in the 
control system maintains this 'stop'-to allow the tool 
to cut itself free--until the workpiece has completed 
at least one revolution at the lowest programmable 
speed. Subsequently, the tool is moved in the minus 
z-direction, with the smallest programmable feed so 
that the torque can increase. 

This torque build-up now continues up to the 
programmed maximum permissible torque. When this 
value is reached, the feed is stopped in the minus z
direction and changed to the plus x-direction. For 
longitudinal machining, the values for Zmax and Zmin 
are freely programmable on the basis of the relation
ships indicated in the 3-D graph (Fig. 3), but dependent 
on workpiece and especially on workpiece material. 
These two limits indicate the variation range over 
which the feed-rate is automatically controlled in 
relation to the measured torque. When the adaption 

system reaches one of these limits, there is either 
a reduction in the depth of cut in the case of reaching 
Zmin or a depth of cut increase in the case of reaching 
Zmax· 

In describing the 'start of cut' process it is pointed 
out that the feed is initially stopped. This is impor
tant on account of the widely varying workpiece 
faces which might-without the 'stop' -lead to destruc
tion of the tool. 

The right-hand half of the illustration shows the 
diagrams of torques measured and variations in feed
rate. The different torque characteristics applicable to 
a sawn workpiece face and to a workpiece with face 
run-out are evident. 

For research purposes into the 'start of cut' condi
tions, an extreme situation producing maximum poss
ible inaccuracy was produced by eccentrically 
welding a square block to a plate, then machining this 
assembly with the adaption system described. The 
lowermost diagram illustrates the torque character
istics. (The diagrams for rapid traverse and feed are 
not included in this illustration.) 

Although it is impossible to go into more detail 
within the framework of this paper, Fig. 8 shows 
diagrammatically the adaptive machining of a work
piece with varying machining allowance. 

Through the advantages outlined earlier, that is the 
fact that the workpiece programme need only cover 
the shape of the finished part contour and the fact 
that there is automatic distribution of cuts, the 
control system can recognize the point at which the 
turning tool starts to cut within the zone of the 
finishing pass machining allowance. 

Fig. 8 shows that when the remaining workpiece 
contour requires no further machining, the tool is 

---z 
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:r 
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Fig. 8 Distribution of cuts on workpieces with varying 
machining allowance. 
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Fig. 9 Adaptive turning with subsequent finishing. 

automatically and instantaneously traversed back into 
its starting position where a further in-feed occurs. 

The conditions are similar when the workpiece 
should be finish-machined at the start and further oper
ations are then to be carried out at its centre or end. 

Fig. 9 shows a workpiece which has been photo
graphed after each pass . The actual adaption phases 
appear in photos a- d. The first photo shows the 
tapered blank and the last the finished workpiece. 

The illustration indicates that adaption is only 
effective during roughing of the workpiece and that 
the tool will follow the appropriate contour on 
reaching the finishing machining allowance. In those 
zones where full depth of cut cannot be attained, the 
adaption programme tends towards maximum per
missible torque by increasing the feed where neces
sary to the maximum permissible rate. 

The reason why the ACC system is only used 
within the roughing phase lies in exploiting the tech
nique within its economical range and primarily in 
the fact that workpiece tolerances call for a different 
tool for the finishing operation to that used for rough

ing. The finishing operation which follows roughing 
is programmed conventionally. No time losses are 

incurred in finishing because this operation starts 
with an accurately defined machining allowance and 

the cutting speed is kept constant. Moreover, the 

feed-rate cannot be adapted to torque during finish

ing but must be laid down in line with the expected 

surface finish and cutting tool geometry. 
The description of the method so far submitted 

was intended to highlight the potential advantages of 

simplified programming and the saving of idle time . 

This is now followed by an economy calculation 

indicating the savings possible in numerical terms. 

COMPARING THE ECONOMICS OF 
TURNING WITH AND WITHOUT 

ADAPTIVE CONTROL 

The economy comparison presented here deals with 
machining the forged stub axle blank - as discussed 
earlier - but also , as a supplement , the roughing oper
ations carried out on a lathe spindle. The calculation 
is thus based in each case on a forged blank having a 
number of preformed shoulders. The profile and 
dimension tolerances achieved in forging are assumed 
to comply with the DIN 7527 tolerances laid down 

for open die forgings. Two batch sizes of n = l 0 and 
n = 20 off are taken into consideration. 

Pure machining costs per workpiece are parti
cularly affected in the case of both workpiece types 
by the blank tolerances to be expected within a batch 
and the calculation is based on normal tolerance 
distribution. Although in the conventional distri
bution of cuts it is always the maximum deviation in 
the tolerance pattern which is decisive , machining 
with the ACC system described here can take the 

centre of the tolerance pattern into consideration 

when calculating running times . 
Fig. I 0 shows, in tabular form and for comparison 

purposes, the time constituents for the various activ
ities involved in manual programming of both work
pieces in this economy comparison . The table shows 

the savings mentioned earlier , which are the result of 

largely automatic distribution of cuts in programming 
the roughing operation with adaption. Accordingly , 

the time required for the items in lines 4 and 6 is 
shorter. Moreover, line 9 shows that less time is likely 
to be required for writing the print-out. The simpli
fied programme also reduces the possibility of errors 

and leads to a more rapid check of programme, tape 
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and print-out. Any programme changes which may 
become necessary can also be made with less effort 
and more cheaply . 

A comparison of the total times shows that savings 
in manual programming represent 25% in the case of 
the stub axle and 33% in the case of the spindle. 

Activity (manual l Stub axle Spindle 

53 53/AC 53 53/AC 

1 Order clarification (mins) 15 15 15 15 

2 Considerations prior to 
processing (mins) 10 10 10 10 

3 Establishing the production 
media (mins) 5 5 5 5 

4 Cut distribution and 
co-ordinates for roughing 

(mins) 20 11 45 18 

5 Cut distribution for 
finishing (minsl 28 28 31 31 

6 Feeds and speeds for 
roughing (mins) 13 3 31 5 

7 Feeds and speeds for 
finishing (mins) 15 15 32 32 

8 Program check (minsl 20 14 30 20 

9 Produce tape and write 
print -out (minsl 15 9 26 16 

10 Checking tape and 
print- out (mins) 10 6 18 11 

11 Program modification (minsl 30 20 30 20 

Tatal time (minsl 181 136 273 183 

Fig. I 0 Comparison of programming times. 

When calculating the hourly machine rate, extra 
expenditure caused by the auxiliary control
including the necessary measurement data 
transmitters-must be considered. The finishing oper
ation must also not be ignored in this calculation, 
because higher finishing costs will apply in spite of 
the identical running times; this is because of higher 
hourly machine rates. 

When taking these provisos into consideration, the 
calculation-depending on the number of repeat 
orders-showed notable savings in machining both 
workpieces. 

Fig. II shows the potential annual savings in 
double-shift production for two batch sizes in rela
tion to the number of repeat orders when machining 
the stub axle or workpieces of similar shape in the 
ACC system. Although there is not much practical 
experience to go on so far, the illustration clearly 

indicates, even at this stage, the economical advan
tages of this innovation which can be achieved 
through simplified programming, particularly when 
low numbers of repeat orders are involved. 
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Turret turn machine RN 63 S-AC 

Double-shift production 
Workpiece: Stub axle 
Material : Ck 45, forged steel blank 

Batch size 

Number of repeat orders 

Fig. 11 Savings in production costs through adaption. 
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DISCUSSION 

Query from W. S. Blaschke, N.E.L. 

The paper refers to only one feedback measurement. 
Therefore, only one control function can be influenced 
at a time. What is the strategy for controlling depth of 
cut, feed and speed? 

Reply 

The adaptive programme (strategy) of the described 
ACC System is based on a preselectable speed. The 
spindle speed is automatically controlled, depending 
on the position of the cross-slide. 

In the same way as the speed, the limits of the feed 
range for the feed control are preselectable. These 
limits are of particular impedance for AC, as depth of 
cut control is initiated as soon as one of these limits is 
reached. When, for instance, the limit for the minimum 
permissible feedrate is reached, a reduction of cutting 
depth takes place. Simultaneously, the feed is increased 
in order to maintain the programmed chip removal 
rate. The reversed procedure takes place when the 
limit for the maximum permissible feedrate is reached. 



THE ON-LINE CONTROL OF CUTTING CONDITIONS 
USING DIRECT FEEDBACK 

by 

N. F. SHILLAM 

SUMMARY 

This form of adaptive control could provide a practical method of varying machining speeds and feeds, by the 
changing cutting conditions giving a direct feedback of cutting performance. Practical tests have been carried out 
on a lathe and a millingmachine. 

On the lathe, the control of thrust force gives improved metal removal rate and tool protection in conditions 
of varying work hardness and geometry. 

On the milling machine, using table vibration as the sensed signal, a similarly improved performance has been 
achieved. A method using tool temperature control by monitoring the tool/workpiece e.m.f. is described from 
practical results. There are indications that tool life can be controlled, and for turning, improved metal removal 
rates and surface finish have been achieved. 

These systems have been designed to give smoothly controlled machining speeds and feed rates even when the 
monitored information has large fluctuations caused by variations in workpiece characteristics. 

INTRODUCTION 

Direct feedback systems are not self optimising, but 
they do possess a measure of adaptive control in that 
they vary the rates of the cutting process when 
changes in that process occur. The systems described 
here have been fitted to a centre lathe and a vertical 
mill, both machines having previously been in regular 
use. Improvements in metal removal rates as a result 
of using these systems have been observed, with indic
ations of the possibility of defining cutting edge life 
and also providing a measure of tool protection in the 
presence of varying workpiece machinability. 

An interesting development in control technique 
resulted from the problems of fitting tool temper
ature control to the mill. When also applied to the 
mill table vibration control system, a new concept of 
metal removal rate is observed. This modified form of 
control will be considered for future direct feedback 
systems, because it is sensitive to the peak measured 
values and may help to remove some of the uncertain
ties of past observations, particularly with regard to 
temperature measurement. 

An empirical approach has been used throughout 
this work and the demanded values of temperature, 
force, and vibration, have been fixed at an arbitrary 
!eve I for a given run. In practice, the onus would be 
on the user to decide on the level of input to suit his 
particular set of conditions and objectives, which 
would require him to do a number of tests to find an 

optimum value of input setting. 
The control loops are basically zero-order type, 

having variable open-loop gains caused by the non
linearity of the measured quantities. So far, only 
proportional control has been used, but future 
systems would benefit from the addition of an 
integral term and an accompanying derivative term 
may be necessary for adequate stabilisation. 

Tungsten carbide tools of the insert type have 
been used throughout. 

DIRECT FEEDBACK APPLIED TO 
A CENTRE LATHE 

Control of average cutting edge temperature using the 
tool/work thermoelectric e.m.f. 
After an examination of other methods of temper
ature measurement, in particular infra-red, it was 
decided that because of the obscuration problem 
inherent in the cutting process, the most effective 
method was to use the well known tool/work thermo
electric e.m.f. This term describes the voltage 
produced by the Seebeck e.m.f. and relies on heating 
of the junction of two dissimilar metals. In order to 
obtain a practical level of thermoelectric power over a 
range of work materials it was necessary to confine 
this work to tungsten carbide tools. 

It would be more meaningful to measure the 

Ministry of Aviation Supply, Royal Aircraft Establishment, Farnborough. 
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temperature distribution along the tool rake face, as 
this provides the maximum tool temperature, but the 
author has not found a practical method for doing 
this which would be amenable for use as the feedback 
quantity in a closed-loop system, although much work 
has been done by others in this area of temperature 
investigation 1 . 

The tool/work e.m.f. suffers from a number of dis
advantages because of the variability produced both 
by tools and workpieces of nominally the same 
type2 . Some of this variability may be attributable to 
noisy signals produced by intermittent chip shorting 
and there are" indications that better accuracy might 
be obtained if only the peak values of measured 
e.m.f. are used. A control system technique which 
enables this feature to be realized will be described 
Ia te r in this report. 

P«ak 
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Fig. I Variation of thermal e.m.f. with cutting speed. 

Fig. I shows how the peak e.m.f. varies with cut
ting speed and also the variability obtained between 
three insert tools. With regard to the latter, it should 
be realized that these are multi-edged tools and the 
total cutting life per insert can ameliorate the vari
ability consideration. The reduction of slope with 
cutting speed indicates the reduction of tool forces 
and attainment of plastic chip deformation. At some 
higher value of cutting speed, rapid burn-out of the 
cutting edge occurs. Curves show that tungsten 
carbide tools allow more parts per machine hour to 
be produced by using higher than usual cutting 
speeds, thus giving comparatively short cutting edge 
life. It is the principal object of tool temperature 
control to provide some indication of tool life, which 
will enable a repeatable cutting process cycle to be 

Op~n loop 
cutting sp~~d 
d~mond-

D~mond~d p~ok 
th~rmol ~.m.f 

maintained in these conditions so that a definite 
number of parts can be produced before a cutting 
edge change is necessary. 

Cutting temperature is chief1y inf1uenced by cut
ting speed and this becomes the dependent variable in 
the control system shown in Fig. 2. This is currently 
fitted to a 6 in, 3 h.p. lathe. Because the ohmic 
resistance between the spindle and frame is much 
greater than that of the tool/work interface, it has 
been possible to measure the e.m.f. at slip rings 
situated on the spindle, thus allowing an uninsulated 
toolholder to be used. 
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Fig. 3 Turning results using cutting temperature control. 

Fig. 3 shows how, for turning, the resultant cut
ting speed falls after a certain value of wear land has 
occurred, but further experiments are required to 
assess how this is affected over a range of demanded 
input values. 

The use of this system when facing, increases the 
metal removal rate by about 30% as a result of the 
fact that control of temperature results in an approxi
mate control of cutting speed. Thus the spindle speed 
automatically increases as the tool approaches centre, 
and there is the additional benefit of improved 
surface finish which would make its useful on pro
filing work. 

It should also be mentioned that the tool/work 
e.m.f. provides a reliable indication of work sensing 
for mode control and process monitoring purposes. 

Control of thrust force 
Because it was intended to operate both tool temper
ature and force control systems together, it was 
decided that deriving cutting force from a measur
ment of spindle torque would not be suitable. 
Acceleration torques caused by the spindle, chuck, 

I L _________ _ 

Th~rmo~l~ctric 
e.m.f 

Fig. 2 Lathe cutting temperature control system. 
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and work inertias would produce cross-coupling 
between the two systems. Conventional dynamo
meters were not considered because of the difficulty 
of using them for production work. Attention was 
given to the possibility of instrumenting the conven
tional insert toolholder, and to obtain the thrust 
force by measuring the deflection of the nose of the 
toolholder. Initially semiconductor strain gauges were 
used with a fair amount of success but their 
temperature dependence necessitated the use of 
coolant. A more successful approach has been to use 
a piezo-resistive beam transducer situated at the rear 
of the toolholder, away from the heat producing area. 
Nose deflection is communicated to the transducer 
beam by an arm fastened only at the nose end. This 
arrangement is quite successful in practice and its 
drift properties are good enough to allow dry cutting. 
A thrust force of 200 N produces micro-strain of I 00 
resulting in an output of 20 mV from a toolholder 
having a shank with a cross-section of 16 X 16 mm. 

This transducer arrangement forms the feedback 
element in a closed-loop system similar to that shown 
in Fig. 2, but in this system the dependent variable is 
feed rate and not cutting speed. Thus by demanding a 
particular value of thrust force the resultant feed rate 
will decrease with increasing depth of cut and work 
hardness. Fig. 4 shows the results obtained from 
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5 28 Air hard.rnmg MNJm2 120M/Irwn 0 9 mm 133 N 12 mV 

Tool fore« control 

Fig. 4 Turning a composite steel bar using force controL 

turning a composite bar. For interest, the value of 
thermoelectric e.m.f. is included. 

Above a certain value, cutting speed seems to have 
little effect on thrust force. Also, it seems to be diffi
cult to correlate the effect of tool wear on thrust 
force2 ; however as already mentioned for the tool/ 
work e.m.f., a system which is sensitive to the peak 
values of the measured quantity may provide more 
hopeful indications in this respect. Such a system has 
already been designed and is in construction. It will 
enable smooth feed rates to be obtained even when 
turning interrupted cuts. 

The object of force control is to set the demanded 
force to within the limits imposed by the machine 
power and rigidity so that the highest metal removal 
rates can be maintained in the presence of varying 
work geometry and hardness, while providing auto
matic protection of the cutting edge. The principal 
disadvantage in instrumenting the tool holder is the 
problem of taking the wiring from a multi-station 
toolpost, which will require a three pole switch 
ganged to the turret spigot. Thought has been given 
to instrumenting the compound slide to measure 
thrust force, and this may be developed further in the 
future. 

Both systems together 
There is no sign of instability caused by cross
coupling, provided the limits of available power are 
not approached and the input setting value must take 
this consideration into account. Fig. 5 shows the 
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Fig. 5 Facing with temperature and force controL 

results obtained from a facing cut. The main criterion 
here is to increase the metal removal rate while con
trolling the cutting edge temperature to give a pre
dictable tool life. It is considered that this is best 
accomplished if both systems are used together. If 
surface finish is the criterion, then this is fixed by the 
feed value and tool force control is not needed. The 
relatively fine feed will give an initial decrease in tool 
temperature which will increase the cutting speed to 
achieve the required tool life. 

DIRECT FEEDBACK APPLIED TO A 
VERTICAL MILLING MACHINE 

Control of average cutting edge temperature using the 
tool/work thermoelectric e.m.f. 
The milling machine used in these experiments was 
originally powered by a 5 h.p. motor through gears 
and belting. In order to fit the closed-loop control 
system, the conventional drive was removed and the 
spindle driven directly from a hydraulic motor 
developing a maximum of 3 h.p. A similar arrange
ment is fitted for the table drive, which is arranged to 
operate in one of two modes, either at a selected feed 
rate or at a constant feed per tooth irrespective of 
spindle speed. All the work described in tllis section 
has been conducted in the latter mode of feed 
controL 

A four tooth, 2 in diameter, end mill was used and 
the tool/work e.m.f. obtained from a simple slip-ring 
assembly situated on the spindle at the top of the 
machine, just before the coupling to the hydraulic 
motor. As with the lathe, this arrangement is possible 
because the spindle to frame ohmic resistance is much 
larger than the tool/work interface resistance when 
the spindle is rotating. Fig. 6 shows a block diagram 
of the overall system. 

The e.m.f. obtained from commencement of cut is 
shown in Fig. 7. Irregularities in the cutting behaviour 
of each tooth are easy to see. As mentioned previ
ously, the interrupted nature of the cut, especially 
when using only one tooth as in fly-cutting, makes it 
necessary to have a system capable of working to the 

i.Q 
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Fig. 6 Cutting temperature control for vertical mill. 

~~--------~----------------------------------~-----

0.0241 0.0111 

• • • " ... " * "" • f .. ·,1. "'"I """"'r 
' t ·'t , I <II' , I • ~. "', .... J . .. I .. - I_, J,. .. , • I,. .. , • • 

, ,. I \ l 

*-'·· 
10000/-

.. 
Fig. 7 Mill performance using table vibration control. 

peak value of this e.m.f. rather than to some arbitrary 
variable mean value. The peak sample and hold of 

the error system shown in Fig. 6 allows the closed
loop error to be sampled only when the value of the 

output quantity, tool temperature, exceeds the previ

ously held value operated on by an exponential decay 
term which has a time constant suitable for the 
process concerned. In this case, the time constant is 2s. 
In this way the loop error is only sampled as the 

output quantity approaches its peak value, so that in 

the extreme case of fly cutting, the system's minor 
loop spindle velocity servo runs on a steady speed 
demand during the period when the tooth is cutting 
air-this demand being remembered from the resul

tant demand for the cutting speed obtained when the 

major loop was closed during the previous cutting 
metal period. Smooth cutting speeds are obtained 
both in the fly-cutting and multi-tooth operations. 

Unlike the lathe, the milling application does not 
offer gains in metal removal rates attributable to 

changes in work geometry because with the constant 

cutting radius this factor cannot influence cutting 

speed. The e.m.f. output could be a useful method of 
monitoring the individual performance of each cutter 

tooth and would show up tooth damage. However, 

the justificiation for closed-loop control must be the 
possibility of being able to define cutter edge life 

with reasonable accuracy. This has been prevented so 

far by the existence of a spurious thermoelectric 
e.m.f. generated between the insert and the hardened 
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steel toolholder. Heat from the cutting process flow
ing through the interface produces a 'cold junction' 
e.m.f. which increases with cutting time and wear 
land. In the case of the lathe, this e.m.f. can be 
reduced to negligible proportions either by the flow 
of a small amount of coolant on the interface area, or 
by electrical compensation. For the mill, the former 
expedient is not so effective as coolant is thrown off 
the teeth by centrifugal action and electrical compen
sation is not practical. Work is continuing on this 
problem. 

The effect of this unwanted e.m.f. is shown in Fig. 
8, in which it can be seen that new cutting edges 
produce the highest resultant cutting speed and the 
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Fig. 8 Mill performance using cutting temperature control. 

least increase in speed during a cut. All these cuts 
were taken immediately one after the other, and at a 
constant width and depth of cut and feed. There is a 
general decrease in cutting speed as wear increases 
and this is further characterized by an increasing 
speed difference between the commencement and 
finish of a cut. A similar test was conducted with 
coolant flowing. The resultant cutting speed was 
generally 10% lower and decreased more rapidly with 
time for smaller excursions of cutting speed from 
start to finish of the cut. This indicated that the 
coolant was having some effect on the spurious cold 
junction e.m.f. but it was noticeable that its use 
resulted in increased wear lands on the cutting edges 
and severe burning of the nose area. It was concluded 
from these tests that the cutting edges had a longer 
life when cutting dry. 

After the depth of cut has exceeded twice the nose 
radius of the tool, further increases have little effect 
on the thermoelectric e.m.f.; that is, for the milling 
case, the variation of work geometry has little effect 
on the resultant e.m.f. and therefore the resultant 
cutting speed' when in closed-loop control. One way 
of assessing tool life might therefore be to measure 
the increase in cutting speed during a cut for a given 
value of demanded temperature. This factor could be 
taken into account together with the progressively 
lower values of cutting speed at the start of each cut. 
In a more sophisticated system using an adaptive 
controller, these two factors could become further 
useful items of information describing the cutting 
process and could be obtained from either open or 
closed-loop measurements. 

Control of table vibration 
The original intention was to control the table feed 
rate, in the x direction, from a single component 
measurement of cutting force. Initially, an ohmic 
measurement of the wear land was attempted using 
an a.c. supply. However, the results were disappoint
ing and a single component cutting force dynamo
meter using semi-conductor strain gauges was 
constructed. This had inaccuracies caused by table sag 
as well as the fact that its use was restricted by the 
range of workpieces it could handle. It was decided to 
measure the table vibration caused by the cutting 
forces and to see whether these could be used to 
control the table feed rate. It was realised at the time 
that these measurements are only applicable to this 
particular machine, but the availability of cheap and 
reliable accelerometers made the idea attractive as it 
was not necessary to alter the machine set-up in any 
way. 

Bendix3 use an accelerometer measuring spindle 
vibration as an input to their adaptively controlled 
milling machine system but the author has not been 
able to find any evidence of a system using the table 
vibration measurement in a direct feedback control 
mode. It was decided to use table vibration rather than 
spindle vibration because this is more local to the 
drive member and takes into account the perform
ance of the table structure and drive mechanism. 

The accelerometer is of the piezo-electric type and 
consists of a suspended mass operating on a barium 
titanate disc. Although capable of measuring up to 
100 g its use in this application is down in the tens of 
milli 'g' region. The accelerometer is placed to one 
side of the middle of the table with its sensitive axis 
in the x direction. In any future design, accelero
meters placed at either end, possibly under the table, 
would be a better arrangement. 

It was found that the accelerometer output 
increased with feed rate, depth of cut, and work hard
ness, in a manner which appeared hopeful for its use 
as a feedback element. Increases in cutting speed gave 
a slight increase in vibration and some of this was 
thought to be caused by end-play in the spindle 
which is known to exist. This made it impossible to 
judge the effect of any machine resonances which 
may have been present. With regard to this latter 
feature of a machine tool, it should be noted that the 
natural frequency of this accelerometer is 5 kHz 
which is cutoff at 500 Hz using an external filter. 
This cutoff figure was chosen so that the tooth ripple 
frequency at maximum cutting speed would not be 
attenuated by the transducer. 

This type of measurement measures the peak level 
of noise or vibration imparted by the cutting process 
to the machine. Less transducer output is obtained if 
the machine is cutting quietly and this is the condi
tion which is approached as the width of cut is 
increased on a cut along the centre line of a bar or 
when up-cutting as opposed to down-cutting. Thus, 
the quietest conditions are obtained when the teeth 
enter the cut tangentially, and the resultant feed rate 
obtained when up-cutting is significantly greater than 
that obtained from down-cutting. In cutting along the 
centre line with the width of cut increasing, the 
increasing feed rate demands more power from the 
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spindle drive and to avoid the possibility of stalling 
the drive, a constraint limit facility based on spindle 
power should be fitted. 

Because of the spiky nature of the acceleration 
signal (see Fig. 7) it is necessary to fit peak sample 
and hold of error in the control loop which is similar 
to that of the tool temperature control loop, Fig. 6. 
Thus, the system works to the peak value of table 
acceleration and so differs from other systems of 
table control which use substantial smoothing of the 
transducer signal, reducing the capability of the 
system to operate satisfactorily at low speeds or when 
fly-cutting. However, such operation has proved to be 
possible using this system and a smooth feed rate has 
been produced in severely fluctuating low-frequency 
signal conditions. 

The use of this form of control opens up a new 
concept of machining which may be suitable to some 
cutting conditions but not others. For example, its 
peak operating sensitivity makes it sensitive to the 
rigidity of the workpiece, and a lower feed rate will 
result from machining thin sections compared with 
more rigid and thicker sections of the workpiece; 
therefore, some control over surface finish can be 
expected. It is, of course, very sensitive to chatter 
which causes a marked reduction in feed rate and so 
conflicts with existing opinions on this subject. 

Fig. 7 shows how, as with temperature control, a 
quick approach in air is possible. The presence of the 
workpiece is communicated instantly to the mode 
control unit by the production of a tool/work e.m.f. 
This unit then reduces the feed rate to a low value 
and the control loop is closed when the second 
sample pulse occurs, allowing the feed rate to increase 
smoothly under closed-loop control. 

Depending on the extent of changes in work geo
metry, increases in metal removal rates of up to 
nearly 40% have been recorded. Fig. 8 shows the 
results from machining a wedge shape test piece. 

Both systems together 
Unlike the lathe, satisfactory operation using both 
systems together has not been obtained. This is not 
caused by any noticeable instability in steady-state 
conditions but by the fact that the table vibration 
increases with cutting speed and, as previously men
tioned, this may be particular to this type of machine 
which was not designed for speeds greater than 500 
rev/min, and also to spindle end-play. More modern 
machines are judged to reduce their vibration level 
with cutting speed4 , and in this case successful simul
taneous operation should be possible. 

CONCLUSIONS 

The author has attempted to show both the advantages 
and limitations of closed-loop control. There is much 
to be learnt from this approach and experience shows 
that the concept is worthy of further attention, parti
cularly when considering the alternative of putting 
uncertain cutting information into a computer 
program or building a mathematical model of the cut
ting process5 . The most likely advantages are in 
increased metal removal rates, some control over tool 
life and a measure of tool protection. There is the 

further possibility of using these measurement tech
niques as part of an overall process plant monitoring 
system. 

The role of these methods may be more significant 
in the numerical control field, where their use could 
lighten the programmer's load and increase produc
tivity. In the author's opinion both systems should be 
used together in order to obtain maximum production 
benefits and protection. 
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DISCUSSION 

Query from Dr. G. Barrow ( UMIST) 

Cutting tool temperature will of course rise with 
increasing tool wear. In view of this, when a constant 
temperature demand is made, the cutting speed will 
generally decrease with time as indicated by Fig. 3. 
This means that in many cases a reduction in metal 
removal rate, and hence an increase in machining costs, 
will arise. This is obviously not so when facing, but in 
this case the same result could be obtained more 
cheaply by employing a constant cutting speed attach
ment on the cross-slide. 

In view of this, I should like to know whether the 
author has undertaken any economic evaluation 
studies. 

Reply 

My work in this field came to an end earlier this year 
and really was only concerned with the practicality of 
this form of control whilst pointing the way to eco
nomic studies. Constant cutting speed control does 
not take into account tool wear and could result in 
rapid tool bum-out, if high cutting speeds are used in 
an attempt to obtain a plastic chip, with the benefit 
of consequent reduction of cutting forces. This appears 
to be the desired aim of many workers in the field, of 
better utilisation of tungsten-carbide insert tools. The 
object being to cut-in the temperature-sensitive region 
of the cutting edge, that is, where temperature is the 
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chief cause of tool wear. I submit that this would be 
a 'chancy' thing to do if only cutting speed control 
were used. It is true that in turning the cutting speed 
reduces with cutting time when using closed-loop 
temperature control, but studies on this have indicated 
that a longer tool life will result, rather than in the 
case of maintaining a given cutting speed. 

My view of the main benefit of this form of control 
is the possibility of defining tool life, so that perhaps 
an integer number of parts can be produced, and/ 
or certain shift tool life figures for changing cutting 
edges can be obtained. 

Queries from Dr. Ing. M.A. El Hakim, Cairo, Egypt. 

(I) Controlling the feed through the measurement 
of the thrust force. It is the main cutting force 
which must be measured owing to its direct 
effect on the spindle torque as well as on the 
power consumption, both of which should be 
kept well below permissible levels. Through the 
measurement of the thrust force instead, as it is 
represented in this paper, an overloading of the 
machine tool under the action of the main 
cutting force (torque on spindle and power 
consumption) cannot be avoided. These criteria 
cannot be judged when measuring the thrust 
force, as it has no definite relationship to the 
main cutting force. On the other hand, if the 
cross-coupling between the main cutting force 
measured at the spindle and the cutting temper
ature control systems is liable to occur, it may 
as well be transmitted to the thrust force through 
the cutting process. 

(2) Using the cutting temperature feedback loop in 
turning (cause of the digressive use of cutting 
temperature while using cutting speed). The 
digressive rise of the temperature with the 
cutting speed is not only caused by the plastic 
flow of chips, as mentioned by Mr. Shillam, as 
it takes place in a lower range of cutting speeds 
as well. The main cause of such behaviour is the 
decreasing time of contact between the chips 
and tool-face. 

(3) The application of the table vibrations of a 
milling machine in the control loop to control 
the table feed. 

The amplitude of forced vibration of a 
machine tool structure depends on the nearness 
of the exciting frequency (cutting table fre
quency) from the various natural frequencies of 
the system. At certain rotational speeds of the 
milling cutter this can be a source of disturbance. 
On the other side the table movement results in 
changing the dynamic stiffness of the structure 
system which may also lead to a variation in the 
amplitude for the same cutting conditions. 

Reply 

(1) In a control loop the dependent variable, feed
rate, should be controlled from a measurement 
of the controlling parameter, namely feed-force, 

otherwise the integrity of the system is violated. 
After all, the feed servomotor exerts torque to 
overcome the moment imposed on it by feed 
force, not the tangential force which is at right
angles to it. This latter force, as you infer, 
controls the spindle power and should therefore 
control cutting speed but not feed rate, other
wise a sensible closed-loop operation could not 
be obtained. Measuring the spindle torque does 
not produce an accurate measure of the main 
cutting force, since it includes the acceleration 
forces due to the masses of the spindle and 
chuck, plus the workpiece. Any dynamic out-of
balance of the system would add a further error 
and, as expressed in my paper, a static and 
dynamic measurement of tool force, be it thrust 
or main cutting force, must be of sufficient 
accuracy so that peak measurement of what is 
essentially a fluctuating phenomena can be a 
reliable mode. I agree that my system can result 
in overloading and here a simple measurement 
of main spindle motor power should be suffi
cient to obtain power threshold control to limit 
the cutting rates to a safe value. 

(2) The temperature versus cutting speed is not a 
linear run. The initial and final slopes vary by as 
much as 10: 1 so it is difficult to see how de
creasing time of contact of the chip can be the 
main cause. Friction effects are nonlinear in the 
"stick-slip" regions that are occurring here, due 
to the partial welding of the chip to the tool-face 
for a very short space of time under some low
speed conditions. The plastic flow theory relies 
on the fact that this condition suddenly happens 
and results in a decrease in the cutting forces, 
thus reducing the slope of the temperature 
(thermoelectric e.m.f.) versus cutting-speed 
curve. 

(3) I agree with everything said regarding the vari
ability of the mill machine vibration; this was 
precisely the reason I instrumented and fitted a 
control-loop to govern the feed-rate from the 
peak value of the table vibration. I assume that 
when you say the "same cutting conditions", 
you mean "the same feed and cutting speed". 
In my system, however, this implies the "same 
peak vibration", measured on the table which, 
although not checked in theory or practice, I 
feel is a measure of the "transient shock load" 
on the cutting-edge of the tooth. Since both 
tungsten-carbide and ceramic teeth are prone to 
damage through excessive shock loads, I thought 
my control system of interest to users. 

Query from J. Peters 

The system of on-line control based on tool tem
perature measurements has been built and shown at 
the CIRP Manufacturing Seminar in Pisa. 

The problem, however, is how to proceed when 
coolant is used on the tool tip. The Gotwein tempera
ture measurement method is very sensitive to possible 
electrolytic effects of the tool-to-workpiece contact. 
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Query from R. H. Thornley 

I am sorry that I am not familiar with the Gotwein 
method, and so cannot comment on this matter. How
ever, coolant does not appear to be present at the 
very intimate interface of the cutting edge and the 
chip, and does not affect the value of the measured 
thermoelectric e.m.f. (see below) effect, obtained 
from the tool-work combination. This has been estab
lished by supplying pulses of coolant and measur
ing the thermo e.m.f. during wet and dry cutting. 
Because the action of the coolant is in the "stick-slip" 
effect of the chip passing over the flank tool surfaces, 
rather than in any noticeable voltaic action, this may 
be due to very low source impedance of the tool-work 
e.m.f. shorting-out any possible electrolytic effects. 
Also, if a cold-junction spurious e.m.f. exists due to 
the temperature rise of the cutting tool (any tungsten 
carbide) in a steel toolholder, the application of cool
ant would cause an apparent increase in thermoelectric 
voltage during cutting, this being due to the reduction 
in the cold-junction thermoelectric e.m.f. This could 
be mistaken for an electrolytic effect. 

I think it important to realise that the electrolytic 
effect may be apparent when coolant simultaneously 
touches work and tool, without a cut being taken and 
the machine spindle is rotating, but this is hardly a 
condition to cause worry. As previously mentioned, 
the virtue of the thermoelectric e.m.f. method is its 
very low source resistance, if properly utilised, so that 
it effectively attenuates unwanted electrical signals 
once a realistic cut is being taken. 

Will the author please explain how he calibrated the 
lathe tool force transducer. I agree that in the initial 
setting conditions the clamping force provided by the 
tool-post screws may be offset on the DC level, but 
surely the variation in clamping force must give a 
variation in tool stiffness. How is this variation in stiff
ness accounted for in practice? 

Reply 

Static calibration was obtained by clamping the tool
holder in a vice and using a dummy insert capable of 
taking a wire to which weights were attached, the nose 
of the tool being undamped and the bending moment 
being defined by a shallow slot in the front edge of the 
tool-holder about a in. down from the nose. The 
two planar resistances of the piezo-resistive transducer 
connected in a Wheatstone bridge circuit produced a 
static curve with good linearity and little hysteresis 
(see graph). Variation in clamping forces had little 
effect on this curve since, in the first place, the clamp
ing force was, of course, sufficient to prevent move
ment of the tool-holder in the vice, and secondly the 
stiffness is decided by the undamped portion which 
bends about the reference slot which must also be 
undamped. If this were not so, variations in clamping 
force would doubtless affect the calibration curve. 

As mentioned in the lecture, if closer investigation 
shows that this arrangement gives unacceptable errors 
(although these have not manifested themselves in my 
work), a torque spanner approach may overcome this 
problem. 
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SUMMARY 

A customer's desire to purchase a numerically controlled lathe which dramatically reduced production times and 
had a high degree of built-in automation led to the developments described in this report being embodied in a 
new machine. 

The most significant developments were a new twin-tool concept, a completely on-machine tool setting system 
which removed the need to use pre-set tooling and tool-offsets, automatic fixture location, computer-aided 
programming for constant cutting speeds, and rapid automatic tool changing with tool location detection. 

This report describes the reasoning behind each development and gives some detailed descriptions. A general 
description of the machine is given. As the delivery requirements for the machine were such that a number of 
machines were delivered over a short period, the management methods used are described. 

An indication of future developments is also given. 

INTRODUCTION 

Until 1969-70, numerically controlled lathes were 
equipped with the means of automating component 
geometry, changing feed-rate and spindle speed, 
switching on coolant supply and so on . However, if it 
is accepted that one of the principal aims of auto
mation is to reduce the influence of the operator in 
producing a part, then the most significant parts of 
the production process, that is component location, 
accuracy of part, cutting-cycle time and surface 
finish , could still be altered by an operator using the 
auxiliary controls usually supplied (for example, tool 
offsets and feed-rate override). 

Certain NC users wish to purchase machines auto
mated further than normal and one asked Charles 
Churchill Ltd, a company within the Machine Tool 
Division of Tube Investments Ltd, to produce a 
machine specification which would fulfill their 
requirements. The job was handled by the Applied 
Research and Development Division of Charles 
Churchill Ltd (A.R.D.D.). 

The eventual outcome was a machine having a 
specification which contained features designed to 
automate the control of the parameters already 
stated, and the customer placed an order for a 
number of these machines to be supplied on an 
extremely tight delivery schedule. 

The fact that the initial specification included a 
high degree of automation meant that the design was 
not constrained as when normal NC lathes are first 
designed, and discussions with the customer led to 

the concept of using twin tool-turrets on the 
machine, both tools cutting a mirror-image path in 
one axis, thus doubling the metal removal rate. 

Fig. 1 

Fig. I shows the first artist's impression of the 
machine and it can be seen that aT-bed configuration 
was chosen . We describe here the development of a 
method of automatically setting both cutting tools 
when on the machine, thus obviating the need for 
tool pre-setting or tool-offsets, a method for auto
matic and rapid tooi-changing, the method of 
programming the machine for efficiency and surface
finish, and we will describe some more advanced 
features that may be added later. 

The machine was called-the Red Century 1250 
NC tee-bed lathe. 

*Systems Products Manager, Charles Churchill Ltd. 
tResearch and Development Manager, Charles Churchill Ltd. 
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General machine description 
Fig. 2 shows a line drawing of the machine. 

Fig. 2 

The Red Century 1250 NC lathe is a numerically 
controlled turning machine for large disc and ring 
shaped components. It is of 'T -bed' configuration, 
with a sliding headstock moving on the 'leg' of the tee 
(z-axis) and two tool carriages moving on the cross
piece of the tee (x-axis). 

Opposite handed recirculating ballleadscrews used 
on the x-axis carriages ensure that the tools are 
always moving in precise mirror-image pat.~s. thus a 
two-start scroll is cut on the component, and linear 
feed-rates of twice those normally used can be 
employed, doubling metal removal rate . The machine 
is designed to accommodate the increased cutting 
forces that this entails. 

Slideways are all hydrostatic, and carriages driven 
through two-speed gearboxes by Inland Motor d.c. 
torque-motors with feed-rates from 0·02 mm min-1 

to 3 800 mm min-1 . 

The spindle frame houses a sixteen-speed gearbox 
driven by a 40 h.p., d.c. motor. The spindle nose has 
an ASA taper location and accepts components 
mounted on accurately machined fixtures. The 
spindle speed range overall is l-200 r.p.m. 

Tool magazines are provided for each tool-turret 
which can accommodate twenty tools each. Tool 
changing is done from the magazines into the non
cutting station of the turrets by means of tool
transfer mechanisms which move only in one plane. 
The tool-turrets index through one-half turns and are 
precisely located by face-toothed couplings. 

The principal capacities of the machine are as 
follows: 

Maximum swing diameter 
Maximum turning diameter 
z-axis stroke 
x-axis stroke (each carriage) 

1370 mm 
1220 mm 
865 mm 
840mm 

To overcome the need for tool-offsets, and operator 
influence on component geometry, an automatic tool
setting device was mounted on the machine. The 
tool-setting units can be seen, retracted, at each side 
of the spindle frame. As will be explained later , the 
tool-setting system demanded the use of an auxiliary 
slide on the left-hand carriage on the x-axis. This slide 
is controlled by rotating the carriage ball-nut for x-

axis motion and by an independent leadscrew for z
axis motion. 

Tool setting 
The use of preset tooling on NC lathes has become 
common, but even then it is usually necessary to use 
tool-offsets during machining cycles to ensure compo
nent accuracy. To be able to preset tooling to high 
degrees of accuracy, expensive presetting fixtures are 
required and therefore the overall result is that 
efficiency is reduced. The customer for the new 
machines desired presetting to be eliminated to the 
extent that the use of qualified tool-holders and tools 
was sufficient. 

It was soon clear that the use of twin-tool cutting 
on a workpiece required each tool to have an equal 
share of the cutting load. This was because any un
balance would tend to overload one tool, and also 
produce poor surface finish . The materials to be cut 
by the machine were high tensile nickel/chromium 
alloys, titanium and so on, and therefore it was 
decided that it was necessary to produce a method of 
setting tools on the machine, just before cutting, to 
the accuracy required, defined as ± 0·0003 in. 

As the tool-setting operation would now take 
place during the machine cycle, time was at a 
premium, the time for a complete tool-setting cycle 
being specified as 60 s. 

After examining the alternative methods that 
looked feasible, it was decided that a non-contacting, 
optical method was the most attractive, because wear 
would not be a problem and reliability high. It would 
also be possible to set the tools in any quadrant from 
any direction- something very difficult with the other 
methods. 

Fig. 3 shows the operating principles of the unit 
eventually developed at the Hinxton Hall research 
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Condenser 

Straight Graticule 

Tool Tip 
Image 
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Primary Tool Tip 
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Primary Lens 

Tool Tip 

Light Source 

Fig. 3 
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laboratory of Tube Investments Ltd, in cooperation 
with A.R.D.D. The tools to be set are positioned 
under an optical unit which has an optical crosswire, 
on which the tool should be just touching if it were 
completely accurate. 

A primary image of the tool tip is obtained on a 
scanning disc through a primary lens. The purpose of 
scanning the image is dealt with later and at this stage 
the disc will be ignored and it will be assumed that 
the image is collected by a secondary lens and pro
jected into a beam-splitter. The beam-splitter simply 
delivers the image to three separate optical 
assemblies, the viewing screen, where the tool tip can 
be seen as with normal optical tool-setting devices, 
and two straight graticule lines followed by a con
denser and photomultiplier. The graticules are 
arranged so that one is oriented in the z-axis of the 
machine, the other in the x -axis. The width of the 
graticule slit is 0·002 in., but as the lens system magni
fies the tool tip by a factor of ten, the slit width is 
equivalent to 0·0002 in. With this magnification, the 
unit by itself can detect a tool tip within ± 0·00005 in, 
but when combined with the whole machine tool 
and control system, the performance becomes less 
good. However, the design specification of± 0·0003 in, 
is easily met. When the tool tip is not encroaching 
the graticule or datum line, the whole graticule is 
illuminated. When a tool tip crosses the line, part of the 
graticule is obscured. The photomultiplier can thus 
detect a change in light-level and, with suitable elec
tronics, give an appropriate signal to the machine's 
control systems. As it is required to detect the tool 
just on the point of crossing the line, that is setting 
on the datum-line, the change in light-level would be 
small. However, the effect of scanning the image is to 
deliver an image equivalent to a section of the grati
cule much smaller than before and the photo
multiplier signal changes substantially when the tool 
is just on the line, thus good discrimination is 
obtained, hence the use of the scanning disc. 

Obviously, with the tool-presetting tolerance of 
±0·020 in., it is necessary to use the photomultiplier 
signals to drive the tool to the datum line from a posi
tion either 0·020 in. from the line or 0·020 in. over the 
line. Solid state logic is used to achieve the desired 
results. 

Fig. 4 shows how the unit is applied to the 
machine. Consider first only one x-axis tool slide. The 
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Automatic Tool Setting Unit (A.T.S.U.) signals are 
processed and signals fed to standard zero-offset 
differential resolvers on the GE 7542 control. This 
has the effect of moving the main or 'master' axes of 
the machine until the zero position of the machine is 
set to allow for any inaccuracies in the tool dimen
sions. For convenience, this is referred to as 'setting 
the master-tool' . 

Because there is a twin-tool fitted, on a mirror
image in the x-axis, after the master tool is set, the 
other tool, referred to as the 'slave' tool , also 
requires adjustments. Because there is an ± 0·020 in. 
tolerance on all tools, the slave tool will seldom be 
correct after setting the master. Some means therefore 
had to be found to obtain motion of the x-axis slave 
turret independent of the x-axis master. 

Rotating the slave ball-nut by a wormwheel and 
screw arrangement enables independent motion in the 
direction of the x-axis , but to achieve independent 
z-motion, the slave turret had to be mounted on an 
auxiliary slide driven in the z-axis by a further 
recirculating-ball leadscrew and motor. Those details 
can be seen in cut-away in Fig. 2. 

A second A.T.S.U. is used on the slave tools to 
obtain setting signals for the slave tool-setting 
motions. 

Fig. 5 

Fig. 5 shows a unit being used to set a tool. To 
protect the unit while not in use, it is withdrawn into 
a sealed cover. An air-blast is used to blow away any 
stray swarf or coolant from the tip before setting 
takes place. 

Fig. 6 shows a typical tool-setting · cycle. The 
machine is presumed to be cutting and the next tools 
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to be used are already behind the indexing tool
turrets. The sequence and timing of events is given for 
the absolutely worst case, and, as can be seen, the 
specified 60 s maximum is achieved. 

Where tool-setting is being used it is therefore un
necessary for the machine operator to interrupt the 
machining cycle to check tool-setting and component 
geometry, once the tape has been proven. This 
feature in itself results in considerable savings in 
floor-to-floor time and as the unit can be applied to 
many lathes, this development in automation must 
be considered significant. 

Fixture/ component location 
Turning disc-type components frequently requires the 
use of fixtures on which the discs are mounted. The 
fixtures are then offered up to the lathe, clamped, 
and component location checked and adjusted. This 
is a time consuming operation, and it means that the 
lathe is occupied during the setting process. Thus a 
method of automating the obtaining of an accurate 
component set-up was found. 

By providing a special fixture/component clocking 
rig, the component and fixture can be clocked separ
ately from the machine. The fixture can then be 
offered up to the spindle nose and if accurate means 
are designed for holding and detecting the fixture, 
there is no need to check by hand. 

On the R.C.1250 machine, the fixture is auto
matically pulled onto the spindle-nose taper by 
hydraulic means. The taper location used is an 
accurate non-stick taper which in itself ensures 
accuracy. However, there are air-gauging transducers 
attached to the machine spindle frame which detect 
the fixture and. are set to check that it is correctly 
located. Machine cycle-starts are inhibited if this 
check is not affirmative, and an indicator lamp 
informs the machine operator. The automation thus 
achieved reduces operator influence on component 
location and reduces floor-to-floor time. Futhermore, 
as it has been designed in from the start, it provides 
for the eventual automation of workpiece handling in 
a way that would not otherwise be possible. 

Tool changing 
The choice before the machine designers was not 
whether to specify automatic tool changing, but rather 
which type of automatic tool changing was desirable. 
It was established by the customer that a load of 
twenty tools would be required, and they preferred 
to identify each toolholder rather than tool-magazine 
position. 

The basic design requirements were defined as 
follows: 

A foolproof identification of toolholder to be 
used; an absolute minimum time required to obtain a 
new set of tools in the cutting area; and a means of 
ensuring and providing that toolholders are located in 
the tool-turrets with a high degree of accuracy. 

The toolholders (and thus the tools) are identified 
by means of coding screws situated along the ISO 50 
taper used to locate the holders in the turrets. The 
tool number is a six digit binary number, thus allow
ing (26 -1) unique tool numbers, that is 63 numbers 
(I to 63). A seventh coding screw is used to generate an 

odd parity. In operation, the tool number is checked 
twice for number and parity before being inserted in 
the turret. This is virtually foolproof. 

The requirement for twenty tools in each load was 
not compatible with the need to reduce tool change 
times. Therefore it was decided that a pair of index
ing tool-turrets had to be used. It was then possible to 
search for a given tool in the magazine and insert it in 
the rear turret station while a cut was in progress. By 
this means, only the turret indexing time influenced 
the complete 'cut-to-cut' time. The turrets index 
through 180 degrees in 4 s. 

Accurate tool-holder location was necessary both 
as an obvious safeguard, but also to enable the tool
setting operation to achieve a specified performance. 
One of the most important reasons for checking tool
location was seen to be that the cutting performance 
of the ISO taper interface on the tools can be 
seriously reduced if an excess of dirt or swarf is 
allowed to contaminate the taper. As such contamin
ation would result in a mis-location of the tool, 
checking the location provides an assurance of the 
cutting performance. 

When the toolholders are inserted in the turret 
station, the location of the toolholder is detected by 
a position transducer. If a toolholder is not located 
accurately enough, the machine is halted when the 
programme attempts to index the turrets. This 
process is again completely automatic and it is not 
possible for the operator to overcome the machine 
interlock. 

Programming 
The components to be cut on the machine were of 
fairly complex geometry, and the customer was 
already using Exapt 2 as a programming method. 

Moreover, the customer desired to be able to 
produce constant cutting speed conditions over a 
three to one range of diameters. This in itself resulted 
in the specification of an S.C.R. controlled, infinitely 
variable spindle drive with a three to one constant 
h.p. speed range, but the use of an Exapt 2 post
processor enabled programmers to automatically 
produce commands on the control tapes to maintain 
a constant cutting speed. Sixteen gear-changes in the 
spindle gearbox result in a total speed range of 1-200 
r.p.m., the gear change being called automatically by 
the post-processor if necessary. 

One aspect of originally specifying that the 
machine be programmed only by computer is of 
interest. By automating the programming it is poss
ible to build into the software the type of interlocks 
and logical sequences that would normally require 
extensive hardware solutions. Although for safety 
reasons some interlocks cannot be software based, it 
is possible to obtain an overall cost benefit. 

Control systems 
Fig. 7 shows a block diagram of the control systems 
used on the machine. The GE7542 two-axis contin
uous-path control system reads command data either 
from tape or manual inputs. A.R.D.D. designed and 
manufactured solid-state (integrated circuit) controls 
to accept the control signals from the GE control and 
deliver the appropriate power output signals to the 
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machine hardware. The accent in design was on reli
ability and ease of servicing. 

The machine slides are driven by electric servo 
drives, which consist of high performance Ward
Leonard d.c. motor drives, and use Inland Motor 
equipment. The type of materials being cut demand 
feed-rates as low as 0·0008 in min-1 and the smooth 
low speed performance of this type of drive is highly 
desirable. The low feed-rates required also dictated 
the use of a gearchange to achieve the desired rapid 
traverse. 

As well as those interlocks and checks described in 
previous sections of this report, it was decided that 
wherever possible operator safety, component 
security and machine protection should be auto
mated. The resulting interlocks are too numerous to 
mention here, but for example, if the main guards are 
opened in AUTO cycle, the rapid traverse mode is 
inhibited, thus protecting the operator when inspect
ing the cutting process with the guards open. 

ECONOMICS 

The R.C.l250 machine justifies its extra cost over 
conventional NC lathes by obtaining higher produc
tion rates per unit of capital invested in the machine. 
The twin-tool cutting is an obvious reason, but not 
quite so obvious is the fact that floor-to-floor time is 
reduced by an overall factor which is sometimes as 
high as three or four. This performance is a result of 
the high degree of built-in automation additional to 
the conventional machine's NC controller. Consider
ing floor space saved reduces costs further. 

As the component complexity increases and tool 
changing and setting have more and more signifi
cance, then the advantages of automation increase. 

PROJECT CONTROL 

The management of a single contract of significant 
value for a number of fairly sophisticated machine 
tools is perhaps not in itself a problem, However, if 
the first machine has to be conceived, designed, 
detailed, manufactured and delivered in 12 months 
from the receipt of the order, and the complete order 
delivered within 16 months, then the plain manage
ment of such a contract is problematic. 

In the case of the R.C.l250, Fig. 8 shows the 
schedule of events found necessary to achieve the 
targets set, and it has since become apparent that 
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without careful planning and control the delivery 
promises that were given and met would have gone by 
the board. 

A computerised critical path analysis method was 
used to record and report progress, and the customer 
was continuously informed of the progress being 
made against the schedule. The principal plan was 
used to ensure that the correct resources, both in 
materials and manpower, were made available as and 
when necessary. Sub-contract detail design and skilled 
labour was used extensively and Churchill designers 
and engineers concentrated on the conceptual design 
work and control of the project. 

It was realized that much time can be lost in getting 
a new machine commissioned and accepted because of 
inevitable errors that occur in machine and control 
systems design. To overcome this, all controls were 
tested on a special machine simulator, which ensured 
that not only were the machine's sequences and design 
checked-out, but made certain that when the controls 
were connected to the actual machine tool hardware, 
only minimal problems remained. 

Furthermore, the fact that the machine tool and 
its controls were designed and manufactured on the 
same site assisted greatly in solving the problems of 
implementing design changes. 

The result of this work, and the fact that a fairly 
young and enthusiastic team worked together well, 
was that targets were met and deliveries made on 
time. 

There is little doubt that customers for NC 
machines are demanding shorter delivery times. It is 
probable that the methods found absolutely essential 
to achieve the R.C.l250 project will become 
commonplace in the machine tool builders technique. 
Further developments in methods for reducing lead
times will occur and we can look forward to being 
able to quote to customers deliveries that will surely 
ensure success over competition. 

FUTURE DEVELOPMENTS 

One future development planned is a tool-wear 
measurement facility. 

Using the control commands given to the auto
matic tool setting equipment it is possible to measure 
the tool wear that has occurred between successive 
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tool-settings. It will be possible to specify for a 
number of tools the allowable wear, and the tool
wear detection controls will indicate to the operator 
when each limit is reached. This development further 
automates the machine. 

A further development, using the control servos 
already existing for the automatic tool-setting equip
ment, could be the introduction of an adaptive
control system which could automatically compens
ate for tool-wear, thermal drift and machine tool tip 
deflections. Obviously simple adaptive control of 
spindle horsepower is feasible. 

Automation of workpiece handling is also feasible. 
As already described, the fixture clamping controls 
provide a sound basis for the automatic handling of 
fixtures. Similarly, a line of R.C.l250 NC lathes 
would be able to share completely a central tool 
store, which would enable reductions in cost on the 
machine tool change hardware to be made. 

If current trends towards the use of computers for 
machine tool control continue, machine control by 
computer both for motion and sequence logic could 
be envisaged. · 

DISCUSSION 

Query from Professor Dr. -lng. G. Spur, Technische 
Universitiit, Berlin. 

In your paper you mention the possibility of 
measuring the tool wear. This is important for new 
developments in optimising adaptive control systems. 
Could you report something about your measuring 
device? Is it only an idea or do you have any 
experience? What kind of tool wear are you 
measuring? 

Reply 

The device in question is really a technique for using 
the existing automatic tool-setting unit. The lathe 
axes are moved by rotating differential resolvers by 
means of stepping-motors geared so that one step 
represents 0.0001 in. Control logic ensures that axes 
are moved until the tool-tip is set on the ATSU cross
hairs. After cutting for some time, if the axes are 
again positioned at the "tool-setting position", the 
ATSU will register that due to tool-wear, the tool tip 
is no longer at the true datum. The number of pulses 
required to move the tool to the datum is the 
analogue of tool wear. 

The above facts can be seen to form the basis for a 
system whereby toolwear can be measured, but at 
present no practical details are available. Only radial 
wear is measured. 



THE MODULA RANGE OF NC MACHINE TOOLS 

by 

D. GRINDROD and G. FARNWORTH* 

INTRODUCTION 

Before the introduction of its Modula range, Marwin 
Machine Tools Ltd. marketed standard and custom 
built, numerically controlled machine tools and 
machining centres for the machining of ferrous and 
non-ferrous alloys. 

The price of these machines typically ranged from 
thirty thousand pounds (£30,000) to one hundred 
and fifty thousand pounds (£150,000). 

Whilst Marwin had made an increasing impact on 
the general engineering industries, particularly at the 
heavier end of the market, the majority of its 
customers had come from the aircraft industries, both 
at home and abroad. 

Feedback from the sales force had made the 
Company acutely aware that it could not satisfy the 
requirements of many small-to-medium sized general 
engineering companies, on a cost basis alone. 

Such companies typically explained that whilst 
they fully appreciated the benefits of using numeri
cally controlled machine tools, they simply could not 
afford the relatively high capital cost of such equip
ment. 

In 1969, Marwin decided that in order to continue 
the growth of the Company, it would be necessary to 
seek new markets to supplement its existing ones. It 
is not surprising, therefore, that general engineering 
was chosen since it was believed that this market 
would both support the Company's expansion and 
act as a 'buffer' in the event of recession in the 
volatile aircraft industries. 

Thus, they decided to design a numerically 
controlled machine tool which could be sold at a 
price which would suit the pockets of even the 
smaller users. It was thought that the wide introduc
tion and application of this machine would be 
compelled on economic grounds alone. 

From the original concept of a single numerically 
controlled (NC) machine tool, emerged a comprehen
sive range of NC machine tools and machining centres 
called Marwin Modula. 

*Marwin Machine Tools Ltd., Leicester. 

SPECIFICATION 

Once the decision to market a new machine tool had 
been made, it was necessary to establish a suitable 
machine specification, within which the Company's 
designers could work. This specification was jointly 
conceived by a team representing the design engineer
ing, production and sales functions, working to the 
following criteria laid down by the Board of 
Directors. 

1. The machine must be specifically aimed at the 
general engineering industry, both in the United 
Kingdom and Overseas. 

2. The machine must be a basic milling machine, 
fully capable of boring, drilling and tapping. 

3. In accordance with the Company's existing 
marketing policies 
(a) As many variations as possible must be 

offered on the basic machine to cater for 
the individual requirements of each 
customer. 

(b) The machine must 'out specify' competi
tive products in the same price range. 

4. The machine must have numerical control on 
all axes. 

5. The unit cost of the basic machine must be 
sufficiently low for it to be marketed in the 
United Kingdom at a selling price of ten 
thousand pounds (£10,000). 

Eight years ago, in his classic paper on 'The 
Machine Tool of the Future', Dr. Moll1 presented 
firm guide lines which aided the satisfaction of 
criteria 1 and 5. 

In his paper, he put forward the answer to the 
increasing problem of keeping production costs low 
as being 'automation involving the lowest possible 
capital expenditure'. 

The automation of small batch production which 
is typical in the general engineering industry is tech
nically feasible with NC, and the capital cost of NC 
machine tools can be minimised if manufacturers 
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offer simplified machines with limited working ranges 
and reduced cutting capacities, which satisfy the 
customer's needs only and do not give him excessive 
technical capabilities and physical capacities that 
often incur overproportionate capital costs when 
related to their appropriate usefulness. 

Dr. Moll suggested that 'Component Statistics' 
offer one way of determining the exact requirements 
of the machine tool user. Component statistics are 
not an end in themselves, for in order to achieve a 
competitive product in a free market, the designer 
should consider many other factors including 
development in metal cutting, the technical features 
of machine design, competitors, products, future 
requirements of manufacturing systems, the plant 
manufacturing expertise and experience, and cost, 
before he reaches the final compromise. Such 
statistics will, however, help in deciding a minimum 
specification upon which the designer can exercise his 
judgement. For this reason, therefore, use was made 
of research surveys carried out at Aachen, and by 
PERA and VUOSO. This increasing volume of 
information on machined components relating to 
their shape, size, weight, material, type of machining 
operation, desired output and required accuracy, 
provided an insight into the milling, drilling and 
boring practice of the general engineering industry. 

It was found, for instance, that a machine capable 
of drilling 2 in. diameter holes will accommodate 95% 
of work requiring drilling and that 75% of this work 
can be accommodated with eight cutting tools and a 
third of drilled workpieces also require milling opera
tions. A strong case must, therefore, exist for an 
eight-station turret, not merely capable of drilling but 
fully capable of milling. 

Eighty per cent of work requires a combination of 
machining operations drawa from milling, boring and 
drilling, and, therefore, a strong case exists for the 
development of the machining centre philosophy of 
designing machines capable of milling, boring and 
drilling a component in one set-up. 

Machining is often required on two or three 
orthogonal axes indicating a need for angular index
ing facilities. In fact, 55% of all milled components 
are well suited to production on a machine equipped 
with angular indexing. These facilities become even 
more urgent when it is noted that for drilling, milling 
and boring operations, the time spent in setting and 
handling often exceeds the time spent cutting metal. 

A machine with a physical capacity to accom
modate an 18 in. cube will be suitable for about 80% 
of all general engineering components that are milled 
or drilled and about 40% of components that are 
bored. If this capacity is increased to 18 in. X 18 in. 
X 32 in., then the machine will accommodate over 
50% of all bored work. 

Most components weight less than 60 lb and over 
95% of components weigh less than 1 ton and have a 
maximum envelope dimension less than 60 in. 

Over 95% of all components which are milled, 
bored or drilled are made of cast iron or of a ferrous 
alloy. Therefore, any machine with a high range of 
spindle speeds suitable for light alloy metal working 
will have an extremely limited application in general 
engineering. 

Similarly, an NC milling machine with Continuous 
Path Control will have a limited application in general 
engineering since only 9% of milling components have 
machined surfaces with a curved profile. However, a 
contouring facility will allow certain components 
with surfaces which normally would have to be 
machined by turning, to be milled, e.g. flat plates 
with a spigot. Hence the usefulness of a milling 
machine with a contouring facility would be greater 
than that suggested. 

From factors such as these drawn from component 
statistics and from other factors obtained from tech
nical and marketing surveys, a suitable specification 
was derived for the basic machine and the machine 
variations necessary to satisfy the peculiar require
ments of the individual customer. 

From the start it had been decided that the only 
economical way of satisfying the marketing criteria 
for the specification, would be to design the machine 
on a modular basis, especially as this concept of 
design and manufacture has been used successfully by 
the Company on its existing ranges of machine tools. 

The term 'modular' or 'unit', is employed to 
describe a concept in which each of a group of similar 
or related products, comprises a permutation of 
modules (units) selected from a specified range of 
modules. In most cases, a module will consist of an 
assembly, but could be a sub-assembly or, in an 
extreme case, it could be a discrete component. 

Modularisation constitutes a means of satisfying a 
relatively wide range of market needs without having 
to resort to the manufacture of individual custom
designed products with their resultant high design, 
development, engineering and production costs. 

The object of modularisation is to make each 
module in reasonable size batches. (In Marwin's case, 
these batch sizes can be extremely low as the 
Company has its own comprehensive NC machining 
facilities.) This is generally feasible because a module 
may appear in numerous different machine variations, 
and even when only one variation is needed it is the 
modules peculiar to that variant and not the whole 
machine that have to be made in correspondingly 
small quantities. 

The economy of production in quantity is 
achieved not only at the machining stage, but also at 
the assembly stage, where special facilities can be 
provided for building its different modules in batches. 
These batches of modules can be built simultaneously 
rather than sequentially, and hence the complete 
machine build time can be minimised since completed 
modules can be assembled to the main structure 
(Fig. 1). Each module can be inspected and tested off 
the machine and any rectification necessary will not 
disrupt the final build. 

The reduction in lead time of machines built by 
the simultaneous assembly of modules, reduces not 
only the delivery time to the customer, but also 
considerably reduces the work in progress and 
improves profitability. 

The satisfaction of Criteria 5, in determining a 
suitable machine specification proved to have an 
unexpected and profound influence on the final 
specification of the machine. 

Although the estimated unit production cost of 
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TABLE I 

Axis Traverse 
X 40" or 60" 

(1016 mm or 1824 mm) 
Y 20" (508 mm) 
Z 20" (508 mm) 

Extra Vert. Stroke to 30" 
716 mm) 

Worktable 

Modula 

* * * 
* * * 
* * * 

* * * 

20" X 40" (508 X 1016 mm) * 
20" X 60" (508 X 1524 mm) * 
40" X 40" (1016 X 1016 mm) * 
40" X 60" (1016 X 1524 mm) * 

* * 
* * 

40 International Taper 
Spindle Nose 

50 International Taper 
Spindle Nose 

3 2 Spindle Speeds 
30 - 3028 revs/min 
10- 1009 revs/min 

16 Spindle Speeds 
30 - 3028 revs/min 

10 H.P. Spindle Drive 

Feedrate 0.1 - 98"/min 
300"/min rapid 

Tool Retention: 
Power drawbar 
Quick release chucks 

Right Angled Head Attachment 

Index Table 24" 72 Position 
Tape Controlled 

Index Table 36" 72 Position 
Tape Controlled 
(40" wide worktables only) 

Rotary Trunnion Table 18" NC 

Rotary Table 24" NC 

Rotary Table 36" NC 

* * * 

* * 

* * * 

* * * 

* * * 

* * * 
* * * 

* * 
* 

* 

* * * 

only 

* * 

* * * 

(40" wide worktables only) only 

Tool Magazine 30 Position 

Tool Magazine 40 Position 

Random Tool Selection 

Sequence Number Display 3 Digit * * * 

Manual Data Input for 
Continuous Path Control 
(Standard on point· to-point 
system) 

Tape controlled Spindle 
Speeds 

* * * 

* * * 

Modulamatic 

* 
* 
* 

* 

* 
* 
* 
* 

* 
* 
* 

* 

* 
* 
* 

* * 

* * 

* * 

* * 
* * 

* * 

* 

* * 

only 

* * 

only 

* * 

* * 

* * 

* * 

* * 

Stan- Stan
dard dard 

Tool Length Compensation * * * * * 

Tape Controlled Spindle 
Reverse for Tapping * * * * * 

the machine initially conceived had been minimised 
by 'modularisation', it became apparent that if a 
single machine type only were to be marketed, there 
would be insufficient demand to allow the design and 
development costs to be amortised over an acceptable 
period of time. 

Therefore, in order to increase this demand, the 
Company resolved to widen its specification and 
market a range of basic machine types with associated 
variations. This could only be feasible economically if 
these basic machine types incorporated a high percen
tage of common modules, thus minimising the 
increase in the total design effort. 

The Company also found it necessary to change its 
basic thinking on the NC of the machine. Originally it 
was hoped to 'buy out' the complete control package, 
i.e. the cabinet, power supplies, machine tool logic 
and the NC logic. However, negotiations with the 
major NC system manufacturers proved that it would 
be too costly to purchase the complete package. 
Consequently, it was decided to buy out a 'standard' 
NC system logic only, and to design and manufacture 
the cabinet, power supplied and machine tool logic 
'in house'. In this way, the cost of the complete 
package for a basic 3-axis point to point control with 
standard options was reduced from about five 
thousand pounds (£5,000) to three thousand pounds 
(£3,000). 

The final machine specification given to the design 
team included the following main parameters:-

!. Provision for both horizontal and vertical, single 
spindle work heads and for an eight spindle 
vertical turret head. 

2. Basic machine to accommodate workpiece 
envelope size 20 in. X 20 in. X 40 in., with pro
vision for optional 20 in. X 60 in., 40 in. X 
40 in. and 40 in. X 60 in. worktables. 

3. All worktables to be supported over their full 
length of traverse. 

4. Capable of supporting a workpiece in excess of 1 
ton. 

5. 10 hp power spindle drive for machining of cast 
iron and ferrous alloys. 

6. Basic machine to have manual tool change 
facility with provision for optional automatic 
tool change facilities. 

7. A range of optional angular indexing and rotary 
tables. 

8. Basic manual spindle speed selection with 
provision for automatic speed selection from 
tape. 

9. Basic machine to have full point to point NC on 
three axes with provision for NC on indexing 
tables etc., and provision for contouring option. 

I 0. Basic machines and options including the NC 
system to be built on a 'modular' basis, with the 
maximum number of modules common to each 
machine type. 

11. The cost of the basic machine must be below 
£10,000. 

The satisfaction of these parameters caused two 
major headaches in machine design. 

The traditional approach to milling machine design 
of supporting the worktable on 'compound slide-
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Fig. 1 Part of the Modula main assembly line 

Fig. 2 The main machine modules 
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ways', severely limits the range of worktable sizes 
that can be provided without altering the basic 
machine. The Marwin approach to solving this 
problem was to support the worktable directly on the 
machine bed which is mounted on the floor (Fig. 2). 
This means that the worktable traverses along one 
axis only (the X axis), and both the worktable size 
and traverse can be extended very economically by 
merely increasing the length of the bed. 

The other difficult design problem was the provi
sion of the different work head configurations with
out altering the basic design of the machine. The 
breakthrough came with the concept of mounting 
each work head on a ram (Fig. 2), which carries the 
final drive to the work spindle. Although each ram 
and headstock is an individual module, all rams are 
supported by an identical carriage (saddle) which 
provides the spindle drive. 

Thus, there emerged a range or family of machine 
tools, which the Company named the Marwin Modula 
and Modulamatic range NC Machining Centres. 

The term Modula is used to denote the range of 
machines with a manual tool selection and change 
facility. Modulamatic machines are similar but have 
an automatic tool selection and change facility. The 
diversity of end product is illustrated by the machine 
specification offered to the customer (see Table I and 
Fig. 3). 

THE MACHINE STRUCTURE 

A basic Modula machine tool consists of the following 
main structural modules, as shown in Fig. 2. 

Bed 
Table 
Column 
Saddle 
Ram& 

Headstock 
3 off Axis 

Drive Motor 
& Gearbox 

(choice of 2 sizes). 
(choice of 4 sizes). 
(common on all machines) 
(common on all machines). 
(choice of horizontal, vertical 
or turret). 
(common on all machines). 

A Modulamatic machine consists of the Modula 
units with an additional tool change unit. 

Bed and column 
For quantity production, fabricated structures tend 
to be more costly than castings and since Marwin 
have their own foundry, full use has been made of 
cast iron in the development of the main modules in 
this range of machine tools. 

The machine Bed is designed for rigidity and is 
manufactured from close-grained, stress relieved cast 
iron. The slideways are of a square form with narrow 
guideways which are peripheral ground. A central 
valley between the guideways allows clearance for the 
X axis leadscrew. The leadscrew and guideways are 
positioned to prevent crabbing of the worktable. 

large capacity longitudinal coolant troughs are 
provided on each side of the bed. Provision is made in 
the base of the bed for eight combined foundation 
bolts and levelling screws. 

The high rigidity required for NC machine tools 
can be increased by using the foundation to supple
ment the stiffness of the bed. 

The column is made of a similar material to the 
bed and has substantial internal ribbing for maximum 
rigidity. A shallow well accommodates the axis drive 
leadscrew and is located between narrow guideways 
of a square form. The narrow guideways are peri
pheral ground and designed to prevent crabbing of 
the saddle. 

The column is accurately located by spigot and 
dowel and is bolted to the machine bed and is 
provided with four combined levelling and found
ation bolts similar to those on the bed casting. 

Worktable 
The four sizes of worktable are made of ribbed cast 
iron and will support workpieces weighing up to 
6,000 lb., together with the associated cutting loads. 
Taper gib adjustment on the narrow guideway is 
provided. 

Slide ways 
One of the problems confronting the machine tool 
designer is movement of slides, tables, columns, etc., 
on guiding surfaces. The basic requirements are:-

• Straightness of motion, which must be maintained 
within close limits over long periods of service 
under workshop conditions. 

• Uniformity of motion, which must be maintained 
even for heavy masses and very low speeds. 

Providing that the initial form, accuracy and finish 
of the mating surfaces are suitable, the satisfaction of 
both these requirements demands a reduction of the 
coefficient of friction to the lowest practical value. 

In NC machine applications, it is particularly 
important that the stick-slip phenomena should be 
eliminated as far as possible to enable movement to 
be imparted reliably in very small increments. 

The problem has been tackled in various ways by 
machine designers and solutions have been sought by 
using roller bearings and hydrostatic lubrication. 
Another and more economical approach to the 
problem is the use of a dry bearing material to 
remove the negative slope of the friction-velocity 
characteristic. 

One such material, Glacier D.U. has been used by 
Marwin for several years with considerable success. It 
has been found even under the most adverse condi
tions of dirt and coolant, such bearings give trouble
free use, and they have proved particularly useful in 
coping with vibrations associated with heavy milling. 
Under such conditions, the higher coefficient of static 
friction aids the stability of the stationary slides and 
with the high torques available from hydraulic servo
drives it presents no problems on the moving slides. 

Glacier D.U. is made up of three bonded layers; a 
backing strip of steel; a middle layer of porous bronze 
impregnated with a mixture of polytetraflouro
ethylene (ptfe) and lead; and a surface layer, about 
0·001 in. thick of the same ptfe and lead mixture. 

In use, a film of the ptfe mixture is transferred to 
the opposing rubbing surface and this film as well as a 
thin surface layer on the D. U. is maintained through-
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out the working life of ·the bearing. This material 
combines the unique dry-friction properties of ptfe 
with high compressive strength, good heat conduc
tivity and excellent resistance to wear. Strips of the 
material are attached to the table, saddle, keep plates 
and gibs. The mating surfaces of the bed, the column 
and the ram are ground for maximum life and effici
ency of operation. 

The positioning of the ptfe pads is illustrated in 
Figs. 4 and 5. 

FEED DRIVES 

Marwin considered both electric and hydraulic drive 
systems for the linear axis movements. 

In general, electric motors have a low torque-to
inertia ratio when compared with hydraulic motors 
and, therefore, give a slower 'response'. 

Low inertia DC electric drive motors are being 
developed and their price is falling. However, at the 
time of consideration, electric drive systems cost 
approximately 30% more per axis than hydraulic 
systems. Therefore, a hydraulic feed drive system was 
chosen for the machine. 

Each linear axis movement on the machine is 
obtained by means of a precision ground recirculating 
ballscrew driven by a hydraulic motor via a reduction 
gearbox. The gearbox includes a matched pair of 
gears which allow adjustment to take up backlash. 

The hydraulic motors are rated at nearly 7 hp and 
can exert an axial thrust on the leadscrew of nearly 
3 tons. 

Feedback of each axis displacement is obtained by 
measuring the leadscrew rotation with an optical 
digitizer which is driven off the leadscrew by a 
toothed belt. The motors are controlled by servo 
valves and a tachogenerator provides feedback for the 
velocity loop. 

The feed rate can be varied from 0·1 to 98 in./min, 
and the rapid traverse rate is 300 in./min. 

The deadweight of the saddle gearbox and ram is 
counterbalanced by a hydraulic cylinder. 

A hydraulic power pack supplies oil at a pressure 
of I,SOO lb/in2 to the axis servo drive motors and 
automatic drawbar (if fitted) and oil at a lower 
pressure for the operation of the hydraulic counter
balance cylinder, gear change selectors and agitation, 
and other ancillary services. 

The power pack is housed in a steel frame which 
can be bolted directly to the column, thus enabling 
the machine to be lifted as one unit. The heavy duty 
contactors and switchgear panel are also incorporated 
in the power pack framework. 

SPINDLE DRIVE 

The work spindle(s) is driven by a 10 hp constant 
speed motor, through a I6-speed gearbox mounted in 
the saddle. A two-speed motor can be fitted to 
provide a selection of 32 spindle speeds. 

Seven shafts, supported by ball and roller bearings, 
carry hardened and ground gearwheels. Four 
hydraulic rams activate the gear selection and a 
further hydraulic ram activates the gear agitation. 

All work spindle drives are taken from the gearbox 
via I: 1 helical gearing to an involute splined shaft 
mounted uppermost in the saddle. Only the final 
workspindle gearing, mounted in the ram, changes 
with the workspindle configuration. Motion is trans
mitted from the saddle splined shaft to the spindle 
final drive via a further pair of I : 1 helical gears. The 
input gear is so arranged that it remains fixed relative 
to the ram, and it slides along the splined shaft to 
accommodate the movement of the ram. 

The bearings and gears in the saddle are lubricated 
with an oil feed. The fmal drive to the workspindle is 
lubricated by a 'micro fog' unit which provides an air 
and oil vapour. A machine interlock prevents spindle 
rotation in the event of malfunction of this unit. 

The spindle speeds are manually selected by 
actuating a rotary distribution valve which supplies 
high pressure oil to the hydraulic gear selector rams. 
Automatic 'jogging' aligns the gears during selection 
to ensure smooth and rapid changes. Spindle speeds 
may be preselected during machining. 

The horizontal workspindle is mounted in a 
matched pair of preloaded, angular contact ball bear
ings at the front of the ram and a matched pair of 
roller bearings inside the ram. This bearing configur
ation has been used successfully by the Company on 
other machines with spindle speed applications in 
excess of 4,000 rpm. The spindle is driven directly 
from the splined shaft by 1 : 1 helical gears. 

The vertical spindle is mounted in a smilar manner 
to the horizontal spindle and is driven through a pair 
of hardened and lapped spiral bevel gears, one being 
mounted on the spindle itself and the other on the 
final drive layshaft, which is driven by the saddle 
splined shaft via the helical gears. 

The cast iron turret carries eight alloy steel 
spindles mounted in taper roller bearings. Each 
spindle is provided with its own pair of spiral bevel 
gears (in constant mesh), one of which is attached to 
the spindle, the other carrying a coupling half. The 
matching coupling half is incorporated in the end of a 
final drive layshaft which is driven by the saddle 
splined shaft via a 1 : 1 helical gear. 

A precision toothed coupling locates the turret. 
Half of this coupling is fastened to the turret head 
and half to the ram. The coupling is separated by a 
hydraulic cylinder and is rotated by a rack and index 
gear. The rack is driven by a hydraulic ram. 

TOOL CHANGING 

The horizontal and vertical workspindle incorporates 
positive tool retention, and rapid tool changing is 
assured by the power drawbar fitted as standard. The 
drawbar is a hydraulically operated type which 
clamps onto a drawbolt fitted into the threaded end 
of a standard arbor. When the 'tool release' button is 
pressed the hydraulic ram moves forward and moves 
the drawbar forward against the pressure of disc 
spring washers. The tool retaining cams move forward 
into a bored out section of the spindle, the cams 
spring open and the tool is released. The machine is 
normally supplied with sets of tool holders having 
either 40 or 50 International taper shank, to facilitate 
heavy milling and boring. 
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The 8-position turret incorporates 40 International 
spindle noses using quick release chucks. 

The Modulamatic machines are fitted with an 
automatic 30-position sequential tool change 
magazine, a tool change arm, and spindle speed 
control from tape as standard. A 40-position tool 
magazine, random tool selection using coded shanks 
are available as optional extras. 

On both horizontal and vertical Modulamatic 
machines, the tool changing facilities have been 
designed to avoid the use of complicated mechanisms. 
The two-position transfer arm simultaneously 
extracts the tools from the magazine and rotates 180° 
to return the tools to their new positions. Machining 
is automatically resumed on completion of the tool 
change cycle and the next tool required is positioned 
whilst machining takes place. To ensure correct align
ment of single point tools the workspindle always 
stops in the same rotational position, and so that the 
tool shanks of all tools are clean, compressed air is 
blown through the spindle nose during the tool 
change. 

Cutting tools up to 6 in. (152 mm) diameter can 
be accommodated. 

CONTROL SYSTEM 

The Modula and Modulamatic machines are provided 
with both point to point and continuous path (with 
linear and circular interpolation) control facilities. 

Both types of system have been designed by 
Marwin to reduce the proportion of the total machine 
tool price accounted for by the NC system. The 
company manufactures the complete control equip
ment but incorporate the Plessey NC22 logic system 
as a 'bought out' item. The use of existing proprietary 
circuit logic boards gives a reliability, proved in 
service, with a comprehensive international back-up 
service and give the automatic, acceleration and 
deceleration of axis movements without special 
coding. 

The NC system is designed with Transistor
Transistor Logic (TTL) incorporating integrated 
circuits, on a modular basis. Most machine functions 
have a separate logic board and most of the optional 
functions are back wired in. 

The basic control system, which is a 3 axis point
to-point type, can be supplied with linear and circular 
interpolation to provide contouring facilities for the 
more complex components. 

The NC system specification includes the 
following:-

Feedrates 

Rapid 
traverse 

Resolution 

Code : 
Programming 

Tape reader 
speed : 

Standard 
features : 

Optional 
extras : 

Point-to-Point 
0.1 - 98.9 in/min 

1 - 1999 mm/min 

300 in/min 
7.6 m/min 
0.0001 in 
0.002 mm 

ISO or EIA Format 
Absolute± 

Contouring 
0.1 - 98.9 in/min 

1 - 1999 mm/min 

300 in/min 
7.6 m/min 
0.001 in 
0.002 mm 

ISO or EIA Format 
Incremental (slope 
& arc mode only) 

250 ch/s 250 ch/s 
3-axis mirror image; full floating zero 
shift all axes; manual data input; 
machine zero locate; rapid, incremental 
and feed jog modes. 

3-digit sequence number display; tape 
search; incremental programming; 
cutter length and diameter compensation; 
switchable position readout; switchable 
ISO/EIA Format; plane switching 
(contouring system only). Imperial/ 
metric switching. 

CONCLUSIONS 

This range of machine tools is leading Marwin's attack 
on the general engineering markets of the world 
during the early 1970's. 

Buyers in general engineering will have the oppor
tunity of getting into three axis numerical control at 
a modest figure with a machine having serious milling 
ability with 10 hp at the spindle. 

Looking into the future the Modulas must surely 
play an important role in the development of 
manufacturing systems with Direct Computer Control 
becoming a practical reality before 1980. 
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Fig. 4 A worktable on the gibs fitted with PTFE bearing pads 

Fig. 5 View of the saddle drive shaft and the PTFE bearing pads of a Modula machine 
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DISCUSSION 

Query from I. S. Morton 

Fig. 4 appears to show that the PTFE-impregnated 
parts occupy only a small proportion of the total 
slideway area. Could the authors indicate the unit 
loading values involved (in, say, lb/in2 )? 

It is stated (under slideways) that contamination 
by coolant presents no problems. Presumably, how
ever, its presence must reduce the general friction 
land to some extent. Can it be concluded that the 
ratio of static to kinetic friction Vis/k) nevertheless 
remains sufficiently constant to leave stick-slip charac
teristics unchanged? 

Reply 

For the PTFE bearings used on the Modula worktable, 
the unit load limit is 2000 lb/in2 for more than 107 

load cycles. The twelve pads shown in Fig. 4 carry 
such a small unit load that the area of material used is 
not controlled by this factor. 

The small quantity of cutting fluid reaching the 
slideway bearings has not materially affected the 

stick-slip characteristics of the slideways on a wide 
range of Marwin NC machines fitted with this type of 
bearing over the last 6 years. 

Query from H. E. Hefford, A. A. Jones and Shipman 
Ltd. 
Please comment on your use of hydraulic drive 
elements for slide propulsion as offered, to DC 
electric drive units (as on the RC1250 machine men
tioned in another paper). 

Reply 

Hydraulic drive elements have been used by Marwin 
on all their NC machine tools. This experience, 
together with a distinct cost advantage at the develop
ment stage of the Modula range, led to their specific
ation for these machines. The drive system may be 
reconsidered when DC motors offer acceptable 
technical and economic advantages. 



MACHINE TOOLS-THE TOTAL CONCEPT 

by 

C. A. SPARKES 

INTRODUCTION 

According to the most reliable statistics at present 
available, there are approximately one million metal 
cutting machine tools installed in this country. Based 
on a sample of several engineering companies, their 
written down value averages approximately £1000 
per machine. It is, thus, reasonable to suggest that the 
total investment in machine tools in this country is in 
the region of £1 000 000 000. At> there is evidence to 
indicate that the most efficient of these may be oper
ating only in the region of 70% utilisation, while at 
the lower end this figure is nearer 15%, it would seem 
that the majority of machine tools are being used in 
the lower bracket and a figure of 25-30% would 
appear to represent the national average. On this b~sis 
some 600-700 million pounds' worth of machine 
tools are not removing metal even if they are being 
fully manned for the present 40 hour week. Clearly 
this low level of efficiency is undesirable not only 
from the point of our capital invested but also the 
work in progress, stocks, stores and, in fact, every 
aspect of the national economy. . 

The argument offered by most managements IS 

that they do not have large numbers of components 
to deal with and, in most cases, only single ones are 
required. However, as this situation applies to the 
majority of companies, it only serves to strengthen 
the case for a full investigation into methods of 
improving the present position. There appears, in 
fact, every reason for a greater proportion of the 
existing expenditure being devoted to research into 
non-cutting in preference to the cutting areas of 
machine tools. Obviously even the slightest improve
ment in this region would bring immense benefits to 
all manufacturing industries. 

Although the author does not claim to have any 
positive solutions to the many problems involved, he 
hopes that by examining and discussing the prese~t 
floor-to-floor times for machining components m 
relation to the actual metal removing times, some 
action may be taken to find a new approach to this 
subject. A selection of estimated cutting. time studies 
are given in the appendix attached to this paper. 

Time studies 
From the available data it would appear that the 

problem is equally important when considering a 
simple centre lathe, a drilling machine or the most 
sophisticated type of machine tool. For example, a 
modem machining centre, complete with automatic 
tool changing, is producing lathe headstocks in 
approximately 270 minutes compared with the 
previous time of 600 minutes. Nevertheless there are 
roughly 2000 items of information required to com
plete this operation so that a saving of only one 
second per item means a reduction in floor-to-floor 
time of over 30 minutes. This does not include the 
possible saving that could be achieved by improved 
loading and unloading, clamping, cleaning, setting and 
component design. In actual fact, the metal removal 
time in this case is only 160 minutes. It might be 
useful for all time studies to give not only the floor
to-floor period but also the actual time the cutting 
tool is specifically removing metal. This at least 
would highlight the aspect of the subject should this 
be necessary. 

Machine tool design 
Whilst appreciating the difficulties of designing 
machine tools to meet all types of operating condi
tions, it is essential that the designer considers his 
machine as part of the total manufacturing concept. 
This must include the general layout of the machine 
so that it occupies a minimum amount of floor space 
and allows a factory layout suitable for the best poss
ible work flow, both to and from the final position of 
the workpiece on the machine. If the machine 
requires electrical control cabinets, hydra.Hlic units, 
air filters, coolant systems and measuring arrange
ments these should be carefully sited to give the best 
conditions and preferably occupy a minimum of floor 
space. Although many modern machine tools already 
meet these requirements, there are nevertheless a 
number of examples of units which are scattered 
around, utilizing valuable floor space and, more 
important, limiting the possibilities of arranging opti
mum work flow to and from the machine. In cases 
where automatic loading is not a feature of the oper
ation, there is an excellent opportunity for improving 
loading times by the use of built-in lifting facilities 
rather than compelling the operator to rely on the 
normal workshop cranes. Even in cases where indivi-
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dual components weigh only as little as 10-15 
pounds, with a 10 minute time cycle the operator is 
lifting or loading over 3 tons of work per 40 hour 
week. A great deal of thought has been given to the 
problem of worktable or centre heights being 
designed to the most suitable level at which manual 
loading of the components is regarded as the only 
satisfactory method. Here, unfortunately, the 
designer has to try to satisfy the requirements of tall 
operators and, at the same time, provide a convenient 
height for shorter operators. There is no doubt that 
many existing machines would benefit from a re
examination of their present position. 

On certain machines, placing the component in the 
correct position on the worktable can be an 
extremely lengthy process. Perhaps some further 
thought ought to be given to the use of more built-in 
sensing devices for this purpose. For many years most 
drilling, milling and boring machines have been 
designed with conventional tee-slotted tables onto 
which the components or fixtures are clamped. 
Present surveys indicate that in certain cases this may 
not be the best arrangement and alternatives should 
be sought. There are, of course, other ways of holding 
the component, for example, by the use of platen 
loading, but these are not always the complete 
answer. 

There is no doubt that the machine tool designer 
should also consider the serious problem of how to 
provide an always clean worktable surface, and one 
which does not contain raised surface irregularities 
which make for an inaccurate location of the compo
nent. Clearly these are problems which should gener
ally be dealt with at the design stage; the question is 
how? 

Considering the air and hydraulic, or even elec
trical services which are now generally part of the 
modern machine tool, it is proposed that far greater 
use of one or more of these could be made for clamp
ing and unclamping the component. Further, as is 
already provided in some of the most modern designs, 
why should these devices not give the correct pressure 
so as to avoid distortion of the workpiece, not only 
during roughing but also automatically, at reduced 
pressure, for the final machining operation. Possibly 
more built-in gauging and checking of the component 
before it leaves the machine could be incorporated. 
Even better, why not arrange for more gauging to 
take place during the actual machining operations, an 
idea which, on a number of machines, is the accepted 
method today. 

A careful study of most operators using their 
machine tools suggests that they are constantly trying 
to see the point of contact between the cutting edge 
and the workpiece material. This is often difficult but 
important in most machining operations. It would 
help, therefore, if in certain cases greater use would 
be made of miniature closed-circuit T.V. with a small 
screen built into the pendant or control panel, similar 
to the devices now fitted to some large machines. 

While this paper is deliberately not concerned with 
actual metal removing operation of the machine, it is 
not intended to suggest that this aspect be completely 
dismissed when the total machining concept is con
sidered. Any possible improvements in this area 

should be incorporated by the designer whilst 
attempting to include some of the suggestions to 
reduce non-cutting times. At this stage it might be 
important to mention that the time studies referred 
to earlier were generally only estimated and not 
actually obtained on the factory floor. It was con
sidered advisable therefore to carry out a number of 
tests on components being machined. 

The first example was a normal centre lathe. A 
simple workpiece of sufficient complexity to be. 
representative of a typical engineering item provided 
the first example. The floor-to-floor time was IS 
minutes and the metal removing time 3 minutes, 
representing a cutting percentage of 20%. In the case 
of an operation on a conventional 4 ft radial arm 
drilling machine, a floor-to-floor time of 16 minutes 
included a total drilling time of 3 minutes, giving a 
percentage of cutting time to non-cutting time of 
19%. As an NC-type control turret drilling machine 
was available in the same factory, it provided a useful 
example of a modern type of machine tool. Here the 
floor-to-floor time of a relatively simple component 
was 60 minutes and the actual cutting time 20 
minutes, giving a percentage of 33%. In this case no 
account is taken of the time to prepare the tape 
which, of course, is normally done independently. 
However, experience in the use of NC machines indic
ates that, even for the simplest of components, a dry 
run of the tape on the machine is essential if errors 
are to be discovered before the workpiece is scrapped. 
A proportion of this time must, of course, be added 
to the non-cutting time as this may be a major item 
on ones off or even on small batch quantities. 

The next machine to be checked on the factory 
floor was a normal Universal Horizontal Boring 
Machine fitted with punch-card control for the 
vertical and cross movements. During this test a cast 
iron unit was machined, which required a crane to lift 
it on and off the machine table. In addition to the NC of 
the two traverses, the machine had automatic clamp
ing and unclamping for the slides and the headstock, 
as well as a special hydraulic tool releasing mechanism 
in the spindle nose. However, with all these modern 
facilities the floor-to-floor time was 30 hours and the 
actual cutting time 9 hours, giving a percentage of 
30%. Two further machines were checked, namely a 
screw-type broaching machine capable of operating a 
3 in diameter spline broach, on which the cutting 
time showed a percentage of 18%, and a conventional 
cylindrical grinding machine for grinding machine 
tool spindles from 3-6 in diameter and I 0 ft I 0 in 
long, for which the percentage was found to be 20%. 

The trend towards Machining Centres, where 
different operations can be carried out on a single 
unit, has provided a new approach to the idea of the 
total machining concept. This trend is also encourag
ing the designer to look at the problem with a view to 
developing a type of machine tool which is capable of 
being integrated into a factory layout so as to provide 
for the most economical receipt and despatch of the 
component. While this new and important trend 
should be continued, it would be a most valuable 
contribution to the national economy if some fresh 
thought could be given to existing plant and 
machinery. 
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Components 
Few will question the idea that the design of many 
components leaves much to be desired from the point 
of view of handling them in production. This, of 
course, is again a question of long-term policy. At 
present there are many existing cases where the provi
sion of a simple face or flange would help to reduce 
the assortment of nuts, bolts, washers and various 
items of packing which only too often adorn the 
normal machine shop. Locating surfaces could also in 
many instances be of valuable assistance to the 
operator when setting his machine. When providing 
these clamping and locating faces it is, of course, 
essential to place them in such a position that the 
component sustains a minimum of distortion during 
the clamping and machining operations. It is well 
known to be most difficult if not almost impossible 
to bore a round hole with a clamping screw placed 
directly over the centre of the bore. 

Factory layout 
Maximum benefit is always achieved if the machining 
process is fully integrated into the work flow pattern. 
However, until such time as all machines are designed 
to meet the ideal conditions it is worth while review
ing this area of the non-cutting times. 

Many present-day machines with filters, coolant 
and other units placed around them in positions that 
make work flow difficult, can sometimes be re
arranged to allow for easier access to and from the 
machining area. The storage of unmachined and 
machined parts, and the loading and unloading facil
ities can be sited to give the best work flow path to 
the cutting position, with the cutting tools and acces
sories conveniently placed to suit the operator. When 
factories are specially designed for the use of transfer 
lines and similar layouts for mass production, these 
conditions are taken into account in the early plan
ning stages. The present difficulty lies in the need for 
deciding what can be done with the existing equip
ment in the many thousands of workshops which are 
engaged on batch or single component production 
and which at present form the backbone of this 
country's engineering industries. In some factories 
there is even a need for improved swarf removal 
systems in relation to the general layout of the 
operating area. 

Loading and lifting 
Either at the design stage, or as a first operation, most 
components benefit by being arranged with built-in 
lifting holes, flanges or devices which greatly assist 
their handling and machine loading. Often, many 
components are slung or handled differently at each 
operation or machining station with a consequent loss 
of time. The importance of this is clearly illustrated 
by a study of workshop practices, which shows that 
the loading and lifting of many components is the 
major factor during the non-cutting period. The work 
flow pattern is, in fact, considerably improved when 
certain machines have their own lifting or transport 
arrangements. Future machine tools will no doubt 
have these lifting and loading arrangements designed 
into the general configuration. Ideally they should be 
automatically operated, using perhaps some form of 

mechanical man which could be programmed to suit a 
comprehensive range of workshop conditions. 

Tools and tool clamping 
The area around many machine tools which is not 
occupied by workpieces is all too often littered with 
tools and spanners, together with an assorted array of 
nuts, bolts, washers and other items of packing which 
the management hope may one day be used for 
clamping or supporting components on the machine. 
Although much thought has been given to this matter, 
it should be possible to find an improved method of 
storing these tools and tool equipment, accessories 
and sundry items. There is also the serious problem of 
lifting and loading the heavier tools from the machine 
spindle or tool location area. A recent investigation of 
a large twin-table machining centre, complete with 
automatic tool changing, showed that at its present 
production rate, the weight of tools being loaded into 
and out of the machine per 40 hours is approximately 
4 tons. This obviously would have been a most fatigu
ing task if these tools had to be manually loaded by 
the operator. While it may be difficult to fit every 
existing machine with automatic storage and tool 
clamping mechanisms, this matter is certainly of suffi
cient importance to rank high on the list of priorities 
for further original thinking and research while, at the 
same time, continuing with the development of a 
number of excellent arrangements which are already 
available. After the tool or tool holder has been fitted 
into the spindle or on the supporting face, time is 
often lost in clamping these into position with suffi
cient effort to resist movement during cutting and 
without distorting the accuracy of the tool setting. 

Datum setting 
Too often, rapid traverse rates, positioning times and 
approach speeds are accepted as being those which 
have always been considered as satisfactory for a 
particular type of machine. However, as these can, 
and in most cases actually do, represent an important 
factor in the non-cutting time, there is an urgent need 
for maximum traverse rates to be considerably 
increased. Before this can be done, however, the 
limiting factors must be investigated in each case. 
Many new designs are, of course, already provided 
with better facilities, but at the same time many 
existing machines could no doubt be improved at a 
reasonable cost. 

With regard to devices which are being developed 
in the field of datum setting, the following is an inter
esting example. A simple proximity mechanism which 
allows a display to be presented to the operator, 
indicates the exact location of a face or bore in rela
tion to the machine tool spindle. A radio or inductive 
link between this spindle device and a remote meter is 
placed conveniently on the machine tool. This type 
of device offers the possibility of connecting the 
signal with a control mechanism on an NC machine, 
thus providing an automatic setting arrangement. 
Many new designs are of course already provided with 
such or similar facilities. However, it is believed that 
large numbers of existing machine tools could be 
improved by the fitting of some simple and reason
ably priced datum setting devices. 
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Feeds and speeds 
The use of drives with infinitely variable, mechanical 
and hydraulic gear boxes has considerably reduced the 
time for changing the feeds and speeds on most 
modem machine tools. However, a recent time lapse 
film suggests that there is a need for more reliable 
information on the most suitable arrangement of 
machine tool controls. Whether this should be in the 
form of a pendant, console or some new method, 
must be carefully studied before a decision can be 
taken. 

Speed and feed changes in machines with full NC 
control and automatic tool changing are at present 
determined by the Planning Office. Nevertheless the 
timing and calculations in the programme can have a 
marked effect upon the non-cutting period. A recent 
experience on one of these machines illustrated the 
difficulty of programming for maximum approach 
traverses, combined with the minimum distance 
between the workpiece and cutting tool, before the 
actual cutting feed rate was engaged. This is often 
complicated by the speed of the table rotation when 
presenting a new face for machining and particularly 
by the shape of the component itself. Here there is a 
need to develop some form of simple simulator which 
could be used by the Planning Office when preparing 
new programmes for machining centres. 

Clamping 
As mentioned previously, the question of clamping a 
component is largely determined by its shape. There 
are many excellent examples of machining fixtures 
with first-class locking and clamping devices already 
built in, in which the whole arrangement is auto
matically controlled and designed into the machining 
cycle. Unfortunately, a present, this can only be justi
fied in factories engaged on mass production or large 
batch quantities. What is needed for the general 
engineering workshop is perhaps some inexpensive 
form of encapsulating components so as to provide a 
simple and accurate locking and clamping face to the 
work-holding area. Maybe this approach could be 
similar to the idea recently introduced in the broach
ing field for the production of aircraft components. 
Here workshop transport was facilitated and accurate 
workpiece position ensured during machining oper
ations which consisted of broaching and deburring in 
an 8-station automated line. The cycle time in this 
case was reduced from 500 to 30 seconds per work
piece, mainly due to the higher broaching speeds that 
were made possible by the improved holding facility. 
A further feature of this particular machine was the 
use of an instantaneous histogram type of display for 
in-process gauging. Measured values of the blade 
dimensions are punched on paper tape and then dis
played, thus monitoring the dimensions of the last 
100 components to give an accurate indication of 
broach wear. 

The metal used for encapsulation is a tin bismuth 
eutectic with a dimensional stability of about 0·02% 
during a period of 1000 hours after casting. This type 
of metal is also being used successfully for reinforcing 
a thin-walled tube during a milling operation. 
Whether or not this method can be extended for 
more general use is, of course, a matter for further 

investigation, but in view of the improvements 
achieved, further thought in this approach would 
appear to be fully justified. There are, of course, 
many examples of independent air or oil clamping 
and locking units which can be fitted on to angle 
plates or box fixtures and are thus capable of catering 
for a variety of component types. However, if these 
are connected by flexible pipes to improve their 
versatility, it has been found that under the action of 
the cutting forces these connections tend to distort, 
with a subsequent loss of clamping pressure. Apart 
from a long-term policy of redesigning components 
which allow for easy accurate location and satisfac
tory clamping, there is a dire need for some new 
approach to the problem of workholding systems 
which are simple, reliable and not too expensive. 

CONCLUSIONS 

When attempting to be very critical on any subject, 
there is always the danger that the uninformed may 
draw the wrong conclusions and imagine that little or 
no progress has been made with the problem under 
examination. There is no doubt that some excellent 
examples exist, some of which were mentioned at the 
International Congress for Metalworking at Hanover 
last September. Furthermore, recent machine tool 
exhibitions bear witness to the industry's progressive 
approach and adaption of new ideas, not only in the 
basic models, but also in machines and control 
systems which are to be used in a totally integrated 
factory. The modern trend towards the partially or 
fully integrated workshop naturally covers many of 
the points referred to in this paper. In the meantime 
there still remains the national and international 
problem of improving the very low efficiency of 
many existing manufacturing plants. 

A general review of the many new approaches to 
design and production illustrates the impact of the 
comprehensive range of research and development 
projects which have been undertaken by the machine 
tool industry and the various Universities and 
Research Establishments. Studies in group tech
nology, designing for production, value engineering, 
swarf removal and the use of computer systems for 
stock and production control, are just a few of the 
new techniques that, suitably adapted, might be of 
value to existing general engineering workshops. 

The advent of the simple readout system has been 
invaluable in reducing slide and worktable setting 
times. Equally important is the housing of a display 
unit to be located in the most convenient position to 
suit the operator. Useful progress has been made on 
loading and clamping devices for many machines, but 
from the evidence available there is still far too much 
time lost during the non-cutting cycle because suit
able devices for all conditions do not yet appear to be 
available. 

Following the machining of a component there is 
often, in the case of medium or large size work pieces, 
the question of inspection and handling. If, however, 
suitable care is exercised, a readout device has the 
advantage of allowing the component to be checked 
on the machine with a considerable saving in the total 
machining cycle time. Without a doubt a great deal of 
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information is available, and many modifications are 
possible that could be of assistance in improving the 
efficiency of factories engaged on the production of 
single components or small batch quantities. 
Although there are many interesting and valuable 
methods of holding components onto worktables, 
they do not yet appear to cover the needs of single or 
small batch production in the general engineering 
workshop. Here some new approach is urgently 
needed; an approach which is simple, inexpensive 
and, if possible, incorporates suitable lifting points. A 
solution to this problem would be of considerable 
assistance in reducing the non-cutting period of 
manufacture. Furthermore, it should bring a substan
tial reward to its mventors whilst at the same time 
improving the national economy by making possible a 
better utilization of the nation's one million machine 
tools. 

Finally, the author would again emphasise that the 
principal objective in preparing this paper was not so 
much to criticise existing practices but to encourage 
discussion by calling attention to the magnitude and 
seriousness of the problem of non-cutting times in 
some machine shops. 
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TYPICAL PRODUCTION TIME 
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DISCUSSION 

Query from Prof Dr.-lng. G. Spur 

What do you think about automatic planning and 
programming of NC and conventional machines? I 
think this must be included in a total concept of 
machine tools. 

Reply 

I fully agree with the suggestion that automatic 
planning and programming of NC and conventional 

machines should be included in the total concept of 
machine tools. Clearly, this approach would eliminate 
many of the problems I have mentioned in the paper. 
Nevertheless there are many large and small com
panies, who already have a considerable proportion of 
their plant and machines relatively old in design. On 
these, the proportion of time the cutting tool is in 
contact with the work is extremely small, and I 
believe it is in this field that we might improve the 
general efficiency of these factories. 
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ON THE ISOSTATIC COMPACTION AND HYDROSTATIC EXTRUSION 
OF IRON POWDER 

by 

J. M. ALEXANDER* and D. R. QUAINTONt 

SUMMARY 

This work is a continuation of research at Imperial College into the feasibility of producing viable products from 
iron powder, without sintering. Further experiments have been carried out to establish the relationship between 
pressure and density in isostatic compaction and the effect of the back pressure in fluid-to-fluid extrusion of the 
compacts. The possibility was also investigated of using the design of double reduction die, proposed by Fiorentino 
and his colleagues at Battelle Memorial Institute, to eliminate the need for fluid-to-fluid extrusion of these 
brittle compacts. 

INTRODUCTION 

It appears that little experimental work has been 
carried out on the hydrostatic extrusion of green 
metal compacts, whereas cold isostatic compaction 
of metal powders is becoming a well established 
procedure. It seems natural to try to link these 
processes, which require similar equipment, parti
cularly if it would thereby be possible to eliminate 
the sintering process in some cases. 

Isostatic compaction has several advantages over 
mechanical die or ram compaction, mainly owing to 
the pressure being applied uniformly and simultane
ously to all external surfaces, which thereby 
produces a reasonably uniform density throughout 
the volume of the compact. A prerequisite for high 
density would appear to be the use of a powder 
composed of a wide range of particle sizes, to 
ensure the maximum fJlling of the voids between 
the larger particles. Irregular shaped particles would 
also ensure high strength due to mechanical inter
locking between particles and large areas over which 
cold welding can occur. A comprehensive review of 
the isostatic compaction of powders is given by 
Morgan and Sands1 , in which reference is made to 
the work of Balshin, Konopicky and Heckel2 • 

Heckel developed an analysis based on a relationship 
proposed by Konopicky, namely that 

1 
Qn 1_D = KP + A (1) 

where D = relative density of the powder compact 
(i.e., the ratio of the specific density of the 

compact to that of the material without voids}, P = 
applied pressure, KandA are constants. 

The data obtained from several powders (e.g., 
iron, copper, nickel and tungsten) reveal that the 
proportionality proposed by Konopicky between 
Qn 1/(1-D) and P exists above about 25 000 lbf/in2 • 

1 
In 1-0 

0 

Fig. 1 

ln..!... =KP•A 
1-D 

p-

Below that pressure there is an initial curved 
portion as indicated in Fig. 1. Thus the constant A 
is given by 

A=Qn - 1- +B 
I-D0 

(2) 

*Professor of Applied Mechanics, Imperial College, London 
tPostgraduate Student, Imperial College, London 
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where D 0 is the relative apparent density of the 
powder with no pressure applied and B is a measure 
of the densification which takes place at low 
pressures before appreciable interparticle bonding 
takes place and the relationship becomes linear 
(assumed to be associated with the plastic deform
ation and cold welding of the powder particles). 

The process of simple hydrostatic extrusion is 
now well known and will not be described. The 
equipment used in the present series of experiments 
for fluid-to-fluid extrusion has been described previ
ously by Alexander and Thiruvarudchelvanj, and is 
shown diagrammatically in Fig. 2. This equipment 
incorporates a constant-pressure relief valve to main
tain constant back pressure . As alternatives, the 
fluid into which the billet is extruded can itself be 
made to extrude a soft billet, so as to maintain its 
pressure constant, or the billet can be extruded 
directly into a soft metal billet which is allowed to 
extrude at a known pressure through a die. Both 
methods have been used by Oyane et al4 • 

In the simple hydrostatic extrusion of iron 
powder, isostatically compacted to I 03 000 lbf/in2 

( 46 tonf/in2 ) Alexander and Dove5 were able to 
produce sound products at an extrusion ratio of 
6·75. Based on the results of Pugh and Low6 for 
molybdenum metal, and Nilsson 7 for aluminium 
powder, they identified four zones as follows: 

Zone A-transverse cracking, 
Zone B-both transverse and longitudinal crack
ing, 
Zone C- longitudinal cracking, 
Zone D-sound products. 
These preliminary results showed that transition 

occurred through Zone A to Zone D as extrusion 
ratio is increased. Nilsson's results indicated that the 
superposition of a back pressure reduced the extru
sion ratio at which these transitions occur, although 
Pugh and Low's results had earlier indicated that 
sound products could be produced at low values of 
back pressure and extrusion ratio, and that a maxi
mum back pressure was required to prevent cracking 
at an extrusion ratio of about 2·0. The density of 
the green isostatically compacted iron powder was 
found to rise from 7·23 to 7·45 g/cm3 after hydro
static extrusion through a ratio of 6·75 . 

Oyane et al.4 hydrostatically extruded sintered 
copper powder without cracking at ratios greater 
than 2·7 (without back-pressure), and at ratios of 
2·0 with a back pressure of about 20 000 lbf/in2 . 

(8·9 tonf/in2 ) all at high speed. At low speed, at 
extrusion ratio 2 ·0, cracking was not suppressed 
even with a back pressure of 22·9 tonf/in2 . Hydro
static extrusion of magnesium metal and an 
aluminium-copper-silicon casting alloy (both brittle 
materials) , using the solid back pressure equipment 
already mentioned, confirmed Pugh and Low's find
ing of a maximum critical back pressure to prevent 
cracking, occurring between extrusion ratios of 2·0 
and 3·0. 

In all this type of research, the effect of sheath
ing the billets is of some importance. Bridgman8 

found that fracture of brittle materials stretched 
under high pressure was prevented by sheathing, 
which can help prevent penetration of the fluid into 

/ / 

Fig. 2 Hydrostatic extrusion apparatus-back pressure set-up. 
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the surface pores of the specimen. This behaviour is 
dependent on the mechanical properties of the 
sheathing material, of course, and Chandler9 found 
that many of the more obvious sheathing materials 
such as vulcanzied natural rubber, neoprene and sili
cone change their mechanical properties abruptly 
over a narrow range of pressure; for example, 
Young's modulus changes by a factor of about 1000 
as shown in Fig. 3. Chandler found that PTFE coat
ing tended to be washed off by the pressurizing 
fluid , lacquer cracked, copper plating was appar
ently not thick enough, whilst rubber and a mixture 
of 'Evostick' and methyl-ethyl-ketone gave the 
greatest increases in ductility of his specimens. 
Pugh 10 also found that latex rubber could be used 
for sheathing cast-iron specimens successfully. 
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Fig. 3 Pressure dependence of Young's modulus of several 
rubbers at room temperature. 

Alexander and Dove 5 found that the fluid per
meated throughout the whole structure of an iron 
powder compact which had been compacted at a 
pressure of 74 000 lbf/in2 (33 tonf/in2 ) to give a 
relative density of 86 ·6%, whereas no permeation was 
apparent in specimens compacted at I 03 000 lbf/in2 

(46 tonf/in2 ) to 92% relative density. They concluded 
that no interconnecting pore system was present in 
the denser specimens and that sheathing would there
fore not be required from that point of view, although 
it might be beneficial from the point of view of 
preventing the penetration of fluid into surface 
fissures . 

An alternative solution to the problem of over
coming · the development of cracking in the hydro
static extrusion of brittle materials has been proposed 
by Fiorentino et al. 11. Their idea was to impose a 
second small reduction on the product immediately 
after its egress from the main hydrostatic extrusion 
die. This small reduction (2% was found to be opti
mum) is believed to introduce compressive residual 
stresses in the surface layers of the material , thereby 
reducing and even eliminating the tensile residual 
stresses which are postulated as being usually present 
and responsible for cracking. These authors used a 
double reduction die to produce sound products of 
beryllium and molybdenum at an extrusion ratio of 
4·0 which would normally have exhibited severe 
transverse cracking of the worst type. This work on 

the role of die design is of considerable importance; 
the elimination of the necessity to apply fluid back 
pressure would considerably simplify the equipment 
and its operation. In addition, the superposition of a 
back pressure necessitates raising the pressure on the 
billet by a similar amount, which often precludes 
successful operation of the process due to pressure 
limitation on the equipment. 

EXPERIMENTAL WORK 

The deformable bag for manufacturing compacts was 
made from Devcon 'Flexane 95' -a room-temperature 
curing urethane . It was moulded to the same specifi
cation as used and reported previously5 • The bags 
shown in detail in Figure 4 were filled with 300 g 
of iron powder (325 g when longer billets could 
be accommodated in the extrusion apparatus). The 
bags were vibrated gently for 2 min to consolidate the 
powder without the segregation of large and small 
particles. Sealing was achieved by means of a parallel 
rubber bung~ in long and a sliding fit in the bag. A thin 
washer of Flexane 95 was interposed between bung 
and powder to avoid forcing the soft bung into the 
compact. A final seal was made round the top peri
phery of the bung with a thin film of 'Evostick' . 

Moulded bag 
( Flexa ne 95 l -

---~ 

·~ 

.~ seal wi t h Evostik' ' 

Rubber bung 

· F lexane 95' 
washer 

6 5max. 
overall 

Fig. 4 Bag assembly for isostatic compaction. 

The bag assembly was placed in the If in diameter 
bore of a high-pressure container capable of accepting 
110 tonf/in2 pressure, which was then filled with the 
pressure medium- castor oil with 10% methyl 
alcohol. Pressurization was by means of a punch 
introduced vertically into the bore of the container, 
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the whole apparatus being placed between the com
pression platens of a 250 tonf Avery universal testing 
machine. The punch seal comprised an 0-ring and 
phosphor-bronze mitre ring,. and provision was made 
for pressure measurement utilizing a manganin coil 
mounted across two tapered terminals lapped into 
conical ceramic brushes, which were in turn lapped 
into the nose of the punch. Details of the nose of the 
punch are shown in Fig. 5. The manganin coil, of 100 n 
resistance, was connected into a Wheatstone bridge 
circuit with stabilized d.c. supply and the output was 
monitored by a U.V. recorder. The pressure thus 
measured was compared with the pressure determined 
by the axial load on the punch, as measured on the 
testing machine. Agreement was within 3%, the 
difference presumably being due largely to the effect 
of friction on the seal of the punch, over the pressure 
range 46-104 tonf/in 2 • 

Manganin coil terminals 

Ceramic insu lators 

15" . 

Isostatic compaction tests 

i ' J 

,, 
Assembly x 4 

C ircl ip 

Mi ld steel 
spacer 

0-ring 

~ Mitre- r i ng 

The powder used was Hoganas NC 100 iron powder, 
as used in the previous investigation5 • (MH 100 
powder is now designated NC 1 00.) An analysis of 
the powder is given in Table 1. Two separate consign
ments were purchased during the period of the 
investigation and compacts were made at various pres
sures between 29·2 and -104 tonf/in2 • The most suit
able method of finding the density was by machining 
a cylinder from each compact and measuring its 
dimensions and weight accurately. Machining was 
carried out using a tungsten-carbide tipped turning 
tool with a surface speed of 250 ft/min, 0·005 in/rev 
feed and 0·03 in depth of cut (maximum). The billet 
nose was turned to an included angle of 38° to facili
tate commencement of extrusion in the 40° die. Two 
diameters were machined onto each billet, the first to 
provide the required extrusion ratio, the second to 
prevent total extrusion of the billet. A taper of 40° 
was machined leading to the second (larger) diameter. 

Fig. 5 Plunger nose details (1 ~ dia). 

Table 1. Details of Hoganas iron powder NC 100 24 

Note: This powder is prepared from pure natural magnetite ore 
by carbon reduction and has an irregular spongy structure. 
Suppliers: Hoganas (Great Britain) Ltd. 

Typical Chemical Analysis (Average Values) 

Iron 
Carbon 
Oxygen (loss in weight in hydrogen) 
Silica 
Sulphur 
Phosphorous 

98+ approx. % 
0.1 
0.6 
0.3 
0·015 
0·015 

" 

" 
" 

Typical Mesh Size Distribution ( B.S.S. Mesh Sizes) 

+100 
-100 +150 
-150 +200 
-200 +240 
-240 +350 
-350 

Theoretical density 7·87 g/cm3 

Apparent density (Hall) 2·4 g/cm3 

1% maximum 
15-25%maximum 
20-30% 

5-15% 
15-30% 
15-30% 
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Extrusion equipment 
Two sets of equipment were utilized for the hydro
static extrusion equipment. The horizontal hydraulic 
press already mentioned3 was used for the initial 
simple hydrostatic extrusion tests and all the fluid
to-fluid extrusions. The design imposed a restriction 
on the billet length which could be accommodated 
within the main pressure chamber, so the tests with 
the double reduction die and sheathed billets were all 
conducted in the vertical 250 tonf Avery testing 
machine already mentioned by adopting an existing 
vertical backward extrusion set-up which allowed the 
use of longer billets and easier removal of product 
and die, as shown in Fig. 6. 

Billet 

Billet 
support 

Seal pusher 

Manganin coil 
housing 

Manganin pressure 
gauge 

Metal terminals in 
ceramic housing for 
electrical leads out of 
high pressure chamber 

Fig. 6 Backward extrusion arrangement for double reduction 
dies. 

Details of the horizontal equipment are shown in 
Fig. 2. The main chamber is It in diameter and can 
accept 110 tonf/in2 pressure, with the rather limited 
working stroke of 6 in on each ram. An interesting 
feature is the thin EN30B sleeve (0·094 in thick) 
incorporated in the main chamber, which can be 
replaced if scored. 

The experimental procedure for simple hydrostatic 
extrusion was as follows, with the horizontal arrange
ment-the die and seal assembly was entered into the 
main chamber and pushed 'home' against the step in 
the bore of the liner. The rear end of the billet (1·0 in 
diameter) was inserted into a machined rubber 
support and the assembly inserted in the pressurizing 
chamber until the billet nose located in the die. The 
rubber support was made so that the counterbore dia
meter was a close fit around the billet end, whilst the 
outer periphery, with longitudinal cutouts for oil 
passage, was a sliding fit in the chamber bore. The 
plunger was entered approximately one inch into the 
liner support plug and the chamber filled with fluid 
by an electrically driven pump. 

The procedure for fluid-to-fluid extrusion was 
similar to that just outlined except that a back pres~ 
sure plunger was incorporated and the billet had to be 
held away from the die orifice to facilitate filling of 
the back pressure chamber. This was achieved by 
positioning the billet in its support away from the die 
and inserting a wire-coil compression spring between 
the rubber support and punch. This spring was of 
such a length that it was lightly in contact with the 
billet support and main plunger in the 'fill' position. 
As the plunger advanced to pressurize the fluid, so 
the spring transported the billet and support until the 
billet nose entered the die orifice, thus separating the 
two pressure chambers. To ensure the removal of all 
air from the back pressure chamber, it was found 
necessary (with the main plunger in the 'fill' position 
and the pump running) to withdraw the plunger 
momentarily from the container and 'bleed' the 
chamber. 

The lubricant used for all extrusions (with the 
exception of the sheathed billets) was Acheson 'dag' 
1870 warm forming lubricant. This contains finely 
divided graphite blended with dispersing, stabilizing 
and binding agents which provide adequate suspen
sion properties in the lubricant bath. This particular 
lubricant reacts chemically with ferrous metals and 
produces an extremely thin, adherent dry film on the 
billet. For the sheathed billet experiments the 
machined billets were dipped into Evostick thinned 
with methyl-ethyl ketone, producing a coating of 
from 0·002 to 0·003 in thickness. No lubricant was 
applied. 

Standard seal-carrying dies were used initially but 
difficulty was experienced in die and product removal 
after extrusion. Accordingly an annular groove 0·1 in 
X 0·05 in deep was ground on the periphery of the 
die and an extractor and thin-walled extractor ring 
were made as shown in Fig. 7. Product removal still 
necessitated extraction of the seal, however, so a 
seal-less die assembly was desi_gned based on that used 
by Thompson and Daniels12 , as shown in Fig. 8. An 
internally threaded spacer carried the '0' ring and 
mitre ring seals and was placed against the step at the 
end of the main pressure chamber. The die butted 
against the spacer with a seal ring moulded from 
Flexane 95 covering the joint. This ring provided an 
initial seal as well as supporting the die in position 
prior to pressurization. It was important to ensure 
that fluid could fill the cavity behind the die and 
around the sealing ring. This was achieved by providing 
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a radial clearance of 0·0025 in between the die and 
the chamber bore. After extrusion, the product and 
die could easily be removed by hooking a simple 
extractor into the two holes shown near the mouth of 
the die. 

As mentioned previously, the press used for the 
double reduction dies was the 250 tonf Avery, as was 
also used for compacting the powders. A backward 
extrusion arrangement was adopted as shown in Fig. 
6 so that long billets could be extruded and the 
product and die removed easily. Shown in the figure 
is the billet support arrangement and the manganin 
coil housing. The design of the double reduction dies 
was based on Fiorentino's, details being shown in 
Figs. 9 and 10. 

To enable comparison to be made with the results 
of the previous investigation5 , all green compacts 
produced for subsequent hydrostatic extrusion were 
compacted at the same pressure as previously, 
namely, 103 000 lbf/in2 ( 46 tonf/in2 ). 
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Fig. 9 Double reduction dies. 
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RESULTS AND DISCUSSION 

Isostatic compaction 
A total of seventy compacts were made with only one 
failure (due to a leaking bag). Bags could easily be 
repaired by local application of additional Flexane 
95; in fact, it was often necessary to reinforce areas 
of the mould which had entrapped air. There was a 
slight variation between the two consignments of 
powder used, as shown in Fig. 11, probably due to a 
difference in particle size distribution which could 
easily happen within the tolerance stated by the 
manufacturers (Table 1 ). It can be seen From Fig. 11 
that there would be little point in pressurizing the 
powder used in this research above about 100 tonf/ 
in2 , since the relative density achieved seems to be 
asymptotic to a maximum value of 95.8% (for the 
second consignment), and that value is very nearly 
reached at 100 tonf/in2 compacting pressure. 

Plotting the results in terms of Konopicky's rela
tionship as shown in Fig. 12 reveals that they confirm 
a higher density achievable by isostatic compaction as 
compared to die compaction (as shown by Morgan 
and Sands). The present results also lie very close to 
the few points published by Morgan and Sands and 
their greater number reveals that there is no consis
tent proportionality between Qn 1/(1-D) and pressure, 
and there is no marked change in slope. 
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Fig. 11 Effect of compacting pressure on the density of 
Hoganiis NC 100 sponge-iron powder after isostatic compac
tion. 
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Hydrostatic extrusion 
Attention was initially concentrated on determining 
the effect of back pressure and extrusion ratio, and 
identifying Zones A, B, C and D on the diagram of 
back pressure versus extrusion ratio. The results are 
shown in Fig. 13, from which a general similarity 
with Nilsson's results can be identified. The effect of 
the 38° conical nose of the billet (being less than the 
40° die) was to produce an extrusion, the front part 
of which had been subjected to zero extrusion ratio, 
increasing to a maximum at the full diameter. In the 
region of sound products it was found that the effect 
of the low initial extrusion ratio at the front end of 
the nose was to produce longitudinal cracks which 
propagated along the product. For short extrusions 
this gave erroneous results, in that a longitudinal 
crack formed initially in a situation which would have 
eventually given a sound product. For this reason 
some results on the Zone C/Zone D boundary were 
checked using longer billets. 

The results obtained with simple hydrostatic 
extrusion differed considerably from the previous 
results obtained5 , in that an extrusion ratio of only 
about 5·0 gave a sound product, whereas previously 
about 6·5 was necessary. The boundaries between all 
zones were similarly considerably reduced. The only 
significant difference between the two investigations 
was in the lubricant; previously P.T.F.E. spray was 
used, whereas in this series, a graphite-based chemic
ally active lubricant was used. In all extrusions with 
the graphite lubricant the products were found still to 
be completely coated with a film of lubricant. Also 
none of the cracked products exhibited such severe 
cracking as had been observed in the previous investi
gation using P.T.F.E. lubricant. Severe rupturing was 
noticed only for sheathed billets, in which case no 
lubricant was used. 

Several of the products exhibited a marked 
tendency for their ends to splay out giving rise to a 
'tulip' type of defect. This effect was most marked 
under Zone C conditions and appeared to be due to 
the immediate tip of the conical end of the specimen 
breaking away, leaving a blunt rough virgin surface 
into which the back pressure fluid forced itself. 

Experiments with the hydrostatic extrusion of 
sheathed billets were inconclusive. None of them was 
successful. Very high pressures were required and 
very high loading rates to achieve extrusion through 
high ratios, under which conditions extrusion was 
rapid and uncontrollable. It is thought that lubri
cation was ineffective between the sheathed product 
and the die, as evidenced by severe rupturing in all 
specimens, but time did not permit a proper investi
gation to be made. 

Five billets were extruded through the double 
reduction dies, at extrusion ratios of 2·25, 3·1, 4·0, 
4·7 and 5·1. In spite of the fact that the dies had 
unfortunately been made incorrectly, with a 90° 
taper to the second die instead of a 20° taper, sound 
products were produced with no evidence of longi
tudinal cracking as had been found in all the simple 
hydrostatic extrusion experiments above an extrusion 
ratio of 2·25. The surface conditions of all the 
products was poor, because of the scraping rather 
than deforming action of the second land, but the 

results were very encouraging. 
As a matter of interest the relationship between 

extrusion pressure P and extrusion ratio R is shown in 
Fig. 14, the straight line being the equation 

P=SI·IQnR+4 (tonf/in2 ) (3) 

which may be compared with the previous result 

P=54·2QnR-3·5 (tonf/in2 ) 
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Fig. 13 Back pressure-extrusion ratio diagram for un
sintered iron powder compacts. 
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Fig. 14 Variation in extrusion pressure with extrusion ratio. 
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CONCLUSIONS 

I. Sound products of· green iron powder compacts, 
isostatically compacted at 46 tonf/in2 pressure, can 
be produced by simple hydrostatic extrusion at ratios 
greater than 4·7. 

2. Fluid-to-fluid extrusion enables smaller extrusion 
ratios to be used to produce sound products. 

3. Graphite-based lubricant gave better resllits than 
P.T.F.E. spray. 

4. Long billets must be used to achieve steady-state 
conditions. 

5. Pressure - extrusion ratio relationship for green 
compacts of iron powder isostatically compacted at 
46 tonf/in2 pressure is 

P=51·1 QnR +4 (tonf/in2 ) 

6. Double reduction dies prevent longitudinal crack
ing between extrusion ratios of 2·25 and 5·1. 

7. Proportionality does not exist between Qn 1 /{1-D) 
and compacting pressure. 

SUGGESTIONS FOR FURTHER WORK 

1. Compaction at 46 tonf/in2 gave 91·2% theoretical 
density, whereas 100 tonf/in2 gave 96% theoretical 
density. It would be of great interest to extrude 
hydrostatically compacts isostatically compacted to 
100 tonf/in2 , to see if their propensity for cracking 
were diminished. In other words, to determine the 
back pressure versus extrusion ratio graph for such 
compacts. 

2. Redesign the double reduction dies to: 
(i) reduce the scraping action of the second land 

and promote smooth plastic flow through the die, 
(ii) reduce the tendency for severe wear of the 

second land, 
(iii) split the die so that the second die profile can 

be formed separately (to achieve (i) and (ii)). 

3. Determine the mechanical properties of the products 
formed by this process. This would necessitate 
products of a size large enough to enable tensile, 
impact and fatigue specimens to be made, as well as 
hardness distributions to be determined. 

4. Investigate the effects of particle size distribution 
of the powder on resultant compact density and the 
effect on subsequent hydrostatic extrusion. 

5. Experiment with other powders, for example, 
non-ferrous, to establish the parameters required to 
give sound products. 
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DEVELOPMENT OF A NEW PRECISION SHEARING PROCESS: 
OPPOSED DIES SHEARING PROCESS 

by 

K. KONDO and K. MAEDA* 

SUMMARY 

Based on the fundamental investigation into the formation mechanism of the smooth sheared surface, a new 
precision shearing process has been developed. In this process the stock of the material is removed outwards 
during working; that is, a quasi cutting mechanism is utilized. This process is characterized by the use of an 
opposing die with a protrusion instead of an ordinary punch in blanking. So, it is named 'opposed dies shearing 
process'. This research deals with the course of the development, the fundamental characteristics and the condi
tions of application of this process, and makes the features of this process clear by comparing with those of fine 
blanking. Among these features, suppression of the burr, applicability to brittle materials and sharply pointed 
contours, and the prolongation of the tool life may be the most dominant. Further, this paper shows a practical 
design of the precision shearing press suitable for this process, the features of the tool construction and the 
practical data concerning several kinds of materials and the blanking shapes. 

INTRODUCTION 

Development of a precision shearing process had 
earnestly been desired for a long time because of its 
high success as a precision working process. Now, fine 
blanking has satisfied the demand fairly well. But, the 
positive attempts to extend the application range of 
this process to many kinds of materials have often 
met with difficulties. 

The authors have found in the fundamental 
investigations into the formation mechanisms of the 
sheared surface that there are two kinds of mech
anisms for forming the smooth sheared surface; that 
is, the mechanism by plastic deformation and that by 
cutting.1 This research deals with the development of 
a new precision shearing process which utilizes the 
cutting mechanism. Owing to the alteration of the 
working principle itself, this process has many 
features which are essentially different from those of 
fine blanking. This paper shows comprehensively the 
characteristics of this process ranging from the basic 
mechanism of forming the smooth surface to the 
practical design of the precision shearing press suit
able for this process. 

FEATURES OF THE CUTTING 
MECHANISMS AS A WORKING 
PRINCIPLE OF THE PRECISION 

SHEARING PROCESS 

Figures 1 a and 1 b show schematically two kinds of 
mechanisms for forming the smooth sheared surface. 

*Faculty of Engineering, Shizuoka University 

In the conventional shearing process the smooth 
portion of the sheared surface is formed by the mech
anism of plastic deformation. That is, a shear plane is 
severely deformed by the penetration of the tools in 
the material in the direction AB which connects the 

Flbtlr flow line 

11 ~Punch 

Die 

(a) Mechonl"m by plastic 

deformation 

Die 

(b) Mechonl•m by C41tflng 

(shaving) 

Olo 

(c) Sharing method which 

uau 111110flvt clearance 

Fig. 1 Mechanisms for the formation of the smooth sheared 
surface. 

two cutting edges, as shown in Fig. la. This shear 
plane coincides with the contour section of the blank, 
so the shear deformation must be succeeded on the 
same plane throughout a process. Consequently, the 
amount of the shear deformation which is necessary 
to cause separation becomes extremely large and 
most materials used in the shearing cannot sustain 
this amount and fracture during working. 

In order to utilize the mechanism of plastic 
deformation as a principle of precision shearing, it is 
necessary to increase the ductility or plastic deform
ability of the material so as to sustain this large 
deformation. Fine blanking realizes this by increasing 
the hydrostatic pressure in the material near the 
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cutting edges through strengthening the restriction of 
the material by means of the pressure plate with a V
ridge. 

On the other hand, in the shaving process in which 
the conventional cutting mechanism takes place, a 
severe shear deformation caused by the penetration 
of the tool occurs along the shear plane AC in Fig. 
1 b. This shear plane moves upwards to a new position 
in the stock according to the punch travel. So, the 
amount of the shear deformation required for each 
material part becomes relatively small and most 
materials worked by the shearing can sustain this 
amount of deformation. In addition, since the shear 
plane AC has inclination cp to the contour section of 
the blank AB, there remains hardly any chance of the 
fractured surface becoming formed directly on the 
blank, even in cases where the crack inititates on the 
shear plane. These facts show that the cutting mech
anism has essentially more desirable features with 
regard to the application range of the materials than 
the mechanism of plastic deformation. 

However, the cutting mechanism also has a serious 
defect. That is, to promote this mechanism it is neces
sary to remove the stock successively during working. 
So, if the removal is restrained or the stock becomes 
large, the severe shear deformation plane shifts to AB 
in Fig. 1 b and a fracture soon occurs. 

Between these two mechanisms of forming the 
smooth surface, the mechanism by plastic deform
ation has been utilized mainly for the principle of 
several precision shearing processes. Fine blanking is 
representative of these and its usefulness is beyond 
doubt. But if we demand much of it, the following 
problems should be considered. 

1. Tool life is much shorter than that for conven
tional shearing, because a high hydrostatic pressure 
must be superposed and a critical clearance of 0·01-
0·02 mm between the punch and die must be preserved 
to suppress the fracture2•3 

2. In the following cases, the application becomes 
difficult2•4 : (i) less ductile or brittle materials, (ii) 
thick plates, (Iii) products which have sharply pointed 
contour lines. 

3. Because of the necessity to penetrate the V-ridge 
of the pressure plate into the material, the stock 
length cannot take short, so the percentage of the 
stock to the blank becomes fairly large. 

4. It has no positive means to suppress the burr. 

5. Roll-over of the sheared edge becomes large owing 
to the rounding of the die edge which is conven
tionally used to suppress the fracture. This becomes 
a problem, especially when the product has a sharply 
pointed contour. 

We cannot but think that these problems are mainly 
responsible for the limit of the working mechanism 
itself and the only way to solve them is to alter the 
working mechanism. These are the main reasons for 
the cutting mechanism being adopted in a new 
precision shearing process. 

Now, in order to utilize the cutting mechanism in 
a precision shearing process, the application range 
concerning the stock length must be extended. In this 
situation, a shearing method which uses negative 
clearance is taken into consideration. In this method 
the shear deformation plane caused by the die pene
tration is formed along plane AC or plane AB in Fig. 
1 c. These planes are inclined towards the stock side 
and can move in the material as the die penetration 
proceeds, so the features of a cutting mechanism are 
always preserved. The foregoing research by the 
authors has shown that if the absolute value of the 
negative clearance is larger than 20% of the material 
thickness, the smooth sheared surface is always 
formed regardless of the stock length in the case of 
the strip shearing by linear cutting tools.1 

By the adoption of the negative clearance method, 
the extension of the application range of the cutting 
mechanism concerning the stock length can be 
achieved. But, the problem of the separation of the 
blank and stock at the final stage remains. 

OPPOSED DIES SHEARING 
PROCESS 

Opposed dies shearing process is conceived by 
improving the negative clearance method to make it 
possible to separate the blank completely. By this 
improvement the suppression of the burr, which is 
one of the most troublesome problems in the shearing 
processes, is attained simultaneously. Tools used in 
blanking by this process are a conventional die, a 
protruding die which opposes the former, a knockout 
and an ejector. This process is characterized by the 
use of such an opposing tool with a protrusion. 
Arrangement of the tools and the sequence of the 
tool action are schematically shown in Fig. 2. In the 

( I) Charging of the specimen ( 3) Cutting stage by the die is owr 

(2) Cutting stage by the die ( 4) Separation of ttw blank 

Fig. 2 llustration of opposed dies shearing process. 

earlier stage, a shear deformation plane is formed in 
the plane of the material that connects the die edge A 
and the outer edge of the protruding die B, and the 
tool penetration into the material proceeds from the 
die edge side solely by means of the cutting mech
anism [Fig. 2(2)] . In this case the penetration of the 
protruding die scarcely occurs if the width of a plane 
portion at the top of the protruding die is selected to 
be larger than a certain value. So a smooth surface is 
formed by the same mechanism as the negative clear
ance method. In the later stage, deformation shifts to 
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a state like flat plate compression and the penetration 
of the protruding die begins. The amount of penetra
tion of the protruding die may also be controlled by 
setting the knockout to a desired height. After this 
stage the working load increases rapidly. Therefore, 
the cutting by the die must stop before this [Fig. 
2 (3)] , the knockout then proceeds and separates the 
blank [Fig. 2(4)]. At this separating stage, the stock 
is pinched between the two dies and is subjected to a 
hydrostatic pressure high enough to preclude any 
possibility of inititating a fracture. So this last stage 
resembles fine blanking in its working mechanism. 
Further, in this case, burring is suppressed by the 
penetration of the protruding die. 

This process can be applied not only to the blank
ing, but also to the punching when a set of the 
punch and opposed protruding punch is used, as is 
shown in Fig. 3. In the punching, it is necessary to 
provide room for the stock to be removed. Figure 3 
shows the case where a pre-punched hole is prepared 
to provide the room. But, if the diameter of the blank 
hole to be produced is large enough compared with 
the material thickness, it is possible to remove the 
stock only by the promotion of the dishing without 
preparing the pre-punched hole, because the stock 
volume to be removed by the protrusion is not so 
large. 

Knockout 

Blank 

Ejector 

~ 

0 

I 
Pre-punched hole 

~Punch 

Fig. 3 Opposed dies shearing tools for punching. 

DETERMINATION OF THE 
BASIC WORKING CONDITIONS 

In this section, basic working conditions such as the 
geometry of the protruding tool, the shape of the 
specimen and the operation timing of the knockout 
are examined using the blanking of an 18 mm diameter 
disc from a hard-tempered aluminium strip (A1Pl-H, 
see Table 1) of 1 mm thickness. 

The geometry of the protruding die is determined 
as follows. First, the flank of the protruding die has 
the same contour as the blank to be produced. The 
relief side of the protrusion is shaped normally so as 
not to prevent the removal of the stock. For instance, 
it may be shaped to have an inclination of 25° from 
the die flank. The height of the protrusion is usually 
selected to be 1·0--1·2 times the material thickness. 

Next, the plane portion at the top of the protru-

sion is provided to reduce the chance of fracture 
caused from the die edge and to permit the die to 
penetrate into the material using the cutting mech
anism. For this reason, the plane portion must have a 
width greater than 20% of the material thickness, as 
in the case of the strip shearing mentioned above. 
However, if the width becomes too large, the stock 
will be subjected earlier to the plane compressive 
deformation. This will raise the working load as is 
shown in Fig. 4a and an undesirable bulge of the 
blank edge will occur because a part of the material 
on the stock side may be forced into the blank. For a 
variety of materials the range of width which is 
recommendable is about 30-40% of the material 
thickness. 

20 40 so eo 100 0 20 4 0 60 80 100 
Travel· (•t.) Travel (.,.) 

(o) Effect of the W1dth of the protrusion (b) Effect of the stock length 

top ( c/t : roflo to the thickness} ( 1/f : ratio to the thickness) 

Fig. 4 Effect of the width of the protrusion top and the 
stock length on the working load. 

For application of the present process, it is 
essential to facilitate the removal of the stock. In 
shearing along a simple opened contour, stock removal 
presents no problem, but offers difficulties in shearing 
along a closed contour. An important method con
ceived for this purpose, in the case of the blanking, 
is to prepare an extremely narrow strip and to 
make the feed of the strip as short as possible so 
that the stock can be deformed or divided at the 
section of minimum width of the scrap ribbon during 
shearing, thereby facilitating the removal of the 
stock. Figure 4b shows the effect of the minimum 
width of the scrap ribbon (minimum stock length) on 
the working load. Owing to the superposition of the 
expansion resistance of the stock, the working load 
increases rapidly with increasing minimum stock 
length. This increase of the load also creates the risk 
of bulging. So the stock length selected must be 
rather shorter. This effect of the stock length is dis
cussed in detail later in connection with the quality 
of the material. Means of stock removal in the case of 
punching have been explained in the earlier section. 

The operation timing of the knockout is desirably 
delayed whenever possible in order to avoid the 
inititation of the crack during the separation stage by 
the knockout. However, it must not be later than the 
steep increasing stage of the working load, shown in 
Fig. 4, to avoid the above-mentioned bulge at the 
blank edge. In this connection, if trouble is taken in 
making the tool, it is possible to delay the steep 
incresasing stage by modifying the die or protruding 
die face to be outwardly inclined. 
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The products blanked by the present process have 
the following features compared with those of fine 
blanking: 

1. burring is prevented, 
2. roll-over of the sheared edge becomes 

extremely small, 
3. internal workhardened region of the sheared 

surface is scarcely observed, except the small portion 
which is sheared finally by the operation of the 
knockout. 

The magnitude of the working load necessary for 
this process is much influenced by the stock length, 
as shown in Fig. 4b, and becomes nearly equal to that 
of fine blanking when the stock length is 50% of the 
thickness. So, if the stock length becomes less than 
50%, the working load for the present process 
becomes accordingly less. In fine blanking, a large 
holding pressure to penetrate the V-ridge is necessary 
in addition to this load. Consequently, the total 
working load necessary for this process becomes 
smaller than that for fine blanking and this, therefore, 
is also one of its features. 

EXTENSION OF THE 
APPLICATION RANGE 

As the working principle of the present process is 
essentially different from that of fine blanking, the 
application limits which have been set to fine blank
ing may be overcome easily on some occasions. Based 
on the considerations in the previous section, the 
applicability of this process concerning the material 
thickness, the quality of the material, and the 
contour shape of the blank are examined in this 
section. 

At first, the extension of the application range to 
thick materials is tried. With thicknesses of only 
about 1 mm, there are no difficulties in applying the 
process to every kind of material used in conventional 
shearing. However, the fractured surface is apt to be 
formed as the thickness increases. If we extend the 
fundamental considerations in the previous section, 
the increase in thickness does not seem as unfavour
able for fracturing in the case of the present process, 
because the severe shear plane shifts continuously 
during working. But this consideration is inconsistent 
with the experimental results. To explain this contra
diction, the state of the fracturing has been carefully 
observed. From this observation it has become clear 
that the fracture in this process is very shallow and 
groovy, and appears only at the earlier stage of the 
operation. This is quite different from the fracture of 
fine blanking or conventional shearing. This type of 
the fracture will occur with the digging into the blank 
at the die edge, as is the case in the tear-type cutting 
in machining. 

In the present process, the shear angle 0 and the 
rate of increase of 0 to the die stroke are equal for 
every material thicknesses because the width of the 
flat top of the protrusion is selected as a percentage 
of the thickness. However, the absolute speed of 
increase of 0 varies with thickness; the thicker the 
material, the later the increase in 0 . This may be why 
the shallow fracture occurs easily in the present 
process with thicker materials. Also, the facility of 

formation of the smooth surface portion at the later 
stage may be explained as resulting from the increase 
of the shear angle 0 in Fig. lc. 

Based on the above understanding, a means of 
providing a radius to the die edge, which has custom
arily been practised in fine blanking, is conceived to 
prevent the shallow fracture caused by the digging in 
at the earlier stage. Figure 5 shows the application 
range taking the radius of the die edge and the stock 
length as the variables in the case of a high-carbon 
steel in spherodizing annealing condition (S45C), and 
a high-strength aluminium alloy (A3P4) about 6 mm 
thick. It must be noted that the remarkable differ
ence in the application range of these materials 
appears only for thick materials. That is, in the cases 
of S45C specimens of 1 mm thickness and A3P4 
specimens thinner than 3 mm, the successful ranges 
extend to the whole region of the diagrams, and in 
the case of a 3 mm thick specimen of S45C, the 
limitting line of the successful range becomes the 
two-dotted chain line in Fig. Sa. 

Die adge radius (,.,. ) 

(o) S45C (to= 5.8.,,.) 

90 o Smooth surface 

f------. -- ·---+--- -+--- l:J. Slightly fractiH'ed surfoc• 

70io·-n.--x--- -X-----x-· X Fractured surface 
l i ' -··- Limrttlng line rn the case of 

. ' 
0 0,1 0.2 Q3 0,4 O.!:i 

Die edge n:~drus (._) 

(b) A3P4 ( lo = 6.0-) 

Experimental condrtion 

Widtll of the protrusion top ; 1.8 .... 

Diameter of the die ; I 8.0•• 

Lubricant : Tallow 

Fig. 5 Application range of the die edge radius and the stock 
length. 

These systematic examinations are carried out 
with materials which do not exceed 6 mm thickness. 
However, it has also been confirmed that the present 
process can be applied to high-carbon steels of 10 mm 
thickness fairly easily. In these cases the counter pres
sure by the ejector serves mainly to prevent the dish
ing of the blank, but may also serve to suppress the 
fracture by digging, if the pressure is fairly high. 

The reason for the remarkable difference in the 
application range, according to the material 
properties in Fig. 5, must be discussed. The mechan
ical properties of these materials are shown in Table 
1. In the case of S45C, the release of the stress con
centration by means of the rounding of the die edge 
is well served to prevent the fracture. From the 
figure, it appears that the increase in stock length also 
serves to prevent the fracture. This is because the 
stock must be removed outwards to proceed with the 
die penetration, and the resistance to this removal 
causes the superposition of the hydrostatic pressure 
on the shear plane AB in Fig. 2(2). The longer the 
stock, the higher the hydrostatic pressure and this is 
favourable for the prevention of fracture. 

In these cases it may seem that although the shear 
plane is inclined and movable, the shearing mech
anism quite resembles that of fine blanking because 
the increase in the deformability of the material is 
expected by the superposition of the hydrostatic 
pressure. However, it must be emphasized that there 
is an important difference between these. In fine 
blanking the hydrostatic pressure which is applied by 
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the pressure plate with a V-ridge in the first stage 
must be preserved during working. In the present 
process, the hydrostatic pressure is increased gradu
ally during working, because the stock must always 
be removed and no fracture is observed in the later 
stage of the die penetration. It is thus possible to 
understand that the length of the stock becomes one 
of the control factors of the hydrostatic pressure 
which is applied on the inclined shear plane. This 
feature only results when the principle of the negative 
clearance method is adopted, and this principle has 
been utilized in a much simpler form in another paper 
by the authors. 5 

On the other hand, in the case of A3P4 in Fig. 
S(b), the application condition is severely restricted 
to the sharp edged die. A3P4 is a very brittle material, 
as is shown in Table 1, so it fractures suddenly during 
the earlier working stage. However, this fracture 
occurs along the AB plane in Fig. 1 c and gives no 
fracture on the blank. By this fracturing most of the 
stock material is removed. After this stage the opera
tion proceeds as one of the shaving process of the 
remaining triangular stock which is included in the 
angle () in Fig. 1 c, and the smooth surface is formed 
with small working load. This is desirable for the 
tools. When the radial die is used, the workhardening 
of the material also occurs in the blank along the die 
radius and the material cannot sustain this hardening, 
so the sudden fracture results, accompanying the 
digging of this portion. 

In the above, two kinds of working phenomena in 
the cases of Fig. 5 are made clear. Of these, the latter 
becomes especially important, because brittle 
materials which have never been able to shear in fine 
blanking can be sheared rather easily by this mech
anism. As to the applicability to brittle materials, it 
has been confirmed that the present process can be 
applied successfully even to non-metallic materials 
such as phenolic resin laminates, epoxy resin 
laminates and SMC (fiberglass reinforced plastics) 
(cf. Fig. 7). 

The next problem we are interested in is the para
meter which distinguishes the different behaviours of 
materials as described above. The mechanical proper
ties of the materials which are mainly used in this 
experiment are summarized in Table 1. Of these 
materials, only A3P4 behaves in a brittle manner. So, 
it is possible to conclude that a parameter such as 
ductility, uniform elongation, workhardening index 
n, and total elongation cannot be a conclusive para
meter of the brittle behaviour in this process. The 
percentage reduction of the area seems to be the only 
useful parameter. 

It has been confirmed in this experiment that 
besides the materials shown in Table 1, or mentioned 
above, stainless-steel (SUS24, SUS27) and tool steel 
(SKS) can be sheared by this process. The above 
extensive applicability to a wide range of materials 
may be the most dominant feature of the present 
process. 

The present process exhibits a further feature in 
the application range concerning the contour shape of 
the blank, because the roll-over at the sheared edge 
can be reduced remarkably. In this research a system
atic experiment on the applicability to the sharply 
pointed contour has been carried out with hard
tempered aluminium specimens (A1P1-H), shown in 
Table 1. The blanking contour has eight pointed 
comers, half of which are 60° and the remaining half 
are 90° (cf. Fig. 7). The comer radius Of each point is 
altered from 0·3 mm to 2·0 mm for the specimens of 
3 mm thickness, and from 0·2 mm to 1·0 mm for the 
specimens of 1 nun thickness. The results show that 
the sheared surface of each comer has no fracture or 
roll-over for the specimen of 1 mm thickness. In the 
cases of the 3 mm thick specimen, the fracture 
appears only at the comer of 0·3 mm radius, and the 
smooth surface with a slight roll-over is formed at the 
other comers above 0·8 mm radius. These data 
indicate that the present process can be well applied 
to the severer pointed contours in comparison with 
fine blanking. However, as to the range of application 

Table 1. Mechanical properties of the materials used for experiments 

0·2%proof Ultimate Work Total Reduction of 
stress tensile hardening elongation the area 

Materials (kg/mm2 ) strength, index,n (%) (%) 
(kg/mm2 ) 

SPHC 27·9 33·8 0·21 44·2 75 
S45C 36·1 56·3 0·18 30·9 58 

PBP2-H 48·4 60·9 0·03 16·8 65 
BsP3-l/4H 45·9 0·23 35·6 62 
A1P1-1/2H 10·8 12·6 0·03 16·2 80 

A1P1-H 13·4 17·4 0·03 7·7 61 
A3P4 30·9 47·2 0·16 20·0 23 
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concerning the contour shape, we must note that this 
process cannot be applied to the punching of narrow 
slits or small holes which have no room for removal 
of the stock. 

Finally, we must refer to the tool life of this 
process. At present, we have little data about the tool 
life, but these have shown that the tool life is not 
limited by the increase of the burr as is the case in 
fine blanking, because there is no chance of burring in 
this process even if the wear of the cutting edge is 
increased. So, the tool life becomes much longer than 
that for fine blanking. 

DEVELOPMENT OF AN OPPOSED 
DIES SHEARlNG PRESS 

AND EXAMPLES OF THE 
PRODUCTS 

Based on the preceding fundamental experiments, a 
triple action hydraulic press suitable for this process 
has been developed. The construction of this press is 
schematically shown in Fig. 6. This press has a float
ing device to maintain the pinching pressure of the 
stock during the fmal separating stage and mechanical 
stoppers to guarantee the accuracy ofO·Ol-0·02 mm 
for the stopping positions of the ram stroke and 
knockout stroke. 

In addition to the features of the press, the tool 
construction for this process has the following 
features: {i) number of tool parts decreases, (ii) 
rigidity of the tool construction increases,3 (iii) 
severe fitting of the male and female tools is avoided. 
These features may also contribute to the prolong
ation of the tool life. 

Examples of the products are shown in Fig. 7. Of 
these, the largest one is a crank web made of SSSC 
and of 10 mm thickness. The smallest one is a key 

S55C 
S·15C 

I !'i.S 

AIPI H Ph 

made of SPHC, with the width smaller than the thick
ness. In this product the prevention of roll-over is 
well served. 

(i) Mechanical stopper ® Die 

® Knockout pis ton 0 EJector 

® Floating device ® Main ram 

0 Knockout ® Mechanical stopper 

@ Protruding die 

Fig. 6 Hydraulic press designed for opposed dies shearing 
process. 
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Fig. 7 Examples of the products. 



K. KONDO and K. MAEDA 67 

CONCLUSIONS 

Based on the fundamental investigation into the 
formation mechanism of the smooth sheared surface, 
a new precision shearing process has been developed. 
In this process, the stock of the material is removed 
outwards during working, that is, a quasi cutting 
mechanism is utilized. So, this process has many 
features which are quite different from those of fine 
blanking. Among these features, suppression of the 
burr, applicability to brittle materials and sharply 
pointed contours, and the prolongation of tool life 
may be the most dominant. 
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DISCUSSION 

Query fromM Maj, McPhersons Ltd., Australia 

From Fig. 3 it would seem rather a problem to 
remove shaved material from the protruding punch 
(sticking). This would cause problems in any produc
tion application of this process. 

(I) Did the authors experience this problem in their 
tests? 

(2) If so, what measures could be taken to prevent 
this possibility. 

(3) Could the authors comment on the speed effect 
(if any), mainly in hydraulic presses (slow) and 
mechanical presses. 

Reply 

(I) No, we did not. 

(2) In cases of less ductile material, the shaved 
portion can easily be blown off. In cases of 
ductile material and complicated shape, the 
shaved portion can be removed by using a 
simple spring-type ejector: the necessary spring 
force is fairly small. 

(3) In many precision shearing processes, working 
speed cannot be increased, mainly because tool 
life cannot be preserved. But in the present 
process, preservation of the tool life may be 
easy. So, the increase of working speed may not 
be limited from the viewpoint of tool life and it 
is possible to use a mechanical press. But in this 
case, adjustment of the knockout timing will 
become rather difficult. 

Consequently, an hydraulic press is much more 
favourable for this process. 

Query from S. Waite, GKN Floform Ltd. 

(I) Can blanks be made direct from strip and does 
distortion around outer punch give trouble in 
feeding? 

Reply 

Blanking can be made directly from strip if a suffici
ently narrow strip is used. 

Distortion around outer punch does not become 
troublesome in feeding, because we can successfully 
suppress the bending by the tool face, cut-off the 
scrap ribbon at the outlet side, arid feed the strip at 
the inlet side. 

(2) Could a comparison be made between edge fall 
off in conventional blanking, fine blanking and 
the authors' process? 

Reply 

Yes, we could. We will show the comparison in the 
following figure. The term 'edge fall off in your 
question is written as 'roll-over of the sheared edge' in 
this paper. 

Roll-over in this process is much smaller and can 
be diminished to almost zero, if the stock length is 
very short. 
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Experimental conditions 
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Thickness: 
Workpiece: 
Blank diameter: 
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HOT FORGING OF GREY CAST IRONS 

by 

R FARNWORTH and B. W. ROOKS* 

SUMMARY 

Generally, the paper deals with the high-speed hot forging of grey-iron preforms. The introduction reviews past 
work in the field of hot working of grey cast irons and indicates the properties that are likely to be upgraded. 

Initially, an account is given in which the development of preform shapes for two components is described and 
the relevent aspects of forging die design discussed. Some general conclusions on preform design are presented. 
Secondly, the method of producing a grey-iron component from a cast preform is considered. The method of 
manufacture of a component is described in which the preforms are cast by the gravity die casting technique and 
then hot forged on a Petro-Forge high-speed hammer. 

Two ways of carrying out this process are described. (a) Cast preforms are produced in batches, necessitating 
heating from room to forging temperature before being placed in the Petro-Forge. (b) The cast preforms are 
removed from the casting die and placed in a furnace to boost their temperature from 800° C minimum to the 
forging temperature. Dimensional and tensile properties are then compared, the latter by cutting tensile test speci
mens from the as-cast, annealed and forged components. An alternative tensile test method is also outlined, in 
which special test pieces are cast and themselves hot forged in the manner of a preform. 

Finally, the overall possibilities of forging cast-iron preforms is discussed and some general conclusion drawn. 

INTRODUCTION 
Grey-iron castings represent one of the largest single 
sources of engineering components. Their wide use 
can be traced to the attraction of a wide range of 
properties, such as, high compressive strength, good 
wear resistance, good corrosion resistance etc., 
coupled with a low overall production cost. However, 
they do suffer from having rather poor tensile proper
ties, and whilst the yield of grey-iron castings is high 
from the casting point of view, quite large quantities 
of material still have to be removed by machining 
before a finished component is produced. 

The main cause of the low strength of grey cast 
iron is the shape, size and random distribution of the 
free graphite flakes in the structure 1 • Common cast
ing defects such as chilling, porosity, blow holes and 
misruns tend to reduce their strength even further. By 
close control of the process many of these faults can 
be minimized or, by the addition of special elements 
and close control of the cooling rate, tensile proper
ties can be improved due to the formation of graphite 
nodules in the structure. Such precautions and tech
niques put up the costs by factors of two or three but 
still do little to improve the accuracy and finish of 
the castings, this being a function of a casting process 
in which gravity feeding (into sand or permanent 
dies) is used. 

The tensile properties of grey cast iron could be 
improved by hot working, which would refine the 
structure and cause such structural changes as the 
compacting of the branched graphite clusters, the 
elongation and reorientation of the graphite flakes. In 
addition hot working could lead to more accurate 
components resulting in a reduction or even elimin
ation of machining operations. Many of these claims 
were made by Schlegel2 who hot forged high-carbon 
irons in closed dies on slow-speed double-acting 
presses. In further work3 he found that castings 
produced in metal dies gave even better properties if 
their temperature was not allowed to fall below the 
recrystallization temperature during transfer from 
casting to forging. These claims were subjects of 
patent applications. In contrast, Klyuchnikov4 found 
grey irons to be unsuitable for pressing and forging by 
methods such as open die forging, whereas in extru
sion operations tensile strengths could be doubled. 
The former claim is in some agreement with work of 
El-Kalay and others5 who were able to upset grey cast 
iron to only 5% reduction before the onset of cracking, 
and the latter claim is supported by the work of 
Barton on the extrusion of grey cast iron6 . The 
apparent explanation of these differences is that dur
ing extrusion the material is under compression, 
whereas, in open die forging, the rna terial must at 

*Department of Mechanical Engineering, University of Birmingham. 
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some point be stressed in tension. Thus, in hot forg
ing, if the preform shape can be so designed to mini
mise or even eliminate tension during forging, the 
operation can be successful. This is the approach used 
by Schlegel, and in one publication 7 he discusses the 
design of iron castings for use as preforms in hot forg
ing operations capable of quantity production in an 
integrated cast and forge process. 

In the work described in this paper the designs of 
preforms are considered for two components. In the 
first part of the work the development of preforms 
which can be forged on a Petro-Forge into a crack
free component is traced. In the second part, the pre
forms developed for one of the components is gravity 
die cast in permanent dies and then forged on a 
Petro-Forge. Dimensional tolerances and tensile 
properties of this component are then examined, the 
results of the latter being augmented by tests on a 
specially designed tensile test piece which is gravity 
die cast and then itself forged. The choice of the 
Petro-Forge (a Mk IIA nominally rated at 
10 000 ft lbf) as the forging machine was one of avail
ability rather than of any technological advantage of 
the high forming speed. However, the machine itself, 
has a built-in guidance system, infmitely variable 
energy output, short forming time and low capital 
and installation costs which would be important 
considerations in any production applications. 

PREFORM DEVELOPMENT 

General 
Many factors have to be considered in designing the 
shape of a preform for hot forging purposes, for 
example, die loads, die wear, energy requirements, 
etc. Whilst these are also important as far as a brittle 
material like grey cast iron is concerned, the main 
problem is to ensure that a crack-free component is 
produced. Thus, the preform design is a compromise 
between ensuring that tensile stresses do not arise 
during forging, whilst promoting maximum metal 
flow in order to upgrade the material properties. 

Owing to the complex nature of metal flow in 
even simply shaped preforms, it was only possible to 
develop preforms on a trial and error basis. Thus, pre
form shapes were produced by machining for this 
part of the work and the technique was applied to 
two components, an axisymmetric multi-diameter 
flange shape and a spur gear. 

Multi-diameter flange component 
The die sub-set and the shape of this component are 
shown in Fig. 1. Jt was considered that this compo
nent could be forged in three distinct ways, as illus
trated in Fig. 2. 

Type 1 preform (Fig. 2a) requires extrusion to flll 
the central boss region and upsetting to fill the flange. 
With these conditions it would appear that the pre
form will be subjected to entirely compressive 
stresses during forging. Typical forgings sections are 
shown in Fig. 3a, in which the only variable of note is 
the diameter A (see Table 1) and it can be seen that 
the flange has failed by internal shearing. This is due 
to the fact that metal is being extruded forward into 

the central boss whilst the flange is being upset out
wards. Increasing the preform flange diameter mini
mises the failure until with a preform diameter of 
3-5-in it has been eliminated. However, the other 
problem is that die filling is very poor and would 
require energies many times larger than the 
10 000 ft lbf available with the MkiiA Petro-Forge, 
for which die loads may well be excessive. Therefore, 
this preform shape was abandoned. 

Fig. 1 Flange component and die sub-set. 

Type 2 preform (Fig. 2a) requires a combination 
of upsetting and piercing by the top and bottom 
punches. It was intended that once the piercing 
punches had been forced into the preform the 
chamfered portion would be formed into the small 
diameter flanges, with displaced metal being forced 
into the shoulders, as illustrated in Fig. 2a. Forming 
would then continue by upsetting of the flange. How
ever, as seen from typical forgings in Fig. 3b, gross 
radial cracking occurred, presumably due to tensile 
stresses being produced in the flange before any com
pressive upsetting could take place. By increasing the 
preform diameter (see Table 2) to 3fin cracking 
was prevented but the amount of flange deformation 
was negligible. Therefore, this design was not 
pursued. 

The last preform, type 3 (Fig. 2c) is entirely 
formed by upsetting the flange, the central boss 
being preformed to near its final form. In these condi
tions the component is forged under laterally com
pressive loads and with little or no extrusion there is 
little fear of internal shearing. A range of typical forg
ings from this preform type is shown in Fig. 3c. In 
this case, in addition to the diameter A (Fig. 2c), 
others diameters were varied as indicated in Table 3. 
Table 4 gives the forging dimensions achieved with 
preforms of type 3. Reductions in the flange of up to 
25% were achieved without signs of cracking and 
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Fig. 2 Preform types for producing the flange component: 
(a) Preform 1, (b) Preform 2, (c) Preform 3. 

surface finish and definitions were always good. 
Where the dimensions of the central boss region 
allowed upsetting to take place, die filling was poor 
and marred by barrelling, the formation of which can 
be seen on the preform forgings 3.3 and 3.4 in Fig. 3c. 

These results showed that with the preforms of 
type 3 the flange was capable of relatively high plastic 
deformation, but that barrelling of the central boss 
region could lead to radial cracking of its periphery 
and male radii. This problem did not occur where dia
meters B and C (see Table 3) were very close to the 

final size. Therefore, preforms of types 3.1 and 3.2 
were selected for further work involving cast pre
forms and the effects of forging on some of their 
properties. 

It can be concluded from this work that whilst the 
forgeability of grey cast iron is relatively poor, forg
ing can be accomplished by maintaining a 
hydrostatic-type of stress system throughout the 
operation. By such means the flange of the above 
component was reduced by up to 25%, compared 

Table 1. Preform 1 dimensions 

Preform 
Diameter A 

1.1 
3·875 

Table 2. Preform 2 dimensions 

Preform 
Diameter A 

2.1 
3·875 

1.2 
3·625 

2.2 
3·750 

1.3 
3·500 

2.3 
3·590 

Table 3. Preform 3 dimensions (see Fig. 1) 

Preform A B c D E F 

3 I 3·875 2·200 1·800 0·440 0·370 0·445 
32 3·750 2·200 1·800 0·405 0·360 0·410 
33 3·625 2·160 1·620 0·430 0·320 0·510 
34 3·500 2·140 1·600 0·430 0·280 0·570 

a 

3.1 

3.2 

J.3 

c b 

Fig. 3 Typical flange component forgings produced: (a) 
from preform 1, (b) from preform 2, (c) from preform 3. 
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Table 4. 

Preform 

3.1 

3.2 

3.3 

3.4 

HOT FORGING OF GREY CAST IRONS 

Results of forging preform 3 

A 

3·970 
3·970 

3·970 
3·960 

3·970 
3·960 

3·900 
3·850 

a. 

b. 

c. 

B 

2·240 
2·240 

2·240 
2·240 

2·240 
2·230 

2·240 
2·240 

c D 

1·870 0·423 
1·860 0·415 

1·870 0·415 
1·870 0·419 

1·780 0·419 
1·790 0·419 

1·730 0·421 
1·750 0·422 

'"~ . ,, 
.c I +-'-P.:. 
I \ I I ' ~ll · 

• ~ .. & "·• ·'· ''"t . \ . . . ~ 

. . •"· . '.)j 
•' 

Increase in Reduction in 
E F flange diameter flange thickness 

(%) (%) 

0·383 0·375 2·6 6·0 
0·382 0·393 2·6 4·0 

0·383 0·397 6·0 13·0 
0·379 0·402 5·6 12·0 

0·380 0·395 9·7 23·0 
0·383 0·398 9·4 22·0 

0·378 0·427 11·4 25·0 
0·376 0·442 10·0 22·0 

with 5% obtained in earlier investigations5 . To 
achieve such conditions it may be necessary to 
restrict metal flow to those areas where upgrading of 
material properties is required, leaving other areas 
only to be coined, which may be sufficient for 
improving dimensional tolerances. The experience 
with piercing punches leads to the conclusion that 
indentation should not be attempted except where 
the remainder of the component can be laterally com
pressed for example, as a final operation on a double
acting press. 

Spur gear 
Apart from its tensile properties, grey cast iron has 
good gear material properties, such as, wear, corro
sion and internal damping. If hot working can 
improve the tensile properties and at the same time 
produce a gear that only requires a finish machining 
operation, the use of grey cast iron gears could widen. 
That spur gears can be forged in grey iron would seem 
likely in view of the fact that they would be upset 
and during upsetting would be radially restrained by 
the presence of the gear teeth on the periphery. The 
situation therefore approaches that of the desirable 
hydrostatic stress system. 

Initially work was carried out with an existing die 
set for producing 3 in diameter D.P. gears, and is 
shown in Fig. 4a., together with a section of the 
required component. The major problem in forging 
this component was that a plain cylindrical portion at 
the top of the component formed before the teeth 
were fully filled, and metal had to be forced into the 
teeth in a vertical direction as the height of the pre
form decreased during forging. Two examples of pre
forms and the resulting forging, one at the early stage 
of preform development and the other the final one, 
are shown in Fig. 4b and 4c, respectively. With the 
early preform, die filling into the crests of the work 
was poor. The final preform (Fig. 4c) was chamfered 
at the top of its periphery and, together with the 
action of the bottom piercing punch, was intended to 
discourage radial flow at the top and encourage it at 
the bottom in order to produce a component with 
parallel fully formed gear teeth. As can be seen in Fig. 
4c these efforts were partially successful in that full-

Fig. 4 Spur gears produced from the first die set: (a) die set 
and required gear shape; (b) an early preform and forging; (c) 
final preform and forging. 
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form teeth were produced for t the length of the 
gear. However, severe cracking had occurred on the 
top face due to the severe extrusion taking place both 
forward into the teeth and backward past the top 
punch. Further, cracking had occurred on the crests 
of the gear teeth which was attributed to the exces
sive straining of the outer _fibre~ of the preform. 
This leads to the conclusion that this depth of gear 
tooth was greater than could successfully be forged in 
grey iron. 

It was apparent that if successful grey-iron gear 
forgings were to be produced, a major redesign of the 
die set would be necessary. Many of the problems 
encountered would be minimised if the formation of 
the plain cylindrical portion at one end of the com
ponent could be eliminated. Consequently, the die set 

8. 

b. 

A 8 c 0 

c. 

Fig. 5 Spur gears produced in the redesigned die set: (a) die 
set and required gear shape; (b) preform; (c) typical forgings. 

shown in Fig. Sa was designed, in which the punch is 
provided with the full gear form to mate with the die 
and thus forge a vertically symmetric component. 
This die set will produce a 3 in diameter 24 D.P. spur 
gear. The component can now be forged by a combin
ation of upsetting and piercing by the top and 
bottom punches. The design of the piercing punches 
was optimized prior to the design of the die set by 
carrying out some experiments in which cylindrical 
rings were forged in a pmm cylindrical die set8 • The 
angle was chosen so as to produce a parallel-sided 
component. 

The preform used and typical forgings produced 
with this die set are shown in Figs. Sb and Sc, respec
tively. Some variation in the outside diameter was 
necessary so that the preform would enter the die 
when hot, whilst minimising the amount of radial 
flow to achieve die fllling. These variations are indic
ated in Table 5 together with the blow energies used. 
The success of the piercing punches in encouraging 
radial flow at the top and bottom faces, and so 
counteracting barrelling, can be judged from the 
appearance of the low energy blow forgings. The 
high-energy blow forgings showed good tooth 
definition and good surface finish. 

The main conclusions to be drawn from the work 
on forging spur gears was that the design of the die 
was of prime importance. It was necessary to remove 
the restrictive effect of a plain punch by a mating full
form punch. Whilst this design presents problems in 
costs and alignment it does produce a good parallel
sided spur gear. In respect of the alignment problem 
the use of the Petro-Forge with its inherent guidance 
system was particularly valuable. Preform design for 
the redesigned die set proved to be straightforward, it 
being only necessary to have an outside diameter 
sufficient to enter the die and an internal diameter 
sufficient to produce the wedge action effect at the 
top and bottom faces of the component. 

FORGING OF CAST PREFORMS 

Casting and melting method 
The ultimate aim of the investigation was to establish 
the basis of a production process utilising casting and 
forging. Forging, of the type envisaged in this process, 
would be of high volume to minimise die costs and 
therefore the casting process chosen would have to 
match the forging process in terms of this volume. 
The most suitable technique available which satisfies 

Table 5. Spur gear preform sizes from redesigned 
die set 

Preform 

A 
B 
c 
D 

Diameter D* 
(in) 

2·750 
2·740 
2·720 
2·700 

Blow energy 
(ft./lbf.) 

*See Fig. Sb 

850 
1240 

10 250 
12 100 
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this requirement was the gravity die casting process. 
In addition, the employment of the gravity die cast
ing method would: 

(a) enable close control of casting accuracy, 
(b) allow easy application of mechanised handling 
methods, 
(c) eliminate problems of sand casting such as sand 
inclusions which would be detrimental to the hot 
working process and could lead to excessive die 
wear. 

Fig. 6 Die casting arrangement. 

The casting die machine used for producing pre
forms in the laboratory is shown in Fig. 6. The 
dies are parted and closed by means of two sole
noid valve-controlled air cylinders. Means of preheat
ing the dies was provided by electrical cartridge 
heaters inserted into both die halves. 

Although in a production process the most econ
omical method of melting cast iron is by a cupola, 
this is not very convenient for laboratory use where 
small quantities at intermittent intervals are required. 
The induction heating method used for this investi
gation is very rapid and convenient. A 75 kW Radyne 
billet heater was modified to supply power to a 
heating coil specially designed for the operation. 
The coil box containing this coil and the crucible 
can be seen above the casting die in Fig. 6. The 
bottom pouring technique, which was originally 
developed for the investment casting technique9 , was 
used with this arrangement. Basically, this method 
employs a crucible (sodium silicate bonded sand in 
this investigation) which has a hole in the bottom 
through which the molten metal pours, when the base 
of the charge, the last part to melt, finally becomes 
molten. The metal charge can be weighed to give the 
required amount of metal and thus the method also 
affords a convenient means of charge mass regulation. 
In practice a thin plug of metal is inserted into a 
recess in the bottom of the crucible to act as a 
temporary seal, and the thickness of this plug 
together with the heat input to the charge controls 
the melt pouring temperature. 

Cast preform of the flange component. (Fig. 1) 
The preform shape to be used for this component was 
type 3.2 (Fig. 3c) as determined from the preform 
development work described earlier. The casting die 
for producing this preform is shown in Fig. 7. The 
two halves were made from blocks of close-grained 
grey cast iron with the parting line chosen to be 
parallel to the flange of the preform and positioned 
midway in the flange thickness. The surface of each 
die was prepared by coating with a fine permanent 
refractory coating which prior to each cast was aug
mented by a coating of lamp black from an acetylene 
torch. 

The requirements of a good cast preform were 
complete die filling, with no surface porosity or 
misruns. Considerable development was required 
before these requirements were met. From this work 

VENT HOLES 

Fig. 7 Casting die design for the flange component. 
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Table 6. Casting ..:onditions 

Charge material 3·57% C, 2·25% Si, 0·014% P, 0·119% S, 0·67% Mn 
Charge size 21 in. diameter X 3! in. long (mass 3lb) 
Innoculation 0·4% ferro-silicon (75% silicon) 
Crucible plug 1 in diameter X+ in thick grey cast iron 
Pouring hole t in diameter 
Average power drawn 30kW 
Overall melting time 3 min 
Melting-pouring time 2min 
Melting temperature 1100°C 
Pouring temperature 1320°C 

Table 7. Cast-reheat-forge test results 

Preform DimensioJ 

Forging dimensions (see Fig. 1) 

No. A A B c D 

3·825 3·971 2·225 1·857 0·440 

2 3·825 3·972 2·225 1·855 0·440 

3 3·825 3·973 2·226 1·860 0·440 

4 3·825 3·972 2·223 1·855 0·440 

5 3·825 3·973 2·225 1·856 0·440 

6 3·752 3·955 2·222 1·855 0·440 

7 3·690 3·970 2·225 1·858 0·440 

the plug thickness, die preheat temperature, power 
input and pouring temperature were optimized and 
the dies modified to improve the runner and riser 
system and provide adequate venting. The resulting 
conditions used are exemplified by those given in 
Table 6. 

Preforms produced under the conditions given in 
Table 6 were forged in two distinct ways: 

(a) separation of casting and forging-a batch of 
preforms were produced consecutively, allowed to 
cool and then heated up to a temperature of 1000°C 
before being placed into the Petro-Forge and forged; 

(b) integration of casting and forging-each pre
form was produced separately, removed from the 
casting die at a temperature of 800° C minimum and 
immediately placed in a muffle furnace until their 
temperature was l000°C, when they were placed in 
the Petro Forge and forged. 

In both tests preforms were forged at varying blow 
energy and the results for (a) and (b) are given in 
Tables 7 and 8, respectively. In test (a) two of the 

Blow Reduction Ultimate 
energy in flange tensile 

E F (ft lbf) thickness strength 
(%) (tonf/in2 ) 

Radial Circum. 

0·375 0·375 4340 7·4 16·9 16·9 
17·7 16·9 

0·373 0·377 5200 7·0 15·5 12·2 
14·5 9·2 
10·0 

0·378 0·373 6500 8·0 

0·376 0·376 8000 7·7 14·5 16·9 
13·3 16·1 

0·377 0·377 12 200 7·9 14·5 20·5 
16·1 20·5 

0·378 0·360 7 600 11·0 17·0 18·2 
15·3 
12·5 

0·375 0·335 11 500 17·0 21·2 19·2 
20·5 18·2 
22·9 

preforms had their large dtameter reduced by 
machining as indicated in Table 7, leading to greater 
flange reductions after forging. 

All the preforms forged, from both tests, showed 
no signs of radial cracking and with the exception of 
one low-energy blow, die filling was excellent. These 
comments equally applied to the two cases where the 
flange had been reduced in size prior to forging and a 
reduction of up to 17% was achieved. Surface finish 
and definition were better in the case of the cast
immediate forge specimens, but otherwise little 
difference could be detected. 

To determine the effect of forging on one of the 
mechanical properties of grey cast iron, test speci
mens were cut from the flange of each component 
and a number from some unforged preforms. Speci
mens of 1/8 in. diameter (see Fig. 8a) were cut with 
their axes parallel to the radial directions and perpen
dicular to this direction; that is, approximately 
circumferential. These specimens were 'pulled' in a 
Hounsfield Tensometer and the resulting U.T.S. 
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Table 8. Cast-immediate forge 

Preform 
No. 

8 

9 

10 

11 

12 

13 

14 

Forging dimensions (see Fig. 1) 

A B c D 

3·940 2·235 1·840 0·425 

3·967 2·240 1·845 0·423 

3·970 2·240 1·860 0·425 

3·970 2·240 1·860 0·425 

3·970 2·240 1·855 0·426 

3·968 2·240 1·860 0·424 

3·970 2·240 1·860 0-425 

E 

0·380 

0·380 

0·390 

0·385 

0·385 

0·385 

0·380 

F 

0·385 

0·375 

0·375 

0·375 

0·370 

0·375 

0·375 

Blow 
energy 
(ft lbf) 

3660 

5300 

6290 

7400 

8250 

10 000 

10 700 

Reheat 
time 

(min) 

6 

5 

60 

6 

4 

5 

5 

Reduction 
in flange 
thickness 

(%) 

4·9 

7·6 

7·6 

7·6 

7·6 

7·6 

7·6 

Ultimate tensile 
strength 

(tonf/in2 ) 

Radial Circum. 

13·3 14·1 
13·3 14·9 

13·7 16·9 
16·1 19·3 

10·5 14·9 
18·1 

13·7 16·9 
16·1 19·3 

15·3 17·3 
16·1 14·9 

26·9 22·1 
22·1 

21·7 24·9 
17·3 18·5 

Table 9. As-cast and annealed tensile test results 

Ultimate tensile strength (tonf/in2 ) 

As-cast 

11·7 14·9 16·9 
20·4 21·2 

values are included in Tables 7 and 8. For compar
ison, the U.T.S. values obtained from unforged pre
forms, both in the as-cast and annealed conditions 
(850° C for 1 hour followed by a slow cool), are given 
in Table 9. 

The spread in U.T.S. values, particularly from the 
unforged preforms, makes it difficult to draw any 
categoric conclusion as to the merits of hot working 
on grey cast iron, but a general trend toward increas
ing strength with blow energy can be detected. The 
wide spread, which includes low U.T.S. values of the 
specimens from the as-cast and annealed preforms 
compared with the consistently high U.T.S. values 
obtained at high blow energies (e.g. preforms 5, 7, 13 
and 14), suggests that forging is having an effect in 
minimising non-uniformity effects, for example, clos
ing up blow holes and porosity. Where larger amounts 
of metal flow were possible in preform 6 and 7, they 
were reflected in higher U.T.S. values, particularly in 
the radial direction. It is notable that the circum
ferential value~r are generally higher than the radial 
values. This is probably due to the fact that in the 
radial direction specimens will extend into the central 
part of the component where little if any metal flow 
takes place, whereas in the circumferential direction 
the specimen is extracted wholly from the worked 
area. 

The overall conclusion drawn is that forging with 
energy blows of 10 000 ft lbf or over results in 
increased strength over both the as-cast and annealed 

Annealed 

7·2 9·6 10·0 
12·8 13·7 14·5 

values. This is if the maximum values in each case are 
compared, or even if the average values are compared, 
which may be misleading. In a similar comparison, 
the cast and immediate-forge method shows marginal 
improvement over the cast-reheat-forge method. 

Cast preforms a tensile test-piece 
The disadvantage of carrying out tensile tests with 
specimens cut from a forging, as described above, is 
that flow lines or aligned grain boundaries may be 
cut. Also, material properties will change with depth. 
It is possible, therefore, that the gauge length of the 
specimen may not be typical of the specimen. To 
overcome this problem it would be desirable to detect 
changes in properties by subjecting the whole speci
men to a suitable test. This could be attempted in 
two ways: 

(a) a component could be subjected, before and 
after forging, to simulated service conditions in a 
machine specially designed for the purpose; 

(b) a tensile test-piece could be cast and then 
forged in a manner similar to that of the component 
under consideration. 

The former course was not pursued due to the fact 
that its service conditions were unknown, and there
fore the latter course was used. 

A test-piece was designed, shown in Fig. 8b, which 
did not conform to any standard but corresponded 
very closely to the flange of the flange component, 
Fig. 1. For example the test-piece thickness was 
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similar to that of the component flange thickness, 
and the width of the gauge length was similar to the 
effective width of the flange from the component 
periphery to its hemispherical cavity. Test-pieces to 
the above design were cast into appropriately 
designed grey cast iron dies in a similar manner to 
that used for the flange component. Owing to the 
fact that some fettling had to be done to the castings 
before being placed in the forging die, forging could 
not follow immediately and therefore only the re
heating method could be employed. During forging, 
the whole of the preform, not just the gauge length, 
was subjected to a vertical load and upset to fill the 

0 

• 4·50 

0 

specimen 6 

Fig. 8 Tensile test specimens : (a) machined from the flange 
component; (b) diecast. 

die space as shown in Fig. Sb. Forging was carried out 
on test specimens, of two compositions (see Table 
10) at different blow energies. These forged pieces 
were tensile tested in a 50 ton Denison testing 
machine together with some as-cast and annealed 
specimens. These results are listed in Table 1 0. 

No real trend of blow energy can be detected with 
the results from composition A, which is further con
fused by a very high value from the annealed speci
men, contrary to what is expected and what was 
obtained for all other tests. Results from composition 
B show the same trend as the results of the specimens 
cut from the flange component; that is, increasing 
strength with increasing blow energy and metal 
deformation. The higher blow energy specimens 
exhibit significant improvements over the as-cast and 
annealed specimens. 

SUMMARY OF CONCLUSIONS 

Grey cast iron can be forged successfully in closed 
dies provided the preform design is such that it is sub
jected to compressive loads only during the entire 
operation. This may require the deformation to be 
restricted to certain areas of the component. Two 
components were forged in this manner : a 4 in dia
meter multi-diameter flange component, of which the 
largest flange was ups~t by up to 25% without crack
ing, the central boss region only being coined, and a 
3 in diameter 24 D.P. spur gear in which the only 
movement of metal was into the gear teeth. 

It was possible to forge accurately repeatable 
grey-iron components with a good surface finish 
which could be sufficiently acceptable to either elimi
nate or minimise machining. The forged faces would 
provide reliable locations for jigging purposes. 

The tensile strength of grey cast iron was improved 
by hot working, the improvements being related to 
blow energy. Cast and immediately forged compo
nents, whose temperature was not allowed to fall 
below the recrystallisation temperature, were 
marginally stronger than components that had been 
cast, reheated and then forged. 

In a process where a forging preform is cast, the 
displacement of the metal during forging can be 
accurately controlled. Thus, areas that require maxi
mum strength can be predesignated. Where the metal 
is grey cast iron there is no strict limitation on the 
shape of the preform that can be cast. If the casting 
process chosen is gravity die casting, mechanization 
can easily be introduced and preforms can be 
presented to the forging at a rate sufficient to main
tain it in full production. Thus, it is possible, as 
Schlegel suggested6 , to arrange for the integration of 
the preform casting and forging processes. Such a 
system would include means of removing the runners 
and risers, manipulation of the hot preforms from the 
casting machine to the intermediate soaking furnace 
and to the forging machine, with full or partially 
automated control of the sequence of events. The 
forging machine used in this investigation was a 
Petro-Forge and this would appear to be particularly 
adaptable to such a system. The inclusion of such a 
machine at the end of a foundry production line 
would seem to present no unsurmountable problems. 
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Table 10. Diecast and forged tensile test pieces 

Composition A 1 

3·57% C, 2·25% Si, 0·014% P, 
0·119% S, 0·67% Mn 

Blow energy Thickness Ultimate 
(ft lbf) reduction tensile 

(%) strength 
(tonf/in2 ) 

2800 0·7 7·8 
3360 4·6 16·8 
5840 8·0 20·3 
7300 11·0 11·3 
8000 11·8 14·5 

As cast 12·6 
As cast 13·9 
As cast 14·7 
Annealed 19·3 

Composition 8 2 

3·4% C, 1·65% Si, 0·6% P, 
0·12% S, 0-9% Mn 

Blow energy Thickness Ultimate 
(ft lbf) reduction tensile 

(%) strength 
(tonf/in2 ) 

2500 1·5 4·1 
5060 5·8 6·2 
5850 6·0 9·6 
7000 7·8 15·8 
7850 8·3 19·8 
8430 10·2 22·0 

As cast 14·7 
As cast 7·3 
Annealed 3·7 

l. Supplied by B.C.I.R.A. 2. B.S.S. 1452 Grade 14 
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BEHAVIOUR OF THE HORIZONTAL STIFFNESS AND 
THE MICRO-SLIDING ON THE BOLTED JOINT UNDER THE 

NORMAL PRE-LOAD 

by 

M. MASUKO, Y. ITO and C. FUJIMOTO* 

SUMMARY 

The damping capacity of a bolted joint is an important parameter for the calculation of the dynamic behaviour of 
machine tools. According to previous studies, it can be presumed that the damping capacity of the bolted joint is 
closely related to the horizontal stiffness and the micro-sliding of the bolted joint. 

To clarify the behaviour of the horizontal stiffness and the micro-sliding under the normal pre-load, basic 
experiments were carried out with the simple bolted joint. The horizontal displacements were measured by using 
the strain gauges when a tangential load was applied to the joint surfaces. Experiments were carried out in the 
air-conditioning room (20 ± 0·2° C), as the maximum value of the horizontal displacement is only less than I Jlm. 
During experiments the mean interface pressure, which was given by the normal pre-load, was changed from 0·2 
kg mm-2 to 2·5 kg mm-2 and the effects of the methods of machining (which were here ground, lapped and 
scraped), the machined lay orientation, the surface roughness and of the materials (here mild steel, cast iron, brass 
and aluminium alloy) of joint surfaces on the horizontal stiffness and on the micro-sliding have been investigated. 

From the experimental. results, it is clear that the horizontal displacement is the direct sum of the elastic 
displacement and the micro-sliding on the bolted joint, and furthermore, that the horizontal stiffness and the 
mirco-sliding are changed by the conditions of the joint surfaces. 

The conditions of joint surfaces have relatively small effects on the elastic displacement, but have significant 
effects on the micro-sliding between the joint surfaces. 

The experimental results also suggest that the elastic displacement is derived from the concentration of shear
ing stress on the real contact area between the joint surfaces and micro-sliding is derived from the seizure and the 
micro-contact between the surface asperities. 

INTRODUCTION 

On a machine tool there are many bolted joints and it 
is widely known that these bolted joints can influence 
the overall static and dynamic behaviour of the tool. 
The horizontal bending stiffness and the damping 
capacity are especially important factors, as they 
determine the dynamic behaviour of the machine 
tool. 

According to previous studies1 ' 2, the horizontal 
stiffness and the horizon tal displacement on the 
bolted joint are closely related to the horizontal 
bending stiffness and the damping capacity on the 
bolted joint; therefore, the behaviour of the hori
zontal stiffness and the horizontal displacement have 
been investigated here experimentally and 
theoretically. 

The measurement of these two characteristics is 
very difficult, because the friction between the joint 

surfaces limits the horizontal displacement and the 
maximum value of this displacement is less than I Jlm. 

To eliminate the many unknown influences, the 
basic experiments were carried out with the simple 
bolted joint having only one connecting bolt, and the 
horizontal displacements were measured by means of 
a micro-displacement detector when a tangential load 
was applied to the joint surfaces. 

Apparatus for experiment and experimental 
procedure 
The principal of the apparatus which was used to 
measure the horizontal displacement on the bolted 
joints is illustrated in Fig. 1. The lower test specimen 
I was connected tightly by means of the threads on 
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the plate 3, mounted on the horizontal steel base 7 
and the upper test specimen 2 was jointed to the 
lower test specimen by using the M8 connecting bolt 
9. 

When the horizontal static load was applied 
parallel to the joint surfaces by means of the dead 
weights 10 through the roller 6 and the steel wire 8, 
the horizontal displacements of the joint surfaces were 
measured with the micro-displacement detector 4 
which utilizes the strain gauges. For convenience, the 
micro-displacement detector was settled on the 
position-adjustable base 5 and this base also 
connected tightly to the plate 3. 

Experiments were carried out with different pre
loads of the connecting bolt. In all experiments the pre
loads were constrained to suitable values by 
measuring the elongation of the connecting bolt with 
the strain gauges attached to the stem of the connect
ing bolt. 

We presumed that the maximum value of the 
measured displacement was only l J.Lm; therefore, to 
ensure accuracy of the measured values, the micro
displacement detector was calibrated by using the 
universal micro measuring machine (Type M.L.D. 
Mitsuiseiki & Co., Ltd) in the air-conditioning room 
at a temperature of 20 ± 0·2° C and 70% humidity. 

The solid test specimens with shapes and dimen
sions equivalent to the upper and lower test speci
mens were used in all experiments in order to 
eliminate the unknown influences of the apparatus 
for the experiments; for example, a gap between the 
lower test specimen and the plate. 

After the joint surfaces were degreased with tri
chlorethylene to obtain the real metal contact condi
tions, the horizontal displacement was measured after 
pre-loading for 5 min, because the normal displace
ment between the joint surfaces is considered to have 
large response time. The horizontal displacement was 
measure corresponding to the each step of the hori
zontal loading and after a time interval of 30 s from 
the application of the horizontal load. 

In considering the actual bolted joints on machine 
tools, the pre-loads on the joint surfaces were 
changed from 50 kg to 600 kg. On the test specimen 
examined, these pre-loads were converted into mean 
interface pressures between 0·2-2·5 kg mm-2 by 
assuming that the pre-load was uniformly distributed 
on the joint surfaces. 

It is very difficult to apply the horizontal load and 
measure the horizontal displacement at the joint 
surfaces; therefore, as shown in Fig. l, the horizontal 

loads were applied through the upper test specimen 
and the horizontal displacements measured just above 
the joint surfaces. 

Test specimens 
The shapes and dimensions of the test specimens are 
shown in Fig. l. For a uniform contact on the joint 
surfaces, the upper specimens were made as hollow 
cylinders with a 10 mm bore and 20 mm outer dia
meter, and the lower specimens were made as the 
cylinders having an M8 threaded hole. The overall 
contact area was about 236 mm2 • 

The experiments were carried out with the speci
mens which were made of the following; mild steel 
(J.I.S., SS41B); cast iron (J.I.S., FC25); brass (J.I.S., 
Bs BM2) and aluminium alloy (J.I.S., A3B2-T4). For 
the mild steel specimens investigated, the ground 
surfaces had surface roughness Hmax= 1-() J.Lm and 1·8 
J.Lm and machine lapped surfaces had surface rough
ness Hmax between 0·04-1·6 J.Lm (7 steps). For the 
cast iron specimens, the ground surfaces which had 
surface roughness Hmax = 1·0 J.Lm and the scraped sur
faces which had contact point numbers 10, 20, and 
30 per in2 , were investigated. Specimens made of 
brass and aluminium alloy were only investigated 
with ground surfaces having Hmax = 2·0 J.Lm and 
Hmax = 2·5 J.Lm. 

According to previous experimental results3 , 

machine lay orientation has little effect on the 
normal stiffness of joint surfaces; however, in this 
study the effects of the machined lay orientation 
were investigated further for the ground surfaces. 

In this kind of study it is very important to elimi
nate the influences of the waviness on the joint sur
faces and the changes of surface topography during 
the experiments. Changes in the surface topography 
could not be detected by measuring the surface 
roughness before and after the experiments; however, 
the waviness on the joint surfaces could not be elimi
nated from the examined specimens, especially for 
the ground and the lapped surfaces. For example, the 
values of waviness for the ground surfaces were found 
to be from 0·2 J.Lm to 1·0 J,Lm. 

GENERAL CHARACTERISTICS OF THE 
HORIZONTAL STIFFNESS AND THE 

MICRO-SLIDING ON THE BOLTED JOINT 
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One of the measured results for the relationships 
between the tangential load P, and the horizontal dis
placement w is shown in Fig. 2 under the various 
normal pre-load, Q. The load-displacement curve for 
the equivalent solid specimen is also shown by the 
broken line. The horizontal displacements of the 
equivalent solid specimen, w0 , show the fully elastic 
behaviour of the joint materials independently which 
is in inverse proportion to Young's modulus; how
ever, these horizontal displacements of the equivalent 
solid are not related to the normal pre-load. 

Although the horizontal displacements for the 
bolted specimens are larger than for the equivalent 
solid specimen, the horizontal displacement of the 
joint surfaces is almost linear with the tangential load 
during the loading and unloading processes under 
high normal pre-load. However, under the low normal 
pre-load the hysterisis of the displacement can be 
seen after unloading to the initial tangential load, 0·2 
kg in this experiment, and a clear residual displace
ment was found. 

This residual displacement can be considered to be 
caused by the micro-slip between the joint surfaces or 
the micro-plastic deformation on the joint surface 
asperities; therefore, in this study the residual dis
placement is expressed by the characteristic l>r as 
shown in Fig. 2 and termed the micro-sliding. From 
the figure this micro-sliding l>r is given by 

l)r = W- WB 

where w8 is the horizontal displacement at the un
loading. 

It is shown further from Fig. 2 that the horizontal 
displacement has some form of stick-slip motion dur
ing the loading process under such a high pre-load. 
However, in these conditions this particular behav
iour cannot be explained exactly and further 
investigations are necessary. 

To clarify the characteristics of the horizontal dis
placement at the unloading w8 , the horizontal dis
placements of the bolted joint subjected to the 
repeated tangential load were further investigated. 
The experimental results shown together in Fig. 2, 
indicate that the measured values of w8 are similar in 
each loading and unloading process after the first 
loading cycle. The displacement w8 may be con
sidered to be caused by the fully elastic deformation 
between the joint surfaces. 

This behaviour of the horizontal displacement on 
the bolted joint was found in all experiments, 
although there was a slight difference depending on 
the joint materials, the surface roughness., the 
machining method of joint surfaces, and so on. 

The results show that the horizontal displacement 
is the sum of the elastic displacement and the micro
sliding between the joint surfaces. For convenience, 
the horizontal stiffness, K, and the micro-sliding l>r 
for the bolted specimens were used and compared 
with the horizontal stiffness for the equivalent solid 
specimens. The horizontal stiffness is written as 

K=P/w 

where Pis the tangential load. 
Furthermore, to ensure accuracy of measurement, 

the horizontal displacements w were measured under 

P = 10 kg, as the measured values of w are very small 
for tangential loads less than 10 kg. 

In Fig. 3 the general behaviour of the horizontal 
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displacement and the horizontal stiffness for the joint 
surfaces is shown related to the normal pre-load. It is 
clear from the results presented that the horizontal 
stiffness increases with increasing normal pre-load and 
finally reaches a certain constant value, which is 
nearly equal to the horizontal stiffness of the equiv
alent solid test ~pecimens. However, the horizontal 
stiffness of the bolted specimens is less than the 
horizontal stiffness of the equivalent solid and has 
values of about 70-90% of the horizontal stiffness of 
the equivalent solid in spite of the very high pre-load. 
Therefore, the additional elastic deformation between 
the joints which may be caused by the existance of 
joint surfaces, has signigicant effects on the decrease 
in the horizontal stiffness. 

EFFECTS OF THE MACHINED LAY 
ORIENTATIONS AND THE MATERIALS 

In Fig. 4 the effects of the machined lay orientations 
and the materials between the joint surfaces are shown 
for the ground surfaces by using the mean value of 
the measured results in order to simplify the present
ation of the experimental results. The experimental 
results show that the machined lay orientations have 
no effects on the horizontal stiffness and the micro
sliding for the joint surfaces made of mild steel, but 
have a small effect on these two for the joint surfaces 
made of cast iron, brass and aluminium alloy. 

The horizontal stiffness for the specimens in 
which the machined lays are at right-angles to each 
other, are larger than the values for the specimens 
with the machined lays in parallel, notwithstanding 
the difference in the joint materials. These effects of 
the machined lay orientation are found clearly for 
the joint surfaces made of cast iron and the alum
inium alloy; therefore, further experiments for these 
effects were carried out with the specimens made of 
cast iron, which had both perpendicular and the 
parallel machined lays. However, in these cases, the 
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former specimen was loaded in a direction at 45° and 
the latter perpendicular to the machined lay orient
ation. The results are not shown here, but the hori
zontal stiffness values for the specimens having these 
machined lay orientations are quite similar to those 
for the specimens with the right-angled machined 
lays. 

The horizontal stiffness on the bolted joint is 
influenced by the micro-contact between the joint 
surfaces, as the effects of the machined lay orient
ation already mentioned correlate well with the flow 
pressure of the joint materials. 

The rnicro-slidings between the joint surfaces, 
the machined lay orientations have quite contrary 
effects to those of horizontal stiffness. Namely, 
for the specimens having the right-angled machined 
lays, the micro-sliding is less than for the specimens 
having the parallel machined lays; however, for the 
joint surfaces made of mild steel the effects of the 
machined lay orientation were not significant. 

To clarify the effects of the joint materials, the 
displacement of the equivalent solid specimen must 
be eliminated from the overall horizontal displace
ment of the specimen with the bolted joint, because 
the horizontal stiffness shown in Fig. 4 was calculated 
from the measured overall horizontal displacement. 
From the compensated results, it is clear that the 
behaviour of the horizontal stiffness is changed by 
the joint materials. The horizontal stiffness values for 
the joint surfaces made of mild steel and cast iron are 
increased steeply with the increasing pre-load and 

Fig. 4 

I I 
'' :' 
'' ,l9. 

' ' ' ' 0 I 

I I 

Hmax= 1.0 }'m 

·- 0 I -·-·-·=--=~-=· =======··· 

r:~~:::~- ~ t 
'&.', 

'l9. 
' • \ .. '~ OIL 

I \ , ...... ', 

0.16 E 
:::&.. 

~ 

,0 , .. ' .... -- _': 
o~------2o~o---L~~4A~~-~~~-~-~--~-~~~oo 0 

... kg 

0 

(b) Cast iron 

I' I ., 
" I I 
I I 

I \ 

' ' 

Hmax = 2. Spm '. -·-·-·-·-·-·-·-·-
~ \ K .--:::=::===~: 

0.4 

II/,.,.......-

&.\ \// ~ ~ 3.p 0.2 

?:./_,.A~' -
'JK'<-~J \ e._ @•P 

/'~1 \ 
t; \ ' 

,!,/ \ ',.,,_ 

·---- ~-----_·.:-.::-_-,. 0 
200 400 600 

( d ) AI -alloy 
Q kg 

approach the valuess for the equivalent solid under 
the relatively low pre-load. For the joint surfaces 
made of brass, the horizontal stiffness approaches the 
stiffness of the equivalent solid for increased pre-load, 
but the pre-load at which the stiffness becomes 
constant, occurs at a higher value than for joint sur
faces made of mild steel. For the joint surfaces made 
of aluminium alloy, the horizontal stiffness 
approaches the stiffness of the equivalent solid under 
a very high pre-load. 

It is also known that the micro-sliding is also satur
ated with increasing pre-load. The relative pre-loads at 
which the micro-sliding reaches a constant value, can 
be stated as follows in order of ascending value; mild 
steel, cast iron, brass and aluminium alloy. 

EFFECT OF SURF ACE ROUGHNESS 

Results presented in Fig. 4 show that the surface 
roughness of the joint has significant effects on the 
horizontal stiffness, which has a high value for the 
smooth joint surface; however, the surface roughness 
has no effects on the micro-sliding. 

Therefore, for reasons of easy control of surface 
roughness, the experiments on the effects of the 
surface roughness on the horizontal stiffness and on 
the micro-sliding of the joint surfaces were carried 
out with the lapped surfaces made of mild steel. The 
experimental results are shown in Fig. 5, and from 
the results we can confirm that surface roughness 
affects the horizontal stiffness and the micro-sliding 
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significantly. The micro-sliding gradually decreases 
with the roughening of the surface, but the horizontal 
stiffness has a peak at which the surface roughness, 
Hmax is about 0·3 J.Lm. 

The reasons why the horizontal stiffness has such 
particular behaviour can be explained as follows. 

The overall horizontal displacement won the bolted 
joint is given by 

In both these characteristics, the micro-sliding Sr may 
be influenced chiefly by the action of preventation 
between the joint surfaces which is caused by the 
micro-toothing between the surface asperities. How
ever, the elastic displacement at unloading may be 
chiefly influenced by the micro-seizure between the 
joint surfaces, which is closely related to the numbers 
and mean radius of the contact point4 • According to 
the improvement of the surface roughness on the 
joint, the number of the contact points between the 
joint surfaces generally increases and supported pres
sure on the contact points decreases. Therefore, the 
contact points in the micro-seizure conditions 
obviously do not uniformly increase with the 
improvement in the joint surfaces roughness (Fig. 5). 

EFFECT OF MACHINING METHOD 

The effects of the machining method were investi
gated with the test specimens with scraped surfaces 
and also ground surfaces. 

The experimental results shown in Fig. 6 compare 
the horizontal stiffness of the ground and scraped 
surfaces. They show that the horizontal stiffness of 
the scraped joint surfaces is less than that of the 
ground joint surfaces, and the number of contact 
points per in2 have significant effects on the hori
zontal stiffness. 

The horizontal stiffness of the scraped joint sur
faces is generally increased with increased numbers of 
contact points, but decreased again with a further 

OIL-------~20b0~----~40b0~----~600~ 
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Fig. 6 

increase in the numbers of contact points. In this 
case, the pre-load at which the horizontal stiffness 
reaches a certain constant value, is decreased with the 
increasing numbers of contact points and finally 
remains at a constant value. It can be seen from these 
results that the horizontal stiffness of the scraped 
joint surfaces has a peak value for the numbers of 
contact points. 

The micro-sliding for scraped joint surfaces is 
larger than for the ground surfaces; also with the 
scraped joint surfaces, the specimens with 20 contact 
points per in2 gave the smallest value for the micro
sliding. This result confirms further that the behav
iour of the horizontal stiffness is quite the opposite 
to the relationships between the micro-sliding and the 
normal pre-load. 

The horizontal stiffness of the scraped specimens 
which are joined together with the different surfaces 
which have numbers of contact points 1 0 per in 2 and 
20 in2 , also indicates similar behaviour. However, the 
horizontal stiffness of this specimen is almost equal 
to the mean value, which is calculated from the hori
zontal stiffness of each of the scraped specimens 
having similar numbers of the contact points. 

By taking into consideration the results presented, 
it is clear that the methods of machining the joint 
surfaces have significant effects on the horizontal 
stiffness and also on the micro-sliding. 

CONSIDERATION FOR THE ELASTIC 
DISPLACEMENT ON THE BOLTED JOINT 

From the results already presented, it is clear that the 
elastic displacement, SB, on the bolted joint during 
unloading, is about half the value of the overall hori
zontal stiffness under the large normal pre-load, and 
moreover, this elastic displacement is larger than the 
horizontal displacement of the equivalent solid. 
Therefore, the elastic displacement is thought to 
determine the horizontal stiffness of the bolted joint. 

When the two rough surfaces are mating with each 
other, the real contact area between these surfaces, is 
very small, compared with the apparent contact area 
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of the joint surfaces, and is given by the value of 
Qfpm where Q is the normal pre-load and Pm is the 
flow pressure of joint materials.6 In this condition, 
the shearing stress between the real contact area sub
jected to the tangential load Pis given by (P/Q). Pm· 

If the value of (P/Q) An is calculated for the speci
mens made of mild steel, subjected to P = 10 kg and 
Q = 50-600 kg, it is clear that this shearing stress is 
very large. Therefore, the surface asperities and the 
layers near the joint surfaces may be deformed by the 
shearing stress when the tangential load is applied to 
the bolted joint. The shear deformation of the surface 
asperities, however, is negligible , as the surface asper
ities can be thought of as circular-cones having 
140-170 degree conical angles for the ground sur
faces, and furthermore, the surface asperities were 
restrained. 

From the results, it can be seen that the elastic dis
placement o8 is determined by the elastic shearing 
deformation Oe between the joint surfaces. By assum
ing that the real contact area has n junctions and each 
junction is an identical circle having a radius a, the 
elastic shear deformation can be calculated by regard
ing this problem as a problem of elasticity for a semi
infinite elastic solid with a tangential force on its 
surface. 

Here, if the tangential load is considered to be 
supported uniformly on each junction and each junc
tion is loaded by P/n, from the solution of the elasti
city5 the elastic tangential deformation of the joint 
surfaces is given by 

o = P/n (2- v) 
e G 1T a 

(1) 

were G is the modulus of elasticity in shear and v is 
Poisson's ratio. 

Therefore, if the values of n and a are known, the 
elastic deformation between the joint surfaces can be 
calculated . Both these values, however, have not yet 
been fully investigated for the various joint materials 
and it is very difficult to determine their exact values 
for the ground joint surfaces made of mild steel. 
According to the experimental results of Bowden and 
Tabor6 , the values of nand a are as follows: 

n = 22, a= 0·12 mm at Q = 100 kg; and n = 35, 
a= 0·12 mm at Q = 500 kg. 

In Fig. 7 the theoretical values of De which were 
calculated from the equation (I) by using these values 
for n and a, are shown by the full line. The results 
indicate that the theoretical values of Oe are qualita
tively in good agreement with the experimental values 
of o8 ; therefore, it can be said that the elastic dis
placement o8 is caused by the elastic shearing 
deformation between the joint surfaces. 

According to equation (1 ), the apparent contact 
area has little effect on the elastic deformation; that 
is, the elastic displacement. The experimental results 
for the effects of the apparent contact area are shown 
together in Fig. 7, but the differences in the elastic 
displacement between the various apparent contact 
areas cannot be seen. 

Therefore, we have further confirmed from these 
results that equation {1) is a reasonable explanation 
of the elastic displacement. 
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CONCLUSIONS 

In this study the horizontal stiffness and the micro
sliding on the bolted joint under the normal pre-load 
have been investigated experimentally. 

For convenience, the real horizontal stiffnesses per 
unit area for the bolted joints with various joint sur
face conditions are presented in Table I, in which the 

Table 1 The values for real horizontal 
stiffness of bolted joint. 

Test Specimens. 1< k9/pm· 1/ ,.,..,f 
1.0 

Mild 
s teel 

Cast 
iron 

Bra ss 

apped 

= ~= 1.0 k9fnm2 

- 'Jl= 2.0k~ml 

horizontal stiffness, k , and the mean interface pres
sure, p , are given by 

k = _ P_ .!_ and p = Q 
w-w0 S S 

where S is the apparent contact area between the 
joint surfaces. 

The experimental results show that the horizontal 
stiffness and the micro-sliding on the bolted joint are 
largely influenced by the connecting and the surface 
conditions, such as the normal pre-load, the surface 
roughness and the material of joint surfaces, the 
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machined lay orientation and so on, and show very 
complicated behaviour for these factors. Further
more, the horizontal stiffness generally has quite the 
contrary behaviour to that of the micro-sliding on the 
bolted joint. 

The horizontal stiffness values for the specimens 
with the bolted joints are lower than for the equiv
alent solid specimens, and indicate 50-90% of the 
values of the horizontal stiffness of the equivalent 
solid under the normal pre-load of 0·5 to 2·0 kg mm- 2 • 

To clarify this complicated behaviour, the theory 
of elasticity was used and the expression for the 
elastic displacement was presented in equation ( 1) by 
which we can suggest a reasonable explanation for 
the experimental results. 

However, much interesting behaviour is not satis
factorily explained so far, such as a kind of micro
stick-slip motion during the loading process, the cause 
of the micro-sliding, the quantitative calculation of 
the horizontal stiffness with good accuracy, and so 
on. This necessitates further investigation to solve 
these problems. 
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DISCUSSION 

Query from A. G. Hague, Trent Polytechnic, 
Nottingham 

Since you have used such a small area of contact, 
namely 236 mm2 (about 0.4 in X 0.4 in. square), 
how can your results be related to actual surfaces met 
in machine tool structures, which are of course much 
larger, with an extra factor to consider - surface 
waviness or errors in flatness. 

Reply 

As you point out, the actual bolted joint has a much 
larger area and has also large surface waviness or 
errors in flatness compared with our examined 
specimens. 

In this experiment, we have investigated the basic 
behaviour of the horizontal stiffness and the micro-

sliding, because it is very important to clarify the 
general behaviour of the bolted joint subjected to the 
tangential force. 

Test specimens with a small area are very 
convenient for this kind of experiment. With these 
test specimens it is easy to obtain the required 
accuracy of the measured value of displacement, and 
also to hold the joint surfaces together under a 
constant condition. 

Although we have investigated the effects of a 
surface area on the horizontal stiffness, we cannot, at 
present, apply these results to an actual machine tool 
design. 

We think that if the results presented in this paper 
are to be applied to actual surfaces, difficulties may 
be encountered in choosing the appropriate scale 
factors. 

Although some results that take into consideration 
the effects of the surface waviness have been 
presented, a more detailed investigation is required 
for a better understanding. 

Furthermore, according to our preceding results8 , 

the model theory was not satisfied for a bolted 
cantilever subjected to a tangential force. We hope 
that it may be possible to use the results presented 
herein for actual joint surfaces at some later date, if 
more detailed and accurate information regarding the 
scale factors to be used in a model analysis become 
available. 
(7) Connolly, R. and Thornley, R. H. Trans. 

A.S.M.E., Ser. B., Vol. 90. No.1 (1968-2),p.97. 
(8) Ito, Y. and Masuko, M. Trans. Japan Soc. Mech. 

Engrs. Vol. 36, No. 284, (1970-4), p. 649. 

Query from R E. Schofield 

I must first congratulate Professor Masuko and his 
colleagues on their extremely relevant and important 
paper in this field. 

However, I am not at all convinced that the energy 
loss due to the presence of bolted joints is due 
entirely to friction or micro-sliding. We have carried 
out tests where mechanical interlocking of asperities 
is established and have found no less energy loss than 
with conventional surfaces. From this we assume that 
the energy loss is due to a cyclic plastic deformation 
of the asperities in contact. 

When the two surfaces are preloaded, the real 
contact spots are at the yield boundary of the 
materials. Since the interfaces are not necessarily 
parallel to the direction of motion, any horizontal 
force must cause an increase in pressure and hence a 
plastic deformation at these joints. There need be no 
micro-sliding whatsoever between the surfaces. This 
suggestion would appear to be born out by Fig. 2 in 
the paper, where subsequent loadings after the first 
show no evidence of deflection other than elastic. 
This is consistent with the expectation, since the 
plastic deformation has taken place at the first 
loading. 

It is also born out by Fig. 4 where surface 
roughness is shown to have little effect on micro
sliding. I am in absolute agreement with the analysis 
of the elastic displacement. This is a practically 
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parallel analysis to the one proposed for normal 
deflection in our own paper in this session and also to 
the one proposed in Ref. (1) below. 
Ref. (1)Schofield, R. E. Schrauhenverhindungen in 

Werkzeugmaschinen konstruction. Proceed
ings 6th Machine Tool Congress, Budapest, 
1968. 

Reply 

As described in the explanation of Fig. 2, we used the 
term 'micro-sliding' only to express the residual 
displacement after unloading. 

We should like to point out, however, that the 
micro-sliding defined by us in this paper was also 
found on the bolted joint in which the friction force 
determined by the preload of connecting bolt is larger 
than the applied tangential force. 

We have not investigated the detailed cause of this 
micro-sliding, but we think that it may be derived 

from the micro-slip between the joint surfaces or the 
micro-plastic deformation on the joint surface 
asperities. 

The measured horizontal displacement indicates a 
sort of infmitesimal stick-slip motion during the 
loading, though the friction force is larger than the 
applied tangential force. 

We could not measure this stick-slip clearly, 
because the micro-slip in this condition is very small 
and less than 0.1 J,tm. 

However, we further confirmed the existence of 
the micro-sliding by measuring the change of 
electrical contact resistance between the joint 
surfaces. 

We consider, therefore, the micro-slip can be 
naturally found on the bolted joint in which P > J.L Q 
and a sort of micro-slip can also be found on the 
bolted joint in which P < J.L Q. 

These micro-slips are very important to clarify the 
energy loss due to the presence of a bolted joint. 



CALCULATING THE ELASTIC AND PLASTIC COMPONENTS OF 
DEFLECTION OF PLANE JOINTS FORMED FROM MACHINED SURF ACES 

by 

R. E. SCHOFIELD* and R. H. THORNLEYt 

SUMMARY 

One of the biggest impediments to the complete computer simulation of Machine Tool Structures is the inability 
to calculate values of stiffness and damping for the joints. This paper sets out a method whereby the elastic and 
plastic components of the deflection of joints formed from machined surfaces may be calculated. This knowledge 
is necessary before the more complicated aspects of quantitive joint analysis, for example, the distribution of 
pressure from a bolt, may be carried out. 

The method involves a mathematical expression of the surface-finish characteristics and develops a mathe
matical model for the mutual approach of the surfaces. Both the elastic and plastic components are considered 
and it is shown how these may be used to obtain values of initial deflection and elastic recovery. Experimental 
results show that the method is valid within the limits of accuracy of the mathematical expression of the surface 
finish. 

NOTATION 

(} Half-angle of lay orientation 
Ap Plastic component of deflection 
Ae Elastic component of deflection 
At Total deflection 
s See equation 7 and Fig. 5 
{3 As defined in Fig. 5 
1/J As defined in Fig. 5 
cf> As defined in Fig. 5 
p. Poisson's ratio 
~ Deflection at a point due to uniform pressure 

over a given area on the surface of a semi
infinite body of elastic material 

q Intensity of pressure over an area on the surface 
of a semi-infinite body 

f Feed or distance between cusps 
r Half-length of diagonals of contact spots see 

figure 5 
P Mean interface pressure 
Yc Yield pressure 
E Young's modulus of elasticity 
11 Longer side of con tact rectangle 
12 Shorter side of contact rectangle 
K 1 Stiffness due to surface characteristics 
K2 Stiffness due to body of material 
K 3 Stiffness due to bolts 

*Department of Production Engineering, Brunei University 
tMachine Tool Division, UMIST 

INTRODUCTION 

The complete and accurate computer analysis of a 
machine tool structure depends on the accurate deriv
ation of the mass, stiffness and damping values of the 
various elements and joints in the structure. 

At present it is impossible to calculate values for 
the stiffness and damping of joints, and estimates and 
assumptions have to be made in the light of previous 
experience. This paper proposes a basis upon which a 
method of calculating joint stiffness could be 
developed. 

The total compliance of a bolted joint consists of a 
number of components (Fig. 1) due to 

(a) flange deformation, 
(b) elastic deflection of the body material, 
(c) the compliance due to the surface asperities. 

Flange deformation 
The parameters governing the flange deformations are 

(a) the rigidity of the flange (effective EI), 
(b) the distribution and design of ribbing, 
(c) the bolt configuration, 
(d) the distributing of pressure from each bolt. 
Data concerning (a), (b) and (c) are readily avail-

able and their possession would allow complex but 
soluble analyses of flange deflection providing that 
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(d), the pressure distribution resulting from bolts, 
were known. This, however, may only be calculated if 
it is assumed that the flange is a beam on an elastic 
foundation, the foundation being the surface asper
ities. Calculation of the distribution of pressure in 
this case depends on a knowledge of the foundation 
stiffness. Therefore, the distribution of pressure from 
the bolts, and hence the flange deformation, can only 
be calculated if the stiffness or compliance due to the 
surface asperities is known. 

Elastic deflection of the body material 
This depends on the pressures exerted on the body, 
and has the same distribution as the pressure from the 
bolts. Thus the elastic deflection of the body material 
also depends on the compliance due to the surface 
asperities. 

Compliance due to surface asperities 
This parameter is consequently the basis upon which 
any calculation of joint stiffness must be developed. 
The following, therefore, establishes a mechanism for 
the initial approach of the surface and for the elastic 
recovery. The parameters affecting these properties 
are analysed and quantified and a method for their 
calculation is developed. 

K1 stiffness due to surface characteristics 

K 2 stiffnoss due: to body of material 

Ks stiffnns due to bolts 

Fig. 1 Surface, body and bolt stiffness of a bolted joint. 

MECHANISM OF THE APPROACH 
OF SURFACES 

When two surfaces are placed in contact with neglig
ible normal Mean Interface Pressure, actual contact is 
made between very few points. As the mean interface 
pressure is increased, plastic deformation of these 
points takes place. There is a mutual approach of the 
surfaces and actual contact is made at additional 
points. Plastic deformation will continue until the 
actual area of contact is sufficient to support the 
load. Therefore, any given value of mean interface 
pressure will produce an equivalent degree of plastic 
deformation. There will also be present a degree of 
elastic deflection which results from the elastic 
stresses set up in the bodies behind the contacting 
faces by the localised pressures existing at the points 
of contact. The total deflection being the sum of the 
plastic and elastic components is that which is experi
enced during the initial loading of the joint. 

If the mean interface pressure is reduced the sur
faces will move apart due to the elastic recovery. This 
recovery will, of course, be much less than the initial 

deflection because the plastic deflection will have 
resulted in a permanent 'set' in the joint. Any subse
quent reimposition of the mean interface pressure will 
result in a deflection equal to the elastic recovery of 
the joint until the previous maximum value of mean 
interface pressure is reached 1 • Any increase over this 
maximum value will result in an additional plastic 
deformation and deflection. Fig. 2 illustrates these 
effects. 

In a machine tool structure, the ratio between the 
cross-sectional area of the bolts and the contact area 
between the faces is rarely higher than 1 :8. Using 
mild steel bolts, a stress higher than 16 tons per in2 

of bolt area is difficult to achieve. Therefore, a 
Mean Interface Pressure of 2 tons per in2 is the 
highest reasonably obtainable in practice. Normally, 
actual mean interface pressures are well below this 
value. These pressures are therefore very small com
pared with the yield pressure of the material. Conse
quently, the real areas of contact and the individual 
contact spots are comparatively small. 

Under the initial loading condition, the approach 
of the surfaces depends on their bearing area proper
ties. With a knowledge of these properties, the initial 
deflection can be calculated from the point when the 
bearing area becomes large enough to support the 
load. This also depends on the yield pressure or hard
ness of the material, since this is the maximum pres
sure which an area of contact can withstand. Since 
the deformation which gives the contact spots their 
shape and area is almost entirely plastic (the elastic 
deflection in the plane of the joint is negligible), a 
knowledge of the surface topography enables a calcul
ation of this shape and area to be made. The elastic 
deflection can, therefore, be calculated if it is taken 
to be that at each contact spot and assumed to be 
caused by an area of uniformly distributed pressure 
on the surface of a semi-infinite body. 

As illustrated above, for joints occurring in 
machine tool structures, the mean interface pressures 
are very small. This results in contact spots which are 
small and comparatively remote from each other. The 
elastic deflection can, therefore, be considered as 
being that of one spot due to the pressure at that 
spot, which is assumed equal to the yield pressure of 
the material. The deflection at one spot due to the 
pressure at another may be neglected because of the 
above considerations of area and distance. The 
validity of this assumption was confirmed by a test in 
which surfaces with 1, 4, 9, 16 and 25 identical 
contact spots were compressed together. The deflec
tions of the joints so formed were plotted against 
pressure per contact point and, as can be seen from 
Figs. 3 and 4, negligible interaction was detected. 

It has been shown empirically1 (Fig. 2) that the 
unloading curve is identical, regardless of the point on 
the loading curve from which it commences. This 
validates the assumption that the unloading curve can 
be calculated from the elastic components of deflec
tion at any value of mean interface pressure. In the 
case of conventional machined surfaces, the asperities 
are, of course, not perfectly similar. Compression, 
therefore, results in contact spots of different sizes. 
The maximum elastic recovery of one contact spot 
will be at its centre and will increase in magnitude 
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according to its area. Thus, the elastic recovery of a 
conventional surface will be that of the centre point 
of its largest contact spot. The foregoing indicates 
that the parameters governing the stiffness of the 
surface region are the material properties of the 
machined surfaces and the surface finish characteris
tics. 

Material properties 
The material properties which govern joint deflection 
are the modulus of elasticity, Poisson's ratio and the 
flow or yield pressure of the material undet the 
contact conditions. The last is the only one of these 
which presents any problem, because of the variation 
of yield pressure with the angle of the contacting 
asperities. It has been shown 1 , however, that the 
Vickers Hardness test is a suitable simulation of 
asperity contact and that the value of yield pressure 
calculated from this test is sufficiently accurate for 
the calculation of the plastic component of joint 
deflection. 

Surface finish characteristics 
Surface error may be considered to fall into two 
categories: 

(a) flatness, due to errors in machining ways or, 
for example, in the profile of a slab milling cutter; 

(b) roughness due to tool geometry and errors due 
to the following random effects: 

I. the machining process throws up random 
asperities above the geometric tool shape, 

2. pieces of the surface are torn out by the tool 
thus reducing the bearing area, 

3. the built-up edge effect leaves particles of 
material on the surface. 

All of these effects are by nature so random that 
an accurate assessment of the surface properties 
becomes very difficult. It is well known that the 
accepted methods for surface assessment do not allow 
the bearing qualities of the surface to be calculated. It 
has been proposed,l however, that the bearing area 
curves and the frequency of high spots is a far more 
useful method of surface assessment. The authors 
have developed this hypothesis into a mathematical 
assessment of surface finish characteristics3 and this 
assessment is utilized below to calculate values of 
joint deflection. 
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Some experimental points have 
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Fig. 2 General Joint Characteristics (after Connolly). 
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Fig. 3 Relationship between mean interface pressure and 
elastic components of deflection for varying numbers of 
contact spots using aluminium specimens. 
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Fig. _4 Relationship between mean interface pressure and 
elasttc component of deflection for varying numbers of 
contact spots using mild steel specimens. 

ANALYSIS OF JOINT DEFLECTION 

The following will deal with joints formed from 
surfaces machined by single-point tools. The analysis 
may then readily be extended to other surfaces. 

Plastic component of deflection 
In expressions developed for the approach of sur
faces1, the assumption was made that this calculation 
of the total approach took into account the elastic 
component of deflection. It can be seen from the 
following section that this assumption is incorrect 
and the approach1 calculated is, in fact, the plastic 
component of deflection. Since the elastic compo
nent is small compared with the plastic component in 
joints of the type considered 1 , the difference in the 
experimental result is quite small. The relationships 
established1 for total deflection may, therefore, be 
directly applied to the plastic component; that is 

or if the surfaces are similar 

(2) 
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Elastic component of deflection 
Surfaces machined by single-point tools, and more 
particularly shaped surfaces, may be expressed in the 
form of parabolic cusps1•2• 3 • When two such surfaces 
are pressed together the contact spots will be of 
parallelogram shape 1 • This analysis depends on the 
assumption that the elastic deflection due to asperity 
contact can be expressed as that due to an area on a 
semi-infinite elastic body subjected to a constant 
pressure. The area in this case will be that of the 
individual contact spots and the pressure, the yield 
pressure of the material under the contact conditions. 
These assumptions are consistent with the known 
recovery shape. The parallelogram• was defined by 
the length of it diagonals 2r1 and 2r2 and the angle of 
lay orientation 20. 

Parallelogram area is related to the plastic compo
nent of deflection by the equations 

2r1 sin 20 = 1 _ ( 1 _ "11P)1t2 ( 3) 
fi. h·) 

and 

2r2 sin 20 = 1 _ {1 _ "AP_\•12 

fi. \ ~~ 
(4) 

Values of r 1 and r 2 may therefore be calculated, for a 
given value of AP, from equations 1 and 2 by substi
tution in equations 3 and 4 and the parallelogram of 
constant pressure is thus defined. 

The total deflection at a point due to a uniformly 
distributed load over an area is given by Timoshenko 
and Goodier5 as 

f = (1 ;/?) qffds dt/1 (5) 

where q = Y c in this case 
The maximum deflection will occur at the centre of 
the area. Consider, therefore, the centre point 0 of 
the parallelogram, Fig. Sa. By the theory of super
position, the deflection at this point can be calculated 
as the sum of the deflections due to the load on each 
of the four component traingles. 

Consider the triangle in Fig. Sb. 

Jds=S (6) 

S _ r 
sin 13 - sin (180 - 13 - ct>) 

:. S = r1 sin 13 
sin ({3 + ct>) 

(7) 

substituting equations (6) and (7) in (5) 

(8) 

(9) 

Integrating 

t = (1 - p?) Yc r1 sin 13 
" 2rrE 

[ 1- cos (13 + t/1) (1 +cos 13)] 
X log 1 + cos (13 + t/1) ( 1 - cos 13) 

(10) 

The total deflection ~0 can therefore be calculated by 
repeating this procedure for the remaining three 
triangles and summing the results. 

This gives the elastic recovery of one cusp. Thus, 
the total elastic recovery of the joint will be 

(11) 

In the case of cusps of different materials, the indivi
dual values of E and JJ. will have to be inserted, and 
the total elastic deflection will be 

~ = ~01 + ~02 (12) 

Fig. 6 shows how K 1 r 1 varies for various ratios of 
11 /12 and constant contact area, where 11 /12 = the 
ratio of the sides of the contact rectangle 

andK1 = sin f3.•log [1- cos (13. + t/1 1 )(1 +cos 13.) 
1 +cos (13. + t/1.) (1- cos 13.) 

+sin~ log 1- cos (132 + t/12) (1 + cos132il 
1 +cos(~ + t/12) (1 -cos 132~ 

(13) 

It can be seen that the maximum recovery for a given 
rectangular area occurs for a square and decreases as 
the length of the contact area increases. Thus, if the 
lay orientation 20 is varied and the applied force kept 
constant, cusps orientated at 90° will recover elastic
ally by a greater amount and the degree of recovery 
will reduce with the angle of lay orientation. 

A square area of con tact will result from similar 
surfaces crossed at an angle of 90° so h1 = h2 = h; 
!1 = !2 = f. In this case 13 = 45° and t/1 = 90°. 
Substituting these values in equation 10 yields 

from equation 1 

1 [1 + 1{\/2 1 + 1/~2] 
og 1 - 1 /../2 · 1 - 1 I 2 J 

f_ =vJ: 2 
Yc 

(14) 

(15) 

(16) 
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Substituting in equation 15 yields 

Since all four triangles are congruent, 

~ = 1·12 (1- JL2 hi(P.Yc)f 
E 

and Ae = 2·24 (1- JL2) ../(P.Yc)f 
E 

(17) 

(18) 

(19) 

The relationships in equations 10, 11 and 19 have 
been compared with experimental values. The con
gruency of the unloading curves indicated that the 
initial assumption that the unloading curve is the 
elastic recovery of the joint is valid. 

Total deflection 
As stated above, the relationships in equations 1 and 
2 involve the permanent plastic deflection. A value of 
the total elastic plus plastic deflection of the joint can 
therefore be obtained by adding the elastic deflection 
he, equations 10, 11 and 19, to the plastic deflection 
Ap equations 1 and 2. That is, the total deflection is 

(20) 

EXPERIMENTAL PROCEDURE 

The experimental procedure was identical to that 
followed elsewhere1• 5, the mean interface pressure 
was varied, all other parameters being kept constant, 
and the deflection measured. Tests were carried out 
on conventionally machined shaped surfaces. The 
results of these tests are shown in Figs 7a, b and c, 
and Figs 7d, e and f, respectively. 

A 

D 

c 
(a) Parallelogram Of Contact Between Two 

Crossed Cusps 

0 

D 

c 
(b) Integration Over A Triangle 

Fig. Sa Parallelogram of contact between two crossed cusps. 
b Integration over a triangle of contact. 
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Fig. 7a Relationship between Ae and f for a variation in 
values of P for idealised surfaces. 
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Fig. 7c Comparison of theoretical and experimental values 
of plastic deflection for a variation in lay orientation for 
idealised surfaces. 
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Fig_ 7f Comparison between experimental and theoretical 
values of elastic deflection for a variation in lay orientation 
for conventionally shaped surfaces. 

DISCUSSION OF RESULTS 

The close proximity of the experimental results to 
those predicted theoretically indicates the validity of 
the theory. In all cases the experimental elastic 
deflection is greater than that predicted, this tendency 
being exaggerated with the conventionally shaped 
surfaces_ The incidence. of increased deflection in the 
tests with idealised surfaces is probably due to the 
effect of superposition of deflection at one contact 
spot from the lo~d at another. This effect was neg
lected in the theoretical prediction. 

The greater error consistently associated with the 
conventionally machined surfaces must be due to the 
inability to measure the surface topography 
accurately. This impediment is unlikely to be over
come in the foreseeable future. It follows from the 
theory of elastic deflection that the smaller the real 
contact spots, the smaller will be the elastic compo-

nents. It also follows that in general, the larger the 
number of real contact spots, the smaller will be their 
area. 

The best possible scraped surfaces have 25 contact 
spots per square inch whereas a theoretical 81 contact 
spots per square inch exist on a joint formed from 
surfaces shaped with an 0·109 in feed. Although the 
real number will be well below 81, it must equally be 
much higher than 25. A joint with a surface shaped in 
this way should therefore be considerably stiffer than 
a scraped joint. This was verified experimentally and 
the results are shown in Fig. 8. This confirms the con
clusion drawn to this effect1 • 

' c: --c: 
.s 
a.. 

(a) 

Idealised shaped 
surfaces f= -109 in 

Mild Steel Specimens 
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h = -0028 in 
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(b) 

Scraped surfaces 
25 spots 1 in2 
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Yc= 96 ton t/in 2 
h = -00175 in 

(1-~2): -9 
hc=·00045 in 
fc=·03in 

Elastic deflection, ~ in 

750 

Fig. 8 Comparison between elastic recovery of scraped and 
shaped surfaces. 

CONCLUSIONS 

1. The analysis and the assumptions made above 
for calculating the elastic component of joint deflec
tion are valid. 

2 _ The analysis for total initial deflection 1 is 
incorrect, but correct for the plastic component only. 

3. The elastic component of deflection increases 
with the ratio of material properties (1 - JJ.2 ) (Yc )/E, 
the square root of the mean interface pressure and 
the frequency of contact spots. 

4. The stiffest joint under elastic conditions is 
formed from a material of low (1 - JJ.2 ) (Yc )/E ratio 
and machined to incorporate asperities of regular geo
metry with an amplitude sufficiently large to elimi
nate any surface flatness errors and with the maxi
mum possible number of contact spots. This confirms 
conclusions (5)1 • 

5. A joint manufactured to the conditions of 4. 
above may be considerably stiffer elastically than the 
best possible scraped surface. 
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DISCUSSION 

Query from C Andrew, University of Bristol 

The authors state that the unloading curves from any 
initial clamping pressure are congruent. This is 
contrary to my own findings, and contrary to what I 
would expect, since the greater the plastic flow at any 
asperity, the higher would be the effective un
deformed radii of curvature of the squashed asperities 
and hence the higher their subsequent elastic stiff
ness. Perhaps the different results arise from the 
difficulty in measuring the gradient in the authors' 
experimental presentation. My own measurements 
were taken by the comparison of small alternating 
loads and displacements, a more accurate method. 

Reply 

We have found that the unloading curves are con
gruent over a very wide range of tests, from the 
contact spots of asperities %in. high and with a ~ in. 
base through idealised surfaces to conventionally
machined surfaces of all types. Contrary to Professor 
Andrew's assertion that congruency is unconnected, 
the theory advanced in the paper, which shows 
excellent correlation with experimental results, 
indicates an expectation of congruency. 

The elastic recovery of a surface does not res\}lt 
from elastic deflection of the asperities, which is com
pletely negligible, but from the body of the material 
behind the asperities. Thus, consideration of their 
radius of curvature, in all cases a crude assessment, is, 
in the case of elastic recovery, irrelevant. 

Elastic theory states that the recovery of a contact 
spot will be the greatest at its centre. Subsequent 
loading will take up this recovery and reform a 
contact spot of finite area, which on further unload-

ing will allow a corresponding degree of elastic 
recovery. From this, the unloading curves will be con
gruent. With respect to the method of measurement, 
although Professor Andrew's method permits a form 
of statistical accuracy which our individual tests do 
not, we feel that the same end is achieved by the large 
number of tests carried out. 

It is difficult to imagine a more accurate measuring 
system than that used by us, consisting as it did in the 
application of direct weights with deflective measure
ment accurate to 10-6 in. 

Query from R. Noppen 

You have mentioned the importance of stress distri
bution on the stiffness of the bolted joint. 

A paper from Aachen University has recently been 
published in the Industrie-Anzeiger. This paper 
describes a method of determining the stress distri
bution around the bolt by placing a pressure-sensitive 
paper between the two surfaces. The results obtained 
from this method have been generalised and empirical 
formulae developed. 

It has been found that there is good correlation 
between the stresses predicted by these formulae and 
the experimental results. Would you, from your 
experience, say that this approach, which is in fact 
very easy to use, could prove successful in a wide 
range of joints used in machine tool structures? 

Reply 

Empirical procedures, particularly in this field, have 
one great advantage, their simplicity, and one great 
disadvantage, the difficulty of applying them 
universally. I have no doubt that a pressure distri
bution obtained in the way you suggest would lead to 
an accurate prediction of the stiffness characteristics 
of that particular joint. The doubt remains that for 
each joint configuration or design a separate empirical 
list of pressure distribution would have to be made. 
Even if this were the case, it would still make a great 
simplifying contribution to the study. 

Query from N. K. Tewari I. I. T., Delhi, India (at 
present at Nottingham University. 

Referring to Fig. 3, what methods were used to deter
mine the number of contact spots. 

Reply 

The number of contact spots was not so much deter
mined as designed. Calculation of the number of 
contact spots, and indeed the real contact area, is 
always very difficult. Therefore, the surfaces used in 
this series of tests were specially machined, to give 
pairs of surfaces with 1, 2, 3, 4 and 5 very 
pronounced prismatic asperities. Thus, when these 
surfaces were orientated at 90°, 1, 4, 9, 16 and 25 
contact spots respectively were ensured. 
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SUMMARY 

The optimum interface pressure on a bolted joint has been investigated experimentally in order to obtain basic 
information concerning machine tool design and manufacture. The bolted cantilever, which is the model for a 
bolted joint between a column and a base on a planer, was used to calrify the relationship between the interface 
pressure and the logarithmic damping decrement on the bolted joint in the different connecting conditions, such 
as varying diameters of the connecting bolts, distances between both the connecting bolts, thickness of beams and 
bases and so on. 

The bending shock loads were applied to the bolted cantilever to give free damping vibrations in all experi
ments. 

It is clear from the experimental results that the optimum value of the mean interface pressure can be found 
on the bolted joint where the logarithmic damping decrement is maximum, and furthermore, this optimum value 
is closely related to the ratio between the thickness of beam and base. The logarithmic damping decrement is also 
influenced by the connecting conditions of the bolted joint as much as by the optimum mean interface pressure. 
The distance between the connecting bolts and the conditions of the joint surfaces have further effects on the 
damping capacity. For example, when the distance between the connecting bolts is changed only at the bolted 
joint, the logarithmic damping decrement indicates the maximum value at a certain distance where the overlap of 
Rotscher's pressure cones is about half volume. 

The experimental results suggest that the damping capacity on the bolted joint is caused chiefly by the very 
small slip displacement between the joint surfaces; therefore, this small slip displacement was also considered in 
this report. 

INTRODUCTION 

The significance of the bolted joint is widely recog
nized among machine tool designers and manufac
turers, because the overall static and dynamic 
behaviour of a machine tool is largely influenced by 
the bolted joints. The static and dynamic behaviour 
of the bolted joint, especially the dynamic behaviour, 
has not yet been fully clarified and we can find few 
studies 1 on this problem. 

It is necessary to obtain information on the 
dynamic behaviour of the bolted joint when a 
machine tool is designed and manufactured. The 
dynamic behaviour of the bolted joint is generally 
expressed by using the following four characteristics: 
a dynamic stiffness; a damping capacity; a frequency 
response or a transfer function, and an isolation capa
city of vibration on the bolted joint. Of these charac
teristics, the damping capacity on the bolted joint 

is especially important in clarifying the dynamic be
haviour of a machine tool; therefore, experiments 
were carried out with simple bolted cantilevers having 
two connecting bolts and simulating the bolted joint 
between a column and a base on a planer. 

In all experiments, the overall damping capacity 
and the natural frequency of the bolted cantilever 
were measured by using a damped free bending vibra
tion during the decay process, and the measured 
values were also compared with the damping capacity 
of the equivalent solid cantilever. To express the 
damping capacity, the mean logarithmic damping 
decrement in five cycles was used, and by investigat
ing the correlation between the logarithmic damping 
decrement and the mean interface pressure on the 
bolted joint, the optimum interface pressure for 
maximum damping capacity can be studied. 

*Department of Mechanical Engineering for Production, Tokyo Institute of Technology, Tokyo, Japan 
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This problem is of practical significance as it can 
explain why the bolted joint has large effects on the 
damping capacity. Therefore, by considering the 
experimental results, the causes of damping on the 
bolted joint have been investigated, and some inter
esting new behaviour of the small slip displacement 
between the joint surfaces, which can be assumed to 
be the principal cause of the large damping capacity 
on the bolted joint, found. 
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y (x, t) 
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NOTATION 

Width of the beam 
Diameter of the connecting bolt 
Diameter of the bolt-hole 
Friction loss energy 
Natural frequency of the bolted cantilever 

_Wn 
- 21T 
Thickness of the base 
Thickness of the beam 
Foundation modulus of the base 
Contact length of the bolted joint 
Initial interface pressure by the preload of 
bolt 
Mean interface pressure by the preload of 
bolt 
Optimum mean interface pressure 
Distance between the both connecting bolts 
Relative displacement between the joint 
surfaces 
Vibration amplitude 
Vibration mode of the beam 
Coefficient determined by the joint surface 
conditions 
Mean logarithmic damping decrement during 
five cycles 

Friction coefficient 

EXPERIMENTS 

The experimental set-up for the measurement of the 
logarithmic damping decrement and the natural 
frequency of the bolted cantilever is shown in Fig. 1, 
in which the examined t?olted joint was considered to 
be the joint between the beam 3 and the base 2. This 
experimental set-up has already been used in a 
previous study2 which investigated the static bending 
stiffness of the bolted joint. But in order to measure 
precisely the logarithmic damping decrement some 
rebuilding was performed. The logarithmic damping 
decrement on the bolted joint may be largely 
influenced by the conditions of the joint surfaces; 
therefore, it is necessary to maintain the joint sur
faces in constant conditions in all experiments. 
Furthermore, it is necessary that the joint surfaces 
must be cleaned with trichlorethylene to remove all 
dirt, oil and grease. Therefore the bases were grooved 
on the underside and the bolt-holes were drilled 
throughout, as shown in Fig. 1. 

We must consider here another problem namely 
that the measured logarithmic damping decrement 
includes unknown damping capacities caused by the 
experimental set-up. It is impossible to eliminate 

completely these unknown damping capacities during 
their experimental measurement, and it is also very 
difficult to separate theoretically the damping capa
city of the bolted joint only from the overall damping 
capacity. Therefore, to measure a reliable logarithmic 
damping decrement on the bolted joint, the vibration 
amplitude of the base was measured, together with 
the vibration amplitude of the beam at the loaded 
point, and by comparing both these values the real 
logarithmic damping decrement on the bolted joint 
was determined. Whence, as shown·in Fig. 1, both dis
placement detectors were mounted on the support 
beam 7 which was connected firmly to the surface 
plate 1. 

All experiments were carried out with the various 
dimensioned simple bolted cantilevers with two 
connecting bolts and the various conditions of the 
joint surfaces, shown together in Fig. 1. The vibration 
amplitudes of the bolted cantilever and the base were 
measured simultaneously by using the damped free 
vibration, after the pre-load of the connecting bolts 4 
were controlled and changed by measuring the strain 
at the stem of connecting bolts with the strain gauges. 

To eliminate the additional influences of the mass 
and the damping capacity which exist in an exciter 
and a displacement detector, the vibration amplitudes 
were measured by means of the variable-capacitance 
pickups 6, which are non-contact detectors. There
fore, before the measurement of the vibration ampli
tupes, correlations between the change of capacitance 
and the displacement were examined and recorded on 
the oscillograph 10. In this case, the displacements 
were calibrated with the microcator. 

The normal bending shock loads were applied to 
the opposite position of the pickup for the vibration 
of beam, instead of the usual exciter. To eliminate the 
influences of the shock loads, the vibration ampli
tudes were measured after the initial transient had 
reduced. 

The relationships between the logarithmic damp
ing decrement and the mean interface pressure were 
investigated from the damped free vibration. The 
total vibration amplitude was 100 pm except when 
the effects of the vibration amplitude on the 
logarithmic damping decrement were examined. The 
latter were calculated as the mean value during the 
five cycles of vibration; the mean interface pressures 
were calculated by using Rotscher's pressure cone, 
assuming that the interface pressure is uniformly 
distributed over Rotscher's pressure cone. 

As already mentioned, the surface conditions may 
affect the damping capacity of the bolted joint; there
fore, in all experiments the joint surfaces were 
degreased with the trichlorethylene in order to ensure 
a clean metal contact. 

One of the measured results for the logarithmic 
damping decrements of the bolted cantilever is shown 
in Fig. 2, which shows that the overall logarithmic 
damping decrements of the bolted cantilever, Ototal , 
are closely related to the mean interface pressure; but 
the logarithmic damping decrements, Dbase , between 
the base and the surface plate are almost constant. 
The values of Dbase can be seen to be about 0·08, 
although there is a slight scatter of the measured 
values. Compared with the experimental results, 
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Fig. 1 Experimental set-up 

which measured the overall logarithmic damping 
decrement of the equivalent solid cantilever Dsolid , 

the values of Dbase are equal to those of Dsolid . 
It is known that the difference between the values 

Dtotal and Dbase is the real damping capacity of the 
bolted joint, as the equivalent solid cantilever has no 
bolted joint between the beam 3 and the base 2. 

In the following data, the real damping capacities 
are given by removing the measured values of 8 base 

from the overall logarithmic damping decrement 
Dtotal · 

In Fig. 2, the relationships between the mean 
interface pressure and the natural frequency are 
shown. The mean interface pressure influences chiefly 
the overall logarithmic damping decrement, but it has 
only a slight effect on the natural frequency of the 
bolted cantilever. 

In the measurements of the damping capacities, 
the accuracy of measurement and the reproducibility 
of the measured value are very important, especially 
when the damping capacity is caused by friction 
between the matching surfaces, such as at the bolted 
joint: As shown in Fig. 2, the reproducibility of the 
measured values is less than 1 5%. This value of repro
ducibility can be maintained in all experiments. 

To simplify the further experiments, the effects of 
the direction of the shock load were investigated by 
using the same experimental set-up. Although the 
experimental results are not shown here, the differ
ences between the measured logarithmic damping 
decrement on the bolted joints subjected to the up
ward shock load and the downward shock load were 
found to be 10 to I 5%; however, the optimum mean 
interface pressure explained already is in good agree
ment in both cases. If reproducibility of 15%, is 
taken into account, then the effects of the direction 
of the shock loads may be negligible. In all experi
ments, therefore, downward shock loads were applied 
to the bolted cantilever. 

In order to apply the experimental results to a 
machine tool design, it is of interest to know what are 
the influences on the damping capacity of a bolted 
joint having a threaded hole. Therefore an experiment 
was carried out with the bolted cantilever having 
threaded holes on the bolted joint instead of the 
through bolt holes. 

According to the experimental results, the differ
ences in the logarithmic damping decrement and the 
optimum mean interface pressure between the above 
mentioned types of bolted joints cannot be found. 
However, in the case of the bolted joint with the 
threaded holes, the measured values were subject to 
scatter compared with the bolted joint with through 
bolt-holes, and in this case it was difficult to deter
mine the optimum mean interface pressure from the 
measured relationships between the logarithmic 
damping decrement and the mean interface pressure. 
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Fig. 2 One of measured results of logarithmic damping de
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SOME MEASURED RESULTS OF THE 
LOGARITHMIC DAMPING DECREMENT ON 

THE BOLTED JOINT 

Experiments were also carried out to investigate the 
effects of the thicknesses of beam and base; the dis
tance between the connecting bolts and the diameter 
of the connecting bolts on the logarithmic damping 
decrement of the bolted joint. These effects are 
shown in Fig. 3. In these figures, however, to simplify 
the presentation of data, the experimental results are 
shown by using the mean values of the measured 
damping capacities. 

It is clear from experimental results that the 
logarithmic damping decrement is closely related to 
the mean interface pressure and at a certain mean 
interface pressure the logarithmic damping decrement 
has a maximum value. This behaviour of the 
logarithmic damping decrement is found in all experi
mental results, but as shown in the figures, the rela
tionships between the logarithmic damping 
decrement and the mean interface pressure on the 
bolted joint depend on the connecting conditions. 

The optimum mean interface pressure at which the 
logarithmic damping decrement is maximum, is also 
largely influenced by the connecting conditions. 

The effects of the thickness of beam are shown in 
Fig. 3a, which shows that the logarithmic damping 
decrement increases and the existence of an optimum 
mean interface pressure becomes evident with the 
increased thickness of beam. However, for the thin 
beam, such ash = 12 mm, the mean interface pressure 
has little effect on the logarithmic damping decre
ment, and there is no particular behaviour visible in 
the logarithmic damping decrement. The optimum 
mean interface pressure indicates further very 
different values between the beam with h = 40 mm 
and that with h = 24 mm. 

Fig. 3b shows that the thickness of base also 
largely affects the damping capacity, and the logarith
mic damping decrement is changed widely from 0·08 
to 0·2. The optimum mean interface pressure is also 
changed with the various thicknesses of base, but the 
thickness of base indicates very complicated effects 
on the damping capacity, as shown in the figure. The 
reasons why the thickness of base has these effects on 
the damping capacity can be explained as follows. 

The effects of the base can be classified into two 
cases as shown by curves A and B in the Figure. For 
the curve A, in which the base is thick, the logarith
mic damping decrement is closely related to the 
thickness of base and the differences in the logarith
mic damping decrements between each bolted joint 
are large; however, for curve B, in which the base is 
thin, the logarithmic damping decrement indicates 
roughly the opposite behaviour to the bolted joint 
with the thick base. 

These results are also shown in Fig. 6 in which the 
logarithmic damping decrement and the natural 
frequency indicate an almost constant value for the 
bolted joint with the thin base; however, both these 
values are changed by the thickness of the base when 
the base is thick. 

Generally, the bolted joint can be regarded as the 
three coupling vibration systems which include the 

vibration system of bolt, of beam and of base; there
fore, the behaviour of the logarithmic damping decre
ment already mentioned can be considered to be 
caused by the mass effects of the base. From the 
results it can be seen that the thickness of base and 
beam are very important characteristics of the damp
ing capacity, and the diameter of the connecting bolts 
and the distance between both connecting bolts are 
also very important. 

In Figs. 3c and d the experimental results on the 
effects of the distances between both connecting. 
bolts and the diameter of the connecting bolts are 
shown. 

It is clear from Fig. 3c that the distance between 
the connecting bolts has an effect on the logarithmic 
damping decrement, but has no effects on the opti
mum mean interface pressure. The logarithmic damp
ing decrement indicates a high value for the bolted 
joint, with sa = 60 mm as compared with the bolted 
joint with sa = 30 mm and sa = 90 mm. By using 
Rotscher's pressure cone, these results can be handled 
as the problem of correlation between the logarithmic 
damping decrement and the overlap of pressure 
cones. 

The bolted joint having sa = 60 mm corresponds 
to the condition in which the overlap of pressure 
cones is about half volume. These results are also 
found on the bolted joint withd = MI8, though there 
is a slight difference in behaviour between both the 
bolted joints. For the bolted joint with d = M8, how
ever, the effect of the distance between both connect
ing bolts cannot be seen clearly, because the actual 
interface pressure distributions is not expressed exactly 
by Rotscher's pressure cone3 but is distributed steeply 
near the bolt-hole in this case. 

Furthermore, if the diameter of the connecting 
bolt is small the pre-load of the connecting bolt can 
be considered to be a concentric load, and then the 
localized deflection of the beam occurs easily. There
fore, the overlap of pressure cones is clearly a very 
important problem for the bolted joint. 

In Fig. 3d, the effects of the diameter of the con
necting bolt on the damping capacity are shown in 
the same overlap conditions of the pressure cones 
details of which are shown in this figure. The value 
of Rkx which indicates the overlap condition of the 
pressure cones, is nearly 0·5 in this experiment. 

From the data presented here it is clear that the 
diameter of the connecting bolt also has significant 
effects on the logarithmic damping decrement and 
the optimum mean interface pressure, which are both 
increased with the increased diameter of connecting 
bolts; however, the natural frequency of the bolted 
cantilever is not so affected. These results also con
firm that the damping capacity is strongly related to 
the interface pressure distribution on the bolted joint. 

It has been mentioned by several authors4 that the 
damping capacity on the bolted joint is caused by the 
friction between the joint surfaces, and therefore 
they concluded that the surface topography has large 
effects. To confirm the effects of the surface 
conditions such as surface roughness, machining 
method and machined lay orientation of surfaces, 
experiments were carried out with the bolted canti
lever. These indicate maximum damping capacity 
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according to the previous experimental results. 
Typical results are shown in Fig. 4. In the experi
ments, the surface conditions on the actual ):>olted 
joint were considered, that is scraped surfaces and the 
ground surfaces made of cast iron were examined •. 

From these results, it is seen that the optimum 
mean interface pressure and the logarithmic damping 
decrement are slightly changed by the machining 
method and the machined lay orientation of joint 
surfaces. 

However the surface conditions, for example the 
machined lay orientation of joint surfaces made of 
mild steel, have significant effects on the damping 
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capacity, as shown in Fig. 5. If the difference in 
Young's modulus between the cast iron and the mild 
steel is considered, the bending rigidity of the beam 
made of cast iron corresponds to a steel beam having 
the equivalent thickness h ~ 20 mm. Therefore, one 
would not expect a large difference between bolted 
joints having h ~ 24 mm. However we found differ
ences in the damping capacity between these bolted 
joints as shown in Fig. 5. It is known that the thick
ness of the beam and the material of joint surfaces 
have marked effects, in addition to the effects of the 
surface topography. 
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Fig. 3 Effects of the connecting conditions on the logar
ithmic damping decrement of the bolted joint. d=Ml2, 
Joint surfaces: Ground, Hmax=2.0~£m. Materials of the beam 
and base: SS41B (Mild steel) 
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BEHAVIOUR OF THE MAXIMUM LOGARITHMIC 
DAMPING DECREMENT AND THE OPTIMUM 

MEAN INTERFACE PRESSURE 

In Fig. 6, the behaviour of the maximum logarithmic 
damping decrement and the optimum mean interface 
pressure are shown by considering the ratio between 
the thickness of base and beam, as the relationships 
between the maximum logarithmic damping decre
ment and the value of h/H are very important for the 
design of the machine tool structure. 

When the value of h/H is less than 0·6, the maxi
mum logarithmic damping decrement is changed 
largely by the increased value of h/H, but when the 
value is more than 0·6, the maximum logarithmic 
damping decrement is not so changed. It is interesting 
to note that there is a steep decrease in the maximum 
logarithmic damping decrement at the boundary 
between both the ranges notwithstanding the 
different values of the mean interface pressure. This 
singular behaviour of the maximum logarithmic 
damping decrement was also found in the experi
mental results for the bolted joint with h = 24 mm. 

It is shown also in Fig. 6b that the natural 
frequency of the bolted cantilever indicates quite 
similar behaviour to the logarithmic damping decre
ment for the value of h/H. The value of h/H at which 
the natural frequency of the bolted cantilever is 
beginning to fall, corresponds exactly to the value of 
h/H at which the logarithmic damping decrement 
indicates a steep decrease. 

In these conditions, the reasons why this singular 
behaviour appears on the damping capacity of the 
bolted joint, cannot be explained; however, we 
presume that the effects of the normal dynamic 
contact stiffness between the joint surfaces and the 
mass of base are changed by the value of h/H as men
tioned before. Further investigation into these 
problems is necessary. 

In Fig. 6a, the relationships between the optimum 
mean interface pressure and the value of h/H are 
shown. It is known from these results that the opti
mum mean interface pressure is changed by the value 
of h/H and indicates the peak value where the value 
of h/H is about 0·5. This value of h/H is the same for 
the bolted cantilever with h = 40 mm and h = 24 mm. 

To clarify the more detailed behaviour of the 
damping capacity on the bolted joint, the effects of 
the vibration amplitude on the damping capacity 
were investigated further. By increasing the vibration 
amplitude, the logarithmic damping decrement is 
increased and gradually reaches a certain constant 
value, but the optimum mean interface pressure is not 
so changed, as is shown in Fig. 7. If the beam is thin, 
however, the logarithmic damping decrement is 
related linearly to the vibration amplitude. 

CONSIDERATIONS OF THE 
CAUSE OF DAMPING CAPACITY 

ON THE BOLTED JOINT 

According to the experimental results already men
tioned, the damping on the bolted joint may be 
considered to be a friction damping between the joint 
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Fig. 6 Effects of the ratio h/H on the logarithmic damping 
decrement and the optimum mean interface pressure. d=Ml2, 
5a=60mm, Joint surfaces: Ground, Hmax=2.0!lm, Materials 
of the beam and base: SS41B 

Fig. 7 Relationships between the vibration amplitude and 
the logarithmic damping decrement of the bolted joint. 
Joint surfaces: Ground, Hmax=2.0!lm. Materials of the beam 
and base: SS41B 

surfaces, because the logarithmic damping decrement 
is related to the vibration amplitude. Therefore, the 
friction loss energy is determined by a friction force 
and a relative slip motion. 

On the bolted joint, the friction force is given by 
the pre-load of the connecting bolts, but the cause of 
the relative slip parallel to the joint surfaces is not so 
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clear. However, we can give reasonable explanations 
for most of the experimental results assuming the 
following mechanism for the slip displacement on the 
bolted joint. 

As shown in Fig. 8, in vibrating conditions the 
initial contact points A on the base and B on the 
beam move into the points A' and B'; therefore, the 
relative displacement occurs between the joint sur
faces. The results of another study5 show that this 
type of relative displacement is the sum of an elastic 
displacement and a relative slip. The relative slip has 
significant effects on the energy loss caused by fric
tion. 

By expressing the relative slip between joint 
surfaces as !).u ~ aA 'B', and by assuming that the 
vibration mode of the beam is given by y (x, t), the slip 
velocity is written 

a!).u = cxh ~ ( ay (x, t) ) at . 2 dt ax 
where a is the coefficient determined by the condi
tions of the joint surfaces and h is the thickness of 
beam. 

The expression for the friction loss energy during 
one cycle is thus written as 

rr 

Etoss =2 J:w J~ JJ. {Pi+ ky (x, t) } 

Bah _E. (ay (x, t) ) dxdt 
dt ax 

where P; is the initial interface pressure and ky (x, t) 
is the reaction pressure from the base. 

Mean interface press~.re Rn 

Fig. 8. 

From the above expression, the damping capacity 
on the bolted joint can be related qualitatively to the 
mean interface pressure, as shown together in Fig. 8, 
because the friction force is beginning to increase 
from zero and the micro slip is decreasing almost to 
zero with the increased mean interface pressure. 

By using the recorded curve of the damped free 
vibration, it is also confirmed that the relative slip is 
the main cause of the damping on the bolted joint. 
Careful investigation of the recorded curve shows that 
the damped free vibration consists of several parts, 
namely the violently changed vibration amplitude and 
the constant vibration amplitude during few cycles, 
and more-over that the overall curve of the damped 
free vibration can be regarded as the series connexion 
of the several damped free vibrations with the expo
nential curve. This particular behaviour of the 
damped free vibration was found in all experiments, 
notwithstanding the different connecting conditions 
of the bolted joints. 

The results also suggest that the relative slip 
between joint surfaces is dervied from some sort of 
infinitesimal stick-slip motion having a displacement 
within 0·1 JJ.m; therefore, in the stick conditions, the 
vibration amplitude remains constant and in the slip 
conditions it falls steeply. The existance of this 
infinitesimal stick-slip on the bolted joint has already 
been pointed out by the experiments on the hori
zontal bending stiffness of bolted joint6 , but these 
are not sufficient. The mechanism of the damping 
capacity of bolted joints necessitates further 
investigation 

CONCLUSIONS 

The behaviour of the damping capacity on bolted 
joints has been investigated experimentally here, in 
order to fmd out the optimum mean interface pres
sure on the bolted joint while considering the damp
ing capacity. 

The experimental results show that the logarithmic 
damping decrement is closely related to the mean 
interface pressure, and has a maximum value at a 
certain value of the mean interface pressure. This 
logarithmic damping decrement generally increases 
with an increased thickness of beam and the diameter 
of the connecting bolt, and furthermore is influenced. 
by the surface topography of joint surfaces. However, 
the topography of joint surfaces has a little effect 
compared with the connecting conditions of the 
bolted joint which have been mentioned. 

The experimental results also show that the 
logarithmic damping decrement indicates a maximum 
value for the special value of h/H and a special dis
tance between both connecting bolts where the over
lap of Rotscher's pressure cones is about half volume. 

The optimum mean interface pressure at which the 
logarithmic damping decrement has its maximum 
value, is also changed by the connecting· and the 
surface conditions of the bolted joint. 

The behaviour of the damping capacities on the 
bolted joint are very complicated as mentioned 
already, but the natural frequency of the bolted 
cantilever is related only to the thickness of beam. 
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In order to explain the behaviour presented here 
more exactly, the causes of the damping on the bolted 
joint have been further investigated by considering 
the experimental results, according to which, it can 
be considered that the damping capacity on the 
bolted joint is given by the friction loss between the 
joint surfaces. The relative slip, which is a principal 
factor in determining the friction loss energy, can be 
derived from the bending deflection of the beam on 
the bolted joint and interesting behaviours on this 
point can be found. 

To clarify the detailed causes of the damping on 
the bolted joint necessitates further studies on the 
relative slip between joint surfaces. We are now 
investigating this problem and will present the results 
in the near future. 
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DISCUSSION 

Query from C. Andrew, Bristol University 

The cyclic loss of energy due to micro-shear between 
the two surfaces of a joint is a wear process and gives 
rise to fretting. Such wear results in a change in the 
interfacial contact conditions so that, after a long 
period of vibration, no further wear takes place and 
the damping stops unless the joint is unbolted and 
remade. Have the authors investigated such long-term 
variations in damping'! 

Reply 

As indicated in our reply to Dr. R. E. Schofield in 
another study 7 , the micro-slip can be found on the 
bolted joint in which the applied tangential load is 
less than the friction force defined in the field of 
wear. Although there is some difference between the 
fretting and the cyclic loss of energy due to micro-slip 
between joint surfaces, we agree with a part of your 
opinion. 

For the latter point of your question, however, we 
would say that the damping may not be stopped. It 
only decreases and may be held at a certain value 
after being subjected to a long period of vibration, 

because we presume that our investigated micro-slip 
does not disappear in that case. 

This problem is at present being investigated and it 
is hoped that the results will be published in the near 
future. 
7. Masuko, M. et al. Presented at this Conf. 

Query from R E. Schofield 

Again this is a very interesting and important paper in 
the field. However, I can envisage no physical reason 
for an optimum energy loss other than a change of 
mechanism. That is to say, for example in Fig. 2, slip 
is occurring up to the optimum mean interface 
pressure, and energy loss increases with increased 
frictional force. After the optimum, the mechanism 
of plastic deformation applies and energy loss 
reduced with increase in contact area. It is note
worthy that this optimum occurs at 0.2 kg/mm2 , 

whereas pfl in a practical case could be as much as 
3 kg/mm , i.e. 15 times the optimum pressure, 
certainly indicating that slip is likely below the 
optimum. 

This explanation is born out by Fig. 3a where no 
optimum occurs for the thinner beams. This is 
because the thinner beam could allow for a greater 
concentration of pressure under the bolts than the 
thicker beams. Fig. 5 also shows similar effects. 

Reply 

As we have already indicated in our reply to C. 
Andrew, the term micro-slip is used to indicate the 
small tangential movement which occurs before the 
onset of sliding. In practice, micro-slip is applicable to 
connections where the limiting friction force is 
greater than the applied tangential force. Further
more, in Fig. 9 the measured results of l) for h = 24 
mm is shown and it is easy to find the optimum mean 
interface pressure. We think that your suggestion for 
the mechanism of the optimum energy loss is 
reasonable, but it is possible to explain the 
mechanism of an optimum energy loss by using the 
micro-slip mentioned above. For example, in Fig. 2 
the micro-slip is occurring up to the optimum mean 
interface pressure and after this optimum pressure a 
sort of micro-slip may be seen on the bolted joint. 

According to our investigation and calculation 
using Rotscher's pressure cone, the actual bolted joint 
found on a planer or a plano-miller has also such a 
high mean interface pressure as shown in Table 1. 

It seems as if the optimum mean interface pressure 
examined here is lower compared with the actual 
bolted joint, but as shown in Fig. 10 the static 
bending stiffness kb is almost constant at this 
optimum. We think, therefore, that the value of Pm 
on the ordinary bolted joint may be higher than 
necessary. 

When bolted joints are used in a machine tool it is 
necessary to determine an optimum mean interface 
pressure, by taking into consideration all the different 
factors, such as the static and dynamic bending and 
torsional stiffness and frequency response. It is our 
final objective to solve this problem. 



Table I 

Example of machine 

Double column 
plano-miller 
(Kollmann GmbH) 

Double column 
planer 
(Billeter GmbH) 

Double column 
planer 
(Kinoshita Co. Ltd.) 

Y. ITO AND DR. PROF. M. MASUKO 

Mean initial interface pressure Pi kg/mm2 

J.I.S. SS41B 

0.58 

0.30 

0.46 

Materials of connecting· bolt 

J.I.S. S45C 
(Temper) 

1.25 

0.65 

1.04 

The pre-stress of connecting bolt is equal to 
(0.4- 0.6) a8 , where a8 is the tensile strength 

of the material. 
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2.24 

1.17 

1.81 



SOME ASPECTS OF WEAR ON DISC CLUTCHES 
USED IN MACHINE TOOLS 

by 

H. LEVY, E. LENZ and K. LOEWY* 

SUMMARY 

The aim of this work was the prediction of disc service life in electromagnetic clutches of the types frequently 
used in machine tools. Wear in these discs occurs as a result of a high engagement rates over short time intervals. 

The experimental series included measurements of temperature (by means of an infra red optical pyrometer), 
hardness, and surface fmish, and yielded a nomogram permitting prediction of the time required for the critical 
temperature-hardness level to be reached. 

A metallurgical and theoretical analysis is given. 

INTRODUCTION 

The problem we considered was the prediction of the 
disc service life in electromagnetic clutches of the 
types frequently used in machine tools. Wear in these 
discs occurs as a result of a high engagement rate 
over short time intervals. Where the rate is exception
ally high, most manufacturers recommend a clutch 
with a higher torque capacity, that is, reduced 
specific pressure. 

In this study (a sequel to an earlier paper, see ref. 
9), an assortment of discs of different origins was 
examined. The wear mechanism was analysed, with 
particular reference to mechanical parameters varying 
under pre-critical conditions. The relationships 
between parameters of this type are expected to yield 
an exact quantitative picture of the wear, permitting 
prediction of the service life. 

LITERATURE SURVEY 

The survey covered three categories of publications 
dealing, respectively, with the metallurgical and 
mechanical aspects and with the clutches proper. No 
comprehensive material is available. 

Rabinowicz 1 and Archard2 presented hypotheses 
relating surface energy and hardness (see Fig. Ia and 
lb) as well as surface energy and temperature. Even 
though theoretical, the relationship is fairly realistic, 
with due allowance for various factors appearing in 
the form of coefficients. Archard derived an expres-

sion relating the flash point (the instantaneous maxi
mum temperature) to the important parameters. This 
takes the form 

where: Om, flash point tF or °C);[, coefficient of 
friction; w, load on junction (lbs or dynes); v, sliding 
velocity (in. s·1 or em s·1 ); J, mechanical equivalent 
of heat; a, junction radius (in. or em); and K 1, K2, 
thermal conductivities of materials in contact. 
Khrushchev8 proposed, for the first time, a relation
ship between a wear factor e and the hardness of the 
sliding metals (see Fig. 2) as 

where e is relative wear resistance. 
This relates the linear wear of the test specimen 

t::.lm for a definite distance moved by it and the linear 
wear of the standard material !:r./8 for the same dis
tance. 

As regards disc clutches and brakes, Rosenberg5 

presented theoretical conclusions (including the 
service-life aspect) on the basis of tests at a given 
engagement rate. Schach6 also proposed various 
torque-pressure relationships, and Zhitnitskii7 , dealt 
with the radial pressure distribution over the wear 
surfaces (see Fig. 3). 

*Department of Mechanical Engineering, Technion-Israel Institute of Technology, Haifa, Israel 
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Fig. la: Plot of surface energy at the melting point against 
hardness at room temperature, for some metals and non 
metals (according to Rabinowicz). 
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Fig. 2: e·H graph for heat treated steels (according to 
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Fig. 3 Pressure distribution on a disc (according to Zhitnitskii). 

EXPERIMENTAL SET-UP 

All disc specimens tested (taken from five-pair 
clutches of the same torque capacity-10 kp. m) (see 
Fig. 4), were made of low-carbon steel, slightly 
surface-hardened (300 HV, final hardness 500-600 
HV.) 

Previous work 1- 3 has indicated the relationship 
between wear rate and hardness, and surface energy 
and hardness. Consequently, it is to be expected that 
wear will be related to temperature. Indeed this has 
been found by Male 3 , who related the wear to the 
mean temperature. In this work, where short duration 
loading conditions exist, we anticipate that the wear 
will be more a function of the flash temperature than 
of the mean temperature over the duration of the 
loading cycle. For this reason the following measure
ments have been made. 

Temperature measurement 
The main measuring apparatus, already described in 
our earlier paper9 , is shown in Fig. 5. It comprises 
two vertical shafts [(1) and (3)], one (mounted on 
closed roller bearings) rotated by a d.c. motor-driven 
belt and the other (mounted on a journal bearing) 
capable of partial rotation and equipped with an 
arresting device (7). Discs (2) and (4), mounted in 
two alternative modes, undergo pressure fr.om shaft 
(3) supplemented by weights (6), as shaft (1) is 
rotated. The driving motor is equipped with a variable 
resistance, thereby permitting variation of the load 
and speed. 

The friction temperature can be measured by 
means of a chromel-alumel thermocouple and an IR 
optical pyrometer, with maximum sensitivity at 
approximately 2·5 J.Lm. The sensitive area is lmm2 • 

The two lenses in the optical system are arranged so 
that the spot diameter in which the temperature is 
measured is twice that of the aperture (/1 = 25 mm, 
/ 2 = 50 mm, dap = 0·2 mm). (Fig. 6). Measurements 
were taken radially at different points, but no vari
ation in temperature could be found. 

In order to ensure rapid wear, the most extreme 
torque conditions compatible with machine tool 
practice were used. The speed limit of the experi
mental installation being l ,500 r.p.m., the pressure 
was increased proportionally to give the correct p-n 
level. (For example, a test at n = 1 ,500 r .p.m. and p = 
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15 kp mm-2 is equivalent to one at n = 4,000 r.p.m. 
and p =5-6 kp mm-2 [see line 7, Fig. 7)]. 

The specific pressure was determined from the 
total force, (measured with a strain-gauge device) 
divided by the effective area of the disc, and the 
speed was measured with an electronic tachometer. 

The interval of temperature readings simulated 
that of clutch engaged (and immediately disengaged) 
at intervals of 4 and 8 s, respectively, as shown schem
atically in Fig. 8. The operation was manual and 
observations were discontinued after permanent 
changes in disc surface conditions were observed. 
When this stage was reached, the coefficient of fric
tion (hitherto practically constant) began to change 
significantly, ruling out comparative conclusions. 
(Optical temperature measurement becomes 
inaccurate beyond this point because, with the change 
in surface condition, the emissivity of the surface 
changes). Similar results were observed for all the 
discs tested. The maximum temperature (that is, the 
temperature obtained at the end of the engagement 
period) increased with the number of loading cycles. 
For the 4 s cycle, the maximum temperature was 
found to increase (approximately) parabolically-and 
for the 8 s cycle the increase was approximately 
linear, as shown in Fig. 7 . 

Surface-hardness-measurement 
After completing the temperature measurements, 
surface hardness was measured on a Vickers apparatus 
(SOp load) and was found to vary with the temper
ature reached at the end of the load cycle tests . The 
hardness reached a maximum (1080HV) at 1100 K 
and decreased thereafter (850 HV at 1,150 K) (see 
Fig. 9, where each point represents the mean of 5- 10 
tests). The same pattern was observed in unused discs 
subjected to a heating and cooling treatment similar 
to that in the load cycle tests. This indicates a direct 
correlation between temperature and hardness. (By 
contrast on correlation between temperature hardness 
was found for unhardened discs, in which wear was 
very rapid even at relatively low pressures.) 

Comparative examination of disc surfaces before 
and after wear led to the conclusion that they under
go some sort of abrasive 'grinding', with the abraded 
particles remaining on the surface and increasing its 
hardness; parallel grinding tests failed to show the 
same increase in hardness. 

Service-life nomogram 
The results are summarized in a nomogram (Fig. 10), 
giving hardness as a function of temperature (K) and 
temperature change as a function of p.n and of the 
clutch-engagement interval. 

The wear criterion adopted here was the onset of 
surface grooving and the change in the· coefficient of 
friction (which, in tum, impairs the reliability of the 
clutch). These changes occur mostly above the 
'critical level' at which permanent change in the 
surface occurs. 

The nomogram permits the prediction of the time 
required for the critical temperature level to be 
reached at different p.n values and engagement rates. 
It also yields the maximum allowable pressure for 
different speeds in serviceable clutches-any applied 
pressure in excess of this will cause the coefficients of 
friction to decrease. 

Repeatability 
As accuracy was the principal consideration here , 

special steps were taken to reduce measurement 
errors and verify the results. The optimal device was 
calibrated in a helium atmosphere in an exact dupli
cation of the measuring conditions; furthermore, the 
influence on emissivity of oil filming, surface oxid
ation, and changes in surface finish were taken into 
consideration and compensated for. Repeat runs in 
the same conditions showed an accuracy of± 5%. (As 
the spot diameter (0·2 mm) is relatively large, the 
average temperature is lower than that which would 
be obtained with a smaller spot.) As regards hardness, 
repeat runs showed deviations, but the averages were 
practically identical. 

.,.._ ______ "'134 -------1 

Fig. 4 Electromagnetic disc clutch for 10 kp. m torque. 
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Fig. 7 Temperature measurements related to number of 
engagements and p.n 
1. n = 900 r.p.m., p = 10 kg cm-2, [ 1 = 450 eng.p.h. 
2. n = 900 r.p.m., p = 13 kg cm-2, [ 1 = 450 eng.p.h. 
3. n = 1290 r.p.m., p = 19 kg cm-2, h = 900 eng.p.h. 
4. n = 1150 r.p.m., p = 19 kg cm-2, ft = 450 eng.p.h. 
5. n = 1150 r.p.m., p = 20·5 kg cm-2, h = 900 eng.p.h. 
6. n = 1290 r.p.m., p = 13 kg cm-2, h = 900 eng.p.h. 
7. n = 1500 r.p.m., p = 15 kg cm-2, h = 900 eng.p.h. 
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Fig. 8 Schematic representation of temperature variation 
during cyclic loading tests. 
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Fig. 9 Hardness against temperature in heated and worn 
specimen, respectively. 
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Fig. 10 Service-life nomogram. 
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1. n = 900 r.p.m., p = 10 kg cm-2, [ 1 = 450 eng.p.h. 
2. n = 900 r.p.m., p = 13 kg cm-2, [ 1 = 450 eng.p.h. 
3. n = 1290 r.p.m., p = 19 kg cm-2, h = 900 eng.p.h. 
4. n = 1150 r.p.m., p = 19 kg cm-2, [2 = 450 eng.p.h. 
5. n = 1150 r.p.m., p = 20·5 kg cm-2, f2 = 900 eng.p.h. 
6. n = 1290 r.p.m., p = 13 kg cm-2, h = 900 eng.p.h. 
7. n = 1500 r.p.m., p = 15 kg cm-2, h = 900 eng.p.h. 
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METALLURGICAL ASPECT OF DISC WEAR 

The technique adopted for X-ray examination of the 
discs was that described by K. Nakajima and J. 
Kawamoto4 • 

X-ray negatives were taken of a pair of disc speci
mens, one unused and the other worn, and developed 
in identical conditions. Results of repeated tests (Fig. 
11) show a definite difference in surface carbon 
density (reflected in the blackness of the lines) 
between the two specimens (For quantitative analy
sis, photometric readings were taken with the aid of a 
photocell and a computer). Apparently, the heat 
generated by the wear process causes the surface steel 
to rise above the GSK phase boundary in the iron
carbon digram (Fig. 12) into a zone representing a 
mixture of alpha and gamma crystals. After cooling, 
the carbon content of the steel decreases thus creat
ing a state of 'congestion' reflected by the extra 
blackness. Where no suitable medium is available for 
penetration, however, the surface remains unhardened 
and the small amounts of liberated carbon burn off; 

u 
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measurements 

Distance from CL (em) 

Fig. II Photometric readings on X-ray negatives. 
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Fig. 12 Fe-C diagram for low-carbon steels. 

this can be seen in the unhardened discs (which 
showed no signs of hardening in the wear tests) and 
also when a state of saturation has been reached and 
the carbon can no longer penetrate the crystals. As it 
burns off, more carbon is liberated from the marten
site and an immediate drop in hardness is observed. 

CONCLUSIONS 

1. For a given hardened disc there exists a maxi
mum temperature, which must not be exceeded if the 
clutch is to function satisfactorily. 

2. At this temperature (and at higher temper
atures) carbon diffusion occurs resulting in degrad
ation of the surface composition, loss of hardness, 
a lower friction coefficient and excessive wear. 

3. Below this temperature, however, the surface 
hardness is an increasing function of temperature, and 
this represents the useful range of application. 

4. If a disc is insufficiently hardened initially, the 
wear rate is excessive throughout its life and the dur
ation of serviceability is greatly limited. 

5. A simple but reliable method has been found 
for predicting the service life of clutch discs. Our 
results provide a basis for finding service life with 
considerable accuracy, and for interpreting surface 
changes. 

6. The results suggest that, provided the plates are 
initially heat hardened sufficiently (that is, greater 
than 400 HV), minimal advantage in serviceable life
time is obtained by heat hardening to higher levels. 
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CUTTING FORCES IN MACHINING AND THEIR ROUTINE MEASUREMENT 
WITH MULTI-COMPONENT PIRZO-ELECTRIC FORCE TRANSDUCERS 

by 

G. H. GAUTSCHI* 

SUMMARY 

Knowledge of actual cutting forces in machining is becoming of paramount importance to both designers and 
users of machine tools, because optimum machine performance, tool selection, tool life, cutting-edge geometry, 
combination of tool and material to be machined, accuracy and so on are closely related to the resulting cutting 
forces. Transducers and platforms for measuring forces in 1, 2 or 3 components and/or torques have been 
developed and are described here. Quartz is used as the piezo-electric transducer material because it provides 
extremely high rigidity and excellent dynamic response as well as minimal cross-talk between components. 
In contrast to other measuring systems, such platforms equal or exceed usual tool holders in terms of rigidity, 
thus permitting realistic, precise measurements. Practical aspects such as cross-talk between components, 
frequency response, measuring and recording techniques are discussed and the possibilities of adaptive control by 
directly mounting transducers into machine tools outlined. 

INTRODUCTION 

Defmition of problem and system requirements 
The measurement of cutting forces in machining 
corresponds to the analytical problem of determining 
the components of a general force vector in a chosen 
orthogonal coordinate system and, similarly, the com
ponents of a general moment vector in the same co
ordinate system. Because it is impossible to measure 
the cutting forces at their actual origin, the reactions 
have to be measured in a defined plane distant from 
the cutting edge. Therefore, a measuring system is 
required which measures correctly, independent of the 
point of application of the force and/or moments. 

In order to obtain true measurements, the measur
ing system should satisfy the following requirements: 

-original rigidities should be maintained, if not 
exceeded 

-dynamic characteristics should be as similar as 
possible to those of the original set-up 

-the mounting of the tool or the workpiece 
should remain as close as possible as before 

-frequency response should be as wide as possible 
-cross-talk between components of forces and 

moments should be minimal 
-sensitivities of transducers should be unaffected 

by time, temperature and mounting of tool and 
workpiece 

-high resolution, that is the capability of measur
ing small variations in an important force or 
moment 

-non-critical adjustment of zero points, sensi
tivities, measuring ranges and so on. 
A number of cutting force measuring systems have 

been built mainly by University research laboratories 
and are described in the literature. Most of these 
require well-trained personnel and special equipment, 
which often requires delicate adjustment. The aim of 
the development of the systems described ·here is to 
provide the applied researcher in industry with a 
simple, efficient tool, permitting him to investigate 
and compare different tools and materials, to optimize 
particular machining problems and, in general, to 
solve the routine problems encountered in machine 
tool and tool design and use. 

*dipl. lng. ETH/SIA, Kistler Instruments AG, Winterthur, Switzerland 
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Longitudinal Effect 

The electrical charge Q is proportional to the load F 
and Independent af the dimensions of the quartz element 
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Transversal Effect 

The electrical charge Q is proportional to the load F 
and to the ratio ol Y-dimension to X-dimension of the 
quartz element 

Shear Effect 

The electrical charge Q is proportional to the shear F 
and independent of the dimensions of the quartz element 

Fig. 1 Piezo-electric effects in quartz. (The coordinate systems shown refer to the crystallographic axes). 

THE PIEZO-ELECTRIC PRINCIPLE 

Certain crystals have the property that electrical 
charges appear on their surfaces under mechanical 
stress. This is caused by the 'piezo-electric effect', dis
covered by the brothers Curie in 1880. 

For force transducers, quartz is one of the most 
suitable piezo-electrical materials. The following three 
piezo-electric effects are observed in quartz: 

- the longitudinal effect 
-the transversal effect 
-the shear effect. 
Fig. 1 shows, schematically, these three effects. 
The electrical charges appearing on the quartz 

surfaces are collected with electrodes and trans
formed by a charge amplifier into an analogue vol-

Q ua rtz e lemenh Electrode We ldings 

Fig. 2 Load washers. 
Measuring ranges go from 15 kN (14 mm diameter) to 1 
MN(120 mm diameter). Resolution with a standard charge 
amplifier is about 20 mN on all of them. Compression under 
full load istypically 15 J.UTI. 

tage. Often, quartz elements are used in pairs as this 
has the advantage that the sum of the charges can be 
collected on one central electrode, thus eliminating 
the need for insulating foils. 

The transversal effect is mainly used in cases in 
which a higher sensitivity (pC·~1 ) is desired, for 
example in pressure transducers, as it is the only 
piezo-electric effect in quartz which depends also on 
the proportions of the element. 

TRANSDUCERS 

Individual transducers 
Suitably cut quartz elements can be mounted in a 
steel housing, thus forming a force transducer. It is 
important to note that the steel housing serves only 
to distribute stresses evenly over the quartz elements 
and to keep the assembly dry and clean, that is to 
maintain the necessary high insulation values of over 
1013 U. 

For uni-axial forces, the longitudinal piezo-effect 
is most convenient, as the electrical charge appears on 
the same surfaces as those on which the force acts. 
Furthermore, the electrical charge is solely propor
tional to the acting force, thus independent of the 
dimensions of the quartz element. Fig. 2 shows 
typical examples of such 'load washers'. Through 
pre-stressing, a load washer can also be used to 
measure tension. 

Multi-component transducers use several quartz 
elements arranged mechanically in series, that is the 
force acting on the transducer acts also on each and 
every quartz element. Because each element is sen
sitive to stress in only one direction, because of its 
selected cut from the crystal, the components of 
force can be measured individually. In order to use 
the shear effect, it is either necessary to 'glue' the 
force-transmitting steel parts to the quartz or to pre
stress the transducer in order to achieve enough fric-
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tion forces to transmit shear. Fig. 3 shows an example 
of a 3-component force transducer with a central pair 
of quartz elements reacting through the longitudinal 
effect to the axial load while the other two pairs react 
through the shear effects to the shear forces. 

Transducers for moments 
A transducer responding to a moment can be 
designed by arranging a number of small quartz 
discs-cut for the shear effect-in a circle and orient
ing their shear-sensitive axes tangentially. With all 
discs mechanically and electrically in parallel, an elec
trical charge proportional to the acting moment is 
generated. Again, it is necessary to pre-stress such a 
transducer in order to have friction forces available 
for transmitting the moment. Such a transducer is the 
heart of the platform for an axial force and a moment 
transducer shown in Fig. 4. 

Measuring platforms 
One or several transducers can be used to build a so
called 'measuring platform', which have the advantage 
that the individual transducers are loaded in a defined 
way and that the application of the load is much less 
critical than it would be using a transducer only. 
Furthermore, platforms permit a larger freedom of 
the point of load application than a single transducer. 
Any number of transducers can be connected in 
parallel to a charge amplifier, and the total signal 
obtained will be exactly the sum of all forces acting 
on the transducers. A force of constant magnitude 
and direction but with a varying point of application 
will, therefore, always be measured correctly. 

I now describe a selection of such measuring plat
forms. It is, however, possible to build platforms in 
almost any shape and for any purpose within a wide 
range of load capacities. 

Fig. 3 (top right) Three-component force transducer. 
Maximum load in z-direction is 30 kN. 
Shear (with 25 kN prestressing in z-direction) ± 2.5 kN 
Cross-talk is typically <1 %. 

Fig. 4 (bottom right) Two-component measuring platform 
(Fz andMz). 
Fz·range + 20 kN to -5 kN, Mz·range: ± 100 Nm. 
Resolutions of Fz about 20 mN and of Mz about 0,2 mN. 
Overload capacity: 50%, resonance frequency> 3 kHz. 

z 

~X 
rtr:rr1i 
I ! * ! ! ! I 

I ; ; e • I 

115 

X 

z 

y 



116 CUTTING FORCES IN MACHINING AND THEIR ROUTINE MEASUREMENT 

Fig. 5 Multi-component measuring and recording system for feeding force, moment, and drill travel. 

CUTTING FORCE MEASUREMENTS 

Drilling 
Feeding force and torque are two obvious cutting 
forces acting on a workpiece being drilled. Further
more, a drifting force may occur in the form of a 
vector, normal to the drill axis and rotating synchron
ously with the latter. 

It is more convenient to mount the stationary 
workpiece on a measuring platform rather than to 
attempt to measure the reactions on the rotating drill. 
Fig. 5 shows a 2-component measuring platform 
installed on a drilling machine. 

This platform is based on a 2-component trans
ducer (Fz and Mz) which is mounted under high pre
load between the base and top plate of the platform. 
Should the lateral drift force be of special interest, 
the platform may be modified by adding another 
2-component cell which reacts to shear in the x- and 
y-directions. The rotating drift force vector would 
thus be measured in-2 components and be recorded as 
two sine-like oscillations with a 90° phase difference. 

For investigations such as comparing drills with 
different cutting-edge geometries, or comparing the 
machinability of supposedly identical materials from 
different sources, it is imperative that the drill is 
machine-fed. Only in this way do variations in 
machinability become clearly evident. Fig. 6 shows 
the example of a 5 mm bore through cold-drawn flat
bar steel, illustrating the well-known fact that the 

surfaces are cold worked and therefore 'tougher' than 
the relatively undisturbed central zone. With hand
feeding, the operator would automatically tend to 
'equalize' the varying resistance. 

Turning 
Turning produces a cutting force, the orthogonal 
components of which (main cutting force, feed 
force and reaction force) are of interest. 

In this case it is advantageous to mount the tool 
on a 3-component measuring platform and measure 
the reactions on it. 

Fig. 7 shows such a platform, which is directly 
designed as a tool holder and can accommodate tool 
shafts up to 32 X 32 mm2 • 

Milling 
In milling, two approaches may be considered: 

-mounting the workpiece on a 3-component 
measuring platform 

- installing transducers directly into the milling 
cutter. 

For relatively small work, the first method is quite 
satisfactory. The limitations are chiefly the maximum 
travel, which is given by the admissible eccentricity of 
the acting force relative to the platform. 

Fig. 8 depicts a 3-component platform suitable for 
smaller milling work. Larger platforms can be built by 
using bigger transducers or by bridging two platforms 
with a steel plate. 
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For investigations of larger milling work, a plat
form large enough to hold the necessary workpiece 
becomes a problem, and the second approach of 
installing transducers directly in the cutter should be 

Internal forces, the sum of which is zero, will 
produce a pseudo cross-talk if the different transducers 
do not yield equal electrical charges under equal 
loads. 

Fig. 6 Recording of feeding force F z and moment Mz during a 5 mm-bore through cold-drawn flat-bar steel with 
n = 1215 r.p.m. and 0·04 mm rev""' feed. 

considered, in spite of the problems of the measuring 
system, including charge amplifiers which are no 
longer stationary but which rotate with the cutter. 

Fig. 7 Three-component measuring platform for turning. 
Tool shafts up to 32 X 32 mm2. 
The protective covers have been removed to expose the three 
3-component transducers. 
Measuring ranges: 

main cutting force 
feed force 
reaction force 

Resolution 
Overload capacity 
Cross-talk, typically 
Resonance frequency, typically 

20kN 
±10 kN 
±10 kN 

about 20 mN 
50% 

<I% 
2.5 kHz 

MEASURING TECHNIQUES 

Cross-talk 
Theoretically, a transducer or a platform should only 
respond to loading in the desired axis of sensitivity; 
that is, the cross-talk between component forces 
and moments should be zero. In practice, with 

careful manufacturing and advanced transducer 
design, it is possible to keep cross-sensitivity below 
I%, which is sufficient in most cases. This requires 
that the quartz elements are cut, ground and polished 
to within a few minutes of the required crystallographic 

orientation. 
Also, transducers have to be mounted between 

flat, ground and rigid surfaces in such a way that 

stresses are distributed as evenly as possible over the 

contact surface. Pre-stressing bolts have to be well 

centred and their axes exactly normal to the contact 

surface. 
When several transducers are mounted together in 

a measuring platform, their respective sensitivities 

must be as identical as possible. 

For special cases, and only with a fixed point of 

force application, the residual cross-talk can be 
further reduced with electronic compensation, if the 
cross-talk is linear. In most practical cases, how
ever, this is not to be recommended, as the procedure 
is cumbersome and may make things worse if not 
done very carefully. 

Rigidity 
Force measurement always involves deformations, 
because force as such cannot be measured; only its 
effect on a material can be observed. Piezo-electric 

transducers use quartz as the material on which the 

action of force is sensed, that is the quartz is acting as 
the spring element. 

Quartz has a stiffness about 40% that of steel, 

and because the thickness of the quartz elements is 

small compared with the total transducer thickness, 

the rigidity of the transducer is almost identical to a 
similar piece of solid steel. 

The rigidity of platforms depends on their dimen

sions and proportions. Platforms such as those shown 
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in Figs 4 and 7 have rigidities which are only slightly 
less than those of the transducers. But the platform in 
Fig. 8 is already somewhat 'softer' in the vertical 
direction if the force is acting midway between the 
four transducers. Such platforms are inevitably a 
compromise because, for rigidity, the top plate 
should be made thicker but, for high resonance, the 
mass should be kept to a minimum. 

Frequency response 
The frequency response of a measuring system is 
rather complex, because it is not always possible to 
consider a platform (for example) as a simple oscillat
ing system. Such a system would have the normal 
resonance rise associated with a phase shift. With
out special precautions, the measuring range used 
should not exceed about one-third of the resonant 
frequency in order to avoid significant errors in 
amplitude and phase. If the measuring system had a 
well-defined, unique and reproducible mode of oscill
ation, it would be possible to build a filter compens
ating the resonance curve and thus to extend the 
usable range considerably. Transducers and, even more 
so, platforms are very complex systems in terms of 
oscillations and in most cases, such a compensation 
by a filter would be illusionary. 

When considering frequency response, two aspects 
must be considered: 

-the lowest resonant frequency 
-the range of frequency occuring in the values to 

be measured. 
Generally two ranges of frequencies can be distin-

guished in machining: 
-low frequencies, from zero to about 2 kHz 
-high frequencies, from about 1 kHz to 100kHz. 
The high frequencies are associated with pheno

mena which belong to the domain of research on the 
formation of cuttings and so on and are not of 
interest for the type of cutting force measurements 
discussed here. 

The lower range, up to about 2kHz, however, 
comprises the frequencies transmitted through the 
foundations, the natural frequencies occurring in the 
different parts of the machine tool, the frequencies 
induced by the interaction of tool and workpiece 
(especially those induced by the process of built-up 
edge) and so on. This range can easily be investigated 
with multi-component measuring platforms which 
usually have lowest resonant frequencies above 
2-3kHz. 

Suitable instruments for such dynamic investig
ations are either cathode-ray oscilloscopes or 
ultraviolet-oscillographs. 

Typical lay-out of a multi-component measuring 
and recording system 
Fig. 5 illustrates the installation for measuring the 
feed force and torque in drilling. Each channel com
prises a charge amplifier and a galva-amplifier, driving 
a recording galvanometer in the UV-oscillograph. As a 
third channel, the travel of the drill is recorded by 
transmitting the vertical movement of the spindle by 
a wire (kept taut by a counter weight) to a pulley on 
the shaft of a multi-turn potentiometer. The latter is 
across a constant d.c. voltage source and an analogue 

voltage therefore appears on the slider and is fed to 
another galva-amplifier and galvanometer. 

TECHNIQUES PARTICULAR TO PIEZO-ELECTRIC 
SYSTEM 

The piezo-electric system has some peculiarities 
not found in other systems. 

Sensitivity: 
The sensitivity of a quartz transducer is, barring 
destruction by mechanical overload or extreme 
temperatures, constant for an indefinite time. 

Linearity and hysteresis: 
Quartz is perfectly linear and free of hysteresis. The 
quality of design, manufacture and assembly solely 
determine how close the transducer or platform will 
come to the potential perfection. 

Set-up of a measuring chain: 
This is reduced by connecting the transducer with a 
special cable to the charge amplifier, dialling the 
transducer sensitivity, choosing the desired measuring 
range and, in the case of a quasi-static measurement, 
re-setting the amplifier before the actual measure
ment. 

Threshold: 
In a piezo-electric system, the threshold is given by 
the charge amplifier and is, for a given number of 
quartz elements, almost constant regardless of the 
upper limit of the measuring range designed into the 
transducer. A modern, commercially available charge 
amplifier has a noise level corresponding to under 
0.01 pC on the input. If the load washers of Fig. 2 are 
taken as an example, this means that, with a sensi
tivity of approx. :i pC.N"1 , the threshold is about 10 
to 20 mN. This threshold is independent of the size 
and thus available on all transducers including those 
up to 1 MN. The practical significance of this is that 
the resolution of a measuring chain can attain values 
of 1 o-s of the maximum measurable value and it 
becomes possible to measure minute variations of 
large forces. 

Static and dynamic measurements: 
In principle, only dynamic measurements are possible 
with piezo-electric transducers. In fact, this is the 
prime domain of this system. But, it is possible to 
reliably measure quasi-statically, that is depending on 
the measuring range of the charge amplifier, for 
periods of minutes to hours, limiting factors being: 
drift of the amplifier and the quality of insulation of 
the transducer cable and the input of the charge 
amplifier. In most cases of cutting force measure
ment, this limitation poses no problem because the 
duration of a cut rarely exceeds minutes. 

Absolute and relative measurements: 
A piezo-electric measuring system has no zero point 
as such. In quasi-static measurements any given state 
can be chosen as zero reference by simply re-setting 
the charge amplifier and thus eliminating the elec
trical charge that was present. For quasi-static cut
ting force measurements, this would usually be done 
just before the tool is to engage. Absolute accuracies 
with standard measuring platforms and standard 
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charge amplifiers are typically within ± 2% to ± 4% 
without further special calibrations. Precision in 
repeatability may be better by a factor of about ten. 

In quasi-static measurements, the variations of the 
forces are often small compared with the basic force; 
that is, the cutting force may show a dynamic part 
which is only a tiny fraction of the whole, and it 
seems desirable to 'magnify' this dynamic part. With 
the piezo-electric system this is most easily done by 
simply switching to a higher sensitivity during the 
actual cut and thus obtaining any desired resolution 
up to the absolute limit already mentioned, irrespec
tive of the simultaneously acting basic force. As an 
example, the main cutting force in turning may be of 
about 10 kN on which are superimposed fluctuations 
of a magnitude of 1 N. Expanding these small fluctu
ations to full scale reading is achieved simply by 
increasing the sensitivity on the charge amplifier. 

Fig. 8 Three-component measuring platform for milling, 
grinding and turning. Measuring ranges: 

Normal to surface 
Force vector in surface 

Resolution 
Overload capacity 
Cross-talk typically 
Resonance frequency, typically 

±s kN 
4kN 

about 20 mN 
50% 

<1% 
4kHz 

ASPECTS OF MOUNTING TRANSDUCERS 
DIRECTLY INTO MACHINE TOOLS 

Requirements 
Quartz transducers have to be installed according to 
certain clearly defined rules in order to show their 
advantages and to obtain precise and true measure
ments. In most cases, several transducers are required 
to take up properly the eccentrically acting forces 
and the resultant moments. Therefore, the transducers 
have to be mounted in a plane as close as possible to 
the point of force application and preferably parallel 
to two axes of the coordinate system into which the 
cutting force is to be reduced. 

The high rigidity of quartz transducers requires 
precise and rigid contact surfaces in order to avoid 
local overloading of the quartz elements by stress 
peaks and to keep cross-talk to a minimum. 

Transducers should preferably be mounted in such a 
way that the largest force component is acting axially 
and the smaller ones normal to the axis as shear. Pre
loading is almost always necessary, either to create 
friction for shear measurement and/or to permit axial 
tension as well. 

POSSIBILITIES FOR ADAPTIVE CONTROL 

In adaptive control, the transducers serve to monitor 
forces in order to 

-sense tool-wear 
-detect variations of surface quality 
-protect against mechanical overloading 
-keep cutting forces constant, for example in 

contour turning. 
Sensing for example tool-wear represents a static 

measurement which, as such, cannot be done piezo
electrically. But a tool is practically never engaged for 
more than a few minutes at a time and therefore zero 
level, that is the tool being free and unloaded, can be 
re-established before each new cycle. This requires an 
electronic control system which re-sets the charge 
amplifier at the appropriate instants. Dynamic, relative 
measurements such as fluctuations of the cutting 
force (related to surface quality for example) are even 
easier to achieve as no absolute reference level has to 
be established periodically. 

Signals thus obtained can be fed to discriminators 
(indicating whether a pre-set value has been 
exceeded), to peak indicators (recording the maxi
mum value within a given time interval) or be pro
cessed in any other way necessary to obtain the 
signals required to give the desired control of the 
machine. 

Obviously, other types of transducers may also be 
necessary, such as accelerometers, pressure trans
ducers (for measurements in hydraulic control 
systems), as well as automatic sensing of workpiece 
dimensions and so on. 

OUTLOOK 

The piezo-electric measuring technique has been 
perfected to the point of becoming a practical tool 
for routine measurements in applied research and 
investigations in industry. Modern charge amplifiers 
and recording equipment are easy to operate without 
the need to make critical adjustments and no longer 
require electronic specialists as operators. Installation 
of transducers -and platforms is clearly defined and 
can be adapted to a wide range of applications. 

This report describes the present state of multi
component piezo-electric force and moment measure
ment and indicates some potential possibilities for its 
application in machine tool design and use. 

Increased mutual feedback between instrument 
developers and machine designers and users is desir
able to create optimum systems, taking full advantage 
of the inherent and unique characteristics of the 
piezo-electric system. 
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DISCUSSION 

Query from B. J. Davies, Staveley Engineering 

What are the indirect and direct effects of temper
ature on the output of the transducer? 

Reply 

The direct effect of temperature on a quartz type 
piezo-electric transducer is a variation of the sensi
tivity of 0.02% C q-•, i.e. measuring at a temperature 
50° C higher will be with the sensitivity reduced by 
1%. 

The indirect effects are extremely complex. 
Quartz, like all piezo-electric materials, is anisotropic 
with respect to elastic constants, thermal expansion 
and so on. Because the quartz discs have to be sand
wiched between metal parts (force ·introducing parts, 
electrodes, etc.) with different characteristics, temper
ature has an indirect effect which results in a signal 
varying with temperature. In a force transducer this 
means for example that, if the temperature varies 
during the measurement, a signal of X N (0 C)- 1 will 
be superimposed on the desired signal and a zero off
set at the end will be observed. Usually, the temper
ature varies nearly linearly with time and an approxi
mation can be made by connecting the starting zero 
with the offset zero at the end by a straight line and 
using this line as a reference line for intermediate 
points. An extensive research programme is underway 
to understand fully these indirect temperature effects 
and to find practical ways to compensate them fully. 

Query from Professor Peters 

In the past we have been promised that we would be 
given a reliable dynamometer which uses the piezo
electric elements. I wish very sincerely that the 
proposed solution fulftls the need. However, I doubt 
whether this has been achieved because of the 
temperature sensitivity problem and the problems 
associated with light damping, as well as the influence 
of the mounting of the tool and the dynamometer on 
the machine. 

Reply 

Piezo-electric dynamometers have come out of their 
infancy and most of the early problems (ceramic top 
plates, failure of electric insulation etc.) have been 
eliminated. Properly installed (flat and rigid mating 
surfaces), these dynamometers are now as reliable as 
any other system. This is substantiated by more than 
30 installations already in use. 

I did not claim complete absence of temperature 
sensitivity: nevertheless, considerable improvements 
have been made and further R-D efforts are under
way to eliminate these temperature effects. It should 

be born in mind, however, that in a system where 
measuring deflections are only a few J.llll, this is a 
difficUlt task indeed. 

Damping such a dynamometer would be very 
problematic, to say the least. First of all, a dynamo
meter installed on a machine tool will hardly ever 
show a single reproducible mode of oscillation, but an 
interference of a number of oscillatory modes. 

For routine measurements, this means that the 
lowest resonant frequency f 0 (min) of the installed 
dynamometer should be determined experimentally 
(possibly running the machine with the tool dis
engaged and using the dynamometer as an accelero
meter). The usable frequency range in the measure
ment may then be taken up to about 0,3 X f 0 (min). 
Otherwise, additional accelerometers in appropriate 
locations and frequency spectrum analysis would 
have to be brought in. 

As pointed out in the paper, dynamometers are 
only useful for the lower frequency ranges (up to 
about 2 kHz). High frequency investigations (such as 
chip formation) in the 10-100 kHz range cannot be 
done with such dynamometers, however perfect they 
may be, because the mass between the sensing 
elements and the tool tip is simply too large. The 
answer would be, as an example, a subminiature 
multi-component force transducer that fits directly 
under the tungsten-carbide tool tip, and that is still 
far in the future. 

Query from A. Russell, N.E.L. 

When the device is used in conjunction with charge 
amplifiers in order to measure high forces down to 
almost DC frequency, can the higher frequencies still 
be measured or are they integrated into the long time 
constant of the charge amplifier? 

Reply 

The charge amplifier does not integrate the higher 
frequencies when operating on long time constant. 

Long time constant corresponds to the DC-mode 
on an oscilloscope, while operation on 'short time 
constant' corresponds to the 'AC-mode' on a 'scope. 
Therefore, high frequencies can always be measured. 
The only limit when working on 'Long time constant' 
is the fact that the amplitude of the high frequency 
signals may be very small compared with the De
compound and the accuracy of the amplitude 
measurement will be reduced. The frequency, how
ever, can always be determined as long as the oscil
lations can be recognised as 'ripple' on the basic 
signal. Frequency response of a modern charge 
amplifier in the 'Long time constant' mode goes from 
DC to over 200 kHz. 



THE EFFECT OF APPEARANCE CONSIDERATIONS ON THE 
DESIGN OF A SMALL NC MILLING MACHINE 

by 

E. J. HUNTLEY, R. ROSE, J. S. SHEEN* 

SUMMARY 

Problems of appearance in the design of a complex machine tool are discussed here. The design of a small NC 
milling machine is described, in which considerable attention was given to appearance without adversely influenc
ing its cutting performance or increasing the cost. Although appearance considerations led to the design concept, 
the approach was found to be justified from design and production advantages alone. 

INTRODUCTION 

Appearance is a characteristic with no technical 
definition. There are no formulae on which to base its 
design, and there is no test equipment to measure 
the success of the finished product. It is extremely 
difficult to express clearly what is meant by good 
appearance, yet at every compromise in the design, 
appearance has to compete with the other items in 
the specification, many of which are defined to have 
numerical values. The only clear fact that is likely to 
emerge concerning appearance is that it should not 
increase the cost of the machine. Few, if any, 
customers would knowingly pay more for a better 
looking machine. Some customers associated reli
ability with the more old fashioned designs, and 
others associated good technical design with good 
appearance. 

In fact, the only consolation for a good looking 
machine is that it may have the 'edge' on a competi
tor's machine of equivalent specifications. This is the 
situation all designers face when deciding what atten
tion should be given to appearance. 

We describe here how this apparently unrewarding 
challenge of appearance was tackled in the design of a 
continuous path tape-controlled replacement for a 
manual No.2 size, knee type vertical milling machine. 
The description of the design will be confined to 
those parts most affected in the compromise between 
appearance, cost and technical requirements. 

As well as the technical specifications to which 
numerical values could be given, there were the 
following design objectives. (a), To improve the struc
ture. (b), To include feed drives, the performances of 

*Staveley Engineering and Research Centre, Worcester. 

which were suitable for continuous path control. (c), 
To be of unit construction, with each unit being 
capable of being tested before final assembly. (d), To 
be less dependent on skilled fitting, that is, easily 
assembled. (e), To be produced in small batches, but 
of sufficiently low cost to encourage the use of con
tinuous path control for general machining. (f), To 
have ease of access for maintenance and built-in 
facilities for fault finding. (g), To have clean lines and 
pleasing appearance, with low finishing costs. (h), To 
use, where suitable, existing components or sub
assemblies. In this short list, appearance sseems 
insignificant alongside the technical and economic 
importance of the other items. 

Previous experience had shown that, on small 
machines in particular, it was fatal to try and improve 
the appearance when the design was nearly com
pleted. Often there is not the space. because small 
machines usually have the same spindle and feed drive 
requirements as much larger machines; they use the 
same cutters and are expected to take the same cuts. 

One way of cleaning up the lines is to arrange the 
sub-assemblies inside the main structure so that just a 
cover plate shows. Even when this does not ruin the 
structure, the cost becomes excessive and access for 
build and maintenance is difficult, especially where 
piping and wiring are involved. 

The effort required to tidy up a design can be 
surprisingly great and the results far from rewarding. 
This is because appearance is relative. The fact that 
the appearance is better than it was, does not help 
unless it is good enough. As each monstrosity is 
removed, the others stand out more clearly. The skill 
comes in knowing when to stop, because a point is 
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reached after which the designer's good intentions 
make matters worse and the machine can become even 
more hideous than the first attempt which had little 
pretentions to good looks. 

It is not easy even for an experienced designer to 
judge the appearance of a machine from two-dimen
sional views showing merely the outline of the main 
parts. High-lights, shadows and colouring can have a 
tremendous effect. Small prominent parts can have an 
effect out of all proportion to their sizes. 

The problems are not only confined to the 
designer. Each of his team has his own idea of good 
taste and it is difficult to impose a uniformity of 
concept and to stop personal influences coming 
through. Further problems arise from last minute 
modifications when the part that no-one thought 
would give trouble has to be re-designed and its new 
shape no longer blends with the machine. 

An examination of any machine will show that 
money has been spent on its appearances, whether it 
has been deliberate or unconscious. Some examples 
are easy to recognise, such as letting in cover plates 
flush with the surface; others . .infiltrate the whole 
design and are difficult to separate. 

In this example, if the appearance of the new 
design was to be taken seriously it was obvious that a 
different approach would be needed. This led to the 
proposal of designing the machine to be purely func
tional from the technical and production point of 
view and then to cover the whole with fibreglass or 
metal covers as appropriate. An appearance design 
consultant would be engaged to advise on appearance, 
so relieving the machine designer of the part that he 
was least qualified to perform. 

The idea of completely covering an object is not 
new, the human body was made this way as was the 
motor car, but this approach had not been generally 
adopted in machine tools, in fact quite the reverse. 
The reasons were not obvious. The most likely was 
unfavourable cost, but on the basis of a rough esti
mate there seemed little or no risk. Some protective 
covers would be needed whichever design concept 
was chosen, and therefore the cost of appearance for 
the completely covered machine would be, in effect, 
the cost of the extra covers; this would be largely 
off-set by the amount normally spent on appearances 
and savings arising from simplifications of parts 
underneath the covers. From the technical point of 
view there only seemed to be advantages. 

As soon as the first ideas had been committed to 
paper, the Appearance Design Consultants, F. C. 
Ashford & Associates, were able to start work and 
tentative schemes were drawn up for covering the 
machine; layouts for the various control panels were 
also considered from the start. Throughout the design 
there was close liason with the Appearance Design 
Consultant and although compromises were inevitable 
at times, the association was remarkably smooth and 
rewarding. 

The factor that stood out immediately after the 
tentative outline of the envelope·had been agreed was 
that design beneath the envelope could go ahead con
centrating exclusively on technical and cost aspects, 
and completely ignoring appearance. This turned out 
to be a considerable psychological advantage to the 

design team. In fact, the freedom took a little 
getting used to and highlighted many ingrained habits 
that had been costly. 

A one-eighth scale model was made out of wood 
so that it could be easily updated as the design pro
gressed. It was painted in the standard two tone 
colour scheme with scaled coloured nameplates 
provided by the Consultants; the control panels were 
scaled photographs fixed in position. In this way the 
three-dimensional effect of modifications to the 
covers was immediately apparent. The model was also 
found to be an ideal way of keeping design, produc
tion and sales teams informed as to the final appear
ance of the machine, and provided a continual source 
of encouragement. Photographs of the model looked 
so realistic, that they were used for advance publicity. 

Fig. 1 Basic structure. 

The machine was designed with a box section 
structure of constant width from the knee through to 
the head ways. As well as its good structural proper
ties it also provided flat surfaces on which to bolt 
sub-assemblies, often without machining the surface. 
Every effort was made to confine sub-asse!fiblies to 
the outside of the structure, to minimise the aper
tures in the structure and maintain its good torsional 
characteristics. 

By arranging the covers parallel to the constant 
width structure, a space of constant depth was made 
available under the covers. Thus, throughout the 
design, the position of parts mounted on any of the 
side faces, could be re-arranged quite freely to arrive 
at the best compromise. In fact, there was no need to 
fix the positions of the less important parts until the 
end, with the assurance that these would not affect 
the design of the covers. Last minuted modifications 
presented no problems, because parts could be re
arranged to provide space . 
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By bolting sub-assemblies to the outside of the 
structure all the faces of the sub-assembly are access
ible for build and maintenance except the one by 
which it is fixed; also a larger surface area is 
presented, from which to choose when arranging pipe 
and cable connections. As a result, the large structural 
elements become relatively simple, which is an added 
advantage. This arises out of the generalisation that 
all parts within certain size limits should be designed 
to the same level of complication, because both the 
cost and the probability of machining errors increases 
more steeply with the complication; in particular, large 
parts should be of less than average complication 
because they can only be produced on large machines 
which cost more to run. 

The base, column and spindle gearbox were fabric
ated of mild steel, except for the front face of the 
column which forms the ways for the cast iron knee, 
and this was made of E.N.8. This is an interesting 
application of E.N.8, suggested by Professor 
Koenigsberger, in that it welds relatively easily and 
when - induction hardened to 45° Rockwell, has 
adequate wear properties for an intermittently used 
axis. The remainder of the structure was made of cast 
iron. A rough comparison with the structure of the 
manual machine showed that although their bending 
stiffnesses were similar, the new design had a 
torsional stiffness almost an order higher. 

Fig. 2 Flange joint. 

An improved flange joint was provided (Fig. 2) by 
cutting a groove in one of the flanges parallel to the 
wall, thus the outer edge of the flange acted as a heel 
point for the bolts to pre-load the walls of the struc
ture together. 

The hydraulic power-pack and contactor panel, 
shared the same chassis and were loosely attached to 
the side of the machine. This was found to take up 

less floor area than separate cabinets having the same 
accessability, as well as facilitating piping and wiring, 
and reducing the covers needed. The N.C. control 
equipment was fixed, as was the machine control 
panel, so that the operator would always know where 
to find them and be able to take the quickestpossible 
action in an emergency. 

Wiring and piping are usually very much under
rated problems, both in design and production. This 
is because it falls into a 'no-mans land' in the field of 
engineering bordered by mechanics, hydraulics and 
electrics. It is often simply assumed that there will be 
room for it, and sometimes left to the wireman and 
pipe fitter to choose the best route. 

This machine concept was well suited to pre
formed wiring and piping. A complete conduited wir
ing system could be assembled onto the outside of 
the structure; there would be no problems of thread
ing wires or pipes through castings for the sake of 
appearance, and routing could be direct. On the 
other hand, if it was to fit, it had to be designed in 
de taillike any other part of the machine . 

The economic argument for pre-formed wiring and 
piping is very sound. Piping and wiring always come 
towards the end of building when the capital tied up 
in the machine and its control equipment is virtually 
a maximum. It is therefore at this stage that the 
greatest savings can be made by reducing throughput 
time. One way of doing this is to increase the work 
force, but on a machine of this size only a limited 
number can work efficiently at the same time . The 
best way of reducing throughput time is therefore by 
using pre-formed assemblies of wiring, conduiting and 
piping, which can be put together at slack times and 
thereby improve the work loading of the electrical 
and hydraulic departments. Furthermore, efficiency 
is increased by producing the assemblies in batches 
and by testing and correcting them before they are 
assembled onto the machine. 

The tapped holes for piping, and conduit clips, 
manifolds, and junction boxes were made by an NC 
machine during the general machining of the struc
tural components, in order to speed assembly. Two 
wiring sub-assemblies were designed, one for the NC 
equipment wiring and the other for the general elec
trics, and they were routed separately to prevent 
interference . Flexible conduit was used throughout, 
with junction boxes as distribution points. Swivel 
ends to the conduit eased the final assembly onto the 
machine as did push-on connectors. Because appear
ance under the covers was unimportant and there was 
adequate space, routing was made as direct as poss
ible. To obtain accurate lengths for the conduiting 
and wiring harnesses, the first machine was wired in 
the normal piecemeal manner and then stripped and 
measured. The conduited harnesses turned out to be 
surprisingly heavy and difficult to handle until one or 
more of the key points had been fixed in place on the 
machine and this is where the already tapped fixing 
holes were invaluable . 

It is impossible to keep dirt out of the hydraulic 
system by piping a machine in the conventional way, 
especially if other work is in progress at the same 
time; consequently the whole system, including mani
folds and fittings have to be finally stripped, cleaned 



124 THE EFFECT OF APPEARANCE CONSIDERATIONS ON THE DESIGN OF A SMALL NC MILLING MACHINE 

and the re-assembled. On the other hand, with pre
formed piping, dirt is confined to a piping jig, and 
pipe fitting is at bench level where there is 
greater accessibility ; also specially hardened pipe 
fittings can be included in the rig to ensure correct 
formation of the compression rings . The rapid 
assembly time of pre-formed pipes, hoses and mani
folds, cleaned just before assembly, justifies clearing 
the machine of all other activities. 

The use of jigs does create the problem that the jig 
cannot take into account the accumulation of toler
ances between the two parts of the machine being 
connected . This is catered for, however, by designing 
each pipe to contain at least one right-angle bend so 
that it can flex to take up small tolerances. Shortage 
of space was most acute around the knee and cross 
slide (Fig. 3). Pipe, and in particular hose routing, was 

Fig. 3 View under knee and cross slide covers. 

made even more difficult by the need to consider the 
covers of parts moving relative to one another, in a 
region where swarf and coolant had to be taken into 
account. By keeping hose lengths to a minimum, 
horse bores, and therefore their bend diameters were 
minimised; we took advantage of the characteristics 
of the feed drive here, in that high flows are only 
required at fast traverse when loads are light and 
there is pressure to spare to cover pipe losses. Com
plication was confined to manifolds, one for each of 
the feed drive motors and two for distribution ; one 
was fixed to the column and the other to the knee. 
By aligning the outlets of the manifolds which were 
to be connected, in either a horizontal or vertical 
plane, the complexity was greatly reduced, and the 
number of pipes and hoses reduced to the theoretical 
minimum. 

There now remained the problem of designing the 
actual covers, and this proved to be more difficult 
than was thought at first. The envelope had to be 
divided into sections which could be handled easily 
but not be prone to damage. Ventilation had to be 
confined to those places where coolant and dirt 
would not present problems and where the operators 
of this and nearby machines would not be subjected 
to strong draughts. The sections had to be hung on 
the structure so that the joints were not ugly, 
although the structural fabrications and castings were 
to open limits; the covers on the moving parts had to 
slide past other covers and not leave obvious holes. 
Certain covers that would have been ideal in fibre
glass from a production point of view had to be made 

of steel because they provided excellent footholds for 
climbing onto the machine during building or main
tenance. 

The problems of mounting the column covers were 
solved quite simply by providing a frame from which 
they all hung. Both the covers and the frame were 
drilled from jigs, thus controlling the horizontal 
dimensions of the gaps. The bottoms of the covers 
were attached to the column. Simple resilient mounts 
provided the means of adjustment at the fixing points 
and the covers were held in place with knurled nuts, 
so that they could be removed quickly without tools. 
The spindle speed change panel was located on the 
pointer and handle shafts and spring loaded outwards 
to fit against the inside of the large side cover. 

The most difficult covers were those around the 
knee and cross slide where there was a severe space 
limitation, coupled with the need to seal against swarf 
and coolant. The key to this problem was the intro
duction of an open sided structural box attached to 
one side of the cross slide, to hold hoses and cables. 
This box divided the covers conveniently, and 
allowed the use of a single cover for the front and 
side of the knee and similarly one for the front and 
side of the cross slide (Fig. 3). 

Towards the end of the project the techniques of 
cover designing were becoming more apparent. Two 
basic rules emerged from the experience on this 
machine. The first is to keep the number of covers to 
a minimum; do not use two covers where one will do. 
The second is to keep the number of mounting points 
for each cover to a minimum; three is ideal . 

A measure of the success of the cover design is the 
comparative absence of hoses and conduits (Fig. 4); 
this is rare for NC machines with hydraulic feed 
drives. Even so, one large hose was later introduced 
on the left of the knee to conduct coolant directly to 
the tank; it was found that the original open return 
caused splashing of the operators legs. Machining 
lights were easily built in under the head cover, which 
provided better than normal lighting of the machining 
area without blinding the operator or affecting access
ibility. The coolant pipes were designed so that they 
could be folded and then retracted and out of sight 
under the covers, where they would not be a nuisance 
during dry cutting. 

A feature of the machine was that datum setting 
gauges were provided for speeding up the setting of 
the tool to workpiece datum face spacing. The X and 
Y axes gauge is attached to a No. 50 taper arbor for 
mounting in the spindle nose and is used for setting 
the spindle centre over the X - Y datum. A separate 
gauge is provided for the Z axis (Fig. 5) and because 
this is used every time a tool is changed, it was 
mounted on the side of the head to be readily avail
able. The gauge is stored under the head cover when 
not in use and is pulled down and swung under the 
tool when required. 

In the final finishing stage advantages accrue 
through having separate covers. During building the 
covers are fitted and then removed for painting; this 
provides the paint shop with work to fill slack 
periods. Masking of the machine is no longer required 
and the covers are of a size that are easily handled in 
the spray booth. Two tone colour schemes can be 
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Fig. 4 Completed machine. 

provided by spraying each cover the required colour. 
Special colour schemes for customers can be catered 
for without interfering with the build, and at rela
tively short notice. Paint can be allowed to harden 
thoroughly, and nameplates fitted. In this way, 
another of those activities that cannot be hurried and 
which takes place when the capital tied up in the 
product is greatest, is moved from a series activity 
with strict timing requirements for the labour, into a 
parallel activity in which there is more than ample 
latitude. Furthermore, by using a spare set of covers 
during cutting tests, it is possible to deliver a gleaming 
new machine to the customer untouched by swarf 
and coolant. 

In the event of a breakdown the covers can be 
removed easily and quickly. Virtually the whole of 
the machine is then readily accessible for examination 
and repair, and it can be operated in its entirity, 
without covers, during fault finding. 

The consideration of appearance, leading to the 
decision to completely cover the machine has had far 
reaching effects on the design. Although only those 
parts of the machine directly affected by this con-

cept have been described, there is hardly a part that 
has not benefited technically or cost-wise. The free
dom gained by not having to consider appearance 
took much of the hesitancy out of design and was 
genuine relief to the design team. There was more 
room to manouvre in the technical, as well as the 
space, sense. Because of the simple configuration of 
the machine , parts were less dependant on each other 
and designs could proceed in parallel rather than in 
series. Then there were the intangibles such as the 
enthusiasm and pride given to both the design and 
production teams in producing a machine that is neat 
and pleasant to look at which does raise standards. 
The work of the Appearance Design Consultants was 
clearly outstanding. 

The performance of the machine met the specific
ations fully; in fact, the machine could not be made 
to chatter even when the spindle drive was over
loaded by 30%. 

Final estimates indicated that the simplification of 
parts and production methods more than matched 
the cost of the extra covers. It could even be said that 
the cost of a good appearance was negative here. 
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Fig. 5 Z axis datum setting device. 

DISCUSSION 

Query from T. J. Vickersstaff 

Could you say from your experience whether or not 
this machine would require significantly more floor 
space than one designed by more conventional 
techniques? 

Reply 

There is little or no difference in floor space require
ments, but better accessibility. In fact various outline 
sketches were made to justify the final arrangement. 
On a general basis, the ratio of workpiece capacity to 
floor area of this machine compares quite favourably 
with most competitive machines. So often, 
accessibility for maintenance and, for that matter, 
stacking of components and the provision of tool 
cabinets, is neglected and just the minimum area for 
installing the machine is taken into account. 
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STRESS WAVE FRACTURING OF A BAR 

by 

S. T. S. AL-HASSANI and W. JOHNSON* 

SUMMARY 

A method is described whereby a bar subjected to a blow at one end induces tensile fracture at a controlled 
distance from the other end. The piece cut-off, or spall, moves off with a velocity which largely depends on the 
applied pressure pulse characteristics. Multiple fractures at specific points along the bar are produced, which 
suggests that this method has potential in the field of fracturing from one long bar, a number of smaller bars of 
different lengths by the application of a single blow. The particular advantage of this method, namely, that no 
tool is required in the fracture region, thus commends itself as a valuable method of cutting super alloys, concrete 
slabs, rocks and ceramics in situations where contamination due to tool contact is not desirable. A simple one
dimensional wave theory is presented to assist in the understanding of the mechanics of the process. 

E 
L 
M 
N 
s 
T 

v 
X 
8 
A. 

11 
v 
p 
a 

Suffixes 
I 
R 
T 

NOTATION 

cross-sectional area of the specimen 
wave speed in a long bar= .../(E/p0 ) 

dilatational wave speed in a bar with 
restricted lateral expansion 
Young's modulus 
length of bar 
mass of striker 
an integer 
fracture tensile stress 
period of a sinusoidal pressure pulse 
strains in x, y and z directions 
length of discontinuity 
mass per unit length of bar 
time 
particle displacement at a section distant 
x from the point of loading 
particle velocity 
distance along the bar 
length of spall 
stress pulse time constant and Lame 
constant 
coefficient of rigidity 
Poisson's ratio 
density 
stress 

incident 
reflected 
transmitted 
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INTRODUCTION 

This work is aimed at constructively utilizing the long 
known, but inadequately understood phenomenon of 
fracture due to stress waves. The characteristic 
features that typify the phenomenon are (i) that the 
high speed loading is accomplished in a few micro
seconds, (ii) the transient nature of the applied stress 
pulse, (iii) the reflection and destructive interaction 
of stress waves and (iv) that the damage is generally 
located remote from the point of application of the 
load. 

Some of the chief sources of impulsive loading are 
high-velocity impact of projectiles, water hammer and 
explosions. The effects are commonly discerned in 
the form of partial cracks, or total fractures, depend
ing on the relative strength of the impulse, its 
duration, properties of the material and its geometry. 
The various pieces that fracture from the parent body 
are called scabs. The term spalling applies specifically 
to bars. 

Fig. 1 shows a bar of freely supported brittle 
material whose compressive strength is much greater 
than its tensile strength, subjected to explosive attack 
at one end resulting in multiple spalling at the free 
end. Spallation is the result of tensile reflection from 
the free end of the bar of the transient compressive 
pulse induced by the explosion. The number of spalls 
depends on the ratio of the compressive to tensile 
strength. The lengths and escape velocities of the 
spalls depend on the pulse shape. 
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Origins of the problem and related investigations 
The first observation on fracture due to stress waves 
seems to have been made by John Hopkinson1 about 
a century ago, in his experiments 'On the rupture of 
iron-wire by a blow'. His work was followed up by his 
son, Bertram2 , and a number of other workers3 at 
the turn of the century. The impetus for further work 
in this field came during the Second World War when 
aerial bombardment as well as field artillery was 
sometimes turned on to both military and civilian 
targets. 

The military engineers4 •5 are primarily concerned 
with the destruction caused to buildings, under
ground shelters, bunkers and other structures, and 
this has led to the study of penetration, scabbing, 
perforation and cavity formation. It was observed for 
instance that a missile which could penetrate x feet 
into a semi-infinite block of concrete could also 
perforate a wall of the same material of thickness 2x 
feet. On examination this was attributed to scabbing 
from a near free surface, which assisted perforation. 

Another vitally important phenomenon that was 
found was the scabbing of the inner face of walls of 
tanks and armoured vehicles when subjected to attack 
by shells, bombs and mines in contact with the outer 
surface. A more recent development is the study of 
seismic effects and the cracking of subterranean rock 
due to underground nuclear explosions6 . Industrial 
interest in the phenomenon mainly centres around 
communition of rock 7 and fracture during explosive 
and shock hardening of metals8 . 

An interesting investigation reported by 
Miklowitz9 concerns the tensile testing of brittle 
materials in which it was noted that fractures were 
produced at two different cross-sections of the speci
men when the rupture load was reached. Experiments 
were conducted on plexi-glass at a loading rate of 
300 lb/min and on high-strength steel at 2000 lb/min. 
The situation was analysed by considering that two 

types of waves emanate from the initial rupturing 
section. One is a longitudinal compression wave 
which is, in fact, an unloading wave associated with 
the decrease in load in the fracture process. The other 
is a group of flexural strain waves produced by the 
moment that develops as the crack propagates across 
the bar from its origin at a surface of discontinuity. It 
was found that the second fracture usually occurred 
at a guage cross-section adjacent to the specimen head 
farthest from the initial fracture surface. It was 
shown in the analysis that this second failure is due to 
the superposition of the longitudinal strain from the 
unloading wave which, through reflections, becomes 
tension and the resulting flexural strain, which to
gether exceed the original tensile fracture strain. 

Many other related investigations are reported in 
the literature on stress waves, e.g. that of Davies10, 

Rinehart11- 13 , Kolsky14' 15 , and more recently 
Johnson16• 

Present work 
The present work is an exploratory attempt to make 
use of spalling in bars due to impact loads as a 
method of cutting brittle materials. The particular 
advantage of this method lies in the absence of any 
cutting tool. Preliminary tests were made on rect
angular and round bars which were subjected to 
contact explosives and the impact of bullets at one 
end. The possibility of cutting from one bar a number 
of smaller bars of different length in one single blow 
is investigated. 

Fracture at several sections along the bar is 
promoted by the introduction of grooves or localized 
external radial compression at the section to be cut. 
This paper also aims at presenting a rudimentary 
analysis which assists in the understanding of the 
process and investigates the influence of the impor
tant parameters. 

Fig. 1 Multiple spalling in a 1·0 X 1·0 in section, 15 in long plaster-of-paris bar. 
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APPARATUS AND MATERIALS 

The procedure in all tests was rather simple and 
efforts were made to keep it to a minimum. Two 
types of loading methods were employed. The first 
was contact explosive loading which mainly involved 
the firing of an I.C.I. No. 6 detonator at one end of 
the specimen. The second was impact loading by a 
striker which involved the firing of a mild steel bullet 
from a 0·25 calibre gun at one end of the bar. 

In every test the specimen was supported on a 
stretched fme wire mesh and positioned accurately so 
that impact takes place collinearly. 

Owing to its sensitivity to impact loading, Perspex 
was chosen as the material for such preliminary 
investigation. One-foot long bars of i X i in cross
section and tin diameter section were tested. The 
rectangular bars were cut from Perspex sheet whilst 
the circular rods were cut from rods of as-bought 
longer length bars. Grooves of rectangular and V
shapes of various sizes and angles were milled at 
various sections along the bars so that a variety of 
specimens were made available. Experimental results 
were obtained for straight uniform bars with localized 
ring load; the latter was applied through circular rings 
made from piano wire which was pressed into the 
surface of the bar by means of a clamp loaded at 
three symmetrical points around the ring. 

EXPERIMENTAL RESULTS 

Numerous tests were carried out on various bars hav
ing various discontinuities along their length and 
under various conditions of loading and supports. 
Some of the results are summarized below. 

Explosive cuttin~ of rectangular bars 
A uniform ~ X 8 in cross-section, I2 in long Perspex 
bar was subjected to explosive pressure from a single 
I.C.I. No. 6 detonator in contact with one end. A 
spall I 7 I I6 in long was flung free as shown in Fig. 2, 
specimen I. The fracture took place at a section 
perpendicular to the axis of the bar. Another bar, 
specimen 2, of the same dimensions as the previous 
one but containing an all-round rectangular groove 
I /32 in deep and ! in wide cut at a section I ·0 in 
away from the free end was subjected to the same 
explosive; the fracture in this case occurred at the 
sections of discontinuity forming two cut-off pieces 
as shown in Fig. 2. When the position of the neck was 
made! in and I·5 in away from the free end, fracture 
always took place at all the sections of discontinuity. 
When two more similar bars with wider necks of 
I /32 in deep but ~ in wide situated at I·O in away 
from the free end were used, similar behaviour was 
observed. 

Bars with more than one neck were also subjected 
to an explosive pulse. The aim was to obtain several 
cuts at specified positions along the bar in one shot. 
A bar, specimen 3, with two necks t in apart, each 
I /32 in deep and tin wide situated 4 in away from 
the free end, when subjected to explosive pressure, 
produced fractures at the two necks. However, frac
ture did not take place at the farthest section of dis
continuity as shown in Fig. 2. Several more bars with 

narrower necks gave similar results, although the 
single unfractured section of discontinuity within the 
farthest neck alternated from one discontinuity to 
the other. When bars having three necks each, I/32 in 
deep and 3/32 in wide, situated at! in distance from 
the free end were tested, complete fracture consis
tently took place in all the necks. However, two 
sections of discontinuity were found always to 
remain uncut. 

In almost all the above necked specimens the frac
ture seems to have consisted of male and female parts 
as shown in Fig. 3a. In occasional instances the frac
ture was a cross as shown in Fig. 3b. Another 
common feature was the shatter of about ! in at the 
loaded end of the specimen due to the high compres
sive applied pressure. 

Explosive tests were also made on rectangular bars 
with rectangular grooves only on two parallel sides of 
the bar. Similar results were observed. Fractures 
occurred at the grooves but not necessarily at every 
section of discontinuity. It was found, however, that 
as the grooves became narrower and shallower the cut 
sections tended to be better defined and of flatter 
surface. In Fig. 4, specimen 4 is a typical fractured 
bar with grooves of 1 /I28 in depth and 1/128 in 
width made at two parallel sides of the bar. 

Bars with more than three grooves gave encourag
ing results. Fig. 4 shows fractured specimens 5, 6, 7 
and 8 originally having 4, 5, 6 and 7 rectangular 
grooves, respectively. Each groove was I/32 in deep 
and 1/32 in wide. Another set of bars with V-shaped 
grooves of various angles and depth on two sides of 
the bars were tested. Much the same result was 
obtained as with bars having rectangular grooves. 
However, the cut-off surfaces in most of these cases 
seemed to be more even. 

Stress wave cutting of circular bars 
Round Perspex rods off in diameter and I2 in long 
with single all-round rectangular grooves were sub
jected to explosive pressure at one end. Fracture took 
place at sections of discontinuity along the bar in a 
way almost identical with that of rectangular bars. 
Bars with more than three necks placed at half inch 
increments from the free end seem to be cut at at 
least three discontinuities producing at least three 
smaller bars. However, as with rectangular bars, it was 
found that the narrower the groove the cleaner the 
cut. The shape of fracture is in most cases a shallow 
cup and cone as shown in Fig. 3c. 

Attempts were made to cut uniform Perspex rods 
at several sections along the length without having to 
initially introduce grooves at these sections. Mild-steel 
wire 0·03 in diameter was wrapped once around, each 
section to form a ring and was then compressed at 
three points equally positioned on the periphery to 
secure localized cutting of the Perspex at the chosen 
sections. On explosively loading at the far end of the 
rod, fracture took place at the compressed sections. 
When more than three stations of localized pressure 
were applied at tin intervals from the free end, frac
ture did not always occur at the other furthest 
stations. It seemed, however, that a compressed 
region along the bar caused similar behaviour as with 
a groove. The fractured surfaces in all these experi-
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ments were found to be rough and a typical section is 
shown in Fig. 3d. 

Impact loading by bullets 
Preliminary tests were made into the fracture of 
Perspex rods due to the impact of a bullet. The i in 
uniform Perspex rod spalled at a number of sections 
along the length when struck by a i in diameter 

mild-steel bullet moving at 700 ft/s. However , when 
grooves were introduced, fracture took place at all 
discontinuities. The fractures were mainly of cup and 
cone type. Difficulties were encountered in accur
ately positioning the rod so that collinear impact is 
secured. Fracture in such cases occurred at more 
sections and a greater number of smaller bars were 
produced than in the case of explosive loading. 

Fig. 2 Frac ture i- X tin section, I 2·0 in long Perspex bars with peripheral grooves subjected to explosive pressure at one end. 

Fig. 3 Fracture patterns at sections of discontinuity . In (a) and (b) explosive loading of rectangular perspex bars with peripheral 
grooves, (c) impact loading of circular bars with peripheral grooves and (d) c'plosive loading of uniform circular bars with 
peripheral compression at a section alo ng the length. 

Fig. 4 Stress wave fracturing of rectangular Perspex bars with grooves on two parallel sides. 
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ANALYSIS 

A comprehensive analysis of any of the situations des
cribed above is rather difficult. However, a rudi
mentary analysis based on the one-dimensional wave 
theory is now presented to assist in the understanding 
of stress-wave transmission in bars of uniform section 
but containing discontinuities. It is hoped that 
further extensions of the simplified analysis may 
assist in the design of proper facilities to readily 
control the process. 

Elementary analysis of elastic stress wave in a long 
uniform rod 
Fig. 5 shows a uniform isotropic rod transmitting a 
stress pulse along its length. Let u denote the dis
placement undergone by a plane AB in the rod which 
is originally distance x from 0, the left-hand end of 
the bar which is the origin in the rod. 

Then [u + (aujax)ox] is the displacement of a 
plane A'B' which is parallel to AB but initially 
distant (x + ox) from 0 in the unstrained state. A 
disturbing force applied uniformly at time t = o, over 
the plane x = o, will cause an elastic stress a to be pro
pagated and to be effective over typical plane AB at 
time t. It will be assumed that the stress is related to 
strain through Hooke's law and that displacements 
are small and elastic. 

An accurate analytical treatment of such a situ
ation would be cumbersome and it is necessary to 
make simplifying assumptions. It will be assumed that 
the effect of transverse strain and transverse inertia 
on the longitudinal equilibrium of the bar are negli
gibly small. The gravitational and all dissipative (e.g. 
damping) forces are taken to be negligible. Further
more, the diameter of the rod is assumed to be much 
smaller than the pulse length of the applied force. 

The net force on element ABB' A' causes it to 
accelerate so that the equation of motion for an 
element of rod of cross-sectional area A 0 is 

aa a2 u 
ax =Po aP 

(I) 

where p 0 is the density of the material in the un
stressed condition. The strain in an element of length 
ox is au;ax and thus 

a =Eau 
ax 

(2) 

where E is the Young's modulus. Combination of 
equations (1) and (2) yields 

a2 u a2 u 
=~ 

at2 ax2 
(3) 

(4) 

Equation (3) is a wave equation whose general solu
tion is of the form 

(5) 

in which C0 represents the speed of propagation. The 

wave f(x-C0 t) is a forward travelling wave whilst 
F(x+C0 t) is a backward moving wave of different 
shape and size. The speed of movement of a particle 
in the bar is au;ar, and denoting this by v we have 

a = Eau = .!!...._ au = E v ( 6) 
ax C0 at Co 

or substituting forE we obtain 

a = Po C0 V (7) 

The quantity p 0 C0 is often referred to as the mechan
ical impedance of the bar. 

A stress pulse of a certain shape when imposed on 
one end of the bar will travel towards the other end 
with a constant speed C0 . As long as no change in 
cross-section or in the material or stress system on the 
bar occurs, the stress pulse may be assumed to remain 
undistorted. 

Reflection and superposition of stress waves 
Equation (3) is linear and solutions to it may be 
superimposed, i.e. when more than one stress wave 
travels through the bar the net stress on, or the speed 
of particles in, a given plane are easily obtained by 
adding together the separate effects of the operative 
waves at that plane. 

It is worth noting that (i) in a tensile-stress pulse 
the direction of propagation and the direction of 
particle movement are opposite, whilst (ii) in a com
pressive pulse the direction of propagation and the 
direction of particle movement are the same. 

When a stress pulse meets a change in cross-section 
or in the material of the bar, reflection and trans
mission will take place at the boundary. For a free
ended bar the stress at the free end should remain 
zero for all time. This requirement when imposed on 
the stress wave as it arrives at the free surface necessi
tates a reflection of the wave with a negative stress 
travelling in an opposite direction to the incident 
wave. Similarly, in a fixed ended bar the particle dis
placement at that end remains zero all the time. This 
would necessitate a reflection of the wave without 
change in shape or intensity. Of course, when the 
incident and reflected waves can no longer be super
imposed on each other at any section, they continue 
to be propagated without alteration in shape. 

Spalling of a free-ended bar due to reflection of a 
compressive stress wave from a free boundary 
Stress waves of various shapes occur in practice but 
the most common shape is an exponentially decaying 
stress pulse with a sharp front, as shown in Fig. 6a. 
This usually arises in an elastic material after attack 
by an explosive or the impact of a rigid mass on the 
surface. A typical exponential stress pulse is of the 
form 

a = a0 e (8) 

where a0 is the initial stress and 71./C0 is the time 
constant. 
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On application of this stress to one end* of a 
freely supported bar, it travels towards the other end 
where it will be reflected, as shown in Fig. 6b. The 
compressive stress is reflected as a tensile stress and, 
at an intermediate interval when the reflected wave
front arrives at D, the total stress at the bar is the 
resultant of both the incident and reflected waves, as 
shown in Fig. 6c. The incident part of the pulse con
tinues to travel towards the free end and the reflected 
part of the pulse continues to travel away from the 
free end until the pulse is wholly reflected as a tensile 
pulse as shown in Fig. 6d. 

A material which possesses high compressive 
strength can deliver high compressive stress waves. On 
reflection, however, the large tensile stress front 
could well exceed the on-coming incident compres
sive stress by an amount larger than the tensile 
strength of the material of the bar. When such a situ
ation develops at a section D, distant 8 from the free 
end, fracture 'spalling' takes place and portion DF 
flies off carrying with it a momentum which is deter
mined by the shape of the trapped part of the stress 
pulse. For spalling to develop in a bar of material 
which has a tensile strength S, therefore, we must 
have 

-c t /A S = a0 - a0 e 0 1 (9) 

where t 1 is the time which the wavefront a0 takes to 
traverse the length DF and back again to location D. 
In terms of distance along the bar t 1 = 28 /C0 and 
equation (9) reduces to 

-28/A S = a0 (1- e ) (10) 

or 

1 
8 =;\In (II) 

(I - S/a0 ) 112 

The new fracture surface will act as a second free 
boundary which causes the oncoming incident com
pressive stress in the bar to be reflected; and in a 
similar way further spalls may be engendered. It is 
thus easy to see how successive fractures or spalls 
may be created. It can be shown that the Nth spall 
length is A 1n [1/(1 - NS/a0 ) 112 ] provided S < a0 /N 

The momentum / 1 carried away by the first spall 
is found from 

28/Co 
/ 1 = J A 0 a dt 

0 

(12) 

Measurements of the momentum of each spall can be 
used to deduce the shape of the applied pulse. The 
approximate shape of the pulse can also be obtained 
from a knowledge of the tensile strength of the bar 
and the length of each spall in a multiple spalling 
operation. 

*Strictly, on loading, the stress distribution is three
dimensional in the first diameter of the bar. 

Spalling of a free-ended bar struck by a rigid mass 
The situation envisaged is that in which a rigid 

striker of mass M impinges with a speed V0 on the 
end of a long bar which is freely supported. The 
equation of motion forM is 

MdV =-A a 
dt 0 

(13) 

where a is the stress intensity at the interface 
between the bar and mass M at time t, Vis the speed 
of the interface, A 0 is the cross-sectional area of the 
bar and Po its density. 

From equations (7) and (13) we obtain 

~; = - PoCoAodt 

Integrating and noting that V = V0 at t = 0, we 
obtain 

V= Vo e-PoAoCot/M = Vo e-mC0 t/ML (1 4) 

where m and L represent the mass and length of the 
bar respectively. 

Alternatively using equation (7), the stress at the 
interface is 

(15) 

This is of the same form as equation (8) with the time 
constant A= ML/m. This stress pulse travels along the 
bar until it is reflected at the free end. When the 
conditions of equations (9) or (10) are fulftlled, spat
ling takes place. 

Spalling due to explosive and other pressure pulses 
An explosion at one end of a bar generates a stress 
wave well described by equation (8). For simplicity it 
is sometimes approximated to a straight line of nega
tive gradient given by C0 /;\. However, equations (8) 
to (12) are evidently valid and spalling is effected 
whenever the conditions of equation (9) are satisfied. 

Other pressure pulses may also cause fracture at 
the free end of the bar. A single sinusoidal pressure 
pulse, for example, may produce a fracture at dis
tance 8 from the free end where, 

., _ T C0 . -1 ( S ) 
u -- sm -

4 7r P0 

when the input pulse is of the form 

and 1 (t) is the Heavyside unit step function. 

(16) 

Propagation of stress waves in a bar of restricted 
lateral expansion 
We consider a long bar which has its lateral dimen
sions completely restrained. The stresses due to the 
restraints in the lateral directions y and z will affect 
the strains in the axial direction, x, and the elasticity 
equations are 

(17) 



S. T. S. AL-HASSANI AND W. JOHNSON 135 

1 
ey = E (ay- VUz - vax) 

e = .L (az - vay- vax) 
z E 

For ey = ez = 0 we fmd 

_ (1 + v)(1 - 2v) Ux 
ex - (1-v) · E 

or using Lame's constants A and ll 

ax = (A + 2p.) ex 

where A= E 
(1 + v)(1 - 2v) 

E 
and p.= 2 (1 + v) 

(18) 

(19) 

(20) 

(21) 

Differentiation of equation (21) with respect to x and 
combination with equation (1) yields 

(22) 

where the speed of longitudinal wave propagation is 

c, = (A ;o2p.~lh. (23) 

Propagation of stress waves along a bar with part of 
its length restricted in lateral expansion 
The situation considered is shown in Fig. 7a in which 
an incident compressive stress wave of intensity a1 is 
travelling through bar OABC. The region AB is under 
radial external pressure which is large enough to con
strain any lateral expansion in that region. The wave 
speed in bars OA and BC is C0 and in AB is c,. 

On entering AA' the incident stress wave a1 must 
be reflected and transmitted to allow for the sudden 
change in condition of stress at the discontinuity. For 
equilibrium of axial forces at section AA' 

At (a1 +aRt)=A2 aTt (24) 

where At and A 2 are the cross-sectional areas of the 
free and restrained parts respectively, aRt is the 
intensity of the reflected stress wave and an of the 
transmitted stress wave. 

The velocity of the particles at section AA' is VTl 
where 

(25) 

and V1 and V R t are the velocities of particles in bar 
OA due to a1 and aRt respectively. Substitution of 

UJ =Po Co v.. aRt =Po Co VRt 

and 

an =Po c, Vn 

into equation (25) and solving for an and aRt from 
equation (24) and (25) give for At = A 2 , 

(26) 

and 

(27) 

The transmitted stress an will now be propagated 
through region AB until it arrives at section BB' 
where again it will undergo transmission into BC to 
be of intensity an and reflection back to AA' at 
aR2. Repeat of equation (24) and (25) for section 
BB' gives 

2C0 = 4C,C0 

Cl +co an (C +C )2 ai 
l 0 

(28) 

and 

C0 - Cz = -2C,(C,- C0 ) ( 29) 
aR2 = c, +Co an (C, + Co)2 UI 

where the negative sign identifies aR2 as tensile. 
The behaviour of the stress wave in the bar after 

the second transmission depends on the lengths of 
AB, BC and the pulse length of the stress wave. For 
simplicity we now consider the case when the length 
of AB, /, is larger than the length of BC and the pulse 
length. Hence, an will travel towards the free end of 
the bar cc' where it will be reflected as aT3 = -an 
The reflected stress ap travels towards BB' and on 
encountering region AB a stress aT4 will be trans
mitted through BB', and a stress aR4 will be reflected 
back towards end C. The values of these stresses are 

-8Cf C0 

= (C, + Co)3 al (30) 

and 

(31) 

Now the total stress a' at a section just inside 
region AB behind BB' at the instant aT4 enters BB' is 
given by the sum of aT4 and that of the on-coming 
stress an and aR2 which are now twice the length of 
BC behind aT4 . For an exponential pulse of a shape 
described by equation (9) we have 

or 

a' = -8 1 Co 1 _ ~ (1 + C0 ) e d [ --28/A] 
(C, + C0 ) 3 c, (33) 

where 8 is the length of BC. 
On the other hand, the total stress a" at the 

same instant just outside the restrained region next to 
BB' is given by the sum of stresses aT3 , aR4 and the 
oncoming stress an which lags at distance 28/C0 

behind aT3 • Hence 

, -4CzCo 4CzC0 (C,- C0 ) 

a = (C, + Co)2 Uo - (C, + Co)3 Uo 
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or 

which is the same as a' and would be expected 
because A1 = A 2 . 

If fracture is to take place at BB' at the instant of 
arrival of aT3 at BB', the condition 

must be satisfied, where S is the critical tensile frac
ture stress. However, if l< <o a complicated situ
ation would arise due to the multi-reflections of 
stresses in the region AB. In such a situation, before 
an reaches the free end C and is reflected back to 
BB', other stresses will have been transmitted through 
BC which originally arose from multiple reflections 
and transmission of aR2 at boundaries BB' and AA'. 
A series of .small amplitude stresses, all compressive 
for C1 > C0 , will be propagated through BC behind 
an. The time lag of each of these is 2l/C1; that is, the 
time for each aR to traverse twice across AB. 

It is particularly interesting to note that because C1 

is slightly larger than C0 , the factor 8Cf C0 /(C1 + 
C0 ) 3 in equation (35) is larger than unity. For v = t 
the factor is approximately 1·3. Hence, introduction 
of a radial compression at a section along the bar 
assists fracture at that section. 

Stress wave transmission through stepped bars 
The introduction of a groove in a bar reduces the 
cross-sectional area of the bar so that an incident 
stress wave will be reflected and transmitted at the 
section of discontinuity. Notwithstanding the disper
sive nature of the longitudinal stress wave we assume 
that simple plane-wave theory still applies. 

We consider an incident elastic wave of compres
sive stress of intensity a1 moving to the right, see Fig. 
7b, through the bar of cross-sectional area A 1 . This is 
partly reflected and partly transmitted at the surface 
of the discontinuity AA'. The stress wave transmitted 
into region AB of intensity an and that which is 
reflected back through bar AO, aR 1 may be found in 
a similar manner as through equations (24) and (25). 
Solutions of equations (24) and (25), after appreci
ating that al = Po C0 VI, aRt = Po Co VRl and 

an =Po C0 V n , yield 

A2 -At a - a 
Rl -A +A I 

2 1 

and 

2A a - 1 
T1 -A +A 

2 1 

or puttingAt/A 2 =n, 

(36) 

and 

2n 
aT1 = ai 

l + n 
(37) 

It is clear from equation (36) that for n> 1, aR 1 is 
negative, indicating a tensile wave. This is consistent 
with the statement made concerning reflection of a 
stress wave at a free surface. For a free surface we 
have n-'>00 and hence aR1 ~ -a1, and for a rigid end 
we have n~o and aR 1 ~a1 . 

In a similar manner to the partially restrained bar 
the stress wave behaviour after the second trans
mission is governed by the relative lengths of AB, BC 
and the pulse length. However, we now consider a 
stepped bar with a neck of length, I, which is smaller 
than BC. Measure time t from the instant at which a1 

enters into AA' and consider that a1 is of exponential 
form given by equation (8). The situation at t = o is 
shown in Fig. 8a and at t = l/C0 is shown in Fig. 8b. 
The value of n is assumed large enough not to cause a 
gross increase in aR 1 to effect fracture along OA. 

We concentrate on the progress of a1 as it pro
pagates through the stepped bar. After passing into 
the end portion of bar BC, through the second change 
in area BB', an will be transmitted and reflected as 
an and aR2 respectively, as shown in Fig. 8c. We 
have 

(38) 

and 

_ (n - l) _ 2n (n - 1) 
aR2 - (n + 1) an - (n + l) . (n + l) a1 (39) 

At t = 21/C0 , aR2 arrives at section AA' and the 
wavefront of an penetrates a distance I into bar BC 
as shown in Fig. 8d. After passing into the end 
portion of bar OA, through the first change in area 
AA', aR2 will be transmitted and reflected as aT3 and 
aR3 respectively. The situation at t = 5l/2C0 is shown 
in Fig. 8e. We have 

2 
aT3 = (--) UR2 

l+n 

2 

(l + n) 

and 

aR3 = ( ~: ~) aR2 

(n- l) 
(n + l) 

= (~:~) (~:~)· 

2n 
(l + n) 

2n 
(l + n) a1 

(40) 

(41) 

At t = 31/Co, aR3 arrives at section BB' and the 
wavefront of an is at distance 2/ from BB' into bar 
BC and the wavefront of an penetrates a distance l 
into bar OA. The reflected stress aR 3 is compressive 
and it adds to the stress originally available from the 
tail of an. On the other hand, the transmitted com
pressive stress an is superimposed on the tail of a1 
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which is compressive and on the tail of aRt in OA 
which is tensile. 

After passing into the end portion of bar BC, 
through BB', aR3 will be transmitted and reflected as 
aT4 and aR4 respectively. The situation at t = 4/fCo 
is shown in Fig. 8f. We have 

2n a, 
(n +I) 

(42) 

and 

(1 ~ n) ( ~: ~) 2 

aR4 = ( ~ ~ ! ) OR3 

(~:!)3 2n 
(n + I) 01 (43) 

As time passes, the stress in the neck AB will 
undergo multiple reflections and transmissions at the 
discontinuities until no further stress remains in the 
neck. The situation is such that the stress wave in bar 
BC will be comprised of a number of superimposed 
transmitted compressive pulses, the wavefronts of 
which are at constant intervals of 2/ behind the wave
front of an, as shown in Fig. 8g. Similarly a series of 
reflected stress pulses will be travelling in bar OA 
towards 0. The only tensile stress in OA will be due 
to aR 1 and the rest are compressive. The function of 
the neck, therefore, seems to be to reduce the effec
tive decay of the incident stress pulse. 

The total stress transmitted in BC can be described 
as 

2/ 
aT = on + aT4 1 (t- Co ) + 

1 4/ 
+ 0T6 (t-- ) + .... 

Co 
(44) 

Substituting for an, aT4 and aT6 ••• etc. and noting 
that a1 is exponential, viz. equation (8), we obtain 

4 ~Cat/A.l (n- 1 )2 2/ 
aT = (n :1? Oo e 1 + e21/A. n + I 1(t- Co) 

+ 41/A.(n-1)4(t-4/ )+e6l/A.(n-1)61(t-6/) 
e · n + 1 Co n + 1 C0 

2(N~(I)l/A.)(N-I) ~ 
+ e n - I 1 rt _ 2(N ~ I )I J 

n + I 1.: C0 ( 45 ) 

The value of the interger N is decided by the time 
at which aT is evaluated. However, as 1-*o, N-->oo, and 
equation ( 45) gives the propagation in a uniform bar. 

aT l/4o = (n '; l)' "" ,-Cot/A ~ -d: :)'] 
-Cat/A. 

(46) 
The train of transmitted pulse in BC will be 

reflected at the free surface CC' and become a' T 

(tensile). This stress wave travels towards BB' and 
superimposes itself on the tail of aT which is still 

moving on. If at a -section along BC the reflected ten
sile stress exceeds the on-coming compressive tail by 
an amount just greater than the tensile strength of the 
bar, fracture takes place at that section. However, due 
to the neck, the oncoming compressive tail stress 
magnitude is higher at a section in BC than it would 
be if the neck were absent. Therefore, spall length 
tends, in the case of a stepped bar, to be larger. If on 
the other hand the stress was not large enough to 
produce fracture along BC, the reflected tensile stress 
a' T would penetrate into the neck BC through BB' 
and, in a similar manner to that which was undergone 
by the original stress a1 , would be transmitted and 
reflected as a' Tt and a' Rt respectively. The value of 
a' Tl is higher than a' T, so that when it is large 
enough, fracture will be promoted at section BB'. 
Using these same arguments the total stress at section 
AA' at the moment a' T1 penetrates into bar OA is 
higher than a' T1 and the possibility of fracture taking 
place at section AA' is even greater. 

For similar reasons the introduction of more necks 
in the bar assists fracture at the necks. Analysis of 
stress transmission in a bar with more than one neck 
is rather complicated. It is even more tedious to 
include secondary stress release waves when fracture 
occurs at a section of discontinuity. 

I ~-1 j-a+~~6x 
o~------~-~-~--------' A' 'A' 

~ x .l}x.l 
Fig. 5 Diagram of element in bar carrying a stress wave. 
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0-------~Gr------------=====~F "·R: . 
Fig. 6 Transmission and reflection at a boundary of an 
exponential stress pulse (a) before reaching the free end, (b) 
reflection of a portion of the pulse at the free end, (c) resul
tant stress state at the bar at the instant the wavefront arrives 
at section D, (d) the stress pulse completely retlected as a 
tensile wave travelling towards the loaded end. 
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0 

(a) 

A' e' c' 
-ui I I 

0 A B c 
(b) 

Fig. 7 Line diagrams of a bar subjected to an incident stress 
wave of intensity o1. (a) the bar has a region AB near the 
free end subjected to peripheral compression. (b) the bar has 
a rectangular groove at region AB. 

t=o ~ 
o======~--~L--~~-----c A• L •II (a) I.J:-l 

(c)' 

0: --f'~ 
R2 -r:rO'T2 

o-~-~----Ao:·R,·~~~F-=_=;=L_=-~~~--L~.~--L~.~--~---c 
v. 'J I• • • ' • • 

Fig. 8 Transmission and reflection of an incident exponen
tial stress pulse along a bar having a groove, AB, of length/. 

CONCLUSIONS 

A technique has thus been developed for producing 
fracture at a number of sections along a bar. The 
force producing the tearing-off effect is a short dur
ation compressive stress pulse of high magnitude 
applied at one end. The pulse is produced from the 
impact of a fast bullet or the pressure of contact 
explosives. The passage of the stress wave is 

obstructed by the introduction of a discontinuity at a 
region near the free end of the bar. The compressive 
stress wave propagates along the bar, through the dis
continutiy, towards the free end where it will be 
reflected as a tensile stress wave travelling back to
wards the discontinuity. On arrival at the discon
tinuity the tensile stress is amplified and fracture is 
promoted. The discontinuity was produced by means 
of cutting shallow grooves on the face of the bar or 
by applying a lateral compressive pressure at a 
portion of the bar near the free end. The technique 
was used to cut Perspex round and rectangular 
section bars. 

An exploratory set of tests were performed on 
bars with peripheral grooves and with grooves on only 
two sides of the bar. Cutting was achieved in bars 
with rectangular, square and V-shaped grooves. The 
effect of depth and width of the grooves seems to be 
an important factor. An approximate analysis using a 
one-dimensional theory of the process was performed 
and this enabled the sections at which fracture was 
most likely to occur to be located. A rudimentary 
approach was made to investigate the behaviour of an 
incident compressive stress wave when transmitted 
and reflected at regions of discontinuity. 

Further investigations on the effect of stress pulse 
shape, geometry of grooves, distance between discon
tinuities, intensity of local radial force at a section to 
enhance fracture, material properties of the bar and 
geometry of the specimen on the fracture behaviour 
will be worthwhile and may lead to the design of 
controlled equipment which could produce fracture 
in a variety of bars of different materials and shapes. 

The ideas presented may be useful in the field of 
fracture and necking in general and in situations 
where a solid is subjected to an impulsive load, or a 
precompressed material suddenly subjected to local 
release of load. 
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DISCUSSION 

Query from D. Harrison 

It is necessary to mark the bar at the position of 
fracture? 

Reply 
It is necessary, but an alternative is to grip the bar at 
the point of fracture. 

Query from R. A. Pruemmer, Frannhofer, Germany 

It is a well-known fact that the yield strength and 
fracture strength of materials increase with strain 
rate. In the case of loading by means of explosives, 
the loading speed is very high. Therefore, instead of 
the static fracture strength(s), the proper dynamic 

fracture strength should be used in your deduction 
formulae. Is it possible to estimate the length of the 
fractured pieces in the case of a cylinder loaded by an 
impulse from one end, taking into account the strain 
rate effect? 

Reply 

The loading rate is probably much lower than it 
seems and we have no way of knowing the steepness 
of the head of the pulse. The strain rate associated 
with the decay of the pulse is about 10/s. If the 
intensity of the input pulse is known, the fracture 
stress is calculable from a knowledge of the speed at 
which fragments are flung off (see Rinehart & 
Pearson's book13 ). 

Query from S. Shima 

In order to control the length of chopped parts, is it 
necessary either to have grooves or to grip the bar at 
certain intervals? It seems to me that, in a bar with 
discontinuities at certain intervals, the tensile stress 
wave is lowered, rather than kept high enough to 
cause fracture, which can be a limit for the appli
cation of this technique. 

Reply 

It is necessary to put in grooves in order to pre
determine the length of bar that will be chopped off. 
The theory in the paper shows how the discon
tinuities affect a pulse, and the relation of the brittle 
fracture stress to the amplitude of the input pulse. 

Query from G. E Wright, Enfield College of 
Technology 

Is there any change in mechanical properties of the 
fractured bars. 

Reply 

None that I know of. 



EXPANDING SHEET FORMING METHOD FOR AUTOMOBILE BUMPERS 

by 

K. KOSHINO* 

SUMMARY 

'The expanding sheet forming method' for automobile bumpers, which have conventionally been manufactured by 
drawing or rolling methods, has been developed. The drawing method is very versatile for bumpers of different 
shapes and sizes, but the material loss is considerable. On the other hand, the adaptability of the rolling method is 
limited. In this expanding method, the sequence of operations is as follows. First, both ends of a sheet strip 
which are initially bent are gripped by jaws mounted on the sliding punches; second, the punches stretch the 
sheet to form corners and the channel shape; finally, the dies whose moving direction is inclined finish the corner 
shape by engaging the punches. This expanding method can be performed by a special die set combined with an 
hydraulic unit mounted on the conventional single-action press. The saving of material is as much as 20% 
compared with the conventional drawing method. Also·, the surface thus formed is free of scratches, reducing the 
amount of subsequent polishing. Furthermore, it has been demonstrated in the course of plotting the deform
ation path that the expanding method allows greater deformation than the conventional drawing method and 
permits the application of low-grade materials. 

INTRODUCTION 

The expanding sheet forming method has been 
developed as an efficient method for forming steel 
automobile bumpers of relatively complicated shape. 
Conventionally, bumpers have been formed by the 
drawing method, by which many other car body parts 
are manufactured. Recently, some other forming 
methods have been developed and adopted for form
ing bumpers, but their application to various shapes is 
limited. 

The problem in forming bumpers is usually the 
occurrence of fractures or wrinkles at corners with a 
small radius of curvature. The thickness of the steel 
sheet for automobile bumpers is commonly 
1·2-3 mm or 5 mm, and the material is mild steel, 
though aluminium or stainless steel sheets are some
times used. This paper is concerned with the process 
and forming techniques in the expanding sheet form
ing method, and discusses its merits. 

THE CHARACTERISTICS OF THE 
EXPANDING SHEET FORMING METHOD 

The main characteristic of this method is the stretch
ing of the sheet longitudinally by sliding punches. 
This method has various superior characteristics over 
three well-known methods, that is, (a) drawing 
method, (b) roll forming method, and (c) bending 
type forming method, which have recently been 

adopted to form bumpers. The following discusses 
the merits and disadvantages of these conventional 
forming methods, and the characteristics of the 
expanding sheet forming method. 

Drawing method 
This method has usually been employed to form 
panels of automobile body parts such as bumpers, 
roofs, doors, and so on. Forming by this method is 
shown in Fig. la. The steel sheet held with the blank 
holder is drawn in with the punch. The shape of the 
blank holder, the forming direction and the sh;Jpe of 
bumpers must be considered if fractures and wrinkles 
at the corner ;Jre to be avoided. The formability in 
this method has been considerably improved owing to 
the recently developed blank holding device using an 
hydraulic system. 

It is an advantage of this method that it can be 
widely used for forming complicated-shape parts. On 
the other hand, difficulties of this method are that 
excessive material is required for blank holding, and 
that many subsequent finishing processes arc neces
sary to remove scratches and die marks made on the 
drawn parts. 

Roll forming method 
In this method, the blank which has initially been 
bent into a trough shape is rolled and squeezed on the 
die by the forming rollers, as shown in Fig. 1 b. After 

*pepartment of Process Development, Toyota Motor Co., Ltd. 
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that, the only process required is piercing (Fig. 1 ). 
A merit of this method lies in the saving of 

material compared with the drawing method, because 
it saves the material for blank holding. The shape and 
size of the blank are nearly equal to those of the 
fmished parts expanded on a plane. On the other 
hand, a drawback of this method is that the configur
ation at every cross-section of the bumper should be 
constant. This is because every part of the bumper is 
successively formed from one end to the other by the 
same forming rollers, though the depth of cross
section is not necessarily constant. This method is put 
into practice with a special roll forming machine. 

Bending type forming method 
This method has recently been developed and put 
into practice.4 The sequence of operations and form
ing mechanism is similar to those in the above
mentioned roll forming method. The blank, which 
has initially been formed into a trough shape, is bent 
successively from the centre toward both ends of the 
bumper with moving dies similar to those of the 
tangent bender, and finally expanded several percent 
longitudinally by the punches, as shown in Fig. lc. 
This method affords similar saving in material and less 
limitation to the shape of parts compared with the 
roll forming method, because every part of the 
bumper is formed with a corresponding part of the 
die. 

Expanding sheet forming method 
This method is superior to the drawing method in the 
saving of material and in reducing scratches: it is also 
superior to both the roll forming method and the 
bending type forming method in forming corners 
of smaller radius of curvature and more complicated 
cross-sectional shapes. 

The sequence of operations is as follows (Fig. 2). 
First, both ends of a sheet are initially bent and the 
sheet is put into the expanding die set in which two 
sliding punches move horizontally. Both ends of the 
sheet are gripped by jaws mounted on the sliding 
punches are engaged in forming. Just prior to the end 
of the longitudinal stretching, the dies move in direct
ions which are inclined to those of sliding punches and 
engage in forming to finish the shape, and at this in
stant the supporting punch and the subsidiary die also 
engage in forming. 

EXPANDING SHEET FORMING DIE SET 

The expanding sheet forming method is characterized 
by the expanding motion of sliding punches and the 
inclined motion of dies. The expanding motion is 
obtained by changing the vertical motion of the main 
slide into horizontal motion using a cam mechanism. 
The expanding stroke is determined so as to stretch 
the sheet as much as 10-15% over the total length 
when calculated at the top of the cross-section of a 
bumper. This percentage is varied according to the 
dimensions and configurations of the bumpers. Each 
punch and die moves horizontally and vertically, 
respectively, and as a result the moving direction of 
dies is inclined to that of the sliding punches. The 
angle of inclination should be varied according to the 

(a) Drawi ng met hod 

Roller~ 
\ I 
' ' 
I ' 

Die 

(b) Roll forming method 

(c ) Bendi ng type forming method 

Fig. 1 Conventional methods 

radius of the corners, and usually ranges between 45° 
and 60°. The aim of such forming is to distribute the 
shrinkage of the sheet and keep the rubbing direction 
of the sheet and the die edge natural to avoid 
wrinkles and scratches. A special hydraulic mech
anism which is synchronized with a rapid ram motion 
is combined with this die set. The gripping and 
releasing of the sheet, lifting the supporting punch 
and pressing the blank at the end of stroke are all 
hydraulically operated procedures. The hydraulic 
energy is supplied by the ram motion. The response 
of an electric control circuit is not sufficiently fast 
for this mechanism, so hydraulically operated valves 
are used to obtain the rapid forming cycle. The 
timing of operations in this mechanism is as follows. 
Gripping jaws are operated just before the expanding 
motion of the sliding punches and continue gripping 
until the punches begin to return. The supporting 
punch is raised by low oil pressure simultaneously 
with the expanding motion of sliding punches and the 
oil pressure is increased when the punch makes 
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Fig. 2 Expanding methods 

contact with the subsidiary die. Thereafter the 
supporting punch is lowered with the aid of sliding 
punches which return inwards while the oil pressure is 
decreased. The operation of each part of this mech
anism is exactly timed in connection with the ram 
motion, and therefore either a mechanical or a 
hydraulic press may be used. 

FORMABILITY IN THE EXPANDING 
SHEET FORMING METHOD 

The deformation mode of material 
One of the difficulties in forming bumpers is in 
forming the corners. The deformation mode in these 
corners when formed by the expanding sheet forming 
method was investigated. Squares scribed with longi
tudinal and lateral lines on the sheet were observed 
after forming, and the deformation pattern was 
obtained as shown in Fig. 3. The point at which 
lateral lines near the corner intersect lies at a distance 
I ·6 times the radius of curvature of the outer con
figuration of the product, and the neutral line in this 
bent area lies near the inner edge. The lateral deform
ation was small. Further, this deformation pattern 
scarcely varied in the forming of different bumpers. 
Such a deformation mode is not usually observed in 
the drawing method. The deformation at the corners 
gradually decreased with distance from the position 
of potential fracture, that is, the position at which 
deformation was closest to the deformation limit. 
The pattern of deformation distribution was similar 
to that in the drawing method. On the other hand, 
the deformation in the central straight portion was 
more than 10%, which is considerably larger then the 
deformation in drawing. 

M 

Fig. 3 Deformation pattern 

The local deformation 
It is important to consider the local deformations in 
the area near the point M, as shown in Fig. 3, where 
the fracture occurs. The scribed circle test, as shown 
in Fig. 4, was performed to clarify the effect of the 

Fig. 4 Distortion of scribed circles 

deformation path on the fracture. The longitudinal 
and lateral deformations in the area near the point M 
were measured at several intermediate and final stages 
of forming. All these materials were cold-rolled steel 
sheets of commercial quality and 2·0 rum thickness. 
The dimensions of the samples were as follows: 

Sample A (drawing and expanding) : 1415 rum 
width, 67 rum height, 49 rum depth, 106 rum corner 
radius 

Sample B (drawing): 1415 rum width, 65 rum 
height, 58 rum depth, 78 rum corner radius 

Sample C (drawing): 1485 rum width, 66 rum 
height, 67 mm depth, 94 mm corner radius. 

The results are shown in Fig. 5; the results in drawing 
the same bumpers, and the deformation limits (in
itiation of necking) in various deformation paths are 
shown. Observing the distortion of the scribed circle 
at each stage, the following facts were revealed. 

First path: In the first path, that is, the deform
ation path to the first bending point, the sheet is 
stretched a few per cent biaxially, both in the draw
ing and expanding methods. 

Second path: Deformation in the second path, 
beyond the first bending point just mentioned, 
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was observed as uniaxial elongation due to longi
tudinal stretching. Thereafter the longitudinal elon
gation is permitted near 60% without fracture, 
approximately 15% greater than in the drawing 
method. The larger permissible elongation is a basic 
advantage in stretch-forming of channel-like parts. On 
the other hand, the shrinkage at the inner edge of the 
corner amounted to 10-20%. It is obvious from 
recent researches that the deformation limit of 
material varies according to the deformation history. 
This fact is also obvious in the expanding method. 

Dimensions of adaptable bumpers. 
From the above mentioned results, it can be 
predicted. whether a given bumper can be formed by 
this method by simple geometrical consideration of 
the drawing in full scale of the given part. The proce
dure is as follows. 

(i) The fan shape OAB is drawn, where OA and OB 
are the radii of curvature of the outer shape of the 
comer. 

(ii) A point N is set on the line bisecting the angle 
BOA, where MN = 1·6 MO. 

(iii) The circular arc CD, of which N is the centre, 
is drawn so as to pass through the point Q, 10 mm 
from the inner edge of a bumper. The distance of 
10 mm is based on the assumption that the die edge 
passes this point. 

(iv) As,;;; 1·6 CD (1) 
If condition 1 is satisfied for a given bumper, the 
expanding method is adaptable to form it. 

, Condition 1 was introduced as follows. By com
paring the length of the arc AB with CD, the deform
ation on the line AB or CD can be calculated. The 
mean limits of elongation and shrinkage over the arcs 
AB and CD, respectively, were determined as follows. 
The shrinkage at the corner was determined not to 
exceed 10%, though the maximum shrinkage was 
measured as 20% by experiment. The maximum 
elongation in the position of potential fracture should 
be between 45% and 55%, because fracture might 
occur at a value over 55% and the maximum elon
gation under 45% is supposed too small. The mean 
elongation over the arc AB was determined not to 
exceed 45%. Using these values, the relation between 
the lengths of the arcs AB and CD for the adaptable 
bumper is given by 

From condition 2, condition 1 is again obtained. 
Comparing the calculated elongation with the actual 
one obtained by the scribed circle test, the deviation 
was less than a few per cent, and so the above
mentioned estimation of deformation proved to be 
accurate. 
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Fig. 6 Procedure for prediction of adaptability 

EXAMPLE OF PRACTICAL APPLICATION 

One practical example is introduced here. The 
expanding die set is shown in Fig. 7. The formed 
sample is shown in Fig. 8, where drawn samples of a 
similar shape are also shown . A saving in material of 
approximately 20% was achieved by adopting the 
expanding method instead of the drawing method. 
The size of the material used in the former and the 
later methods was 1630 X 180 X 1·6 mm and 1730 
X 220 X 1·6 mm, respectively. Furthermore, the 
subsequent polishing operation has been reduced 
because there are fewer scratches on the surface of the 
bumper. 

Fig. 7 Expanding die set 
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Fig. 8 The formed sample 2nd drawing (left), 1st drawing 
(centre), expanding (right) 

CONCLUSION 

The expanding sheet forming method has been 
developed and put into practice. The expanding die 
set operated in the conventional single-action press 
was adopted. This die set is composed of sliding 
punches, the dies, the subsidiary punch and die, and 
an hydraulic mechanism. 

The procedure for judging the adaptability of the 
expanding sheet forming method for a given bumper 
has been obtained by the investigation of the deform
ation mode, the deformation path and the 
deformation limit. 

The advantages of this method have been 
confirmed as: 

I. saving material, 
2. capable of using materials of low grades, 
3. reducing scratches during forming. 
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DISCUSSION 

Query from G. E. Wright, Enfield College of 
Technology 

This technique provides cost savings in manufacture. 
Does it provide changes in structure, bearing in mind 
that the bumper bar is not for decorative purposes 
only. 

There is a current emphasis on safety and a 
demand by insurance companies for design providing 
less-costly repairs. 

Reply 

The deformation mode in this expanding method is 
basically not different from that in the conventional 
drawing method, and the structure is not changed in 
forming. 

It has been confirmed that the strength of the 
parts formed in this expanding method is equivalent 
to drawn parts, in testing the actual formed samples. 



THE DESIGN OF A PRESS FOR USE IN THE 
HYDROSTATIC EXTRUSION PROCESS 

by 
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SUMMARY 

This is a report of the design of a compact, heavy-duty press. The main feature of the design is that the profile of 
the press frame is chosen to minimise the inward movement of the press columns under load so that the columns 
can be used as slides without the loss of strict guidance of the moving platen. 

INTRODUCTION 

During the development programme of equipment for 
hydrostatic extrusion there was found to be a need 
for a heavy-duty, compact press. This is a report of a 
design study, carried out by Vickers Ltd, into the 
type of press frame which has been referred to in the 
literature as a laminated 'picture-frame' design. Atten
tion was thus confined to the type of frame illus
trated in Fig. I, which is built up from a number of 
essentially rectangular plates, through which there 
extends an approximately rectangular opening, which 
is the working space of the press. The frame illus
trated has four laminations but their number and 
thickness is arbitrary and would depend on the parti
cular application, the available fabrication facilities 
and other factors connected with the distribution of 
the load between the laminations. 

In the Vickers laminated press frame, the main 
feature of the design is that the columns are used as 
slides and the deflection of each column is controlled 
to minimise their inward movement under load. It is 
then possible to operate the press with only a small 
initial clearance between the moving platen and the 
slides and to maintain precise guidance over the 
whole stroke of the press. This design retains all the 
strength and rigidity advantages of conventional 
presses but has a much lighter, and therefore more 
economical, structure. No additional guidance frames 
are required and the metal in all parts of the press is 
uitilised efficiently. 

This report is primarily concerned with the design 
of a horizontal 1 ,200 ton press with a worki·ng space 
of about 10 ft. Although four plates are to be used in 
the design, a consideration of the material specific
ation which would give a satisfactory strength and 
fatigue life is not presented. 
*Vickers Limited, Newcastle-on-Tyne 
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GENERAL FEATURES 

In the design considered, the laminations of the frame 
are connected together by relatively thick platens, 
one at each end of the working space; these distribute 
the load evenly over the laminations and provide a 
mounting for the dies, the press cylinder and other 
pieces of press equipment. The laminations are also 
connected by thinner platens attached to the inner 
surface of the columns, which form the slide surface 
for the moving platen of the press and the extrusion 
container. To increase the stiffness of the frame in a 
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direction normal to the laminations the assembly is 
'boxed in' by thin platens around the outside of the 
press. 

To prevent undesirable bending stresses arising in 
the very highly loaded, brittle, extrusion ram which is 
mounted on the moving platen (Fig. 2) it is essential 
to guide the moving parts of the press very 
accurately. In particular, the position of the ram and 
the extrusion container must be controlled so that 
they remain coaxial to within a few thousandths of 
an inch during the whole extrusion cycle. It is also 
important that the moving platen be firmly con
strained against tilting as well as against transverse 
movement, as such constraints give support should 
eccentric loading arise, possibly during a tool failure 
or if the press were used for other applications (for 
example, cold forging). 

In the design illustrated in Figs. 1 and 2, the mov
ing platen is accurately guided along three slide 
surfaces: two of these, preventing transverse and vert
ical movement of the platen, are integral parts of the 
laminated press columns, as already described. The 
third slide is formed by a heavy cylindrical spigot 
mounted on the fixed platen inside the low pressure 
cylinder where it engages a bush pressed into the rear 
of the moving platen. The axial distance between this 
rear guide and the slide on the moving platen is suffic
iently great to ensure adequate resistance to tilting of 
the platen and a solid support for eccentric loads. As 
both the spigot and the bush housing are subjected to 
the hydraulic pressure, there is no relative movement 
radially between the sliding surfaces under varying 
pressures in the press cylinder, that is, at different 
press loads. The other sliding surfaces, however, 
present more of a design problem in this respect 
because of the inward movement of the columns 
under load. If binding of the sliding surfaces is to be 
avoided it is normally necessary to work with large 
initial clearances, making really accurate guidance of 
the platen impossible. Attempts to overcome this 
difficulty in the past have led to the provision of 
auxiliary guidance frames. The cost of the extra 
material involved in order to have an effective guid
ance system makes this approach unattractive. Other 
solutions include using a roller guide which resists in
ward movement or using internally guided die sets, 
which eliminate the need for an accurately guided 
ram. The latter solution inevitably increases the tool
ing costs but it is the only reliable procedure on 
poorly guided presses, for roller guides can have 
certain limitations in rigidity and maximum load 
carrying capability which could make this method un
suitable for larger presses. In the design described 
here the inward deflection of the columns is 
controlled so that slides can be attached to them 
without loss in the accurate guidance of the moving 
platen. 

THEORETICAL ANALYSIS OF THE FRAME 
USING THE EQUIVALENT BEAM THEORY 

The controlled deflection of the slides is achieved by 
cutting the plates, from which the laminated frame is 
constructed, to a profile such that the tensile load is 
applied eccentrically to the columns. This eccentric 
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load will itself cause the columns to bend and, by 
careful selection of the plate profile, it is possible to 
arrange that this deflection exactly cancels out that 
previously mentioned arising from the load on the 
end-platens. However, no satisfactory profile has been 
found so far to realise this ideal state and a com
promise solution, minimising the total deflection 
along the slide, has been obtained. 

Essentially, the problem was to define the profile 
of the plate, illustrated in Fig. 3, along the broken 
lines in order to minimise the deflections along C1 D1 
and C2 D2 for a constant load applied uniformly 
along A1 B1 and A2 B2 • The X-axis was an axis of 
symmetry and this property was used in the analysis. 
The obvious choice of beams, shown in Fig. 4, 
was not suitable to solve the problem because 
beams (4) and (5) have unsatisfactory length/depth 
ratios. To overcome this difficulty a model was built 
to scale and the values of the deflections and rota
tions at the points XI and x2 'namely 81 '82' e I and 
82 respectively, were measured under load on A1 B1 
and A2 B2 • It was found that these values were 
approximately independent of small changes in the 
geometry of beams (1), (2) and (3) and therefore the 
analysis was carried out on these three beams with 
the prescribed deflections and rotations. 

The overall length L = L 1 + L 2 + L 3 was held 
constant, as were the moments of inertia of each of 
the beams. The variable parameters were taken to be 
Z 1 and Z 2 , which are, respectively, the heights of the 
neutral axis of (I) and of (2) above the neutral axis of 
(3), and a 1 and a 2 . Although the positions of X1 and 
X2 were allowed to move in the Y direction, we 
assumed that the prescribed deflections and rotations 
were approximately independent of their positon; 
this is justified because beams (4) and (5) are rela
tively massive compared with the small changes 
permitted for X1 and X2 • For this reason certain 
contraints were applied to the four variable para
meters. Further constrains were applied to Z 1 and Z 2 
so that any possible stress concentration caused by a 
change in beam cross-section at the weld joining the 
slide to beam (3) was avoided at C and at D. 

The deflections were calculated at twenty-four 
equally spaced points along the neutral axis of beam 
(3) and the sum of squares of these deflections was 
minimised with respect to the four parameters zl ' 
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Z2 , a1 , and a2 • This is a constrained minimisation 
and the technique due to Box 1 was used to find the 
optimum values of these parameters. This produced 
an initial design and the next stage was to eradicate 
any unnecessary stress concentrations at points where 
two beams are connected. 

y 

c, o, 

:c~--
A2 

X 

82 

c2 02 
--------------------------

Fig. 3 

4 

THE DETAILED PROFILE USING 
PHOTO-ELASTIC MODELS 

In the general design of the previous section the most 
likely points at which there might be a stress concen
tration were in the neighbourhood of a change in 
cross-section of the columns. A series of experiments 
was undertaken on photo-elastic models so that the 
details of the profile in such critical regions could be 
designed. Although these tests were not fully com
prehensive, sufficient information was obtained to 
produce the detailed design without causing any large 
stress concentrations. 

The highest tensile stresses were observed at S1 

and S2 (Fig. 4) so that the design of the profile in the 
neighbourhood of these two points was of particular 
importance. Two radii were used, as illustrated in Fig. 
5, in an attempt to reduce the high level of stress at 
these points. From the series of photo-elastic tests we 
found that by having a ratio of R1 :R2 of about 1 :2 
there was a reasonably small level of stress, as small as 

5 

Lz 

-----are the beams neutral axes:that of@ is corrected to account for the slide 

Fig. 4 

Radius R, 

Radius R2 

Fig. 5 
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could be expected from the theoretical stress calcul
ation using the beam theory. At all other less critical 
points, convenient radii were chosen and the stress 
levels checked using a photo-elastic model. 

FURTHER VERIFICATION OF 
THE DESIGN 

Two further verifications of the design were carried 
out. Firstly, the frame was analysed using a numerical 
model set up by the finite element method (see, for 
example, Zienkiewicz2 for a description of the tech
nique). It was assumed that the frame behaved as a 
problem in plane stress. The most simple triangular 
element definition was adopted, in which the stress 
state is constant and the dispiacements are linear 
functions of the coordinates. As a general rule using 
this method, the fmer the mesh used, the more 
accurate the answer obtained; that is, the more tri
angles used in regions of large stress gradients, the 
more accurate the result. One of the easiest ways to 
assess the accuracy achieved for a given problem is to 
solve it on two different grids and compare the 
answers. If the two results are similar it is reasonable 
to assume that a good numerical model has been 
obtained on the finer mesh. This method was used 
with the two grids illustrated in Fig. 6 and as both the 
deflections along the slide and the maximum stress 
levels only changed by a small amount (except in the 
region of S1 at which in grid 2 a much fmer mesh had 
been chosen) no further grid refinement was con
sidered necessary. The slide deflections from grid 2 
are shown in Fig. 7 and the stresses, together with 
those from grid 1, in Table 1. 

Secondly, a model was constructed to scale and the 
deflections along the slide measured. There was con
siderable difficulty in accurately reading the slide 
deflections, but in Fig. 7 they are shown to agree very 

Fig. 6 

closely with the fmite element method results and 
fairly closely with the beam theory results. Strain 
gauges were also placed on the model in the regions 
where the maximum stress were expected. The strains 
measured are unlikely to be as high as those obtained 
in practice because of the uncertainty in selecting the 
actual position of peak stress. 

Tablet. Stresses in tons in -l . Comparison of stresses 
predicted by the different methods used 

Stresses at the points:- sl Ql s2 02 

Beam theory 16·1 ll·5 18·6 14·3 
Photo-elastic method 17·2 12·3 20·3 10·7 
Measured (scale model) 20·5 9·3 22·7 9·4 
Grid 1 15·1 6·8 20·3 6·7 
Grid 2 20·9 7·1 21·4 7·1 

There was difficulty in making a really accurate 
assessment by the photo-elastic method because of 
the small size of the models but the stress intensity of 
the radii could be assessed by the bunching effect of 
the bands there. The stresses determined by beam 
theory were found to be less accurate than those 
determined by other methods. 

Using the finite element method we found that an 
outward thrust of 2 tons at mid-stroke and 5 tons at 
the beginning of the stroke on the slide would bring 
its deflection to zero at full load of the press. Even if 
very small initial clearances are allowed, therefore, 
there will only be a slight tendency to bind which 
would be most severe at the beginning of the stroke. 
This compares with approximately 20 tons outward 
thrust if no special profile of the plates had been 
used. 

Grid 1 

Grid 2 
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CONCLUDING REMARKS 

The 1 ,200 ton experimental press is now under con
struction at Vickers Ltd, built to the above design. 
After further results have been obtained using this 
press concerning peak stresses, slide deflection and 
frictional forces on the moving platen resulting from 
the bending of the slides, it will be possible to assess 
whether further work on reducing the slide deflec
tions is necessary. If this does not become a necessity 
the results obtained so far suggest that the use of the 
finite element method would provide a more flexible 
procedure and at the same time provide results more 
accurate than those of the beam theory, although the 
-success achieved with this latter approach is suprising. 
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DISCUSSION 

Query from B. Fogg 

Early in your presentation you mentionec;l that the 
Vickers picture-frame press could be used satisfac
torily for cold forging as well as hydrostatic extrusion. 

Fig. 7 

Whilst one is inclined to think of cold forging in 
terms of axially-symmetric operations, future 
developments will obviously include the forging of 
non-symmetrical components. Do the authors feel 
that too much emphasis has been placed on tests with 
axial loading, with the result that lateral stiffness has 
been neglected? 

Reply (from D. Harrison) 

The press was specifically designed for use with a 
small bed and large load. However, eccentric loading 
has been considered and tests will be carried out to 
determine the effect of eccentric loading on the peak 
stresses and deflections. 

It is usual practice, however, to design tooling so 
that eccentric loading is kept to a minimum. This 
applies to any design of press. 

Query from C. F. Noble, UMIST 

I am concerned that you have expressed your own 
concern about fatigue of the area surrounding the 
special cut-out areas in the corners of your picture
frame design. For so-called 'autofrettage' your 
doubling of normal hydraulic pressure will have to 
cause plastic deformation in the corner areas. In other 
words, your design is based on a max. working 
load = ! X yield load basis. Is not ! a rather 
unusually high factor for use in industrial machines? 

Further, have you considered the use of shot 
peening to improve fatigue life aspects, perhaps in 
addition to the polishing you mention? 
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Reply (from D. Harrison) 

The plastic defonnation will only take place at the 
areas if peak stresses occur at the stress concentration 
around the cut-outs. After autofrettage, a 
compressive stress is set up in these areas which 
should improve the fatigue life of the press. 

Regarding a factor of safety of 2 being unusually 
low for industrial machines: with improved methods 
of stress analysis (e.g. finite element) and material 
control, it should be possible to work with a much 
lower factor of safety in the future. 

We realise the benefits of inducing a surface 
compressive stress by shot peening, but due to the 
inaccessibility of the cut-outs this technique was not 
considered suitable. 

Query from J. B. White, South Australian Institute of 
Technology. 

One company at least is marketing a hydrostatic 
extrusion press with a wire-wound frame. Could the 
authors comment on the technical and economic 
merits of this in relation to their proposal? 

Reply (from D. Harrison) 

It is difficult to compare the economics of the 
picture-frame press and wire-wound presses. The 
picture-frame press is still in the prototype stage, so 
an actual fiFm price for a production machine has not 
been established. However, the wire-wound press is 
much more expensive than the conventional press, so 
we would expect the picture-frame type to be much 
cheaper. 

The main technical merit of the Vickers picture
frame press is that there is little or no non-axial 
deflection, which means that accurate alignment of 
the ram and pressure vessel can be maintained. The 
wire-wound press, however, still deflects inwards, 
which means that additional methods of alignment of 
the tools are required. 



DIE PERFORMANCE IN HIGH-ENERGY RATE FORGING 

by 

A. THOMAS and K. DENHAM* 

INTRODUCTION 

Attempts have been made to establish the economics 
of high-energy rate forging (HERF) by a synthesis of 
costs1•2• The conclusion reached in these exercises can 
be no more than tentative until more experience is 
gained with HERF machines. But one fact emerges 
quite clearly; that is, that die life will be crucial in 
determining the overall economics of HERF. 

Bakhtar1 has stated that more than 80% of dies on 
a conventional plant have lives exceeding 4000 com- a 
ponents. In general, the die life reported for HERF 
machines has rarely exceeded 2000 forgings. A 
number of investigators3-5 have discussed the die 
problems associated with high-energy rate forging and 
various explanations have been offered for this low 
life. 

The picture is far from clear, however, as the 
figures quoted often refer to complex shapes or forg
ings made from difficult alloys. Furthermore, the use 
of different die materials and hardnesses in different 
forging machines makes comparison of die life diffi
cult. 

Although HERF has been proved successful as a 
process for producing forgings which cannot be made 
on a conventional plant, such applications are limited 
and if HERF machines are to be used widely they 
must be proved to be economic in producing conven
tional forgings. 

This report describes a comparison of the perform
ance of identical dies used to produce forgings on 
conventional plant and a HERF machine. Laboratory 
work was also undertaken to study the effect of 
HERF on abrasive wear in standardized forging condi
tions. 

EXPERIMENTAL WORK 

Works trials 
The three forgings chosen for comparative die per
formance studies are shown in Fig. 1 and production 
details are given in Table 1. All dies were made from 
BS 224 No. 5 Die Steel, hardened and tempered to B 
range (363-383 HB), the cavities being sunk by turn
ing or milling. 

*Drop Forging Research Association, Sheffield. 

• 

a 

c 
A 

Fig. 1 Forgings chosen for comparative die wear trials. 
Letters indicate those dimensions on which replica measure
ments were made. Asterisks indicate 'non-variable' 
dimensions. 
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Table 1. Forging production details 

Conventional _plant HERF machine 

Component Gear blank Gear blank 

Material En 352 En352 

Stock size 2 in X 2 in X 41'6 in 2 in X 2 in X 4f6 in 

Forging temperature 1300° c 1300° c 
Heating medium Gas Gas 

Pre-forming details Cornered and cheesed to Cornered and cheesed on 
5 in diameter X 1-k in 200 tonf press 

Forging equipment 4 tonf drop hammer USI 2000 C HERF machine 
of 150 000 ft lbf capacity 

Forging details Made in single die imp- Made in single die 
ression using 2! blows impression using one blow 

Lubricant Dry sawdust None 

Component Flanged component Flanged component 

Material En3A En3A 

Stock size 2inX 2inX 2tin 2inX 2inX 2-!in 

Forging temperature 1200° c 1200° c 
Heating medium Gas Gas 

Pre-forming details Upset Upset on 200 tonf press 

Forging equipment 1000 tonf press As in previous example 

Forging details One impression, single blow One impression, single blow 

Lubricant Oil 

Production rate 250-300/h 

Component Gear case end Gear case end 

Material En3A En3A 

Stock size 2 in square bar (off- 2! in X 2! in X 3f&- in 
the-bar forging). 

Forging temperature 1150-1200° c 1150-1200° c 
Heating medium Oil Gas 

Pre-forming details Bar necked on 10 cwt Forged to 2 in square on 
stamp to bive billet 200 tonf press for 
length of 3~ in scale removal 

Forging equipment 35 cwt drop hammer As in previous example 

Forging details Forged off-the-bar 
in single impression 
using 5-6 blows 

Measurement of die deterioration 
Replicas of the die cavity were taken before forging 
and after every fifty or one-hundred forgings; they 
were obtained by forging annealed aluminium into 
the cavities. 

The following measurements were made on the 
replicas or dies. 

(a) Rectilinear measurements: Using purpose built jigs 
the dimensions shown in Fig. 1 were measured. These 
dimensions were chosen after a preliminary 
examination of worn dies and represented those areas 

Single impression, 
one blow 

where wear and deformation of the dies appeared 
greatest. Because of differences in die closure during 
forging of the replicas it was necessary to correct all 
measurements by reference to a 'standard 
measurement' taken at a position where no abrasive 
wear or distortion occurred. 

This reference position was selected at a point 
where the original machining marks persisted in the 
die. The smallest measurement at this position was 
used as a datum to which all other measurements 
were corrected. The 'non-variable' dimensions 
selected are shown in Fig. 1 . 
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(b) Surface roughness measurements: These were 
made in an attempt to obtain the rate at 
which abrasion of the die cavity occurred. Such 
measurements were useful in deciding whether 
dimensional changes were caused by deformation or 
abrasion. 

(c) Proide measurements: Diametral or principal-axis 
sections were cut from replicas and the contours of 
enlarged projections traced to study detailed changes 
in die shapes. Fig. 2 shows the regions in which the 
shape changes were studied. 

(d) Visual examination and hardness measurements: 
All dies were examined visually after use and hardness 
measurements were made at selected points. 

Laboratory tests 

Wear Tests: Laboratory wear tests were made on dies 
in a 20 tonf capacity C frame press and a modified 
'Petro-Forge' machine. 

Details of the DFRA wear test have been given 
elsewhere3 • Briefly, the test consists of hot upsetting 
2000 slugs of t in diameter X t in long to discs 
0·2 in thick between flat test dies. The amount of 
metal worn from the dies is determined and used as 
an index of abrasive wear. 

Table 2 shows the materials used for dies and for 
the forging stock. 

Table 2. Stock and die materials 

Composition 

c Si Mu Ni Cr Mo v w 

Die material 
No. 5 Die steel 0·6 0·3 0·6 1·5 0·6 0·25 
En40C 0·4 0·3 0·6 0·4 3·0 1 {) 0·2 
5% Cr steel 0·3 1·0 0·6 5·0 2·0 0·25 1·0 
12% Cr steel 0·1 0·3 0·7 2·4 12·0 1·8 0·35 -

Stock material 
Mild steel 0·2 0·8 
En 24 0·4 0·3 0·6 1·5 1·0 0·3 
En 57 0·2 0·6 0·8 2·0 18·0 

Temperature and hardness measurements on dies: 
Temperatures in the test dies during forging were 
measured using the thermocouple arrangement shown 
in Fig. 3, which also shows typical time-temperature 
traces measured in test dies. Although this arrange
ment obviously does not measure the true surface 
temperature it is a valid method of studying compara
tive die temperatures on both forging machines. 

·Hardness measurements were made at the centre 
of selected test dies before and after forging. 

Fig. 2 Regions in test dies where enlarged replica profiles 
were studied. 
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Fig. 3 Thermocouple arrangement in laboratory test dies 
and time-temperature traces. 

RESULTS 

Works investigations 

Dimensional changes in dies: Fig. 4 shows a plot of 
one of the linear dimensions measured as a function of 
the number of forgings made. The line through the 
points is a regression line, the gradient (m) of which 
indicates how rapidly the dimension changes during 
forging. Such regression lines were determined for 
dimensions in all die cavities and Table 3 shows the 
mean value of m obtained, together with its standard 
deviation (a). Also shown are the ratios of the values 
of m for the JIERF dies and dies used on the con
ventional plant. 
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Table 3. Shapes of regression lines 

Conventional plant HERF machine 

a 
b 
c 
d 
e 
f 

2 
a 
b 
c 
d 
e 

3 
a 
b 
c 
d 
e 
f 
g 
h 

i 
k 

me 
0·001 in/forging 

Gear blank location 
Flange diameter, top 0·014 
Flange diameter, centre 0·016 
Flange diameter, bottom 0·008 
Centre thickness 0·0006 
Web thickness 0·008 
Flash thickness 0·003 

Flanged component location 
Flange diameter, top 0·008 
Flange diameter, centre 0·017 
Flange diameter, bottom 0·011 
Centre thickness 0·001 
Flange thickness 0·008 

Gear case end location 
Overall length 0·039 
Overall width 0·039 
Overall height 0·018 
Bass diameter, longitudinal 0·026 
Bass diameter, transverse 0·033 
Large hole depth 0·019 
Large hole diameter -0·016 
Small hole depth 0·014 
Small hole diameter -0·006 
Small boss thickness -0·001 
Hole length -0·003 

Although the ratio mHfmc in Table 3 indicates the 
relative die wear rates in conventional and HERF 
machines, the absolute values of m must also be 
considered when deciding whether wear is signifi
cantly different. 

For the gear blank and flanged component, wear 
on both forging machines was of the same order of 
magnitude. A statistically significant difference in wear 
rate for these two forgings was only found on the 
centre flange diameter of the gear blank. In both 
those forgings, the profile measurements indicated a 
greater wear in the HERF dies at the entrance radius 
to the flash land. In all other places, wear on the 
HERF dies was not appreciably greater than on dies 
used in conventional plant. In the case of the HERF 
dies for the gear case end, however, much greater 
wear and deformation were indicated, both visually 
and by dimensional measurements. 

On the hammer dies, all surfaces except the shoulder 
and boss on the top die and the hole base on the 
bottom die showed light abrasive wear. The die peg 
suffered heat checking with some cracks opening up 
to 1/32 in wide but being quite shallow. Considerable 
abrasive wear had occurred at position B on the flash 
land (Fig. 5). The peg on the HERF machine die 
showed no heat checking, but a combination of 

mH 
a 0·001 in/forging a mH/mc 

0·008 0·020 0·008 1·43 
0·007 0·048 0·013 3·00 
0·004 0·011 0·003 1·38 
0·001 0·002 0·006 3·33 
0·001 0·008 0·004 1·00 
0·007 0·008 0·014 2·67 

0·025 0·027 0·017 3·38 
0·021 0·040 0·011 2·35 
0·019 0·027 0·014 2·45 
0·009 0·016 0·007 16·00 
0·012 0·017 0·006 2·12 

0·015 0·056 1·44 
0·016 0·110 2·82 
0·025 -0·009 0·50 
0·015 -0·005 0·19 
0·018 0·085 2·58 
0·006 -0·002 0·11 
0·012 -0·006 4·12 
0·003 -0·190 13·57 
0·010 -0·078 13·00 
0·007 0·150 -150·00 
0·010 0·068 - 22·67 

mushrooming of the shoulder and heavy abrasion at C 
had produced a negative draft on the face of the peg. 
Heavy abrasion had occurred at D, but the flash land 
was not significantly worn. 

The visual evidence thus supports the data in Table 
3 which show that dimensional changes were much 
greater in the HERF dies than in the hammer dies. 
The magnitude of the dimensional changes in the 
HERF dies strongly suggests that deformation rather 
than abrasion was the princiapal cause (for example, 
small boss thickness and small hole depth). 

Cracking of dies: It was possible from the aluminium 
replicas to detect the onset of cracking in dies. Table 4 
shows the number of forgings produced in each die 
before cracking. 

Laboratory wear tests 
The results of the laboratory wear tests are shown in 
Fig. 6 & Fig. 7 shows the hardness changes which 
occurred during testing. 
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Table 4. Forgings produced before cracking 

Component Conventional plant HERF machine 

Top die Bottom die Total Top die Bottom die Total 
forgings forgings 

Gear blank 400 1200 1900 500 1000 1750 
500 1400 1900 200 700 950 
400 1000 1700 300 500 1450 

Mean 433 1200 1833 333 733 1383 

Standard deviation 58 200 116 153 252 404 

Flanged component 100 800 200 700 
300 1000 100 960 
700 1200 100 1000 
100 600 
100 500 

1200 
800 

300 1600 
100 600 
400 600 

Mean 263 890 133 887 

Standard deviation 213 354 58 163 

Gear case end 2900 500 
1200 
1400 
1900 

Mean 1850 500 

stock MS En24 En 57 
Ql _\ die Cl c: _Press NoS die ro 

.r. --- HERF steel u 

"1 5 ·01 
·u; En40C c: 
Ql _\ E 
B .. \ -~ 

.. __ 

'\ 
5Cr 

50 1000 ... 
Forgings 

«< 

~ ~ ' Fig. 4 Typical regression line relating dimensional change to -- .. --
number of forgings produced. 

12Cr 

-- -:r--
4 5 4 5 4 5 

Die hardness Hv x1Q-2 

Fig. S Locations in gear case and dies. F1g. 6 Laboratory wear test results. 
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Fig. 7 Hardness changes in laboratory test dies. 

DISCUSSION OF RESULTS 

The results of the laboratory tests will be discussed 
first because they are interpreted more readily than 
those from the works trials. 

Fig. 6 shows that wear on the 'Petro-Forge' machine 
dies was less than that on the press dies, whatever 
the combination of forging stock and die. The 
temperature traces in Fig. 3 indicate that the stock 
die contact time on the 'Petro-Forge' machine was 
about 0·05 s, compared with about 0·3 son the press. 
This lower contact time led to less softening of the 
'Petro-Forge' dies (Fig. 7) and consequently less 
abrasive wear. The importance of contact time on die 
wear has been confirmed by Ali4 • Thus, the labora
tory tests suggest that die wear on any piece of 
forging equipment will be related, amongst other 
things, to the dwell time after the forging blow has 
been struck. In interpreting the results of the works 
trials, deformation and cracking of dies must be 
considered as well as abrasive wear. 

In the gear blank forging, those parts of the die 
subject to abrasive wear (b, d and fin Table 3) had 
wear rates about three times greater on the HERF 
machine than on the hammer. But on this particular 
forging the increased wear rate did not reduce the die 
life of the HERF machine dies unduly because 
cracking, rather than abrasive wear, terminated the 
life of the dies on both forging machines. Cracking of 
the HERF machine dies occurred earlier than the 
hammer dies and led to the 22% reduction in die life 
observed. 

In the flanged component dies the areas most 
subject to abrasive wear (a and d in Table 3) also 
showed greater dimensional changes in the HERF dies 
than in the press dies. The ratio of the wear rates for 
the centre thickness (position d) was so high (16·00) 
that it is unlikely that wear was solely responsible for 
the difference observed on the two machines. It is 
most probable that the peg on the HERF machine 
dies suffered plastic deformation as well as abrasive 
wear. At position a near the flash land, the wear rate 
on the HERF machine was about three times that on 
the press; however, in this component die life on 
both forging machines was again determined by 

cracking of the dies and was very short. In the gear 
case end forging, both deformation and wear were 
much greater on the HERF machine than on the 
hammer. 

The magnitudes of the values mH/mc in Table 3 
suggest that deformation was chiefly responsible for 
the dimensional changes in the HERF machine dies. 
It is probably significant that a relatively small 
hammer (35 cwt) was used as the conventional plant. 
(With such a small hammer delivering a large number 
of low energy blows the chance of overloading the 
dies is minimized). 

From these results, therefore, for this forging the 
excess energy available in the HERF machine led to 
overstressing of the dies causing excessive defor
mation. Because of the excessive deformation on the 
HERF machine dies it is not possible to derive much 
information about the relative wear rates on the two 
forging machines. For this forging the die life on the 
HERF machine was less than one-third of that on the 
hammer. 

Although the number of forgings considered in 
this investigations was limited, it is possible to draw 
the following tentative conclusions regarding die 
performance on HERF machines and a conventional 
plant. 

(1) Abrasive wear is greater on HERF machine dies 
than on hammer or press dies. (This investigation 
suggests a wear rate three times greater on the HERF 
machine). 

It must be remembered, however, that in all the 
cases considered a single die impression was used on 
the conventional plant. In the more general case of 
hammer dies in which multiple impressions are used, 
the wear of HERF machine dies will probably be 
greater than three times that in the final impression 
on a hammer. In such cases in which wear terminates 
die life, the life of HERF machine dies would be 
expected to be much less than that of hammer dies. 

(2) Cracking occurs earlier on HERF machine dies 
than on hammer or press dies. 

This suggests that the excess energy over that 
required to complete the forging is less easily con
trolled on HERF machines than on other plant. 
Because presses are constant stroke machines, no 
excess energy should be developed providing the dies 
are correctly set. On hammers the excess energy is 
minimized by the use of multiple blows of relatively 
low energy. 

Excess energy differences are more likely to be 
minimized when HERF machines are being compared 
with large hammers than with small hammers, which 
suggests that die life will be reduced more for forgings 
made on small hammers than on large hammers. 

(3) The above remarks regarding the effect of excess 
energy on cracking apply equally to its effect on 
deformation. 

This conclusion is supported by the large 
reduction in die life on the HERF machine for the 
gear case end forging. It may be concluded that where 
die life is determined by abrasive wear, the life of 
HERF machine dies will be only one-third, or less, 
of that for hammers and presses. In those cases in 
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which die lives on hammers or presses are low because 
of the early incidence of cracking, the die life of HERF 
machine dies will not be so greatly reduced, as was the 
case for the flanged component. The results of this 
investigation suggest that in most cases die life on 
present HERF machines will be considerably less than 
on a conventional plant. 

Aspects of design which seem to need attention in 
HERF machines are: 
(1) the long dwell time at the completion of the 
forging blow; 
(2) the ability to obtain closely repeatable energy 
delivery from one blow to the next and a method of 
easily and accurately setting the blow energy. 
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DISCUSSION 

Query from D. Harrison 

We found at Vickers that the heat input to the dies 
came mainly from the contact of the billet with the 
die and the length of time required to eject the 
component from the die. 

Reply 

Temperature measurements made at DFRA have 
shown that heat transfer from a forging to a die is 
only appreciable when the forging load is applied, 
unless the forging sticks in the die. In this case high 
rates of heat transfer are maintained after the load is 
removed. 

Query from M. Maj, McPherson's Ltd, Australia 

Comment concerning value of the experiment in the 
case of identical die design and die materials for both 
conventional and HERF 
(I) Greater radial velocities, to the point of 

dynamic effects. 
(2) Shockwave creation in the parts of tooling and 

component. Both these call for different design 
and material of the die assembly. 

Perhaps an ideal die for HERF should be also 
considered, if the results are to give some fair com
parison. 

Reply 

Whilst appreciating the questioner's point, I would 
still maintain that only by standardising the die 
material in the tests could the effect of high rate 
forging be investigated. 

Once the differences in performance are under
stood, one is in a much better position to consider 
the design and die material changes likely to combat 
the specific forms of failure that occur in high rate 
forging. 

Query from B. W. Rooks, University of Binningham 

The influence of the forging machine characteristics 
on die wear. 

This paper is particularly significant in that it is 
the first publication to compare directly the perform
ance of dies on a HERF machine with that on con
ventional plant. In some respects the results on 
abrasive die wear are contradictory in that wear of 
the HERF machine's dies is greater than those of the 
conventional plant in the works trials, but the reverse 
occurs in the laboratory trials. Whilst there may be 
several reasons for this, the main reason would seem 
to be the fact that the Petro-Forge machine on which 
the laboratory tests were conducted has a different 
characteristic to the pneumatic-mechanical HERF 
machine on which the work trials were conducted. 

The rate of heat transfer from a hot billet to the 
dies of a forging machine are dependent on the rate 
of billet deformation and the time of contact1 • Fig. 1 
shows the cumulative heat transferred for three types 
of forging machine. The pneumatic-mechanical 
HERF machines generally have an extended contact 
(dwell) time, during which the dies are held under a 
pressure which may be several tons. Consequently, as 
can be seen in Fig. 1. the total heat input to the dies 
is greater than that of a hammer although still less 
than that of a crank press. On the other hand, Petro
Forge HERF machine has no significant after-forge 
contact time and its characteristic is very similar to 
that of a hammer, except that the shorter forging 
time results in less heat being transferred. 

However, it is the temperature of the die surface 
that is important to the abrasive wear process. In this 
respect the high-speed process is at some disadvantage 
due to frictional heating effects. Fig. 2. shows the 
surface temperatures attained on a hydraulic press 
(slow speed) and on a Petro-Forge (high speed), start
ing with dies initially at room temperature 2 • 

At constant rates of striking a higher bulk temper
ature would be attained on the press than on the 
Petro-Forge, thus reducing the differential between 
the two surface temperatures illustrated in Fig. 2. 
Therefore, it would seem probable that the surface 
temperature attained with pneumatic-mechanical 
HERF machines will be greater than a hammer and 
no less than a crank press. On the other hand a short 
dwell time HERF machine such as the Petro-Forge 
will have lower surface temperatures and so abrasive 
wear will be less. It has been found that artificially 
extending the after-forge contact time of a Petro
Forge to 0.25s results in increased die wear, as illus
trated in Fig. 31 • 
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I think perhaps the diagram (Fig. 2(a)) which Dr. 
Rooks showed in his query is unduly pessimistic with 

regard to the effect of frictional heating in high rate 
forging. 

The curves shown were measured during the 
upsetting of a cylinder to a high reduction, which 
involved a great deal of sliding and thus a lot of fric
tional heating. 

In an actual die cavity, the shape of the die will 
often reduce the amount of sliding that can occur at 
any given point, since the vertical die walls restrict 
lateral metal flow. 



THE PRODUCTION OF TENSILE TEST SPECIMENS BY 
AN ECONOMICAL BLANKING PROCESS 

AND ITS FEASIBILITY FOR PRACTICAL APPLICATION 

by 

TAKEO NAKAGAWA* YUKIO FURUKAWAt and KIYOTA YOSHIDA:j: 

SUMMARY 

The standard practice for the measurement of mechanical properties of steel sheet uses a tensile test specimen 
produced by machining, which involves high production costs and appreciable time. To avoid this expensive 
process, an economical blanking process is proposed for producing the test specimens. Detailed experimental 
investigations carried out on their mechanical properties are reported here and comparison is made with machined 
specimens. 

INTRODUCTION 

Of the different materials used in industry, sheet 
material is generally consumed in the largest quant
ities. The tensile test is frequently adopted by 
industry to assess the quality of sheet material, and, 
in carrying out this test, the standard method and 
specimen recommended by ISO or JIS (Japan Indus
trial Standard) or some other National Standard, is 
generally used. 

The tensile test is always carried out by the manu
facturer of sheet, on each production batch, and the 
user selects the material on the basis of that tensile 
test value. 

As such, the tensile test has been considered the 
most reliable test in material testing and almost all 
materials are now tested by this method. In some 
cases, the same material is tested twice, first at the 
place of production and then by the user. Further
more, in special cases, the tensile test pieces are 
sampled from three directions, that is, longitudinal, 
transverse and diagonal to the rolling direction. Thus 
in all, a large number of tensile test specimens are 
required. 

As far as the manufacture of the specimen is con
cerned, it is very important to maintain the uniform
ity and quality of surface finish of its parallel edges, 
otherwise there will be deviation from the usual neck
ing and fracture point. With bad surface quality, frac
ture occurs with the crack starting from the edge, 
whereas non-uniformity causes the necking and the 
crack to start away from the centre of the specimen. 
These deviations cause errors in the values obtained 

by the tensile test. 
In view of this, it is standard practice to prepare 

the tensile test specimens by machining, and heavy 
milling is not normally permissible. This involves high 
production costs and appreciable time. To decrease 
the cost of specimen production, a blanking tool of 
slightly greater size can be used to preform the speci
men, the gauge section then being machined to the 
desired size and shape. 

Although this production method is important and 
requires investigation, there is so far no report dealing 
with any improvement to make it more economical. 
We outline here an economical process that eliminates 
the present expensive machining operation and 
describes in detail experiments carried out comparing 
the mechanical properties with those of machined 
specimens. 

PRODUCTION PROCESS 
FOR TENSILE TEST SPECIMEN 

The tensile test specimen standardized by JIS was 
used in this experiment, using the slightly modified 
form shown in Fig. la. Initial tests with a tool 
which reproduced the standard machined form (Fig. 6) 
resulted in the blanking tool cracking at its sharp 
corners. The modified form produces radii at the ends 
of specimens, which do not affect the tensile charac
teristics. 

The tensile test specimens are produced by the 
following five methods, the merits of each being 
assessed from the mechanical test results. 

*Institute of Industrial Science, University of Tokyo, Japan. 
tKawasaki Steel Co. Ltd., Chiba, Japan. 
:j:Institute of Physical and Chemical Research, Saitama, Japan. 
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1. Machining; 
2. Blanking; 
3. Blanking and filing; 
4. Cut-off punching; 
5. Cut-off punching and fJ.ling. 

Machined specimens are prepared by shearing the 
sheet to a rectangular shape and then milling, to give 
the desired straight parallel sides and radiused ends, 
according to the standard. This is the most frequent 
method of producing tensile test specimens. 

Cut-off punching1 

This is a new shearing method similar to shaving, 
whereby a specially designed single stroke cut-off 
punching tool is used (see Fig. I b). The tool construc
tion is as follows. 

The lower part of the tool consists of a punch, 
stripper plate and polyurethane rubber pad for strip
ping, and the upper part has a primary blanking die, 
final blanking die (cut-off punching die) and knock
out punch. The edge shavings are removed by com
pressed air after the specimen is knocked out. The 
primary blanking die plate has adequate chamfer at 
its back for the free development of the shavings, as 
shown in the enlarged detail of Fig. I b. 

It should be noted that this blanking tool is 
designed for material of 3·2 mm thickness, the cut-off 
width being 0·28 mm and the clearances 0·36 mm in 
the primary blanking and 0·08 mm in the final cut-off 
punching die. This is determined on the basis of 
previous research2 on the influence of cut-off width 
as shown in Fig. 2. 

Blanking process 
For blanking 3·2 mm hot rolled steel sheet, the cut
off punching die is not used. The clearance is 
0·36 mm, corresponding to about 11% of the thick
ness. For 0-8 mm cold rolled steel sheet, the primary 
blanking die is omitted and the cut-off punching die 
used, with 0·08 mm clearance, corresponding to 10% 
of the thickness. 

Filing 
This is a simple operation which can easily be applied 
after blanking to obtain a good surface finish. The 
sheared parallel edges are filed by a commercial 
machine using an endless belt. It should be noted that 
the amount of material removed is only 0·04 mm per 
side and generally it is found to take about I 0-15 s 
per specimen. In mass production it can be done by 
batch filing. 

MATERIAL SPECIFICATIONS 

The material used for the experiments included ten 
types of 0·8 mm cold rolled steel and four types of 
3·2 mm hot rolled steel, which are widely used in 
most industries. Hot rolled steel sheets of 1·6 mm, 
2·3 mm and 4·5 mm thickness are also used for 
investigating the influence of thickness on the tool 
designed for 3·2 mm thickness. 

EXPERIMENTAL RESULTS 

Our experiments compared the properties of speci
mens produced by the different methods with 
machined specimens. 

• •f 
t 
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1. Punch 
2. Die 
3. Prior die 
4 . Stripper plate 
5. Rubber eprtns 
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• • • 

6. Knockout punch 
7. Knockout pin 
8. Air hole 
9. Co•preaaed air tor 

ejecttns the ehipe 

Fig. 1 Blanking and cut-off punching tool to produce tensile 
test specimens. 
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Fig. 2 Influence of cut-off width 6 on the hole expanding 
limit when cut-off punching is introduced to burring oper
ation. 
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Cold rolled steel sheet 
Two comparisons are made; 
(i) blanked specimen with machined specimen; and 
(ii) blanked and filed specimen with machined 

specimen. 

Blanked Specimen 
Fig. 3 (a)-(e) show a comparison of several mechan
ical properties such as; 

(a) upper yield point; 
(b) ultimate tensile strength; 
(c) total elongation in 50 mm gauge length; 
(d) n value; and 
(e) rvalue. 

obtained from tensile tests on the blanked and the 
machined specimens; 

(a) Upper yield point. 
Fig. 3a shows the yield strength comparison between 
the blanked and the machined specimens. The yield 
strength for the blanked specimen is found to be 
slightly higher than the normal machined value, the 
increase being only about 0·4 kg/mm2 , which corres
ponds to about 2% of the yield stress. This increase is 
very small and can be neglected, as such small differ
ences normally occur even in machined specimens in 
ordinary tests. The increase in yield strength is attri
buted chiefly to the work-hardening zone developed 
on the sheared parallel sides during blanking. If it is 
assumed that the work-hardened region has a yield 
strength of 40 kg/mm2 and the non work-hardened 
central region 20 kg/mm2 , for a specimen with a 
width of 25 mm and a thickness of 0·8 mm, the 
increase of 0·4 kg/mm2 would correspond to work
hardening to a depth equal to one quarter of the 
specimen thickness. 
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Fig. 3 Comparison of various tensile test characteristics for 
blanked and machined specimens in 0·8 mm cold rolled steel 
sheet. 

(b) Ultimate tensile strength. 
In Fig. 3b, which compares the tensile strengths of 
machined specimens with blanked specimens, there is 
clearly very little difference, probably as a result of 
the same tensile strength existing in the work
hardened sheared edge and in the central part. 

(c) Elongation. 
It is evident from Fig. 3c that the total elongation 
obtained from the blanked specimens is less than 
from the machined specimens. In particular, rimmed 
steel has appreciably less percentage elongation, the 
decrease varying from 2% to 1 0%. This decrease is 
observed to be maximal for specimens prepared 
across the direction of rolling and minimal for the 
longitudinal direction. The results almost correspond 
to those from hole expanding tests for punched and 
machined holes, which we investigated previously, 
and the phenomena are similar. The grain size of 
rimmed steel is small, with low ductility of the matrix 
and a large grain boundary area with appreciable 
impurities included; furthermore, the r value of 
rimmed steel is small. These factors yield a high sensi
tivity to crack formation and propagation in the 
work-hardened zone at the sheared edge. 

From this, it seems that blanked specimens can be 
used with appropriate corrections, except for rimmed 
steel, which unfortunately is consumed in large 
quanti tie~ 

(d) n value. 
The n value (coefficient of work-hardening) obtained 
from blanked specimens is similar to that for 
machined specimens, as shown in Fig. 3d. The values 
are calculated from the stress and strain relationship 
at the points of 10% and 20% elongation, and the 
results show that the deviations in the stress-strain 
curve between the blanked and the machined speci
mens are very small, over this range of elongation . 

(e) rvalue. 
The r value (Fig. 3e) is found to be slightly decreased 
for the blanked specimens, as a result of the restric
tion of width contraction caused by the work-harden
ing along the sheared edge. There is, however, some 
scatter in the results, even for the machined speci
mens. The deviation obtained in this experiment can 
be considered negligibly small. 

Blanked and filed specimen 
A filing operation is applied to the blanked specimen 
to improve the results. Comparing this with a 
machined specimen we found that the upper yield 
point and tensile strength values are very similar. 
Elongation values (Fig. 4) are much improved, com
pared with the blanked condition shown in Fig. 3c, 
and the method seems to produce a satisfactory speci
men. It takes only about I 0 to 15 s to file one speci
men, because the amount of material to be removed 
is small (in the region of 0·03-0·04 mm per side). 

This effect of removing a small quantity of metal 
by filing is very interesting, in that it produces a 
recovery of the elongation to that of a machined 
specimen. The filing operation evidently eliminates 
the micro-cracks in the work-hardened zone. 
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Hot rolled steel sheet 
In this case, the machining cost is generally higher 
than for cold rolled sheet, because of its greater thick
ness, and it is necessary first to determine an econom
ical production method for the tensile specimens. 

Accordingly specimens produced by four different 
methods (blanking, blanking and filing, cut-off 
punching, cut-off punching and filing) were used in 
the experiments, and the results compared with those 
of machined specimens. Also, the effect of using the 
same cut-off punching tool on different material 
thicknesses is studied. 

Blanked 
The results of tensile tests on blanked specimens are 
shown in Fig. 5 (a-c). The yield point is increased 
slightly, the deviation being about 2 kg/mm2 , which 
is more than that for the cold rolled sheet. The prin
cipal reason for this is the thickness of the test speci
men, which is four times that of the cold rolled sheet, 
giving a wider work-hardening zone. 

The tensile strength values show negligible diver
gence, being similar to cold rolled sheet. Therefore, 
the tensile strength value seems to be independent of 
thickness. As regards percentage elongation, a 
decrease of about 2% to 8% is observed and therefore 
this method cannot be recommended for elongation 
measurement. 

Blanked and filed 
Filing the parallel sheared edges of the specimen after 
blanking does not appreciably improve the upper 
yield point, as shown in Fig. Sa. This is chiefly 
because the amount removed by filing is small (within 
0·04 mm) and considerable work hardening remains. 
Elongation (Fig. Sc) is considerably improved, as with 
the cold rolled sheet. 

Cut-off punched 
The test results are also shown in Fig. 5. Compared 
with the blanked specimen, the yield point is similar 
and the elongation improved, but not as much as for 
the blanked and filed specimen. Fig. 6 shows the 
fracture appearances of the tensile test specimens. 
For the cut-cff punched specimen, necking and 
failure start at the centre, resembling the behaviour of 
a machined test specimen, although the crack starts 
from the edge of the blanked specimen. 

Cut-off punched and filed 
This method should give the best results. There is 
very close agreement in the values obtained for elong
ation, as shown in Fig. 7c, but the yield point is not 
very much improved. We propose here that this 
method can be adopted in place of machining. 

Cut-off punched and filed specimens of various thick
nesses 
In the cut-off punching process there should be suit
able optimum clearance and cut-off width for each 
thickness_ But. tooling costs become high if different 
cut-off punching tools are used and, therefore, it is 
desirable to use the same tool for different thick
nesses. Fig. 8 (a)-(c) show the results from cut-off 
punched and filed specimens of thicknesses ranging 

from 1·6 mm to 4·5 mm, produced by tooling 
designed for 3·2 mm thickness. These results suggest 
that the same cut-off punching tool can be used satis
factorily for thinner sheets of 1·6 mm and 2·3 mm, 
but for the thicker sheet (4·5 mm), the yield point 
and tensile strength values increase considerably. This 
is because the removal of material in the work
hardening zone by cut-off punching and filing is 
constant and independent of thickness, although the 
width of the work-hardening zone actually developed 
in shearing is proportional to thickness. 

40 45 
Machined 

50 55 

Fig. 4 Comparing blanked and filed and machined speci
mens of 0·8 mm cold rolled steel sheet, in terms of elong
ation. (Notation of the experimental points plotted is the 
same as in Fig. 3). 
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Fig. 6 Fracture appearance of 3·2 mm thick hot rolled steel 
specimens made by blanking and cut-off punching. 
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PRACTICAL APPLICATIONS 
OF BLANKED SPECIMEN 

Practical feasibility of blanking process 
From the above experiments, the following conclu
sions can be drawn. 
I. For blanked specimens, the yield point increases a 

little, the increase becoming greater with increase 
of thickness. It cannot be eliminated by cut-off 
punching and filing. For the smaller thickness, 
however, the increase of yield point is very small 
and can be considered to be negligible in practice. 

2. The increase in tensile strength is so small as to be 
negligible in all specimens except the thickest 
(4·5 mm) and accordingly the measurement can be 
used in practice without any correction . 

3. Elongation decreases considerably for blanked 
specimens. It can be improved by cut-off punching 
and filing . 

4. The extent of the work hardening zone developed 
in the shearing operation is proportional to the 
thickness of the sheet. Because the width of the 
tensile test specimen is fixed in accordance with 
the standard, the proportion affected by strain 
hardening increases with thickness. Therefore, the 
thinner the sheet the smaller the work-hardening 
effect in shearing. 

5. Because the work-hardening zone developed in 
thin cold rolled sheets (for example 0·8 mm) is 
very small, blanked and filed specimens can be 
recommended for practical use. 

6 . For hot rolled sheets, up to 3·2 mm thick, cut-off 
punched and filed specimens can be recommended 
for practical use. 

7. The same cut-off punching tool can be used satis
factorily for materials of smaller thicknesses. 

8. For thicknesses of 4·5 mm and more, this process 
would be difficult to apply practically. 
To sum up, the blanked test specimen is generally 

feasible in practice, except for the thicker materials. 

Merit of economy in steel-making plant 
There are two principal economic attractions for the 
introduction of blanked specimens for tensile tests. 
First, it reduces the cost of production by eliminating 
the machining process, and secondly, the blanking 
method is very simple and rapid, as shown in Table 1, 
and the result of the test can be obtained very 
rapidly . The advantages and merits of the application 
of this process in a steel plant are as follows. 

At present it takes about 2j days on average from 
the time of sampling out from the sheet to the time 
of data punching, and during this period the finished 
product must wait in the storage and packing yard for 
the test certificate. This long delay is caused by the 
batch system of shearing the rectangular blanks and 
milling. In the system proposed here, the test speci
mens can be produced individually when required and 
the time to obtain the result is reduced to I day, as 
illustrated in the flow diagram of Table 2. Decreasing 
the waiting time in the storage yards means quick 
production and despatch of the final product. Also, 
considerable e~penditure can be saved by decreasing 
the handling work in the storage yard. 

When the tensile test is conducted immediately 
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and the result is not satisfactory it can be repeated if 
necessary. On the basis of this test, the correct grade 
of steel can be assessed quickly and, in case any 
change is necessary in the grade of steel, it too can be 
achieved quickly by passing the proper instructions to 
the production group. Thus, the desired quality of 
steel, or a suitable outlet for the current product, can 
be determined rapidly when the tensile test results are 
quickly available. 
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Table 1. Comparison of production process of tensile test specimen 

Present Method (MACHINING) Proposed Method (BLANKING) 

Sampling (1) Development Marking on the standard size (1) Direct Blanking or cut-off punching 
from the sheet to metal sheet suitably to obtain rectangular from the original standard sheet or 
be tested shaped blanks that envelopes the standard roughly sheared sheet. 

test piece. 
(2) Rough Shearing with margin allowance. (2) Marking of reference code number, 
(3) Precision Shearing to get the correct such as coil No, batch No. and so on. 

rectangular shape as per marking. 
( 4) Marking of reference code number such 

as coil No, batch No~ etc on the developed 
metal sheet. 

Milling (1) Rough Milling the sides of the clamping Filing by endless abrasive belt for 
of parallel edges ends about 15 s for one specimen 

(2) Rough Milling the parallel edges and radius-
curves 

(3) Finish Milling parallel edges and radius-
curves. This operation is necessary for each 
side and can be done in batch system. 

Preparation (1) Identification Marking of the specimen (1) Measurement of thickness only 
for tensile test (2) Measurement of thickness and width and (measurement of coil width can be 

calculation of cross sectional area. neglected) 
(3) Marking of gauge length. (2) Marking of gauge length. 
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DISCUSSION 

Query from B. Larson, Technical University of 
Denmark 

How many specimens can be made with the same 
tools without scatter in the tensiles? 

I am thinking especially of R and N values which 
mean a great deal in sheet metalforrning. Have you 
made investigations in that direction? 

Reply 

We have no experience about the life of this blanking 
tool, because the method had not been used practic
ally. But, judging from our knowledge of tool life, the 
difference between this tool and an ordinary blanking 
tool is considered to be small. It is estimated that 
about 100 000 specimens can be blanked in 0.8 mm 
cold rolled mild steel sheet, and about 10 000 speci
mens can be cut-off punched in hot rolled mild steel 
sheet without any regrinding ofthe tool. 

Query from Dr. Rolf Prnemmer, Germany 

The paper presented describes an adequate method 
for fabricating tensile specimens of rolled steel. 

I want to comment that the differences in yield 
strength and elongation observed with differently 
fabricated specimens are not only due to different 
amounts of work-hardening of the machined surface 
layers. There is also the introduction of residual 
stresses into the surfaces considered. Although the 
prestressed region is small, the mechanical properties 
of the bulk specimen are influenced .. The amount and 
sign (compressive or tensile) of the residual stresses 
can be measured. 

Reply 

We did not measure the residual stress in the sheared 
zone, but it is considered that the residual stress has 
little influence on tensile test values as compared with 
other factors such as work-hardening, roughness and 
rnicrocrack. 

Of course, there is some possibility of the residual 
stress influencing the upper yield stress. 



BENDING OF THIN-WALLED TUBES BY COMBINED EXTERNAL 
MECHANICAL FORCES AND INTERNAL FLUID PRESSURE 

by 

C. BOYD* and F. W. TRAVISt 

SUMMARY 

Results of tests are described on the 'Z' bending of thin-walled tubes in brass and stainless steel using a special 
purpose machine which employs combined mechanical forces and internal fluid pressure~ The two right-angled 
bends produced by the 'Z' bending operation are of fairly small radius of curvature (1·5 times tube o.d.) and of 
closely held circular cross-section. It is demonstrated how the provision of a controlled internal fluid pressure can 
eliminate wrinkles and buckles in the tube. walls and suppress a tendency to the development of an oval cross
section. Photographs and a line diagram of the forming machine are presented, along with photographs of typical 
formed tubes. 

INTRODUCTION 

An increasing amount of development work in recent 
years has been directed to the use of a quasi-static 
fluid pressure in the forming and testing of metals; 
the pressure may be the sole forming agent or, as in 
the presently reported work, used in conjunction 
with mechanically applied forces. In most cases the 
pressure level employed is low-less than 10 X 103 

lbf/in2 -so that the resulting advantages arise 
primarily from the flexibility of loading thus afforded 
rather than an increase in ductility, which as shown 
by von Karman1 , Maier2 , Bridgeman3•4, Pugh5 and 
others, requires, in general, pressures an order of 
magnitude greater. 

A patent application6 in 1951 relates to the bend
ing of brass tubes for musical instruments by a novel 
use of mechanical forces and subsequent fluid pres
sure. The tube is first compressed normally to its axis, 
using a shaped press tool, so that it collapses to 
develop a 'U' -shaped cross-section. The collapsed tube 
is then formed, with the convex side of the cross
section inwards, around a shaped mandrel. After 
insertion into a split die, the tube is hydraulically 
pressurised to restore its circular cross-section. This 
and similar techniques are described in reference 7, 
whilst improvements in the technique are described in 
reference 8. A further example of mechanical bending 
of a tube, and subsequent pressurisation within a split 
die, is in the forming of domestic sink water spouts 
described in reference 9. 

A paper10 published in 1967 discusses the applic
ation of secondary or 'compensating' stresses during a 
metal working operation, to suppress tendencies to 

rupture, and thus enable the realization of greater 
strains. In particular, a process for the bending of 
tubes is described in. which the tubes are first filled 
with a fluid medium and then sealed at their ends 
with plugs, so that during the application of mechan
ical forces to the tube an internal pressure may 
develop to hold the tube against the forming dies and 
suppress buckling. Simultaneously with the bending 
operation, tube material is fed axially into the dies by 
means· of hydraulic rams to provide compensating 
compressive stresses to offset the tensile bending 
stresses; and hence reduce the thinning of the tube 
walls. The process is described in more depth in 
reference 11. 

A similar technique is used in the forming of a tee 
piece from a straight tube 12 •13 • The tube is placed 
within a split die, the latter having a radial opening 
into a branch cavity along part of its length. The tube 
is sealed at its ends by hydraulically operated 
plungers; a hole down the centre of the plungers 
allows oil to be introduced into the tube, and the 
tube is thereby pressurised independently of the 
forward motion of the plungers. By careful regulation 
of the internal pressure in relation to the axial in-feed 
of tube material under the advance of the plungers, it 
is possible to produce a branch of substantial length; 
too high a rate of advance of the plungers results in 
wrinkling and pushing of the formed tube from off its 
cavity walls, whilst too slow a rate of advance results 
in the branch being formed, essentially, by local swel
ling of the unsupported area only, with excessive 
thinning and premature rupture. 

The presently reported investigation was initiated 
to examine the bending of tubes under combined 

*Now with Munroe and Miller Ltd., Pipework Engineers, Edinburgh. 
tProduction Engineering Department, University of Strathclyde, Glasgow. 
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mechanical forces and internal fluid pressure, along 
the general lines of the work described in references 
10 and 11, but for bends of larger curvature. Indepen
dent control of the internal pressure on the tube is 
also incorporated in the forming machine. 

EQUIPMENT, MATERIALS, PROCEDURE 

Forming machine 
A photograph of the forming machine is presented as 
Fig. I, and a drawing as Fig. 2. The main structural 
requirements of the forming machine were that it 
should 

(i) provide powered motion in two directions, that 
is, for die closing and for axial in-feed of tube 
material, 

(ii) provide and retain an independently controlled 
fluid pressure within the forming tube, 

(iii) be of sufficient stiffness to avoid separation of 
the dies during the forming operation. 

The die halves, item 2-shown vertically separated 
in Fig. 3-are bolted to sliding blocks, item I, which 
run on lubricated brass pads set within the sliding 
block guides, item 9. Lateral, or die closing displace
ment, is achieved by the operation of rams item 15. 
Holes are drilled in the sliding blocks to accommo
date the tube-as shown in Fig. 3-and axial in-feed of 
tube material is achieved by the operation of rams 
item 14. The carriage, item 7, holding the lower die 
half, is raised up to the die spacer, item 17, by opera
tion of ram item 16, and locked in position by the 
insertion of four pegs through holes to engage in 
corresponding holes in the columns, item 8. 

All controls and indicating gauges for the forming 
tool are mounted on the console shown in Fig. 1, 
which also houses the hydraulic pwnp, relief valve, 
electric motor and oil reservoir. Initially, hydraulic 
rams were connected so that one control valve regul
ated the flow to the two die closing rams, and a 
second regulated the flow to the two tube axial in
feed rams, but minor differences in friction led to 
unsymmetrical displacements. Separate control valves 
were fitted, therefore, to each of the five rams, and 
pointers were fitted on the machine to indicate the 
stroke position of each of the four main rams, 
symmetrical displacement being obtained by minor 
manual adjustment. 

For full details of the design, manufacture and 
operation of the forming tool, the reader is referred 
to reference 14; the more relevant details, however, 
are provided below. 

Die specification: To provide two 90° bends, with 
~ in connecting plane length, in the form of a Z 
bend. The die cavity is of 3~ in diameter circular 
cross-section, and the mean radius of the bends is 
equal to 1·5 times the o.d. of the finished tube_ 

Die closing rams: 4 in diameter, 10 in stroke. 
Tube axial in-feed rams: 6 in diameter, 10 in 

stroke. 

Carriage raising ram: 2 in diameter, 10 in stroke. 
Maximum pump pressure: 3 500 lbf/in2 (for 

rams). 
Tube internal pressure: Provided by means of a 

high-pressure intensifier operating from a compressed 
air line. Hydraulic pressures available of up to 
10-15 x 103 lbf/in2 (but with reducing flow rate as 
pressure is increased). 

Materials 
The majority of tests were carried out using A.S.321 
Austenitic stainless-steel solid drawn tube in the 
annealed condition, of 2~ in nominal bore; schedule 
5's wall thickness (0·083 in), and 17 in length, as 
sawn. A small nwnber of initial tests were carried out 
on tubing as above, but of 3 in nominal bore, 
schedule 1 O's wall thickness (0·120 in). Further tests 
were carried out using brass tubes ('Yorkalbro') of 
76·1 mm o.d. and 2 mm wall thickness. 

Procedure 
The basic elements of the forming sequence of the 
tool are illustrated in Fig. 4: 'A' the carriage is in the 
lowered position and the tube inserted; 'B' the 
carriage is raised and locked into position; 'C' the die 
halves are closed by operation of the die closing rams, 
simultaneously with the operation of the tube axial 
in-feed rams and/or provision of a controlled internal 
pressure; 'D' the die halves are opened, the carriage 
lowered, and the formed tube removed. 

Fig. 1 Photograph of forming machine. 



C. BOYD and F. W. TRAVIS 171 

Fig. 2 Drawing of forming tool. Numbered items are as follows: 1, sliding block; 2, die half; 5, main frame; 6, mount for 
die closing ram; 7, carriage; 8, column; 9, sliding block guide; 10, sleeve; 13, die vertical separation nut; 14, tube axial in-feed 
ram; 15, die closing ram; 16, ram for raising carriage; 17, die vertical separation spacer; 18, frame for raising carriage. 

c 

B 0 

Fig. 3 Lower die half and sliding block. Fig. 4 Sequence of operations of forming tool. 
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RESULTS AND DISCUSSION 

Initial tests 
In these tests, 3 in nominal bore, 0·120 in wall thick
ness tubes were used; the latter were filled with water 
and fitted flush at their ends with rubber plugs prior 
to insertion into the forming machine. There was no 
provision for independent control of fluid pressure, 
and plane end-caps fitted to the tube axial in-feed 
rams served to retain the plugs and apply an axial 
load to the tube ends. 

The pressure of the oil supplied to the tube axial 
in-feed rams was held constant during the tests, rising 
in intervals of 200 lbf/in2 from 400 lbf/in2 to 
1200 lbf/in2, so as to fully explore the effects of 
axial in-feed of tube material. In all cases-as shown 
for a pressure of 600 lbf/in2 in Fig. 5-the tube was 
badly buckled, and what was more important, the 
development of ovality in the (laterally unrestrained) 
tube caused its central regions to extend beyond the 
die cavity and become trapped between the mating 
faces of the die halves. It was decided at this stage to 
carry out all further tests using tubes of smaller bore, 
so that the die halves could be closed without impedi
ment; an increase of internal pressure would then 
expand the tube to assume the full contours of the 
die. 

Tests using 27'2 in nominal bore tubes 
To accommodate the smaller diameter tubes, sleeves 
were fitted to the holes in the sliding blocks; a 5° 
semi-angle taper in the bore of the sleeve effected the 
transition from the approximately 2 ·7 in o.d. of the 
tubes to the 3·5 in diameter of the die cavity. A 
modification was made at this point to the rubber 
sealing plugs; the latter were of slightly smaller dia
meter than the tube and had a ~ in diameter axial 
hole. Steel plates of the same diameter as the plugs 
were fitted to both sides of the plugs and held 
together by an Allen screw and nut. After free inser
tion of the plugs, the latter were expanded to grip the 
bore of the tube tightly by drawing together the steel 
plates with the Allen screw, and at the same time, the 
steel plates provided against entrusion of the plug 
material under the internal pressures developed. 

In these tests also, the pressure of the oil supplied 
to the tube axial in-feed rams was held constant, 
rising in intervals of 200 lbf/in2, from 400 lbf/in2 to 
1000 lbf/in2 (at which point the tube commenced to 
yield before operation of the die closing rams). In all 
cases, the die halves closed without entrapping the 
tube. Irrespective of the level of the pressure of the 
axial in-feed rams, the tubes had a similar appearance; 
severe buckles had occurred to accommodate the geo
metric restraint imposed by the closing die halves, 
whilst the central length of the tubes remained 
straight, as shown in~ Fig. 6. It was concluded that 
specimens were commencing to bend around the die 
contours during the early stages of the operation but 
that, at some point, collapse occurred; using a tube of 
appreciably smaller diameter than that of the die 
cavity, there is initially very little confinement by the 
die to enable the development of sufficient internal 
pressure to resist buckling. If a higher axial infeed 
ram pressure were used, so as to develop higher 
internal pressure, the correspondingly higher axial 

load imposed on the tube ends would serve to 
promote buckling. For the particular die geometry of 
the presently reported investigation, it appeared 
necessary, therefore, to be able to develop the tube 
internal pressure independently. 

Tests with independent internal pressure 
To enable the tube to be internally pressurized 
independently of the forward motion of the axial in
feeds rams, modifications were made to the top seal
ing plug, as shown (brought forward from beneath 
the ram) in Fig. 7. Oil is introduced into the tube 
from the hydraulic pipe on the left, through a hole in 
the ram extension and a brazed-on pipe passing 
through the sealing plug. Air is bled from the tube in 
a similar manner, to escape via the hydraulic pipe on 
the right, through the stop valve shown. The tube is 
thus placed-with the lower sealing plug fitted-in the 
lower die, the carriage is raised and locked, and the 
top sealing plug introduced by advance of the top 
ram. Filling and bleeding of the tube is then carried 
out under the control of the stop valve. 

For a number of tests, carried out at different 
internal pressures, attempts were made to pull out the 
buckles by arresting the tube ends after predeter
mined displacements. It was found that whilst this 
had the desired result of removing buckles, the 
presence of an axial tensile stress-along with the 
tensile bending stresses induced by the closing of the 
dies and the tensile stresses due to the internal 
pressure-resulted in premature rupture of the tube 
walls in the outer curved region, either during closing 
of the die, or during subsequent attempts to expand 
the tube to fill the die. This is not surprising, and the 
avoidance of such failure is the reason for the intro
duction of the concept of 'compensating' compressive 
stress in the work of reference 10. 

Whilst considerable effort had been made to 
produce tubes free from buckles upon closing of the 
dies, it was then considered whether this was, in fact, 
of great importance. It might be possible, as in the 
work of references 6-8, to consider only the achieve
ment of the overall form in the initial operation, rely
ing on subsequent internal pressurization to remove 
any wrinkles or buckles. Tests were carried out there
fore, with the internal pressure maintained at 
3000 lbf/in2, and without pressure or restraint 
applied to the tube ends; it was found, however, that 
at this level of internal pressure, the die closing rams 
were of insufficient capacity to close the die and the 
tube axial in-feed rams were then advanced until this 
was effected. The tubes were buckled, and of similar 
general appearance to those of Fig. 6. 

Having annealed the tubes, the final pressurization 
was then carried out using a high-pressure intensifier. 
As the rubber of the sealing plugs started to extrude 
during this operation, the plugs were discarded and 
brass caps were brazed onto the tube ends (for other 
than research investigations, however, one of the 
simpler and quicker sealing methods reported else
where5•12•13 would be required). It was found that 
full form was realized at approximately 5000 lbf/in2, 
and the maximum pressure applied was approxi
mately 7000 lbf/in2. A selection of formed tubes is 
presented in Fig: 8. 
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Wall thickness variations 
From measurement of the formed specimens Fig. 8, 
the average thickness over the inside of the bend is 
0·074 in, and the average thickness over the outside 
of the bend is 0·046 in, representing decreases of 11% 
and 45%, respectively, based on the 0·083 in wall 
thickness of the 2~ in o.d. stock material used. 
Inherent in the present process, however, is an expan
sion of the tube from its initial o.d. of approximately 
2 ·7 in diameter to the 3·5 in diameter of the die 
cavity, so that based on an equivalent (i.e. assuming 
no length strain) wall thickness at 3·5 in o.d. of 
0·064 in, these figures represent an increase of 16% 
and a decrease of 29%, respectively. 

Fig. 5 Results of initial tests using stainles!rsteel tubes of 
3 in nominal bore. 

Fig. 6 Results of tests using stainless-steel tubes of 2Yz in 
nominal bore. 

Tests using brass tubes 
Brass tubes were fitted with end caps, as above, and 
formed at an internal pressure of 1500 lbf/in2 , with
out pressure or restraint applied at the tube ends. On 
removal from the die, the tubes were found to be 
without buckles or wrinkles but not of full form and 
of oval cross-section at the bends. After annealing 
they were replaced in the die and pressurized to 
3000 lbf/in2 to achieve full form. After axial section
ing across a diameter, wall thickness measurements 
were recorded, as presented in Table 1. 

Fig. 7 Modification made to the top sealing plug to allow 
independent control of the tube internal pressure. 

Fig. 8 Results of tests using stainles!rsteel tubes of 2Yz in 
nominal bore, with independent control of the tube internal 
pressure. 
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10 

e. "'· 
Table 1. Wall thickness of brass tubes (ip) 

Specimen 1 Specimen 2 Specimen 3 Specimen4 
Position A B A B A B A B 

1 0·072 0.063 0·077 0.059 0.076 0.062 0·083 0·054 
2 0.072 0·059 0.079 0.056 0·080 0·059 0·085 0·049 
3 0·070 0.060 0.077 0.056 0.080 0.058 0·085 O-o49 
4 0·072 0.064 0.076 0·059 0.078 0·059 0.086 0·050 
5 0.068 0.079 0.068 0.069 0.069 0.064 0·087 0.062 
6 0.065 0.079 0.061 0.075 0.062 0·077 0.072 0.068 
7 0.065 0.080 0.056 O-Q7g o-o55 0.084 0·063 0.074 
8 o-o5o 0·085 0.054 0.077 0.053 0·079 0.062 0.076 
9 0·050 0.082 0·055 0·078 0·053 0·081 0·061 0·077 

10 0·052 0·080 0{)58 0.077 0{)58 0·081 0·065 0·076 

Based on an equivalent wall thickness at 3·5 in o.d. of 0·063 in, the average increase in wall thick-
ness is 28% and the average decrease is 12·8%. 

CONCLUSION 

As may be seen from Fig. 8, and Table 1, the 
presently reported operation will produce smooth 
uniform bends of closely held circular cross-section 
and of tolerable variation in wall thickness; should a 
minimum wall thickness be specified, this can be 
achieved simply by use of a thicker stock tube. 

It is reported in referenc!l 10, that in the conven
tional method of producing bends using some kind of 
mandrel, a bending radius of 1·5 times the tube dia
meter may be obtained-only under favourable 
conditions-to produce a formed tube with a wall 
thickness reduction of about 25%. On this basis, the 
thickness variations of the brass bends produced by 
the presently reported operation compare favourably, 
and it is hoped that further exploration of the major 
experimental parameters will yield further improve
ment. It is felt that the main reason for the somewhat 
greater wall thickness variation of the stainless-steel 
tubes was that the die closing rams were of insuffici
ent capacity to close the dies when using higher 
internal pressures, and modifications to the forming 
machine are in hand to provide greater die closing 
force. 
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DISCUSSION 

Query from G. R. King 

Dr. Travis was asked whether internal pressure was 
necessary during the time the dies were being closed, 
or whether this was used just to remove wrinkles etc. 

Reply 

Internal pressure was found to be necessary during 
the time the dies were being closed, in order to 
restrain the tube·ends within their seatings, and to 
allow the tube to strain to accommodate the greater 
developed length of the die cavity. In the absence of 
internal pressure, one end of the tube would merely 
pull into the die cavity to suffer excessive wrinkling 
and distortion. By using much longer lengths of 
straight tubing initially, it could still have been 
possible, after closing the dies, to insert end fittings 
and subsequently pressurise the tube, but it is the 
opinion of the authors that the greater length of 
tubing required would render this uneconomic, and 
that complete removal of wrinkles may not be 
possible under these conditions. It was also found, as 
reported in the paper, that a high internal pressure 
during closing of the dies secured a more favourable 
thickness-strain distribution in the former bend, and 
it is in this direction that further work is planned. 



MACHINE TOOL FEED DRIVES AND GUIDEWAYS 



SPECIAL DESIGN FEATURES OF 
NC CONTOURING MACHINES 

by 

DIPL.-ENG. GERD ENGEL.* 

INTRODUCTION 

Ever since numerical control systems were first 
applied to machine tools, increasing efforts have been 
made to improve feed drives. In the early stages, 
designers were satisfied with changing feed drive trans
missions from manual lever control to remote control 
by incorporating electromagnetic clutches. It sufficed 
to provide a suitable position measuring unit for each 
feed axis, this unit feeding back the instantaneous 
tool or workpiece position. 

In systems of this type, an electric cut-out arrange
ment which became active during targetting into a 
position, controlled the electromagnetic clutches in 
such a way that speeds changed from rapid traverse to 
intermediate, then to creep feed and subsequently 
came to a stop. Depending on the size of the masses 
to be moved and the response period required by 
clutches and contactors, this positioning cycle 
required 3-10 s or more, a rather important time 
factor. Another disadvantage lies in the fact that con
ventional positioning transmissions, involving clutches 
and 1 a multiplicity of gears, are not free from back
lash nor is such backlash constant, which is why each 
position could only be approached from one direc
tion. 

As long as no tool is working while positioning is 
in progress, the only decisive factors are positioning 
accuracy and positioning time. Efforts were therefore 
made to reduce the inertia masses in gear trans
mission, to develop more accurate leadscrews-such as 
recirculating ball screws-and to improve anti-friction 
slide-ways properties. In parallel with these efforts, 
faster feed motors with higher output were also 
developed. 

THE CONTROLLED FEED DRIVE 

Latterly there has been an increasing demand for 
machine tools capable of controlling tool movements 
while cutting is in progress. These machines have 
straight-cut or continuous-path (contouring) controls. 

*Scharmann & Co., Rheydt, W. Germany. 

Typical workpieces for which the machining demands 
such equipment are, for example, propellers and 
turbine blades, casting moulds and forging dies, 
complicated aircraft and rocketry components which 
have to be machined from the solid, but also simple 
workpieces with recesses, annular surfaces and bores, 
which, for time saving reasons, are milled with cylind
rical milling cutters. 

The feed drives of machines with straight-cut or 
continuous-path controls of this type have to fulfil 
quite different and much higher requirements than 
the feed drives of machines with mere positioning 
controls. The first demand is the direct result of the 
problems involved. Since multi-dimensional contours 
have to be machined, the tool has to describe 3-
dimensional curves while maintaining a constant feed 
rate, and the geometrical situation is such that the 
components of velocity undergo continuous change 
along each feed axis. For this reason, every axis must 
have its own independent feed drive and a common 
distributor transmission is no longer suitable. 

Tachog•Mrator 

or cu,.,.nt amplifi•r 
En•rgy supply 
(hydraulic or •l«lric .nfigy) 

s • Position 
'I "' Rotational ang'-' 
v = V.locity 
n • 5pHd 
x • Position fHdbadc signal 
i "' v.locity fMdbaclc signal 
q • Oil flow volurM 

IM • Motor cur,..,. Cormatur. awrlftl) 
1 • ContrOl current 

Fig. 1 Simplified model of a servo-feed drive system 
(Scharmann & Co., Rheydt). 

An independent feed drive-shown diagrammatic
ally in Fig. !-consists of a number of machine 
elements in which energy and information flow takes 
place. The main constituent of such a drive is the 
motor. To make this motor produce a defined move
ment, a control signal is required which generally 
takes the form of a control current, i. 
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This current is too low for the feed drive and must 
therefore be amplified with the aid of an energy con
verter (hydraulic or electric). In the case of hydraulic 
drive, the control current i is converted into a high
energy oil flow q with the aid of a servo valve or, in 
the case of an electric drive, the control current is 
converted to armature current iM with the aid of a 
current amplifier. The armature current is propor
tional to motor speed. Interposing a gear train or a 
clutch, this motor speed produces the leadscrew 
speed, n. The leadscrew speed together with the lead
screw nut produces the slide speed (velocity), v. Thus 
v is also proportional to control current i. The posi
tion, s, of the slide can be fed back to the control 
system either directly with the aid of a linear measur
ing system or indirectly by measuring the leadscrew 
rotation angle, ..p, with a rotary resolver (position 
feedback), x. A tachogenerator measures the velocity 
through the motor speed. This is fed back to the 
control system, too (velocity feedback), .X. 

Position feedback 

Fig. 2 Block diagram of a servo-feed drive with position and 
velocity feedback. (Scharrnann & Co., Rheydt). 

Rigid 

Fig. 2 sho~s this feed drive in the form of a block 
diagram. It will be seen that the control circuit is 
closed not only by position measuring but also by a 
velocity feedback. In actual fact, it is the velocity 
which is the main controlling factor in straight-cut or 
continuous-path feed drive systems. To ensure that 
the tool can rapidly compensate sequence errors, the 
control system must receive not only information 
concerning position but also any timed position 
changes-that is to say machine slide speed-and this 
is achieved with the aid of a tachogenerator flange 
mounted to the motor. Even the path control signal 
received from the tape determining workpiece 
contour is converted through an amplifier into a 
velocity command u which, in turn, controls the 
motor after further amplification. 

Design requirements 
A standard of the requirements which the design of a 
controlled feed drive must meet is given by its res
ponse behaviour to a step velocity command, Llv, fed 
in by the controL A good feed drive should follow 
this velocity step with very little time delay, T, as 
otherwise sequence errors will become excessive and 
the control loop unstable. How the actual response 
behaviour may appear in practice is shown in Fig. 3. 

Five main properties affect the velocity response 
behaviour of a feed drive. 

1. Backlash. This causes a direct time delay T1 • It 
must be eliminated from a control loop. 

2. Elasticity of all machine elements. This causes 
the storing of elastic deformation energy in the feed 
system over a certain time, T2 , until movement starts 
up gradually. After initial acceleration, the stored 
energy is released, and overshoot occurs. This is un
desirable in a control loop. 

c = oo Resilient c = canst. Properties of 

feed drive 

Rigid c =oo 

Backlash-free 11=0 Backlash T1: canst. Bcxklash-free T1= 0 

Resilient c = canst. 
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Mass m:const. 
lnfin.acceler. a=oo 
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Fig. 3 Response behaviour of a feed drive following a theoretical velocity step. Messrs. Schannann & Co., Rheydt. 
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3. Finite acceleration. To effect a velocity change 
without any time delay whatsoever would call for 
infinitely high acceleration. In practice this is not 
possible. An acceleration time constant Twill there
fore occur, and this must be kept to a minimum by 
choosing the strongest possible drive. 

4. Friction. Friction reduces the available motor 
torque and therefore creates a reduction in acceler
ation and an increase in the acceleration time 
constant by an amount T3 . Obviously, friction losses 
must be kept as low as possible. 

5. Damping. Damping rounds off the curves and 
also reduces overshoot depending on size. A certain 
degree of damping is therefore desirable, but exces
sive damping will increase delay periods. 

The subsequent paragraphs describe how the 
requirements outlined in the theoretical consider
ations presented so far can be converted into design 
practice: 

-high stiffness of transmission elements and elimi
nation of all play to keep the reversal span (back
lash) to a minimum, 
-low friction between all contributing machine 
elements especially between screws and nuts, as 
well as slideways, so that the reversal span remains 
small and available motor torque can be better 
exploited, 
-adequate damping to reduce vibrations and avoid 
overshoot when sudden velocity changes occur, 
-low inertia masses to improve velocity and 
acceleration behaviour. 

RESILIENCE IN FEED DRIVES 

Owing to the atomic structure of all materials, every 
machine element is elastic. A standard of the elasti
city in machine elements is given by the resilience, 
1 /c, as a reciprocal value of stiffness, c. In general, the 
stiffness formulae of all machine elements result from 
the relationships existing between force, and tensile 
or bending deflections based on the formula c = F/x. 
Basically, stiffness is proportional to the modulus of 
elasticity. As far as the designer is concerned, this 
means that highly stressed machine components 
should be made from material having an appropri
ately high modulus of elasticity. It should be borne in 
mind, for example, that the modulus of elasticity of 
cast iron is only ~ and the modulus of compression 
of oil is only 1/150 of the modulus of elasticity of 
steel. Cast-iron components and hydraulic piston 
drives should therefore be avoided in feed drives 
with travels greater than 400-600 mm. The cross
sectional area or the moment of inertia and length I 
are further factors influencing stiffness. This means 
that large cross-sections and short lengths should be 
given preference. Unsupported long shafts should be 
avoided when subjected to bending stresses, because 
stiffness decreases relative to length following the 
cube law. 

Apart from tension, compression and bending, 
torsion is a further elasticity manifestation. Motors 
especially have a definite torsional stiffness. In hyd
raulic motors this depends on the modulus of com
pression and the oil volume contained in the motor, 

while in electric motors it depends on electro
magnetic factors such as inductance and magnetizing 
force. Many machine elements preclude the calcul
ation of stiffness and resilience with conventional cal
culation methods or make such calculation very 
laborious. This applies particularly to the expansion 
of bearing bores in housings, elastic deformation of 
rough support surfaces or deformations occurring on 
screw fastenings. 

Trial-based empirical equations can be established 
for the elongation of chains, resilience of bearing 
elements and gear teeth because all these components 
follow a certain system. The static and dynamic 
behaviour of columns, cross beams, beds and table 
assemblies can now be calculated with the aid of com
puters by feeding in the relevant coordinates and 
material data. 

Screw fastenings in feed drives 
A fastening device often used in machine building, 
but little known in terms of elasticity, is the screw. 
The stiffness c8 of screws and bolts can readily be cal
culated. Even the shoulder of the flange between 
screw head and abutment surface is elastic. As an 
approximation, such a flange could be considered as a 
bush with a stiffness c8 . Screw and bush are two 
superimposed springs whose total resilience adds up 
as 1/c = 1/cs + 1/ca. The overall stiffness of this 
screw fastening is therefore smaller than the stiffness 
of the screw itself. 

Till now it was generally sufficient to calculate a 
screw fastening in terms of tensile strength alone. 
However, if elasticity is calculated, it can readily be 
shown that thin screws have great disadvantages. 
Since with a constant modulus of elasticity, rigidity 
increases with screw cross-section, elongation reduces 
with the square of screw diameter. In addition, the 
screw length can also seriously reduce rigidity. It is 
therefore advisable, wherever possible, to use screws 
which are no longer than three to four times the 
screw diameter. 

An example will illustrate how screw fastenings 
can be optimized. A flange bush sustaining the entire 
thrust of a feed leadscrew was hitherto secured to the 
machine bed with four screws M8 X 80 mm. Using 
this arrangement the available stiffness is 33 kp/J.Lm. 
Without modifying the diameter of the flange, eight 
screws Ml2 X 35 mm could be accommodated. This 
increased the rigidity approximately by a factor of 
ten to 357 kp/J.Lm. The gain in rigidity was achieved 
by the following modifications: 

-increasing the screw diameter, 
-shortening the screws, 
-increasing the number of screws. 
Where flange connections in feed drives are con

cerned, the direction of force application requires 
special attention. Flanges should on principle be so 
arranged that it is not the screws-whose tensile stiff
ness is not very high-which carry the load but the 
flange shoulders which are virtually rigid. Where the 
direction of force application changes, the flange 
connection should be so arranged that, regardless of 
the force application direction, the same number of 
screw fastenings is subjected to tensile stress. 
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Stiffness, efficiency and bearings for feed 1eadscrews 
Since every material is elastic, all machine elements 
which are parts of a feed drive contribute towards 
deflections. Measurement taken on a leadscrew with a 
thrust bearing at one end show that the leadscrew 
sustains maximum deflection with almost 60% of 
total deflection, followed by the bearing block with 
almost 20% and the thrust bearing with approxi
mately 16%. The deflection of the leadscrew nut is 
relatively low at approximately 8%. Oearly, stiffness 
improvements should therefore be applied in parti
cular to leadscrew, bearing block and thrust bearing. 
The rigidity of the bearing block can be vastly 
increased by suitable ribbing of surrounding 
components in the load direction. 

On numerically controlled machine tools, the feed 
leadscrews and nut should be not only rigid and free 
from friction, but also be made to a high degree of 
pitch accuracy, so that positions can be targetted and 
continuous-path curves followed without friction
caused overshoot errors. Conventional screw drives 
such as Acme screws are unsuitable for this purpose. 
Friction is too high and efficiency too low. This 
applies in particular to small helix angles. Leadscrews 
used in feed drives generally have a helix angle of 
3-4°, with an efficiency around 20-30%, which is 
inadequate for numerically controlled machines. Roll
ing friction screw drives such as recirculating ball 
screws have, on the other hand, proved their worth 
for controlled movements, even with very low helix 
angles. Screws of this type have efficiencies above 90%, 
high pitch accuracy and allow the use of backlash-free 
nuts. Owing to rolling friction there is virtually no 
wear, and recirculating ball screws can therefore often 
be used as measuring screws as well. The stiffness of a 
leadscrew of fixed length can only be increased by 
increasing its diameter. However, there are limits to 
this approach because the moment of inertia increases 
at the fourth power of the diameter. 

A further possibility of increasing system rigidity 
presents itself by supporting the feed leadscrew in 
thrust bearings at both ends (Fig. 4). With a thrust 
bearing at one end only, total leadscrew stiffness 
decreases as the distance x between nut and thrust 
bearing increases. If the screw runs in bearings at both 
ends, the maximum distance of the nut relative to 
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Fig. 4 Total stiffness of feed drives (Technical University, 
Aachen, Machine Tool Institute). 

each thrust bearing is only half as long, and the two 
bearings together will in any event produce greater 
stiffness than only one bearing. 

The thrust bearings themselves play quite an 
important part in the stiffness provided by a lead
screw system. Conventional radial bearings have low 
axial stiffness. Angular-contact ball bearings improve 
the situation, while pure thrust bearings increase stiff
ness to a maximum. In comparison to ball bearings, 
stiffness can be greatly increased by incorporating 
roller bearings. This is because, while ball bearings 
provide only a point contact between balls and races1 

roller bearings have linear contact and therefore tend 
to deform less. In addition, roller bearings can sustain 
greater loads and can therefore be preloaded more 
heavily. They are therefore still more rigid than thrust 
ball bearings. 

The surrounding parts supporting a bearing 
assembly also influence the overall resilience of feed 
leadscrew bearing systems. Conventional bearing 
arrangements always employ a multiplicity of bearing 
rings, spacer rings and shoulder bushes, so that the 
number of contact surfaces is very high. However, 
every contact surface represents a resilience factor on 
account of its surface roughness, which reduces the 
load-carrying factor. This resilience is greater, the 
rougher the surface finish of the face in question, and 
obviously increases with the number of faces 
involved. For this reason, the number of spacer and 
other rings should be kept as low as possible and all 
contact surfaces should have the maximum load
carrying face area by fmishing through face grinding. 
Spacer rings and bushes for thrust bearings should not 
be too narrow as they will otherwise deflect in the 
same way as a Belleville washer spring, which will 
again increase resilience. A relationship between ring 
width and thickness of 1: 1 will generally suffice. 

Preloading of machine elements 
Preloaded machine elements not only achieve back
lash elimination but also increase rigidity. Preloaded 
ball bearings, leadscrew nuts and roller slideways 
elements are well known, but hydrostatic slideways 
can also be preloaded by employing a hydrostatic 
retaining gib. Every preloaded machine element has a 
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Fig. 5 Stiffness of preloaded machine elements (Schannann & 
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definite stiffness of its- own. Fig. 5 thus shows two 
mutually preloaded elements with rigidities cp 1 and 
cp2 and preloaded distances x 1 and x 2 • This is equiv
alent to the arrangement of two springs as shown in 
the illustration on the left-hand side of Fig. 5. As the 
springs are arranged in parallel, it can be said that in 
the case of preloaded elements the total stiffness is 
equivalent to the sum of individual stiffnesses. A 
further rigidity gain lies in the fact that almost all pre
loaded elements have a progressive spring rate, so that 
preloading by an amount x will in itself produce a 
greater rigidity than is possible without preload. 

Friction and damping 
Apart from high rigidity, numerically controlled 
machine tools require a high degree of accuracy. In 
particular, the reversal span when changing direction 
of feed must be kept small. This reversal span 
depends-apart from elasticity-directly on the fric
tion in the feed transmission elements, especially that 
existing in guideways. Friction must also be kept 
down to avoid power losses. 

With regard to rotary drive components, the 
advantages of low-friction recirculating ball screws as 
compared with Acme leadscrews have already been 
mentioned. Gears, frequently still used in feed drives 
with electric d.c. servo motors, must be under 
backlash-free preload and will therefore have greater 
friction right from the start. Such friction must be 
kept to the absolute minimum by precision machin
ing of the gear flanks (lowest acceptable quality grade 
5) and by running gears in over an adequate period. 
Longitudinal guideways represent a special friction 
problem. Plain slideways, as predominantly used 
hitherto, will still have excessively high friction even 
when lubricated with high-quality alloy mineral oils 
and will therefore cause excessive reversal spans. 

Highly undesirable stickslip manifestations are a 
further disadvantage. This is particularly undesirable 
when starting up and when using low feed rates, 
because friction fluctuates continuously between two 
different coefficients thereby generating severe vibra
tions. Low-friction guides, free from stickslip, can in 
accordance with present experience only be achieved 
in two ways by: 

1. roller guides, 
2. hydrostatic slideways. 
Roller guides have the advantage that they can 

conveniently be fitted to existing machines, often 
without extensive design modifications. A disadvan
tage of this arrangement lies in the fact that, despite 
the high stiffness of the rolling elements, the overall 
stiffness of the guide is not very great because stresses 
cannot be distributed as uniformly as in the case of 
plain slideways and because the surrounding parts of 
the guide elements are often much too weak. A 
further disadvantage is the low damping capacity of 
roller guides. Chatter vibrations, such as can arise in 
any metal-cutting operation, destroy the advantages 
of roller guides unless facilities are created which 
remove such vibrations through appropriate damping. 
This is why a compromise must often be accepted 
between the low friction of roller guides and the high 
damping capacity of plain slideways. An obvious solu
tion suggests itself in retaining the plain slideways and 

merely cancelling stress concentrations at certain 
points (for example as caused by the table assembly 
weight) by roller elements with adjustable force set
ting. 

Hydrostatic slideways offer special advantages. 
The sliding surfaces are separated from each other 
by a thin film of oil and are therefore entirely free 
from metallic contact, ensuring absolute freedom 
from wear while friction is virtually equal to zero at 
all normal feed rates. Damping properties are exemp
lary and the stiffness of the oil film can-subject to 
taking appropriate measures-be made greater than 
the rigidity of surrounding component parts. 

Unfortunately it is not easy to collect oil flowing 
out of hydrostatic bearings in a satisfactory manner 
and to return such oil free from dust and coolant con
tamination. For this reason, existing machines having 
plain slideways cannot readily be rearranged to 
provide hydrostatic slideways. Where new designs are 
involved, a hydrostatic slideway system presents no 
particular problems in terms of either design effort or 
expenditure. 

The influence of inertia masses 
The velocity and acceleration behaviour of a feed 
drive are decisively influenced by the mass of the 
moving machine components. Inertia forces manifest 
themselves more on rotational components than on 
masses moved in translatory directions (e.g. slide and 
workpiece), and it is therefore a design function to 
reduce rotary inertia to the absolute minimum. Based 
on the formula for flywheel inertia 

two possibilities offer themselves to the designer: . 
1. choice of a lighter material (lower specific 
gravity -y) as far as material strength considerations 
permit; 
2. avoidance of large outside diameters d at the 
expense of width b, because d is raised to the 
power of four in the equation, while b is merely a 
linear factor. 
The first possibility is usually exploited by using 

belt pulleys made of aluminium alloys. The second 
possibility can be realized by gear wheels used in feed 
transmissions. With constant torque, the product b X 
d must be constant for strength reasons. If, for 
example, diameter d is halved, it will be necessary to 
double the width b, and the inertia will drop to an 
eighth. 

The distribution of flywheel inertias and masses of 
feed drives varies widely depending on the type of 
drive chosen. Fig. 6 shows two completed feed drive 
designs: in the one case with an electric servo motor 
and in the other with an hydraulic servo motor, and 
these clearly indicate the difference in flywheel 
inertia distribution as reduced to the motor shafts. 
Since an electric motor delivers its output predomi
nantly at high speeds and low torques, a gear reduc
tion is necessary-in this case with ratio i = 8·7. Since, 
on the other hand, flywheel inertia towards the motor 
decreases with the square of the transmission ratio, 
the mass of the slide including the table load mani-
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fests itself as flywheel inertia with only 3·4%, and as 
far as the leadscrew shaft is concerned with only 
14·1% (Table 1). On account of the large inertia masses 
of the gears, the gear transmission contributes almost 
30%. In total, there is between the inherent flywheel 
inertia of the motor and the flywheel inertia of the 
feed assembly a ratio of approximately 0·8 which can 
be considered as an optimum in control response for 
a d.c. drive. 

Table 1 

The following inertia masses reduced to the motor 
shafts, WR 2 , were calculated for the longitudinal feed 
drive, z = 800 mm, of a continuous-path control 
machine (Scharmann Type FB 75 NCC). 

WR 2 kp cm2 % 

., Table assembly +load 1·2 3·4 
~ Leadscrew 5·0 14·1 
d Gear transmission 10·1 28·4 .,; 
C) 

External WR 2 16·3 45·9 ·~:: ... 
Motor WR 2 C) 19·3 54·1 ., 

s 
Sum 35·6 100·0 

External WR 2 /Motor WR 2 = 0·85 

Table assembly + load 93·8 29·0 
., Leadscrew 200·5 62·1 

~ Coupling 27·0 8·4 
C) External WR 2 321·3 99·5 
~ Motor WR 2 1·7 0·5 .a 
f Sum 323·0 100·0 

External WR 2 /Motor WR 2 = 192 

The hydraulic drive is characterized by high 
torques at low speeds and can therefore be connected 
to the leadscrew shaft with a ratio of 1: I using a 
coupling. Since the square of the transmission ratios 
does not manifest itself here, the table assembly to
gether with its load contributes to the overall fly
wheel inertia to an extent of almost 30% while the 
leadscrew shaft contributes even more than 60%. The 
coupling at 8·4% can be almost ignored and the 
motor flywheel inertia of 0·5% has hardly any effect. 
The distribution is therefore quite different in the 
case of a hydraulic drive, and load differences in the 
table assembly greatly influence the situation. This is 
why hydrualic drives are frequently connected to the 
leadscrew system with a reduction ratio of 1·5- 2·0. 
The examples described here indicate that the layout 
of the drive motors does not depend on the magnitude 
of static feed forces and gearbox efficiency- as would 
be the case in conventional feed drives-but exclu
sively on the size of the inertia masses to be moved. 

Completed design examples 
The manner in which the more important design 
requirements-freedom from backlash and bearing 
rigidity were catered for in the feed drives of a 
horizontal boring and milling machine with 
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Table assembly 
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54, 1°/o 28,4.,./o 

Motor Coupling 
0,5 .,. 8,4 .,. 

14,1 .,. 3,4 .,. 

Table assembly 
+load 

Leadscreow 
62,1 "to 

Table assembly+ load 
29,0 .,. 

Fig. 6 Distribution of inertia masses in electric d.c. and 
hydraulic feed drives (Scharrnann & Co.). 

continuous-path control is indicated in Fig. 7, repre
senting an electric d.c. servo drive, and Fig. 8, repre
senting a hydraulic servo drive. The gear reduction 
between d.c. motor and feed screw must be entirely 
free from backlash and this applies in particular to 
mating gears, shaft bearings and connections between 
shaft and hub components. The shafts should prefer
ably run in precision angular-contact ball bearings 
with mutual thrust preload through Belleville washer 
springs. Backlash in gear transmissions can be elimin
ated by using two drive gears with an identical 
number of teeth for each stage, these being offset 
relative to each other and secured in position when in 
the play-free state. Gears require increased accuracy 
(quality grade 5), and must be run-in adequately prior 
to starting up the machine. If necessary, the gears are 
readjusted several times during the running-in period 
because friction particles rub off initially; that is to 
say, readjustments are made until the tooth flanks are 
completely smooth. Connections between shafts and 
gears which are entirely play-free are assured by 
employing taper seats. 

The thrust bearings used are roller cages. To 
increase rigidity, the races normally used in conjunc
tion with such roller bearings are eliminated and 
replaced by thicker rings which cannot deflect like 
Belleville washers. The number of axial contact sur
faces is reduced to a minimum which again benefits 
increased rigidity. All running and contact surfaces 
are surface hardened and precision surface ground. 
The other end of the leadscrew (not shown in the 
illustration) has the identical bearing arrangement, 
that is, the leadscrew has thrust bearings at both ends. 

Fig. 8 shows a feed assembly driven by an hyd
raulic servo motor. The reduction transmission is 
eliminated in this case and replaced by a positive 
drive coupling. A number of hydraulic motors are 
very sensitive against axial and radial motor shaft 
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loads. Axial stresses can arise, for example, by 
thermal expansion of the screw coupled to the motor 
shaft, while radial forces are created by shaft displace
ment between leadscrew and motor. There is there
fore a need for a coupling which can transmit the 
motor torque free from backlash but which neverthe
less compensates for any axial or radial displacement. 
These conditions are met in an almost ideal manner 
by a cross-tenon coupling. As this coupling is well 
matched, it offers the additional advantage of low 
overall dimensions and thus low inertia. 

The coupling consists of three components, and 
drive is transmitted by radial slots and tenons accur
ately ground to play-free state. The centre section has 
radial slots offset through 90° so that radial compen
sation is at all times possible in the event of shaft dis
placement. Cord seals keep the coupling components 
on a clearance spacing of approximately 0·1 mm in 
the axial direction. Any thermal induced axial move
ments are then taken up by the elasticity of these 
seals. The seals also prevent physical also act between 
the coupling components. The right-hand half of the 
coupling is permanently connected to the feed lead
screw by a taper seat. This arrangement ensures 
torque transmission entirely free from backlash. 
Similarly, the left-hand clutch half is pressed onto the 
parallel shaft of the motor using a tapered ring. A 
normal sliding fit with key would not be sufficient to 
ensure the necessary backlash elimination, as there 
would also then be the danger that any sudden torque 
changes could shear the key. 

Lead-screw 

Fig. 7 Electric d.c. servo drive (Scharmann & Co.) 

Hydraulic Cross - tenon coupling Lead screw 

Fig. 8 Hydraulic servo drive (Scharmann & Co.) 

SUMMARY AND CONCLUSIONS 

This paper gives the theoretical aspects of problems 
arising in controlled feed drives for NC machine 
tools, drawing from these theoretical considerations 
the necessary results for practical applications. 

The paper explains how rigid leadscrew systems, 
low-friction slideways, as well as transmissions free 
from play and featuring low inertia, should best be 
designed to achieve optimal accuracy and perform
ance. The example quoted shows how all these 
requirements were met in relation to horizontal 
boring and milling machines with continuous-path 
control. 

DISCUSSION 

Query from A. J. Bartley, University of Newcastle 

It is stated that the only satisfactory guides are either 
roller guides or hydrostatic slideways. Yesterday, in a 
paper at session 2A, it was reported that satisfactory 
low friction conditions and freedom from stick-slip 
had been ~chieved by using conventional slideways 
with PTFE inserts. I wonder whether PTFE has been 
tried by the author and if so what was his experience? 

Reply 

PTFE is a good compromise between friction and 
damping conditions of plain slideways and anti
friction properties of roller or hydrostatic guides, 
which is in many cases sufficient even for contouring 
machines. Up to now, there were real difficulties with 
the adhesive bonding of PTFE plates on cast iron 
components, in order to get a permanent connection. 
This problem has been solved, however, in a splendid 
way, as indicated in paper 808 'The Modula Range of 
NC Machine tools'. The chapter 'Slide-ways' in that 
paper answers this query. 
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Query from P. Muth 

It was said that the rigidity can be increased by three 
methods: 

increasing the screw diameter, 
- shortening the screws, 
- increasing the number of screws. 
An example is given in the paper, whereby all 

three modifications were done at the same time. 
This is opt always possible. 

Can Mr. Engel give some details according to his 
experience as to which one of the three methods will 
give the best result, and perhaps a certain percentage 
in increasing the rigidity by only one out of the three 
modifications. 

Reply 

If you take the screw as a bolt, you have the equation 

F EA rrE nD2 nD2 
C=- =nX- =--=constant X-

b.L L 4 L L 

C stiffness of all screws 
n number of screws 
E modulus of elasticity 
F force 

b.L elongation of the screws 
L effective screw length 
A effective cross-sectional area of one screw 
D diameter of the screw. 

In this equation one can see that, taking a bigger 
screw diameter D will achieve the best gain in stiff
ness. In nearly all cases, it is possible to increase the 
number of screws. The possibility of shortening the 
screw length L is less likely. Generally the gain in 
stiffness by shortening the screws is not very high. 

Query from Jr. Wasiuktiewicz, DIXI II, Switzerland 

In order to obtain the greatest possible stiffness of 
the feed-drive transmission, the common practice 
consists of using preloaded nuts and thrust bearings 
on both sides of the lead screw. 

The boring and milling machines have normally a 
large range of the feeds (2 X 1000 mm/min) and 
allow a rapid traverse at 2-10m/min. Normally, the 
thrust bearings and leadscrew are chosen for the 

extreme cutting conditions with the greatest work
piece to be moved. It leads to assumption of lower 
values for the leadscrew revolutions per minute 
(16-100 rev/min) and the considerable thrust forces 
to be transmitted (2000-4000 lb) to choose the lead
screw. The common practice is to choose as a preload 
value * the maximum transmitted force. It happens 
very seldom that the machine would be used at the 
maximum disposable power. Nevertheless, the balls in 
the nut are affected by the preload (500-2000 lb) 
during every moment of the screw rotation. 

In automatically-operated machines (NC) where 
every cycle begins with the rapid traverse and when 
the time of positioning is considerably in the overall 
cycle time, the screw will drive with a high number of 
revolutions (500-1000 rev/min) with the balls sub
mitted to the high pressure due to their preload. It 
leads to the considerable rise in the temperature 
(20-30° over the ambient temperature) and to an 
important decrease in the service life at the leadscrew. 
It was the reason why some machine tool builders 
were forced to decrease by 2 to 3 times the value of 
the initial preload, affecting at the same time the 
stiffness of this element. This temperature rise can 
also cause some problems with the service life of the 
thrust bearings, when screws are flxed axially on both 
ends (thermal expansion 11 X 1 o-3 m/m 1 o C) and 
influence the precision of the measuring device fixed 
on the lead screw end. 

Reply 

I have had experience with rising temperature only in 
one case, which was during a test-run of a 3-axes 
machine where no cutting tool was working, but 
table, saddle and headstock were running with rapid 
traverse during about 80% of the whole time of 15 
min. Under normal working conditions, the average 
number of revolutions is low enough for there to be 
no considerable rise in temperature. Furthermore 
there is a good temperature distribution resulting 
from the very large surface areas of the machine tool 
parts. At least, length deformations of the ballscrew 
can generally be absorbed by the elasticity of the 
screw itself. 

In cases where the accuracy of indirect measuring 
elements is disturbed by temperature deformations, 
machine tool users should take a direct measuring 
system where these deformations are eliminated. 



A METHOD OF CALCULATION FOR TWO-WAY 
FLOW-CONTROL VALVES DEPENDING ON IMPOSED DYNAMIC 

PERFORMANCE 

by 

Dr. eng. I. MAZILU 

SUMMARY 

The aim of this study is to draw up a calculation method in order to design the two-way flow-<:ontrol valves, and 
to permit the determination of the constructive parameters, which depend on the working range and the required 
performance. The determination of how the constructive dimensions of the control valve influence its dynamic 
performance was carried out on experimental models in the laboratory. The time constants were optimized by 
models on an analogue computer. 

INTRODUCTION 

When working in the dynamic regime of a hydraulic 
drive system there exists a complex process of the 
mutual influence of dynamic, mechanical and 
hydraulic effects. The aim of this investigation of the 
dynamic phenomena generated by different factors in 
hydraulic drive systems is to establish the variation 
laws of the basic hydraulic parameters (the pressure 
and the flow rate), as well as the mechanical para
meters of the components of velocity, displacement, 
acceleration, force, and so on, looking for ways to 
attenuate the negative influences of these phenomena 
on the productivity and the efficiency of the 
machine. 

Because of the large number of parameters which 
mutually interact in the transient regime, only 
approximate methods were established for the 
dynamics of the hydrostatic drive equipment. 
Because of this, the analysis adopted for this work 
consisted of combining theoretical calculations with 
the experimental determinations and the analogue 
computer model data, this being the best method of 
obtaining results which were confirmed in practice. 

This work analyses one of the feed control variants 
for machine tools with hydraulic drive systems, more 
specifically those which operate by means of a two
way flow-control valve, mounted on the oil outlet 
line of the hydraulic motor (Fig. I). 

The instantaneous value of the controlled pressure 
before the flow-control valve is dependent on the 
dynamic characteristics of the reducing valve. It 
would be ideal if the controlled pressure were 
constant, and thus unaffected by the pressure vari
ations in the hydraulic motor. In fact, the reducing 
valve, because of the inertial and friction forces, fails 

I.C.P.M.U.A., Bucharest 

to change its position in the time necessary to stop 
the sudden p~essure variations in the hydraulic motor. 

Because of this, during the transitional period 
from the rapid displacement to the working feed, or 
during the variations of the cutting forces, the con
trolled pressure, p,, will follow the pressure variations 
in the hydraulic motor with a phase lag and an ampli
tude ratio depending on the dynamic characteristics 
of the valve. 

Fa 

Sc 

~ Pp,Op 

Pc,ac 

fs 

Fig. 1 
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CONTROL VALVE BEHAVIOUR ANALYSIS 
IN STEADY-STATE. 

In the steady-state, the spool balance equation is 

F80 + (K,+KH)x=p,.A (1) 

from which results the dependence of the controlled 
pressure Pr on the valve opening, x, which in turn is 
determined by the working pressure, p, in the hydrau
lic motor. 

It follows that in the working conditions of the 
control valve over the whole working pressure range 
of the machine, the controlled feed varies according 
to the opening of the flow-control valve, and does not 
remain constant. 

The deviations from the required feed are condi
tioned by the spring characteristics, K,, the hydro
dynamic force coefficient, KH, and the opening 
variation, x, depending on the working pressure 
which results from the know}l relationship 

Q = CaKs X ) 2 (p p- p,) {2) 

K8 was noted and the valve control section gradient 
was considered to be proportional to the opening, x. 
Writing down the expression for the opening x, for the 

limits of the working range [p-p,] m:o' and ex-
mm 

pressing the controlled pressure variation depending 
on the nominal controlled pressure, Pr 

yields the expression for the steady-state error 

E = ypK,(I +pQ 
..[i.Cd.A. Pr· Ks 

[V'(p-~,)min- y'(p-lp,)m~ 

(3) 

(4) 

The value of 1/J was noted and the ratio between the 
spring characteristic K, and the hydrodynamic force 
coefficient providing the steady-state stability. 

As a result of the analysis of expression ( 4) the 
steady-state accuracy is determined by the spring 
characteristic K,, the controlling surface gradient K8 

and the surface size, A, on which the controlled 
pressure acts. 

But, from this condition for achieving a steady
state accuracy, the three parameters are not single 
valued. This can be achieved by a requirement 
connected with the oil filtration accuracy, from 
which it is clear that the minimum controlling section 
opening, x min, must be unconditionally larger than the 
maximum size of the particles admitted through the 
filter, from which one obtains the relationship 

K ,.;:: Qmin 
8 ""'X min Cd.J2 (p- Pr)max 

p 

(5) 

The same considerations connected with oil filtra
tion accuracy must be taken into account when the 
minimum valve opening Adr is chosen. Usually, the 
control valve opening is rectangular;with one variable 
side. The width of this slit is limited for technological 

reasons to values usually larger then filtration 
accuracy, thus limiting the admissible size of the vari
able side. In this way, starting from the real techno
logical possibilities and fll tra tion accuracy, the 
minimum flow-control valve opening can be estab
lished, and depending on this, the controlled pressure 
value can be calculated 

P = Q2 min .p + 
r 2 2 Po 

2 Cdr · Adr min 
(6) 

In order to avoid the instability region in the 
neighbourhood of the shutting position, the sum of 
the spring force variation and of the hydrodynamic 
force in connexion with the opening should always 
remain positive1 

(7) 

From this condition the spring characteristic value 
can be established as 

(7) 

where 1/1 is the ratio of the spring force increase to the 
hydrodynamic force increase, which is assumed to be 
larger than 1 . 

From this, the surface A, on which the controlled 
pressure acts, can be calculated from relation (4), for 
the imposed steady-state accuracy. 

Control valve behaviour analysis in the dynamic regime 
Control valve dynamic analysis (Fig. 1) was effected 
by the u<>e of the small disturbances method applied 
to the system; that is, the system was considered to 
be linear with constant coefficients. 

After the application of the second of Newton's 
laws, and the continuity equations written after 
Laplace transformations, the following expressions 
were obtained 

Kq (1 + T2s) X(s) + Kp (I + T1s)P(s) (8) 

where 

K =aQ 
q ax 

11,12.13 

= (Kp + KcJ) (1 + T3s) Pr(s) 

The flow control valve amplifica
tion coefficient, cm2 s-1 . 
Time constants. 

Flow-pressure characteristic coeffic
ient of the valve, cm3 s-1 /kgf cm-2. 
Laplace transform of controlled 
pressure increase. 
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Laplace transform of spring force 
increase. 
Laplace transform of valve opening 
increase. 
The surface on which the feedback 
pressure acts, cm2 • 

Summary coefficient of flow
pressure characteristic of the vent 
on the feedback path, cm3 s-1 /kgf 
cm-2 • 

Laplace operator. 
Equivalent spring stiffness. 

Natural frequency. 

Damping ratio, where he is the 
viscous friction coefficient. 

On the basis of equations (8) and (9) the block 
diagram of the system was drawn (Fig. 2). 

Using the method of superposition and the algebra 
for block diagrams from automatic control theory, 
the transfer function of the system was obtained. 

Study of the transfer function indicated that the 
characteristic equation is of the fourth order with 
comparatively complicated form parameters, the 
values of which were unknown. Because of this an 
analytic solution was considered to be impossible in 
practice. Therefore, the following method of analysis 
was used. This consisted of the following. 

-The determination of variation limits for con
structive parameters of flow-control valve. 

-Experimental determination of parameters 
influencing the response time at a step signal and of 
maximum transient deviation. 

-Stability analysis of flow-control valve for vari
able ranges of the time constants. 

-The optimization of constructive parameters of a 
control valve by an analogue computer model. 

EXPERIMENTAL RESULTS 

In order to make evident the influence of each con
structive parameter on the dynamic performance of 
flow-control valves, a test stand for experimental 

• 

~~~ SOH• I 

7 6 

Fig. 3 

models (Fig. 3) was conceived, by which controlled 
pressure variations were recorded for different magni
tudes of the supply pressure, flow rate and con
structive parameters of the flow-control valve. 

The experimental models have been built up in 
two variants: with a cylindrical spool (Fig. 4), and 
with a differential spool (Fig. 5), and have been 
constructed with parameters which differ as follows: 

-the area of the surface S on which the controlled 
pressure acts, A= 1·75-5 cm2 ; 

-the gradient of the controlled pressure section 
K3 = 0·06-7·85 cm2 em- 1 ; 

-the spring characteristic coefficient Kr 
= 5-35 kgf cm-1 ; 

-the feedback flow characteristic Kt 
= 0·05-40 cm3 s-1 /kgf cm-2 ; 

-the mass of the spool and of the spring 
m = 0·045 X 10-3 - 1·4 X 10-3 kgfs2 cm-1 

(10) 

The oil viscosity variation was obtained by chang
ing the hydraulic medium temperature, within a 
controlled range of v = 0·02-0·85 cm2 s-1 • 

P n,a 

Mode l d opcnncnt mm 

1 15 
2 20 
3 25 

(c) m d . hI S 

R -S 

Fig. 4 
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Fig. 5 

Carrying out the whole range of tests according to 
the combination of these parameters, made it possible 
to draw certain conclusions which restricted the poss
ible ranges for the constructive parameters. 

In this way the influence of the flow-pressure 
characteristic, K1, has been ascertained as has the vent 
on the feedback line on the dynamic characteristics 
of the system (Fig. 6). 

The flow control valve behaves in a satisfactory 
manner only for a restricted range of values of K1• 

The magnitude of this range depends on the values of 
the other constructive parameters (m, s, K,, Ks) of the 
flow-control valve. The value of K1 from which un
damped vibrations occur depends on the natural 
frequency of the elastic system formed by the spool 
and the spring. 

From analysis of all data, part of which is concen
trated in Fig. 6, it follows that satisfactory dynamic 
performances are obtained for a limited range of the 
values of K1, that is 

K1 = 0·2- 0·55 cm3 s-1 /kgf cm-2 • 

The optimum values of the flow-control valve 
dynamic characteristics are obtained within this range 
of values of K 1 provided that the other constructive 
parameters are adequately selected. Also I observed 
experimentally that the optimum value of the 
controlled section gradient, Ks, was different, depend
ing on the other constructive parameters. 

The control valve presents instability difficulties 
however, for large values of surface gradient, the 
small values of which give a small response time (Fig. 
7-1), the increase of peak value for small values of 
Ks being within acceptable limits (Fig. 7-11). The 
upper limit of Ks has to be adequate for the 
avoidance of control valve obstructions caused by oil 
contamination. 

Experimentally it has been found that for small 
flow rates, at the maximum pressure drop (at mini
mum opening), a large control section gradient leads 
to control valve obstruction in the steady-state when 
the opening is smaller than, or equal to, the size of 
the maximum impurities admitted by the filter. 
Because of this, low frequency pulsations of the con-

trolled pressure occur, however as a result of control 
valve opening variations. There is a self-cleaning 
action, which was pointed out by the experimental 
recordings. 
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From examination of the results obtained it 
follows that the different mode of behaviour of the 
same control valve is a result of the spring character
istic changing. But the ehare of this influence varies in 
different control valves, in accordance with the values 
of the other constructive parameters. It follows that a 
certain control valve achieves the highest dynamic 
performance for a certain value of the spring 
characteristic. 

Experimental determination of variation ranges for 
constructive parameters allowed theoretical analysis 
of the system stability. From stability conditions 
the range of variation of the time constants were 
established, which restricted the values of the 
constructive parameters for which the system is stable. 
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Stability analysis of the flow-control valve 
In order to reduce the calculation difficulties, the 
inner loop was analysed separately (Fig. 2), and an 
equivalent transfer function found. 

The transfer function of the open inner loop was 
written in polar form 

where 

Lif> 

is the inner open loop amplification 
constant; 

normalized pulsation; 

the time constant; and 

the argument or the phase angle. 

In order to see how the time constant influenced 
the dynamic performance of the system, the 
attenuation-pulsation characteristic of the factors of 
expression (11) were traced for different ranges of 
T1 , on which basis, using Black's abacus, the maxi
mum values of the amplification constant for which 
the system is stable were determined. For these values 
of the amplification constant, the polar diagram 
with M contours was constructed, on which the 
attenuation-pulsation characteristic for the open 
loop were traced for extreme values of the time 
constant T1 and the damping coefficient. 

From the intersection of the curves obtained with 
the circles of the polar diagram2 the attenuation
pulsation characteristics of the inner loop with unitary 
feedback were constructed. These curves allowed 
analysis by the substitution of the inner loop transfer 
function by the following function 

where T1 is the opposite of the breaking frequence of 
the attenuation-pulsation characteristic for the 
adopted amplification coefficient, K. 

This substitution of the inner loop with an equiv
alent transfer function allowed the application with
out any difficulty of Nyquist's stability criterion, 
resulting in the variation ranges of the time constants 
for which the system is stable. 

The constructive parnmeters optimization of the 
control valve by modeUing on an analogue computer 
The block diagram of the system (Fig. 2) served as a 
basis for establishing the modelling scheme on the 
computer {Fig. 8). The determination of the co
efficient values was done on the basis of the 

(11) 

88 :JOOk.n. 

Fig. 8 

Fig. 9 Fig. 10 

calculations, experimental determinations and 
frequency analysis effected. Thus, the physical 
variables of ¢.e control valve were replaced by 
potentiometers, which handled easily allowing a large 
number of tests to be made in a comparatively short 
time. 

The system response for a step input signal was 
recorded in accordance with different values of the 
time constants T1 , T2 , T3 included within the range 
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of values resulting from preliminary calculations. In 
Fig. 9 is shown the influence of the time constant T1 

on the response time. 
The influence of the constructive parameters 

which do not determine the time constants was also 
observed with the help of analogue model. The 
behaviour of the analogue model reproduced 
accurately the experimental results which had been 
obtained on physical models. Using the constructive 
data from the study of a determined case, a flow
control valve was constructed and tested on a stand. 
The response time to a step input signal (Fig. 10) did 
not exceed the value of 0·08s imposed by the 
problem, and the controlled pressure was not 
influenced in practice by the supply pressure fluctu
ations, even for low frequencies (I Hz). 
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THE CHOICE OF BALLSLIDEWA YS 
FOR MACHINE TOOLS 

by 

J. DE FRAINE* 

SUMMARY 

Ballslideways are used in machine tools for their specific properties: very low friction and high precision. 
In the design of the machine, the slideway must be chosen as a function of the load to be supported and the 

maximum tolerated elastic deformation. This load and deformation are mostly eccentric on the slideway and 
slideway manufacturers only indicate the values of the central load capacity and stiffness. This report discusses a 
practical method for the determination of a slideway as a function of the eccentric load and stiffness. 

Nomenclature 
K,A,a 
Cn 
n 
L 
B 
z 

constants 
nominal load-capacity 
number of balls under load 
length of the slideway 
distance between two rows of balls 
vertical deformation 

Z1 ,Z2 ,Z3 ,Z4 vertical deformations of the points I, 
Z4 2, 3 and 4 (see Fig. 3) 
Zp vertical deformation under the load Fz 
Z0 vertical deformation under a central 

load 
F 
FB 
Fe 
F'z 
FJ4,x14•F23 
and x14 

sz 
Sn 
x,y 
Sc 

force, load 
maximum load per ball 
equivalent central load 
vertical eccentric load 
load and eccentricity of the load on 
the rows 14 and 23 (see Fig. 3) 
vertical stiffness under eccentric load 
central stiffness 
eccentricity of the load Fz (see Fig. 3) 
equivalent central stiffness 

INTRODUCTION 

In modern machine tools ballslideways are used for 
their specific properties. The very low friction (less 
than I% of the load) and the neglectable stick-slip 
permits a very high positioning accuracy and a small 
and cheap driving mechanism. Typical applications 
are numerical control machine tools with a ballscrew 
as positioning element. Even heavy cross-tables up to 
400 X 500 mm in size can be positioned by hand, if 
mounted on ballslideways. The precision is very high, 

maximum deviation of the moving table from an ideal 
straight line not exceeding 5 J..lm for I 000 mm travel. 
The use of ballslideways simplifies the design and 
manufacture of the machine. Fig. I shows a table 
with ballslideways and with classical slideways ; when 
ballslideways are used only six surfaces have to be 
machined instead of twelve surfaces with classical 
slideways. 

The classical slideways must be lubricated and a 
gap for the oil film is necessary, but ballslideways 
work without any lubrication and without play. 

a. 

Fig. I 

*Dexter Continental, Brussels, Belgium and formerly at University of Louvain. 
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WAD-CAP A CITY AND STIFFNESS 

When the load on the slideway increases, its lifetime 
will reduce and damage may even occur under heavy 
load. The load-capacity is the central load that a slide
way can carry during a reasonable lifetime. This load
capacity is dependent on the geometry of the contact 
between the balls and the trackways, the materials 
used and their hardness, the number of balls under 
load and the manufacturing accuracy. 

The life of identical ballslideways loaded and 
mounted in the same conditions varies widely. Vari
ations of from 1 to 25 and more are very usual. This 
means that the nominal load-capacity indicated by 
the manufacturers is not a precise characteristic. 

The indicated values are determinated by experi
ence and practice only. The stiffness of a ballslideway 
is much better known. It has been proved that the 
mean deformations in the slideway are the deform~ 
ations of the contacts of the rolling elements and the 
trackways1•2 • Hertz developed a method for comput
ing contact deformations and contact stresses. The 
deformation of a point contact is given by the 
formula 

z = I(F'l/3 (1) 

The stiffness of a ballslideway computed from the 
contact deformations has been found to be consistent 
with the experimentally-measured stiffness. The 
difference between theory and practice never 
exceeded 10% (see refs. 1 and 3). 

Design of a machine with ballslideways. 
First, the load on the slideway must be evaluated, the 
load consisting of the weight of the machine compo
nents or workpieces and the cutting forces. On the 
other hand, the elastic deformation produced by the 
cutting force may not exceed a maximum value 
which is a function of the expected accuracy of the 
workpieces to be produced on the machine. 

In practice the cutting force and the weight are 
mostly eccentric loads on the slideways and the 
deformation in the cutting process is also eccentric. 

But the nominal load-capacity Cn indicated by the 
manufactures is the value of the maximum applicable 
load when this load is perfectly central on the slide
way, so that each ball under load carries the same 
load, called the maximum load per ball (FB). 

Thus (2) 

n is the number of balls under load. The stiffness 
given by the manufacturers is the value when all the 
balls have the same deformation (this is for a perfect 
central load). This value is called the 'central stiffness' 
(Sn)· 

The designer has determined the values of the 
eccentric load and eccentric stiffness necessary for 
the quality of his machine, but the manufacturer only 
indicate the nominal load capacity, C n, and the 
central stiffness (value only valid for central load) in 
their catalogues. The designer of the machine cannot 
use the values of the manufacturer directly. 

Equivalent central load and equivalent central stiffness 
In an eccentric loaded slideway, some balls will be 
loaded more than others. The load on the most 
loaded ball must be less than or equal to the maxi
mum load per ball, FB. 

Instead of considering the slideway with the eccen
tric load, the same slideway may be supposed to be 
loaded with a central load. The value of this load is 
chosen so that the load on each ball is equal to the 
load on the most loaded ball in the eccentric loaded 
slideway. 

This central load is called the equivalent central 
load, Fe , and this load must be compared with the 
nominal load-capacity, Cn. If 

Fe= Cn the slideway can support the eccentric load 
but is working at maximum capacity 

Fe< Cn the slideway can support the eccentric load 
without working at maximum capacity 

Fe > Cn the slideway cannot support the eccentric 
load. 

Thus the condition to be fullfilled is 

(3) 

In the same way the equivalent stiffness (Se) can be 
determined. This equivalent stiffness is the central 
stiffness necessary to assure a stiffness under eccen
tric load equal to the given stffness (Sz). The equiv
alent stiffness must be less than or equal to the 
central stiffness of the slide way, thus 

(4) 

X 

Fig. 2 

Load-capacity and stiffness as a function of the 
eccentricity of the load 
The slideway is considered to be a rigid plate, 
supported by two rows of elastic springs (balls). The 
equation of the load deformation curve of each spring 
is 

F =A za (A, a constants) (5) 

On the slideway a coordinate system is defined as 
in Fig. 2 and the following definitions apply: 
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Origin, centre of the rectangle formed by the rows 
of the balls under load; x-axis, parallel to the rows of 
the balls; y-axis, perpendicular to the rows of the 
balls in the plane of the rows; z -axis, perpendicular to 
the plane of the rows; L, length of the rows; and B, 
distance between the rows. 

Fig. 3 shows the rows of elastic springs loaded 
with an excentric load Fz . 

Fig. 3 

~l 
3 ' 

z 

where ; is the number of balls in each row, and Z 4 , 

Z 1 are the deformations of the extreme points of the 
rows. 

The eccentricity of that load is 

(1-a! 2) r- ~: (~ a+'] 
Xt4 

-1 [~: - (B a+'] 
(7) -= 

L 

(t- ~~) ~ _ t~~) a+ I] 
Formulas (6) and (7) can be written in a symbolic 

form 

(8) 

and 

(9) 

In the same way, the load on the second row can be 
computed as 

F23 =f. (zz, ~:) and (10) 

Xz3 
= fz 

z3 
L Zz 

(ll) 

The point 1 is the most loaded and the equivalent 
central force on the slideway is 

(12) 

Dividing formulas (8) and (1 0) by (I 2) gives 

(13) 

and 

~:3 = -2-(-a-1-l-) ( ~:) 

These internal forces in the slideway must be in 
equilibrium with the external load, F 2 • The conditions 
for equilibrium can be written as 

Fl F14 Fz3 =-+-
Fe Fe Fe ' 

(I 5) 

The four points 1, 2, 3 and 4 stay in a plane after the 
deformation; that is 

(18) 

The equivalent central load, Fe, was calculated as 
follows. 

Values of the ratio (~;) and of the ratio (~~J 
were chosen by means of formula (18), and the 

ratio (~~) was computed. The values ( ~;4) , 

( ~;3) , ( 14) and ( XL3j were calculated with 

formulas (6), (7), (10) and (11) and finally (I 5), (I 6) 
F y X and (17) gave the values / , 7i and T 

e 
This means that the equivalent central load Fe i's pro-
portional to the eccentric load Fz and a function of 
the eccentricity of the load, as 

Fe = Fz f (I , ~) (19) 

For a linear load-deformation curve (a= 1) the equiv
alent load can be written in explicit form as 

Fe = Fz ( l + 6 I + 2 ~) (20) 

This formula is more practical than (17). The function 

f ( 1 .-fr) had to be computed point by point, and 

because of the complexity of this work it was done 
with a digital computer. In practice, formula (20) 
should be used for determinating the equivalent central 
load. Even for point contact deformations (a = 1·5) 
the exact values of Fe computed by formula (19) are 
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very close to the values given by the more practical 
formula (20). 

A point contact deformation corresponds to the 
unrealistic case of a slideway without any pre-load. In 
practice slideways are pre-loaded and the deformation 
becomes almost proportional to the load (a = 1 ). 

To compute the equivalent central stiffness, the 
value of the deformation under the load has to be 
determined geometrically, and this deformation can 
be written as a function of the deformation of the 
extreme points 1, 2, 3 and 4 of the slideway as 

Zp= (Z, +Z2l +~ (z, +Z2 _ Z3 +Z~ 
2 L 2 2 

( 
21) 

+2::. z,+z4 _Z2 +ZJ 
B 2 2 j 

In symbolic form the ratio Zp/Z 1 is given by 

Zp = f (z2 z3 z4 ~ y) (22) 
Z1 

3 \! 1 ' Z1 ' Z1 ' L' B 

To compute Zp the same method as for the equiv
alent central load may be used. From one value of the 
ratio (Z4/Z1 ) and the ratio (Z3 /Z2 ) the values of 
(x/L), (yjB), (Z2 /Z 1 ), (Z3 /Z 1), (Zp /Z1 ) are com
puted. The deformation is a function of the eccen
tricity and the deformation of the most loaded ball, 
zl 

Zp = z 1 f4 (1 ' i) (23) 

If the load Fz were central, the central deformation is 

_ ~F) 1/a z--
0 nA 

The deformation of the most loaded ball is 

Z = Fe ~ ~ 
1/a 

1 nA 

So formula (23) can be expressed as 

(24) 

(25) 

(26) 

The deformation under an eccentric load is propor
tional to the deformation if that load were central 
and also a function of the eccentricity of the load. 

The stiffness under load and the equivalent central 
stiffness are proportional to the inverse of the 
deformations, and formula (26) gives the relation
ships of the stiffness under load and the equivalent 
central stiffness. 

{27) 

For a linear force-deformation curve (a I) the 

equivalent stiffness can be written as 

For the same reasons as those explained above the 
explicit formula {28) is more correct than the implicit 
form. 

Fig. 4 

Example 
The method will be illustrated by the calculation of 
the table of a milling machine, (Fig. 4). 

The useful surface of the table is 800 X 300 mm, 
the maximum vertical cutting force is estimated as 
500 kg and the weight of the workpiece as 200 kg. 

The maximum allowable elastic deformation, for a 
cutting force of 500 kg, is 10 p.m. The load and stiff
ness are most critical when the machine is working at 
the maximum eccentricity of the table, this being 
equal to half the travel. 

The length L and the distance B between the slide
ways are 900 mm and 250 mm, respectively. 

The total load on the slideway is 

200 + 500 = 700 kg 

The equivalent central load can be determinated 
easily with formula (20), thus 

_ 400 ISO 
Fe - 700 {l + 6 900 + 2 250 ) 

Fe = 3400 kg 

The necessary stiffness for the cutting force is 
equal to 

[ 500 kg = 50 kg p.m-J 
10 p.m J 

The equivalent central stiffness is calculated from 

S,=50 [1 + 12 ~~) '+4 (~~~ '] 

Se = 242 kg p.m-1 

That is, the nominal load-capacity and the central 
stiffness of the slideway to be mounted in the machine 
must be at least 3,400 kg and 242 kg p.m- 1 respec
tively. 
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DISCUSSION AND GENERALISATION 

In practice seldom will a slideway be found with a 
nominal load-capacity and central stiffness close to 
the equivalent values which have been determined for 
the design of the machine. 

The chosen slideway may be working almost at its 
load-capacity and have a stiffness better than that 
necessary for the precision of the machine, or the 
reverse may occur (a slideway that is stiff enough but 
that can carry more load than is provided). 

To increase the load-capacity and the stiffness, the 
number of the balls or the size of the slideway has to 
be increased. Unfortunately this cannot be done with
out increasing the price of the slideway. The design 
will be economical when the equivalent central load 
and equivalent stiffness are close to the central values 
indicated by the manufacturers. The method of cal
culation proposed here can be applied to other types 
of slideways or structures where a load must be 
supported by two rows, composed of an elastic 
medium (for example in hydrostatic or aerostatic 
slideways ). 

The method showed that the load-capacity 
decreased very quickly with the eccentricity of the 
load, and the decrease in the stiffness is not so 
critical. 

For example consider an eccentricity x/L ,y /B equal 
to 0·1. The load capacity is about 55% of the central 
load, and the stiffness is still 86% of the central stiff
ness. 

Even for small eccentricities of the load the equiv
alent values for load-capacity and stiffness must be 
calculated. 
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DISCUSSION 

Query from J. Pic, Prague 

I have a point on the influence of rigidity of rolling 
elements. 

The computation method holds only if the rigidity 
of both bodies is very high. If not, then the difference 
in rolling member loadings may be in error by several 
hundred percent. A rolling guideway of a plain 
grinding machine was calculated, and differences of 
300% were found with the deformation of bodies 
taken into account. 

Reply 

In our slideway the stiffness of the mounting forces is 
sufficient to have the loads proposed. The compliance 
of the contact ball-trackway is much greater than the 
compliance of the other elements of the slideway. 

By the application of rollers instead of balls the 
compliance of the contact roller-trackway is not 
greater than the compliance of the other bodies. I 
think that the difference of 300% you mention is 
very possible in that case. 
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ELECTROHYDRAULIC CYLINDER DRIVES FOR NC 
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COMPENSATION 
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+ 
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SUMMARY 

An example of the use of transient acceleration feedback is described. The use of two load masses allows the 
effectiveness of the technique to be studied at a low (38Hz) and a high (88Hz) drive natural frequency. The 
control system response is evaluated, for input signals, by step and frequency response tests; the output stiffness 
is assessed by single-tooth milling loads and impact loads. A considerable enhancement of static and dynamic 
accuracy is demonstrated. 

Nomenclature: 
C, the linearised viscous friction coefficient; 
Ka the gain contant of the acceleration sensor; 
Kp the position loop gain constant(= K 1 K2 ); 

K 1 the forward sequence gain constant before the 
minor loop summing point of the position loop; 

K2 the forward sequence gain constant of the 
minor loop; 

k1 the linearised cross port leakage coefficient; 
kp the linearised pressure droop; 
Tv the minor loop transient network time 

constant; 
T M the servo-valve torque-motor time constant; 
Ve the position-error voltage; 
w1 the angular natural frequency of the hydro

mechanical load; 
Wv the angular natural frequency of the servo

valve; 
t1 the hydromechanicalload damping factor; 
tv the servo-valve damping factor. 

INTRODUCTION 

The specification of the controlled axes of a numeric
ally controlled machine tool includes references to 
both the static and dynamic accuracy of the control 
systems. The formulation of this data varies consider
ably as many variations in required performance can 
be observed in the currently available range of 
numerically controlled machine tools. In many cases 
the specification of drive performance is directly 
linked to the specific requirements of a customer. 
There are discernible trends towards the use of more 
general test procedures that use either a set of 

*Philips, Eindhoven, Netherlands. 
+Kingston Polytechnic. 
:f:Machine Tool Engineering Division, UMIST. 

standard workpiece tests, typified by those incorpor
ated in the 'National Aerospace Standards' 1 , or use 
statistical estimates of machine accuracy, such as 
those put forward by the 'National Machine Tool 
Builders Association'2 • 

The statement of machine accuracy applies 
constraints to the gain constants and bandwidth of 
the control systems. The choice of drive that will 
satisfy these values is, dictated both by the search for 
the most economic class of drive and by the stroke 
and inertia, or mass, of the controlled member. The 
electrohydraulic cylinder drive has the immediate 
attraction of providing the most simple and the most 
economic solution where it can be applied, but its 
area of application is limited by a number of design 
problems3. However it is widely used in small vertical 
milling machines and lathes. 

The aim of this paper is to illustrate the improved 
potential of the cylinder drive if acceleration feed
back techniques are employed3•4 instead of the ill
considered crossport leakage damping. An experi
mental drive has been chosen for study that can be 
operated with a drive natural frequency of either 88 
Hz or 38 Hz. The level of performance that can be 
obtained without any compensation is shown to be 
unacceptably low. The addition of an acceleration 
transducer to provide a minor loop compensation 
technique is then studied. 

The major emphasis here is on the interaction 
between the position-loop gain constant and the load 
dynamics. A number of issues, such as additional 
series compensation and limit cycle stability, have not 
been included, but a case study is available else
where3. 
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Fig. 1 Schematic view of a cylinder feed drive. 

THE LINEARISED DYNAMICS OF AN 
ELECTROHYDRAULIC CYLINDER DRIVE 

It was found that the performance of the drives we 
studied could be adequately covered by a linear 
analysis. The modelling of the electrohydraulic 
cylinder drive is thus confined to the construction of 
the transfer functions of the electrohydraulic servo
valve, and the loaded cylinder. The servo-valve can be 
effectively represented by the product of a lag for the 
torque motor coil and a quadratic lag for the hydro
mechanical section of the valve4 . A single quadratic 
lag defines the dynamics of the load because there 
was no significant interaction between the drive and 
machine tool structure. 

A schematic diagram of the drive is given in Fig. 1. 
The position loop contains no compensation facility 
other than gain adjustment. The minor loop is shown 
to be effective using either an acceleration signal or a 
differential (load) pressure signal (evidence to support 
this point is available4 ). The details of the transient 
network have not been included, but a full treatment 
of the use of this additional variable has been 
published4• 6, 7 . 

The open loop transfer function of the control 
system is of the form3• 4 

yfVe =K1K2 7s ( 1 +sTM) ( ~> + 2tvs + 1) 
(1) 

( 4 + 2~,s + 1) w, w, 
The limit of performance, judged on linear system 

considerations, are the natural frequency of the load, 
w1 and the damping factor of the load, ~1 • It has been 
shown that the load damping is inadmissibly low and 
that it cannot be increased by hydromechanical 
design without some linked deterioration in drive 
performance3• 5. The constraint imposed by the 
magnitude of the drive natural frequency, w1, is 
removed if it is shown that an economic cylinder 
design can be used to achieve the required natural 
frequency. There is, currently, considerable un
certainty on what minimum value is necessary; it is 
important to note that the figures that are quoted for 
the required natural frequency of a leadscrew or rack 
drive need not be relevant as the control system struc
ture, and design, differ considerably for rectilinear 
and rotary drives. 

It has been shown6 • 7 that active compensation 
derived from an accelerometer or a differential load 
pressure sensor can be used to introduce adequate 
levels of load damping over a wide range of possible 
control systems. Two variants in this compensation 
have been proposed7 which, subject to the relative 
magnitudes of the servo-valve coil time constant, T M, 

and the natural drive frequency, wb satisfy all con
figurations that will be encountered in NC machine 
tool design. It has been found that if the product w, T M is less than 0·5, negative acceleration feedback is 
effective. Thus, the compensation signal takes the 
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Fig. 2 The steady-state characteristics of the drive. 
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form K0 S2 y and the closed loop transfer function 
quoted opposite in equation (1) becomes 

yfVe =K1K2 +s ~ 1 +sTM) ( ~> + 2(~vs + 1) 
(2) 

( s2 2~1s ) J -2 + - + 1 + s K0 K2 wz wz 
If the productw1TM is greater than 0·5, the simple 

expedient of the use of an additional transient net
work6 in the acceleration feedback path is most 
effective. The feedback compensation signal is then 
of the form Ka T D S3 y and the compensated 

(1 +STv) 

open loop position transfer function 

The relative merits of negative acceleration feed
back and negative transient acceleration feedback 
have been analysed in depth4 and the above state
ment is only intended to serve as a guide to the 
system design, rather than as a definitive statement. 
The examples quoted here use negative transient 
acceleration feedback. A detailed study of a system 
with negative acceleration feedback has been 
presented3 . 

The experimental work discussed below illustrates 
the improvement in drive dynamics that can be 
obtained by the proper implementation of equation (3). 
The use of series compensation to increase further the 
accuracy of this class of drive has not been included, 
as a number of other parameters have then to be 
considered3 . 

The experimental drive 
The test rig used was a small vertical milling 
machine, considerably modified to make it suitable 
for this study. The drive consists of a high quality, 
equal-area cylinder with an effective area of 3·5 in2 

and a stroke of 9 in, which controls a mass of 270 lbs 
guided by a 'Tychoway' roller slide system. This con
figuration has a natural drive frequency of 88 Hz. The 
addition of a lead weight, which increases the load 
mass to 1 ,800 lbs, allows a drive natural frequency of 
38 Hz to be realised. 

The two stage, four way, electrohydraulic flow 
control valve has an unloaded flow rated at 5 g min- 1 

at 3,000 lbs in-2 • The natural frequency (w1/21T) of 
this valve is 260 Hz and the damping factor (~1) is 
0·75. The load velocity/drive signal shown in Fig. 2a 
gives a measure of the servo-valve flow characteristic. 
The zero velocity, load pressure/drive signal charac
teristic shown in Fig. 2b and the load pressure/load 
velocity characteristic in Fig. 2c describe the thres
hold characteristics of the servo-valve and cylinder. 
The seal friction is lower than usual in servo cylin
ders. 

The instrumentation used included a piezo electric 
accelerometer, two strain gauge/diaphragm pres
sure transducers to develop a load pressure signal, a 
permanent magnet type rectilinear velocity trans
ducer and a triple scale ' lnductosyn' to provide the 
position feedback signal. 

A single tooth cutter was used to provide the most 
difficult dynamic cutting conditions, but the milling 
machine spindle and its drive were not adequate for 
exhaustive cutting tests. However, these limited cut
ting facilities provide the scope for a meaningful 
estimation of the output stiffness of the drive. 

The inherent dynamic responses of the two drive 
configurations are shown in Fig. 3. In both cases the 
hydromechanical load resonance is lightly damped. 
The 38 Hz system has a more complex response than 

{3) 

the 88 Hz system, as the 1,800 lb.load mass induces 
a number of interacting structural resonances. 

Posd•on loop Po s111on toop F'osil•on Loop 
ga tt'l : 16s ·• gtHn=30s ·' go•n=60s·' 

Fig. 3 The influence of position loop gain on the hysteresis 
of the uncompensated drive (load mass 270 lbs, natural 
frequency 88Hz) 

The performance of the uncompensated systems 
The static and dynamic capability of the uncompen
sated drives is to be taken as a basis for the estimation 
of the value of active compensation. The static 
performance is estimated by plotting the output dis
placement against the input command voltage when 
this signal is a low frequency triangular wave. The 
dynamic performance of the drive is displayed in the 
form of step responses and frequency responses. 

The interaction between the inherent threshold 
dead zone of the actuator and the position loop gain is 
shown, for the 88 Hz system, in Fig. 4. The need for 
a position loop gain constant of at least 50 s-1 would 
seem necessary from the inspection of these test 
results if good threshold accuracy is to be attained. 
The presence of greater load friction would, of 
course, call for a greater position loop gain constant. 
A dead zone of less than 1 0-4 in is thus possible if the 
control system will tolerate the required level of posi
tion loop gain constant. 
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The last point is emphasized when the transient 
responses depicted in Figs. Sa and b are studied. The 
transient response of the uncompensated system is, in 
both cases, seen to be unacceptable. It is usual to 
specify a zero overshoot, fast response performance. 
with effective stability margins. The system transient 
responses fall well short of these requirements. 

At this point neither of these control systems, 
without further development, could be used on a 
machine tool. The next system design would be to 
incorporate crossport leakage. The leakage restrictor 
would then be adjusted until the most effective level 
of performance was achieved. The uncompensated 
drive i~ again taken as the basis for the evaluation 
of the actively compensated drive . The omission of 
the leakage damped condition serves to emphasize our 
critical view of the technique for all but the least 
demanding specifications. 

In both cases the poor dynamic response can 
properly be attributed to the low level of damping in 
this class of drive. The first step in any design which 
leads to an adequate specification, is to overcome the 
deficiency in damping at the load. 

(a) load mass 270 lbs, nat ural frequ ency 88Hz 
pos ition loop gain constant 60 s-1 

(b) load mass 1800lbs, natural frequency 38Hz 
positior> loop ga in constant 34 s-1 

Fig. 4 The transient response of the uncompensated 
systems. 

Load damping 
There are a number of sources of damping for this 
class of drive. These include the load pressure droop 
constant of the servo-valve (kp ), the leakage across 
the load ports (k1) and the viscous damping at the 
load (C). In our study, the load is supported on anti
friction guideways and the effective viscous damping 
caused by the friction developed by the pre-loaded 
bearings, is the only term available. In general, it has 
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.., -- -- Load mass tSOOib, natural frequency 38Hz 
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Fig. 5 The open loop frequency response characteristics of 
the uncompensated systems. 

been found8• 9 that all classes of guideway provide 
very little effective viscous damping, away from the 
threshold velocity region. 

The contribution of the three components of 
system damping to the load damping factor is shown 
in Fig. 6. Fig. 6a and b illustrate the influence of a 
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Fig. 6 The damping of the experimental drives. 
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range of crossport leakage and assumed load viscous 
friction values. These constructions are not fully 
developed nomograms and it is not possible to extra
polate between parameter values with accuracy. The 
inherent damping in the drives as determined from 
Figs. 6a and b, is too low for adequate damping, that 
is for a level that would permit a competent position 
loop to be established. 

At this point in the consideration of system 
design, a number of compensation techniques can be 
considered5 ; the usual procedure is to apply crossport 
leakage damping. The value of leakage coefficient 
(k1 ) required in both cases can be determined from 
Fig. 6c. The load damping required will be in the 
range ~/ = 0·3~0·6; for this level of damping the 
amount of leakage required will severely impair the 
performance of the actuator. The loss of speed range 
and the enhancement of the drive dead zone with this 
class of damping have been shown3• 5 to be most 
undesirable. 

We now examine the use of an active compen
sation technique. The use of a minor loop compen
sation technique does not, in contrast to the use of 
crossport leakage, undermine the steady state charac
teristics of the actuator. In some cases, an effective 
hydromechanical compensation technique can be 
used10 . 

The performance of the drives with active compen
sation 
An examination of the transfer functions quoted in 
equations (2) and (3) reinforced by the experimental 
data plotted in Fig. 5, shows that the negative 
transient acceleration feedback was the more appro
priate technique. The design procedure consists, 
therefore, of obtaining the balance between the posi
tion loop gain constant (Kv ), the transient acceler
ation loop gain constant (K2 K0 TD) and the transient 
network time constant. The analysis was carried out 
on a digital computer in root locus format. The 
design criterion chosen was the zero overshoot condi
tion which adequately meets the majority of machine 
tool specifications. No constraint was placed on the 
frequency response of the system, although it will be 
demonstrated that this class of system displays a rela
tively wide bandwidth. 

The resultant design data and tests shown in Figs. 
7 and 8 do not incorporate maximum damping of the 
minor loop, that is the effective load damping with 
the use of negative transient acceleration feedback is 
adjusted to a level at which the best position loop res
ponse is attained. The final choice of position loop 
gain constants 60 s-1 for the 38 Hz system and 
117 s-1 for the 88 Hz system, are attained with the 
complete satisfaction of the transient response 
requirements. Comparison of the test responses 
shown in Figs. 4 and 7 emphasizes the marked differ
ence between the uncompensated and the compensated 
systems. 

The gain constant required in the minor loop can 
be competently achieved by the use of economically 
priced transducers and although this design procedure 
is more involved than current practice it is thought to 
offer a significant improvement in drive performance. 

(a) load mass 270lbs, natural frequency 88Hz 
posit ion loop go in constant 117 s·1 
acceleration loop gain constant 8 x 10·6 

transient network time constant 6ms 

(b) load ,mass 1800lbs, natural frequency 38Hz 
position loop gain constant 60 s-1 
transient network time constant 20ms 
minor loop gain constant 4 x 10·5 

Fig. 7 The transient response of the position control systems 
with transient acceleration minor loop compensation. 
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Fig. 8 The closed loop frequency response characteristics of 
the compensated drives. 

The effect of piston position was not significant in 
these tests. It is possible that in some cases the shift 
in natural drive frequency may invalidate the use of 
this technique. If, however, the cylinder drive is 
designed as part of a control system from the start, 
the stroke problem can be eliminated. 

The influence of load disturbances (cutting forces) 
on this class of control system is of considerable signi
ficance. A number of tests were carried out in order 
to assess, qualitatively, the output stiffness of the two 
drive conditions. The set of test results (Fig. 9) form 
a cross section of the observations. 
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The performance of the 88 Hz system is shown 
both for impact loading and single tooth milling. 
These load disturbances are extremely stringent tests 
of the output stiffness of the control system. The 
position loop gain constant was set at 117 s-1 , the 
transient network time constant was 6 ms and the 
minor loop gain constant was 8 X 10-6 • The impact 
tests(Figs. 9aand b) show that the compensated system 
is extremely effective in counteracting the initial deflec
tion caused by the impact load. The uncompensated 
system has the lightly damped response that is to be 
expected from reduced stability margins. The posi
tion loop gain constant had to be reduced to 30 s-1 so 
that the cutting tests shown in Figs. 9c and d could 
be effectively compared. 

The 38 Hz system response to a cutting test is 
illustrated in Figs. 9e and f, which show both dis
placement and velocity waveforms. The position loop 
gain constant (Kp) was 50 s-1 , the minor loop gain 
constant was 4 X 1 o-s and the transient time constant, 
T D, was 20 ms. The maximum deflection was approxi
mately 10-3 in. The velocity trace (Fig. 9c) is the 
more relevant test of damping and shows that the 88 
Hz system under these conditions gives a first class 
dynamic response to both input signals and output 
load disturbances. 

[aJ Uncompc:nsottd sys1cm -1 mpact 
toad 

(bJ CompcnSalcd systcm-1mpccl 
toad 

mt. 
[c) Uncompcnsatcd S)'Sicm-cutt•ng (d ) Compcnsattd systcm -cutt tng 

lest (rcdund ga•n) test 

(1) The 88Hz system (load mass 270 lb) 

(c ICompcnsolcd s ystem - cult•ng lest II) Compensated s y s tcm-cult1ng CUI 
Cult mg force and veLoc•lr wa ._.e forms CuU mg foru and diSploctmcnt 

error wove farms 

(2) The 381 '12 system (Load mass 180 lb) 

Fig. 9 Examples of the influence of load disturbances on the 
performance of the control systems. 

CONCLUSIONS 

The value of negative transient acceleration feed
back has been demonstrated on two drive configur-

ations on a scale which makes the results immediately 
relevant to machine tool design. It has been possible 
to provide a completely effective control of load 
damping. The final static performance of each drive 
configuration was good with very wide position loop 
bandwidth and with a zero overshoot position 
response. 

The use of accelerometers or differential pressure 
sensors is considered to be economically justified 
because cylinder drive designs incorporating these 
techniques are capable of performance beyond that 
normally considered feasible. The additional expense 
incurred in the use of the transducers is small 
compared with the cost of the rotary drive that might 
have to be used if the fully developed cylinder drive 
design were not used. 
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DISCUSSION 

Query from A. Laika, T. U., Munchen 

With rotary feed drives, velocity feedback is used. 
These drives are usually better damped than cylinder 
drives. Can one say, in general that velocity feedback 
i~ good with better damped drives, and acceleration 
feedback with poor damped drives? 

Reply 
The needs of rotary and rectilinear (i.e. cylinder) 
drives are very different. The rotary drive is inher
ently better damped and the velocity feedback is 
applied to provide a very linear response of motor 
velocity to drive signal. This result is achieved by the 
reduction in bandwidth of the minor loop. In the 
limit, with a high-gain minor loop (=::; 350 V/V) the 

'soft servo' design, as advocated by International 
General Electric Ltd., is obtained. A critical part of 
the design is devoted to the production of high 
natural frequencies for the actuator and the load. 

In the case of the cylinder drive, there is a rather 
different control problem. The dynamic limitation 
caused by the natural frequency of the cylinder and 
mass is dominant. The inherent load damping is also a 
problem; typical damping factor values are in the 
range of 0.03~0.08. 

The use of leakage damping is oflimited value and 
the use of velocity feedback is unacceptable if one 
attempts to achieve a good design, i.e. minimum 
power rating and minimum natural frequency. The 
application of active damping makes it possible to 
obtain the best level of performance both in respect 
to dynamic accuracy and to resolution. 



AN ECONOMIC TECHNIQUE FOR THE IMPROVEMENT 
OF THE STABILITY OF HYDRAULIC CYLINDER DRIVES 

by 
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SUMMARY 

The design of hydraulic cylinder drives is discussed and particular attention is paid to the problems caused by the 
low inherent damping in this class of drive. The introduction of a hydromechanical network to improve drive 
damping is critically assessed both by analysis and experiment. 

INTRODUCTION 

The hydraulic ram provides the simplest and cheapest 
form of actuator where only a comparatively short 
stroke is required. This limitation on length of stroke 
is a consequence of the compressibility of the oil 
column within the actuator .In many designs the level 
of drive damping also imposes severe constraints on 
performance. The major source of damping in this 
class of drive is slideway friction which can be intro
duced by the use of plain slideways. However, the 
damping produced at plain slideways is a function of 
table velocity and design parameters. It is also neces
sary that the open loop drive is free of stick slip. 

A major requirement on feed drives for machine 
tool applications is static accuracy. The elimination 
of non-linear slideway friction by the use of roller 
bearings increases accuracy. However, the use of anti
friction slideways results in reduced damping at the 
load in the threshold region, 'with a consequent limit
ation on the closed loop performance of the drive. In 
the presence of low load damping, series compen
sation techniques to modify the error signal are 
severely restricted unless the natural frequency of the 
drive is very high. In particular, the use of anti
resonant circuits such as the 'bridged tee' have been 
suggested by Shurnsheruddin1 • Unfortunately, it has 
been shown by Belletruti and Maltaez2 that the tuning 
of such networks is critical and maladjustment can 
cause a severe degradation in performance. 

Most practical methods of compensating ram 
drives employ the use of techniques that increase the 
load damping. The introduction of a viscous damper 
at the load is unacceptable since it impairs the 
steady-state performance of the system. The use of 
viscous leakage across the ram to introduce further 
damping has been advocated in the past by Harpur3 

and is widely used. This technique is cheap and easy 
to apply and can often provide an adequate solution 

*Cincinnati Milacron Ltd., Birmingham. 
tMachine Tool Engineering Division, iiMIST. 

in those drives where maximum performance is not 
required. However, it has limitations, that is, it dissi
pates energy, reduces the maximum steady-state velo
city and . stiffness to external load disturbance and 
enhances threshold non-linearities. 

An effective solution that is not subject to these 
drawbacks is provided by the feedback to the servo
valve of an electrical signal proportional to load 
acceleration <HI. This technique, versatile though it is, 
is relatively expensive. Similar results can be obtained 
by feeding back to the servovalve an electrical signal 
proportional to load pressure. This method has the 
merit of lower cost than acceleration feedback but 
problems can arise in its application if high values of 
seal friction are present. 

In this paper the use of hydromechanical transient 
flow networks is proposed as a cheap and effective 
alternative to acceleration feedback. The use of these 
techniques, which have been employed for sometime 
in flight control systems, appear to offer an economic 
solution to a number of machine tool drive design 
problems. Their value will now be assessed analytic
ally and the significance of the analysis will be illus
trated by the study of the performance of an experi
mental system. 

METHODS OF INCREASING THE DAMPING 
AT THE LOAD 

One of the ealriest methods of increasing damping to 
be investigated was that of viscous leakage of fluid 
across the ram3 • This method does not consume a 
great deal of extra fluid, but it is not generally 
appreciated ·that leakage leads to a decreased maxi
mum feed rate, enhanced valve dead-band about null 
and a reduction in drive stiffness. 

An increase in the servovalve underlap has also 
been shown to increase the load damping3 . However, 
in this case the extra flow required to produce 
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adequate damping makes the use of extra pump capa
city mandatory. Investigations have been made into 
the use Of minor loop feedback to increase damping. 
In particular negative velocity feedback is the most 
obvious form of minor loop. However, it has been 
shown by Bell and de Pennington4 •5 that velocity feed
back can have a de-stabilizing influence on cylinder 
drives with small load damping. 

An alternative form of minor loop is produced by 
feeding back an electrical signal proportional to load 
acceleration or transient load acceleration. This 
method has been thoroughly investigated by means 
of root loci and analogue computer modelling4 • 5 so 
that criteria are laid down for the selection of the 
type of feedback and the value of the minor loop gain 
to ensure adequate damping. 

The voltage proportional to load acceleration is 
provided by a piezoelectric accelerometer. Without 
additional signal amplification, the accelerometer 
signal produced at low natural frequencies is inade
quate. Also, where severe load disturbances are 
present, difficulties are experienced with saturation 
of the accelerometer charge amplifier. However, the 
use of f.e.t. input stages would appear to alleviate this 
problem. 

An alternative form of signal, similar to the 
acceleration feedback signal, is provided by a pressure 
transducer arranged to measure the load pressure at 
the servovalve ports6• 7 • This is easier to implement 
than acceleration feedback since the dynamic charac
teristics of pressure transducers are better than 
accelerometers. When using pressure as an alternative 
to acceleration signals in a closed-loop positioning 
system, position errors can arise due to the pressure 
required to overcome seal friction when the ram 
moves at constant velocity. The solution to this 
problem is to employ a high-pass filter in the feed
back loop to de-couple the pressure signal. 

In many cases it is not possible to employ active 
compensation. It is desirable to seek alternatives to 
the use of crossport viscous leakages. A number of 
possible forms of hydromechancial compensation are 
illustrated in Fig. 1. The first two, load pressure feed
back, Fig. I a and dynamic pressure feedback are built 
into the servovalve. Transient flow networks can also 
be employed and two possible forms are illustrated in 
Figs lc and ld. 

The use of load pressure feedback 7 is somewhat 
infrequent as it de-rates the steady-state flow-load 
pressure of the servovalve characteristics. The 
dynamic pressure feedback technique9• 10 is an elegant 
design solution, but the cost of tuning the network to 
the load can prove to be uneconomical. It has been 
used in aerospace applications; the industrial applic
ations are very limited due to the relatively high cost 
of small batches of servovalves tuned to particular 
load conditions. 

The transient flow networks are relatively inexpen
sive to construct and adjust. It was considered to be 
worth while to assess their usefulness in the machine 
tool field. One prime area of interest is in the design 
of NC machine tool feed drives, but there are many 
sequence controlled drives which might be improved 
by the successful application of these techniques. 

Servo Va lve 

(a) Load pressure feedback 

(b) Dynamic load pressure feedback 

s~rvo va lvt loa d port 5 

(c) Transient stabiliser tanks 

Strvo vo lvo load po rt s 

(d) Crossport transient flow network. 

Load 

Mass 

Fig. 1 Some hydromechanical techniques to increase load 
damping. 
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Mathematical model for the drive 
An electrohydraulic cylinder drive can adequately be 
modelled by a fifth-order transfer function 8 of the 
form 

This transfer function is developed in Appendix II. 
The electrohydraulic servovalve is a complex 

element to model; it has been shown by Morse9 that 
a lag, T m, for the servovalve torque motor coil and a 
quadratic lag (natural frequency c..Jv, damping factor 
~v) form an adequate model. The load formed by the 
cylinder and mass is represented by a quadratic lag 
(natural frequency WJ and damping factor ~1). 

The torque motor time constant is sometimes 
significant, subject to drive circuit design, but is often 
a second-order influence. The natural frequency of 
the servovalve is invariably in excess of 100 Hz. 
(There are some slow response valves available but 
they are not yet in general use). The servovalve damp
ing factor is made high (of the order of 0·7), thus the 
servovalve exerts a secondary influence. 

The controllability of the hydraulic cylinder is 
adversely influenced by its inherently low damping; 
this point is demonstrated in Fig. 2. The root pattern 
shown in Fig. 2a is a representative example. In a 
closed-loop position control application, the load 
pole damping will be the factor that restricts the 
scope of the designer. In an open loop drive, the 
absence of an adequately high damping factor will 
leave the system more prone to relaxation oscillations 
(stick-slip), due to a non-linear seal friction term, 
than would have been the case with a high viscous 
damping term. 

The effect of adding a transient flow stabilizer net
work is to modify the load dynamics but to leave the 
electrohydraulic valve transfer function unchanged. 
The revised transfer function, which is derived in 
Appendix II is of the form 

Y -K (1 + 1)_:_ [s 3 T + 2 ( 1 + 2~1T+RTM) -u- - p s . S! --2 s -2 AT 
~e WJ Wt Wn 

+ s (r+ ~~+ Rlf) + 1l 
l J (2) 

The above transfer function contains a cubic term 
which replaces the load quadratic term in the transfer 
function for the uncompensated system [equation 
(I)]; the load dynamics will in general be represented 
by a modified quadratic term and an additional lag. 
The presence of the zero due to the transient stabi
lizer network is also significant. The effective applic
ation of the transient stabilizer network will result in 
a pole configuration of the form shown in Fig. 2b. 
This pole pattern includes a suitably transposed load 
pole location and the additional pole and J;ero due to 
the application of the network. 

I I 
Load 
poles 

') 

Servova\ve ---><'----1---i ""\ -' '":::. ~ .... 
X • J 

X 

Modified --x 
load polr:s 

-) 

Fig. 2 Influence of the transient flow network on the linearized 
system dynamics: 

(a) uncompensated system; 
(b) system with transient flow network. 

Example of the selection of design parameters for a 
transient stabiliser network 
The analysis of the compensated cylinder drive which 
has been discussed above, and which is developed in 
Appendix II, specifies two design parameters, the net
work time constant, T, and the orifice conductance, 
R. The transfer function which relates the transient 
stabiliser flow, qn, to the load pressure,]\, is 

where 

qn =R sT 
If · 1 +sT 

T=~ 
KR 

~For derivation see Appendix III.) 

(3) 

(4) 

The modified, or compensated, system transfer 
function, equation (2), is an involved expression and 
its significance will now be assessed with the aid of an 
example. The system chosen ror the experiments had 
a natural frequency of 30 Hz. The transient response 
for the linear model of this drive is shown in Fig. 6, 
that is, the case where T= 0. 

The influence of the network on the dynamics of 
the drive can be demonstrated by the use of a 
diagram that contains the loci of the roots of the 
cubic term contained in the denominator of equation 
(2). These roots consist of the modified load poles 
and the additional pole due to the presence of the 
network. The diagram which shows the loci of the 
roots for the experimental system is plotted in Fig. 3. 
The loci are generated for a number of values of the 
time constant Tin the range 0·2-0·01 s. The variable 
along the loci is the orifice conductance R. 

For values ofT less than 0·03 s, damping is added 
by the network, but since the loci curve back towards 
the real axis the value of R is critical and the drive 
natural frequency is reduced. Four distinct types of 
pole/zero configurations are possible as R is varied, if 
T is greater than 0·03 s. These are shown in Fig. 5 
together with the computed transient responses for T 
= 0· I s. The best compromise between adequate 
damping and speed of response is offered by the con
figuration where R = 0·05. The expanded section of 
Fig. 3 for the values given above, R = 0·05, T = 0·1, is 
shown in Fig. 4. 

The study of the interaction between the choice of 
the variables T and R is further aided by the assess
ment of the transient responses of the linear model 
for the system with R = 0·05 in5 /lbf s and T variable 
(Fig. 6), also with T = 0·1 s and R variable (Fig. 7). 
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These responses demonstrate that the choice of values 
and T and R given above provide the best transient 
response; the overshoot is zero and the response time 
is not seriously increased. 

The transient responses of the linear model with a 
closed position loop emphasise the potential of the 
technique. The traces displayed in Fig. 8 reveal that 
an acceptable transient response with the network is 
achieved with the position loop constant set at SO s-1• 

The limitations of the uncompensated system are 
underlined by the trace for this condition. 
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Fig. 3 Locus of the roots for the cylinder drive with 
hydromechanical network wn =30Hz. 
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Fig. 4 Expanded section of the roots when T = ()ols in the 
rangeR= 0·125-5·0 in5 /lbf s 

0 

R=·OS R=·1 R=·2 

*1~-M 

·04 08 
time. s 

12 ·16 

Fig. 5 Relative root positions for different values of R and 
the corresponding step response T = 1 s. 
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T=·025s 

T= ·OSs 

T = ·1 s 

1Div=10ms. 

-time 

Fig. 6 Influence of the network time contact T on the 
transient response of the linear model (R = 0·05 in 5 /lbf s). 

R= ·1 

R= ·OS 

R=·02 

R= ·01 

1Div=10ms 

Fig. 7 Influence of orifice resistance R on the transient 
response of the linear model (T = 0·1 s). 

(a) uncompensated, Kp = 17; 

(b) compensated, Kp = 40; 

(c) compensated, Kp = 50; 

(d) compensated, Kp = 60. 

1 Div = 10ms 

Fig. 8 Transient response of the linear model with a position 
feed back loop: 

Design of the transient stabiliser network 
Computer-aided studies have shown that a value ofT 
= 0·1 s and a value of R in the region of 0·05 give 
adequate performance for the network. For the first 
design it was felt desirable to add greater damping 
than used in the model, so a value of R of 0·1 was 
used. Thus the transfer function of the required net
work is from equation A.3.9 

qn=0·1 
~ ( s X 0·1 ) 

1+sXO·f (5) 

Equation 5 was derived for a spring loaded piston 
in series with a single restrictor and this presupposes 
no restriction whatsoever on one side of the network. 
This is clearly an impossible condition and so the 
restriction required was divided between the two 
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sides of the spring loaded piston. A similar derivation 
to the single restrictor case yields the expression 

qn _R _f[_ . where T = 2Ap 2 

Pr -y· 1 + sT ' RK 

comparing this with equation (5) we have 

R=0·1 
2 

(6) 

that is, R for each restrictor is 0·2 in5 /lbf s. lf a 
compact design is to be achieved the piston diameter 
must be small. Hence Ap was made equal to one 
square inch. 

We can now calculate the sprin.g stiffness required 
from equation (6) 

K - 2 X 12 - 1 00 lbf . -1 
- 0· 2 X 0·1 - m 

The nearest commercially available spring had a stiff
ness of 105 lbf/in. 

Much published work is available on the theoret
ical expression for flow in various types of restrictor 
but there is a lack of suitable experimental data. Thus 
values of R were determined experimentally for plate 
and capilliary-type restrictors by measuring the oil 
flow through the restrictor for different values of 
pressure drop across it. During these tests it was 
noted that the flow/pressure relationship for plate 
orifices was highly non-linear and thus equation (4) 
was not strictly satisfied. In contrast the flow/ 
pressure relationship for a capilliary restrictor was 
linear over the anticipated pressure range and so this 
type of restrictor was retained. The mechanical lay
out of the network including the method used to seal 
the end caps is shown in Fig. 9 . 

Piston area Ap 

'" ~. r:: J (:J.___~2 
Spring stiffness Ks 

Fig. 9 Assembly of hydromechanical network piston unit 

THE EVALUATION OF THE EFFECTIVENESS 
OF THE NETWORK DESIGN 

The experimental drive was tested, open loop, by 
frequency response testing, transient response testing 
and by examination of the steady-state character
istics. The frequency response tests (see Fig. 1 0) show 
that the compensated system is adequately damped. 
It was not possible to test below 20% of the rated 
value drive signal. The transient responses quoted in 
Fig. 11, at 40% of rated value drive signal, demon
strate the effective action of the damper. The com
pensated velocity response does not fit very closely to 
the predicted form (see Fig. 5) but the end result is 

Cii - 10 

~ - 20 

i - 30 
E .. 

300" 

Fig. 10 The open loop frequency (velocity/drive signal) 
response with hydromechanical network 

(a) U ncom pe nsa ted 
2 volt step 

:~_ i n/s 

-r 
(b) Compensated 

( 01s ) 
1 + 1 5 

r 
(c) Compensated 

( ·0 2 5 ) 

1 + ·2 5 

Hsoms 

Fig. 11 The transient response of the experimental system 
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1.-1. i n/s 

{a) Uncompensated 

1. · 1.1. in /s 

(b) Wi th transient flow network 

(c) With crossport leakage 

Fig. 12 Steady-state velocity/drive signal characteristics for 
the experimental drive. 

such that the linear analysis can be used as adequate 
design guide. 

The limitation of the technique is critically 
exposed in Fig. 12. The steady-state output velocity/ 
value drive signal characteristics are given for the un
compensated system, the system with the transient 
flow stabilizer and the system with a crossport leak
age compensator. The use of the transient stabilizer 
network generates less dead zone than that with 
crossport leakage and does reduce the speed range . A 

case has been made for its use where crossport 
leakage is currently employed. It should be noted 
that active compensation techniques do not introduce 
any reduction to the steady-state performance of this 
class of drive. 

CONCLUSIONS 

The advantages and disadvantages of the use of trans
ient flow stabilizer networks have been demonstrated. 
This type of compensation technique provides a 
simple, economic source of load damping. The limit
ation on the use of the networks is the enhancement 
of the dead zone that they introduce. Their use elimi
nates the disadvantages of power loss and the reduc
tion in speed range which are introduced by the use 
of cross port leakage. 

This class of compensation device will have limited 
application in high performance drives where the 
active techniques6 are to be preferred. They can be 
used to advantage on sequence controlled systems to 
eliminate stick slip. 

The analysis of this class of system poses certain 
problems. The use of a simple linearized model gives a 
design guide, but it would be desirable to obtain a 
more accurate analytical model of the compensated 
drive. 
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APPENDIX I 

Nomenclature 
A Effective area of actuator cylinder, in2 

AP Area of network piston, in2 

B Bulk modulus of the fluid , lbf/in2 

C Load viscous friction, lbf/in per s 
C1 Valve leakage coefficient, (in3 /sec)/lbf/in2 

Fext External fofce on the load, lbf 
Ke Torque motor and amplifier gain, A/V 
Kp Position loop gain constant 
K8 Network spring stiffness, lbf/in 
Kt Valve opening gain, in/A 
Kq Valve static flowgain, (in3 /s) per in 
Kv Valve pressure droop, (in3 /s)/lbf per in2 

K2 Kv + C1 , in5 /lbf 
K3 V/2B,in5 /lbfs 
L Actuator stroke, in 
M Loadmass 
P1 Pressure on one side of network, lbf/in2 
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P2 Pressure on other side of network, lbf/in2 

P0 Pressure immediately following the restrictor 
1\ Load pressure (P1 - P2 ), lbf/in2 

Pt Small perturbation of load pressure, lbf/in 2 

q3 linearized actuator flow, in3 /s 
qc linearized flow due to compressibility, in3 /s 
fh linearized leakage flow, in3 /s 
qn linearized network flow, in3 /s 
qv linearized valve flow, in3 /s 
R Orifice conductance, in5 /lbf s 
s Laplace operator, s-1 

T Network time constant, s 
Tm Torque motor time constant, s 
Tav Serovovalve equivalent first-order log time 

constant, s 
V Half the total trapped volume, in3 

Ve(s) Drive signal, V 
U1 Load natural frequency, rad/s 
Wy Servovalve natural frequency, rad/s 
x Valve spool displacement, in 
Xp Network piston displacement, in 
Y Actuator displacement 
t1 Damping ratio of load quadratic 
tv Damping ratio of valve quadratic 

APPENDIX II 

Equations for a Cylinder Drive 
The relationship between the valve spool displace
ment and the error signal requires the specification of 
a torque motor lag and a valve quadratic lag hence 

For a typical two-stage valve, the torque motor 
break frequency (1/T m) is 100 rad/s, S"v is 0·7 and Wy 
is relatively insignificant having a value of 1000 rad/s. 
Bearing this in mind it is possible to specify an equiv
alent first-order lag time constant Tav to approximate 
to equation (A.2.1) at least below 50 Hz, which is the 
upper limit on bandwidth of most electrohydraulic 
drives for machine tool applications; that is 

(A.2.2) 

Next the linear equations describing the valve con
trolled ram will be derived. The use of a linear 
approach leads to the neglect of Coulomb friction at 
the slideway and piston seals and servovalve non
linearities. For a load on anti-friction slideways, and 
with well-designed ram seals, the Coulomb friction 
forces are negligible except at very low value openings 
or low velocities5 . Neglect of the servovalve non
linearities that is when operating in the threshold or 
saturation regions, the load pressure effects does not 
induce large errors. 

Valve flow Qv = f(x fl) (A.2.3) 

linearizing for small perturbations of x Qv and Pt 
about some operating point on the pressure/flow 
characteristics 

(A.2.4) 

Let K = Qv R = 0 = flow 
q x 1 spool displacement 

= static flow gain 

K = Qv = change inflow 
v P1 X const. change inload pressure 

= pressure droop factor 

Therefore qy =Kq X -KvPz (A.2.5) 

(A.2.6) now qv = ql + qc + qa 

where q1 = leakage flow 
qc =flow due to compressibility of oil 
q3 = actuator flow 
ql = cl }} (A.2.7) 
and 

where C1 is the slope of the servovalve pressure/ 
leakage flow curve. 

External leakage, across the piston for example, 
will be neglected in this analysis 

also qa =Ay (A.2.8) 

and assuming small perturbations of the piston about 
mid stroke 

(A.2.9) 

Where V is half the total trapped volume including 
piping. Hence from equation (A.2.5) to (A.2.9) 

v . . 
Kqx- Kyl} = C1 1-} + 2{j P1 + Ay (A.2.10) 

or taking Laplace transforms with zero initial condi
tions 

The force on the actuator due to hydraulic 
pressure is = }\A and this must be balanced by the 
forces due to the load and the external forces. Hence, 
neglecting coulomb friction 

(A.2.12) 
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Equations (A.2.11) and (A.2.12) are all that are 
required to construct the transfer function for the 
valve controlled ram. This is shown in equation 
(A.2.1). 

Manipulation of equations (A.2.11) and (A.2.12) 
yields the expression 

(A.2.13) 

Where cq= load natural frequency 

1/2 
(A.2.14) 

and ~1 = load damping ratio 

vc =( (Kv+CdM+W ~ (A.2.15) 

2 . ~fie, +K.)C+AJ ''' 

Equations for system with hydromechanical network 

The effect of the network is to add a further term to 
the flow equation viz the network flow Qn so that 

(A.2.16) 

now Qn = R tl ~sT) ~from equation (A.3.9) 

(For the development of this transfer function see 
Appendix III.) Using the expression for Qv , Qa , Qc 
and q1 previously derived and putting 

v K2 = Kv + C1 and K 3 = 2B we have 

and substituting the load equation this becomes 

(A.2.18) 

in practice A 2 ~ K 2 C and so when re-arranged we 
have 

(A.2.19) 

APPENDIX III 

AnalysiS of a transient flow network 
The benefits of a fluid leakage path across the ram to 
increase load damping have already been enumerated. 
The addition of a high-pass filter to prevent leakage in 
the steady state eliminates the penalties of reduced 
drive stiffness and steady-state velocity. The transfer 
function of such a device would be 

Qn_ R sT 
~- 1 + sT (A.3.1) 

A number of physical arrangements give this form 
of transfer function, but in this paper the arrange
ment shown schematically in Fig. 13 will be investi
gated. 

For turbulent flow through the orifice 

(A.3.2) 

linearizing this expression for small perturbations of 
qn,P1 andP2 

Qna(~ -Po) 

i.e., Qn =R (PI -P0 ) 

(A.3.3) 

(A.3.4) 

where R is the conductance of the orifice which, 
since it is defined by equation (A.3.4), has the dimen
sions in5 /lbf s. Strictly speaking it may not be 
constant but the implications of this will be discussed 
later. 

Neglecting compressibility, the flow caused by 
movement of the piston is 

The force equation for the piston is given by 

l'oAp = ~Ap + Ms2 Xp + Bsxp + Kxp (A.3 .6) 

from (A.3.4) and (A.3.5) 

Apsx =R (~ -P0 ) 

substituting for P0 in (A.3.6) 

2 A 2 S:x- +K:x-(~ - ~) Ap = Ms Xp + Bsxp + _P_-_-1' --" 
R 

and noting that from (A.3.5) 
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we have 

Writing P1 - P2 = P1 and re-arranging, the transfer 
function for the network becomes 

Equation (A.3.8) expresses the transfer function in its 
most complete form. However, the mass of the piston 
M and the piston viscous friction coefficient B will be 
small, and hence 

i.e., Qn =R _I!__ where T=AP 2 

P, 1 + Ts KR 
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THE SPECIFICATION AND PERFORMANCE OF ELECTROHYDRAULIC 
MOTOR DRIVES FOR NUMERICALLY CONTROLLED MACHINE TOOLS 

by 

S. K. CESSFORD* and R. BELL+ 

SUMMARY 

The design of hydraulic motor drives is developed from the basis of linear analysis. The modifications introduced 
by drive package non-linearities are illustrated with experimental data. The design of control systems that employ 

electrohydraulic drive packages is both discussed and illustrated with an example. 

Nomenclature 
B Fluid effective bulk modulus 
eM Motor viscous torque loss 
D Motor displacement per revolution 
Gv Gain constant of the electrohydraulic servo-

valve 
JM Motor inertia 
h Load inertia 
k1 Internal motor leakage 
kp Valve pressure droop 
kv Valve unloaded flow gain 
PI Load pressure 
Ps Supply pressure 
V Half the motor package trapped volume 
Ve Error signal 
tm1 Damping factor of the loaded drive package 
Om Angular displacement of the motor 
Wmi Angular natural frequency of the loaded drive 

package 

INTRODUCTION 

There have been a number of significant develop
ments in the range of actuators that are available for 
the machine tool designer. Some years ago the situ
ation was more simple, if somewhat restricted; d.c. 
drives or clutch controlled gearboxes were used for 
many applications and electrohydraulic drives were 
used for the more demanding specifications. The 
current status of actuator development is such that 
the designer can select d.c. motors, electrohydraulic 
motors or stepping motors for a very wide range of 
designs. 

In many cases there is no single best choice of 
actuator; it is often necessary to establish the tech
nical and economic merits of a particular device and 

*Herbert-BSA Ltd., Coventry. 
+Machipe Tool Engineering Division, UMIST. 

the customer reaction to its use. The object of this 
paper is to quicken the designer's appreciation of the 
various facets of electrohydraulic drive performance 
that must be considered when a drive package is 
selected. Earlier publications have provided similar 
studies on d.c. motors1 and stepping motors2 • 

The design of electrohydraulic drives can be 
greatly aided by the careful use of linearized design; a 
definitive treatment of this topic has been published 
by Merrittl. The influence of threshold performance 
and large-signal behaviour has also to be considered if 
an effective design is to be produced. A number of 
research projects have been carried out on low-speed 
motors, which form the majority of the hydraulic 
motors that are in use, to establish the magnitude and 
influence of their non-linearities. 

The low-speed behaviour of low-speed hydraulic 
motors has been extensively studied by Friedrich4 

and Cessford5 • The dynamic performance of this 
range of devices has been studied by Cessford5 and 
Luck6 • In addition, a number of papers have been 
written on particular drive packages. The paper by 
Clarke 7 is a good example of this type of publication. 

In the context of this paper an hydraulic motor is 
considered to be a low-speed device if its maximum 
rated speed is below 2000 r .p.m. A limited number of 
high-speed motors have been employed and some 
data are available on their performance8 • 

The selection of an adequate drive package must 
also be matched by the competent design of the 
control system. The design procedure of one major 
systems manufacturer has been published9•10; this 
procedure employs a velocity feedback loop from the 
motor, wit}l a relatively high loop gain constant. This 
design concept, which is often termed a 'soft servo' 
design, is now widely used. 
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A discussion of the specification and design of 
electrohydraulic drives contains a number of inter
related factors. In this paper, the design is discussed 
first in terms of linearized analysis. The influence of 
drive non-linearities is then systematically considered. 
The discussion of motor characteristics carries with it 
the inference that all these terms could form, to 
advantage, part of the motor manufacturer's specific
ation. In this context, it is important to note the 
widely varying quality of documentation provided by 
manufacturers. In some cases adequate data are made 
available and further information can be obtained. 
On the other hand, some devices are supported by 
such sparse data that they do not merit serious con
sideration. 

THE LINEARIZED ANALYSIS OF 
ELECTROHYDRAULIC DRIVE PERFORMANCE 

The performance of an electrohydraulic drive can be 
adequately assessed, to a first approximation, by the 
use of a linear model. It is considered essential to 
carry out the linear analysis and the assessment of the 
non-linear characteristics in parallel for the produc
tion of a competent drive design. 

The linear analysis of this class of drive 3• 6 leads to 
the development of the following expressions for the 
performance of a loaded system 

motor velocity 
drive signal 

and 

(1) 

(2) 

w:,, I [~(k,+k,)+D] [JM 'i"fv] l 
(3) 

and 

(4) 

The above expressions enable adequate estimates 
to be made for the natural frequency and damping 
factor of the loaded motor. The reference to the 
loaded motor infers that attention must be drawn to 
the influence of the total inertia (load + motor), and 
to the trapped volume of the package, rather than 
just that of the hydraulic motor. 

The motor displacement is the most significant 
parameter, ideally the expressions for motor speed 
and motor torque are 

motor speed (5) 

motor torque = I} .D (6) 

It could be concluded directly from these expres
sions [equations (5) and (6)] that a certain size of 
hydraulic motor and a particular supply pressure can 
be chosen to meet a particular specification. How
ever, the influence of the motor displacement, motor 
trapped volume and motor inertia must now be 
assessed to establish the significance of these para
meters. The natural frequency of the loaded drive is 
inversely proportional to the terms [(JM + h) . V] ! . 
This parameter is often taken as a first estimate of the 
suitability of a particular drive design for numerical 
control and minimum values for the natural 
frequency of the loaded drive have been proposed7•8 . 

The influence of the trapped volume of the package is 
more significant than is the motor inertia. In general, 
the choice of gearbox design factors and the other 
principal mechanical design parameters for a low
speed hydraulic motor drive will have established the 
load inertia to be controlled by the motor. The rela
tive magnitudes of the moment of inertia of a number 
of competing designs, for a given nominal displace
ment, will be of secondary significance unless a wide 
range of magnitudes is observed. 

The trapped volume of the package will not be 
substantially greater than the motor trapped volume 
in proprietary equipment. It is most important to 
appreciate the harmful influence of a badly designed 
manifold. The existence of excessive trapped volume 
will undermine drive performance; the design of 
crossover relief valves also requires skilled effort and, 
on occasion, it is possible to generate undesirable 
noise levels from a poorly designed relief valve con
figuration. 

The roles of motor leakage (ke ) and viscous torque 
loss (CM) have to be considered. The motor leakage 
term is a difficult parameter to isolate; its influence is 
particularly significant about valve null. The viscous 
torque loss term is a less significant term; the balance 
of terms in equation (4) is such that influence of the 
extreme values of CM found in commercially avail
able motors is far less marked than the values of lq 
that are found. In practice, the influence of motor 
displacement and the total inertia at the motor shaft 
have a more dominant role in the determination of 
motor damping than the motor leakage and motor 
viscous loss terms. One important point that emerges 
from the consideration of equation (4) is that the 
level of crossport leakage required across the motor 
to increase motor damping is less, pro rata, than the 
level required in any equivalent hydraulic cylinder 
drive. The deterioration in steady-state characteristics 
caused by this technique, is less marked than is found 
in the cylinder drive and, therefore, the technique is 
of practical merit. 

The calculation of the natural frequency of the 
motor, w1m, is sometimes made difficult by the 
absence of data on the drive package trapped volume 
(2V). This might appear to be an insignificant point, 
but in the case of a 1 in3 motor, the additional 
trapped volume both in the motor and the manifold 
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Table 1. 

Type 

TRV10 
TRV22 
TRVSO 
TRV76 

25 
so 
70 

can be of the same order as the motor displacement. 
The other term that is difficult to define accurately is 
the bulk modulus of the hydraulic fluid8 • The value 
of the bulk modulus for hydraulic system fluids, 
under controlled standards laboratory conditions, is 
0·25 X 106 lbf/in2 • The hydraulic fluid in a motor is 
liable to contain a certain level of entrained air due, in 
some cases, to the existence of recesses that encourage 
the formation of small air pockets. The motor compo
nents are also elastic and not ideal rigid elements. The 
combined effect of these factors plus other dynamic 
factors make any calculations based on the use of the 
laboratory value of bulk modulus too optimistic. Cal
culations on the dynamic response of currently 
available devices suggest that it is better to employ a 
pessimistic value of the effective bulk modulus(= say 
0·1 X 106 lbf/in2 ) if reliable design calculations are to 
be obtained. 

Attention must now be drawn to the problems 
presented by the use of simplified formulae for the 
determination of the system natural frequencies. The 
discussion of dynamic performance has been based on 
the equations (1)-(4) which describe the perform
ance of an hydraulic motor with an inertia load. The 
feed drive configuration shown in Fig. 1 is a more 
complex mechanical system. The lumped model 
shown in Fig. 1 b is an approximate model for the 
feed drive. The determination of the system dynamic 
response depends on the control system configuration 
to be employed on the drive. The transfer functions 
relating the motor angular displacement or the load 
rectilinear displacement differ considerably5 • It is 
more effective to employ a program for the evalu
ation of drive natural frequencies than to calculate 
the two natural frequencies that arise from the con
sideration of the hydraulic motor loaded with all the 
drive inertia assumed lumped at the &haft and the 
natural frequency of the axial mode of vibration of 
the leadscrew assembly. In some cases these two 
terms are calculated without any consideration of 
the interaction between them. The potential errors 
involved in over-simplified calculations are further 
emphasized by the influence of the velocity feed
back loop around the motor. This technique, 

Principal parameters of some low-speed hydraulic motors 

Torque 
Manufacturer Displacement per 1000 lbf in2 

(in3 ) (lbf in) 

Servote1 1 160 
Servotel 2·2 350 
Servotel 5 800 
Servotel 7·6 l200 
Dowty 2·5 400 
Dowty 5·0 800 
Dowty 7·0 1100 

~umadyne * Ratier Forest 2·4 480 
umadyne * Ratier Forest 4·8 760 

I 

* Multi-lobe designs. 

Valve 
drive 
signal 

(a) Schematic form 

. Motor & G~arbox Second gear 
dy~am•c pinion Stiffness 1 leadscrew 
Stiffness in1rtia inertia 

(b) Lumped Linear Model 

Fig.l. Machine tool feed drive with an electrohydraulic drive 
package. 

subject to detailed design, exerts a considerable 
influence on the dynamic response of the motor. 
These points are equally applicable to the design of 
electric drives. 

The design variables that can be employed to 
achieve a desired natural frequency are motor dis
placement and servovalve rating and supply pressure 
(it is assumed the transmission design has been optim
ized). The need to increase motor displacement in 
order to increase the loaded natural frequency wml of 
the motor causes a considerable increase in power 
supply rating if the other linked areas of the drive 
specification are to be unimpaired. The data 
presented in Table 1 for a number of commercially 
available motors show that the range of motor dis
placement values available is in distinct steps. Any 
initiative to call for an increase in motor displacement 
on the basis of control-system requirements should be 
accompanied by adequate evidence in support of the 
control-system design criteria that make the change 
necessary. 

Two possible figures of merit for :a drive package 
emerge from the above discussion; that is, the ratio of 
trapped volume/displacement and the ratio of motor 
inertia/displacement. In general, the former is con
sidered to be the more valuable guide to the potential 
dynamic capability of the actuator. 

Maximum Maximum Inertia . Trapped volume 
speed pressure displacement displacement 

(r.p.m.) (lbfin2 ) (lb in s2 in3 ) 

2000 2000 0·77 1·5 
1500 2000 1{) 1·2 
1500 2000 1·2 1·2 
1200 2000 1·3 1·3 
1500 2000 4·0 1·1 
1500 2000 3·1 1·1 
1500 2000 24 1·1 
2000 2000 04 0·7 
2000 2000 0·25 0·4 
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HYDRAULIC MOTOR CHARACTERISTICS AND 
THEIR INFLUENCE ON SYSTEM PERFORMANCE 

It is now necessary to follow the points developed in 
the consideration of the linear model with a discus
sion of those practical characteristics which further 
influence drive performance. These characteristics 
include the servovalve flow characteristic, the motor 
threshold velocity characteristics, the low-speed load 
pressure/velocity characteristics, the zero flow pres
sure gain or locked rotor characteristics and the 
dynamic characteristics of hydraulic motors. 

Motor torque speed characteristics 
The motor torque/speed characteristic is influenced 
by the .choice of motor, the choice of servovalve and 
the supply pressure which is employed in a particular 
design. These points are illustrated in Fig. 2. Here the 

---------Ideal torque 

Motor speed 

(i) The influence of supply pressure on motor 
torque 

.. 
::> 
CT 

0 .. 
en 
0 
-" u 
0 
a. 
~ 
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0 
~ 

,---.-...... .......... 
...... -- ........... -..._ '-........_ Motor torque ---- ~-............ 

......... ' ' ,, 
Valve flow '-, '-"'-"'-'-

capacity reducing "" '-, 

Motor spud 

(ii) The Influence of Valve Capacity on the 
torque speed characteristic of a motor 

package 

Fig.2. Hydraulic motor torque speed characteristics. 

influence of supply pressure is shown to have a pro
portional influence on the ideal stall torque that is 
developed. The influence of the motor characteristics 
is such that the torque available at the motor never 
equals the ideal stall value. In general, detailed 
information is not available on this type of character
istic. The full implications of the low-speed torque 
loss will be discussed later. The high-speed torque loss 
is due to a combination of motor viscous loss and the 
pressure drop of the servovalve flow characteristic. 
This point is emphasized in Fig. 2(ii). Here the influ
ence of the choice of available flow rating is shown to 

have an important effect both on the maximum speed 
which is attainable and on the shape of the drive 
package torque speed characteristic. The choice of 
servo valve rating and supply pressure are, therefore, 
seen to be critically important parameters, second 
only to the choice of motor displacement which, as 
has been shown above, is a major influence on the 
dynamic response of the drive. 

The low-speed of threshold torque loss can best 
be considered by the assessment of the load pressure/ 
velocity characteristics of hydraulic motors about valve 
null. Two representative traces are shown in Fig. 3. The 
difference in break-away pressure required between 
these two motors is seen to be most marked. The motor 
which displays the minimum breakaway pressure and 
has the higher viscous loss coefficient is the better 
choice for a control-system application. It must be 
remembered that very often an NC drive specification 
contains a direct reference to the ratio of breakaway to 
running torque. When this aspect of drive performance 
is considered, the unloaded motor load pressure/speed 
characteristics and the equivalent load pressure/speed 
characteristics of the transmission due to preload, and 
slideway friction, can be summed. The choice of any 
motor with a large ratio of breakaway to running 
torque is, therefore, inappropriate. The characteristics 
of rotating and rolvane motors are considerably better 
in this respect than the characteristics displayed by 
piston motors. In some cases, the characteristic of a 
piston-type motor can be improved by the presence 
of additional leakage but only to the detriment of 
other important characteristics. In those cases where 
the breakaway torque is considerably larger than the 
running torque a speed can be specified below which 
speeds cannot be maintained, that is, the motor has a 
dead band which is further aggravated by the presence 
of load torque from the transmission . 

Either of the characteristics of the type shown in 
Fig. 3 can be caused to deteriorate by poor align
ment. This is a problem which is common to all high
performance servo motors; in general, all high
performance motors rely on the maintenance of tight 
operational clearances, and the presence of axial or 
radial loads beyond the manufacturer's specifications 
will result in a marked reduction in performance. 

Motor velocity characteristics 
The unloaded motor velocity/drive signal character
istics are substantially linear as shown for a typical 
case in Fig. 4. The influence of servovalve hystereis is 
evident, but the performance of a typical motor with 
a velocity compensation loop around it is such that 
the compensated motor velocity/drive signal charac
teristic can, subject to tachogenerator.characteristics, 
be considered to be adequately linear. 

The other aspect of the motor velocity character
istics that is to be considered carefully is the puls
ation characteristic which is of considerable 
importance at low speeds. These pulsations, a typical 
example of which is shown in Fig. 5, are found to 
remain unchanged over a wide range of motor speeds. 
They are only important, however, at minimum feed 
speeds. Their amplitude can be reduced by the .pres
ence of a high-gain velocity loop around the motor. 
In Fig. 5, the influence of loop gain is demonstrated. 
In general, however, the nature of the compensation 
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used in this loop is also significant in this respect as i~ 
tends to minimize the frequency spectrum over which 
the compensation is effective. The influence of the 
velocity feedback loop is seen to have two functions: 
first it linearises the steady-state motor speed/drive 
signal characteristic, and secondly it improves the 
performance of the motor at low speeds. There is an 
intermediate range of speeds where these pulsations 
may have a critical effect on drive performance 
because, as speed increases, the pulsation frequency 
increases and, therefore, above the certain inter
mediate speed band the effect of the feedback loop is 
nullified. 

Load pressure characteristic at zero velocity 
The 'stiffness' of a hydraulic drive can be deduced in 
a comparative sense by studying the load pressure/ 
drive signal characteristics of a drive package with the 
rotor of the motor locked mechanically. Ideally this 
characteristic should be a straight-line rectangular 
form where a line-on-line valve with an ideal motor 
would display an infinitely steep load pressure gain 
characteristic at null. 

The influence of valve tolerances and motor leak
age is such that these characteristics depart from the 
ideal form and display either a reduced slope with 
narrow hysteresis (i.e., leakage dominant) or a 
hysteresis form with steep slope (i.e., valve hysteresis 
dominant). Examples of these characteristics are 
shown in Fig. 6. This characteristic, whilst not one 
which is directly applicable to system calculations, 
serves as a valuable guide to the assessment of drive 
performance . 

Dynamic characteristics of hydraulic motors 
The results presented in this section are again res
tricted to the characteristics of low-speed motors. 
Further similar information on the performance of a 
high-speed package is given by Bell and Cowan8 . The 
frequency response and dynamic response character
istics have to be considered. 

The frequency response of hydraulic drive pack
ages is of prime importance as these characteristics 
are taken as a direct aid to system design. A number 
of factors have to be considered, the influence of two 
of which are shown in Fig. 7 and 8. The influence of 
load inertia on the performance of a drive package is 
shown in Fig. 7. Here the motor is tested with inertia 
loads of 0, X 1, X 2, X 5 and X 10 the motor inertia. 
The change in the characteristics follows an expected 
pattern, the natural frequency of the drive is progres
sively reduced and the system damping is increased. 
The results do not follow closely the trends expected 
of a linear system, but the relevance of the predic
tions made eariler from the linear analysis is 
established. 

The other aspect of motor performance, repre
sented in Fig. 8, is the influence of drive signal ampli
tude on the frequency respone of a package. The 
influence of increased command signal amplitude 
induced a reduction in system gain and points to the 
problems posed when large-signal dynamic response 
or dynamic response about a large valve opening is to 
be considered. The general point that is to be made 
here is that the system dynamic response for either of 

these cases is considerably diminished and, therefore, 
the normally linearized analysis should be used with 
caution. 
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Fig.3. Load pressure-speed characteristics of low-speed 
motors. 
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Fig.4. Unloaded motor veloci ty/servovalve drive signal 
characteristics for a rotating vane motor. 
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The transient response of a loaded hydraulic drive is 
dictated primarily by the influence of load pressure 
transients induced by the level of command signal 
changes and the degree of inertia loading at the 
motor. The transient response information presented 
in Figs 9 and l 0 shows, respectively, the influence of 
command signal amplitude when reversing the motion 
from a given speed to a similar speed in the opposite 
sense, and the influence of the level of operating 
speed and the deceleration characteristics of a motor 
when it is commanded to return to zero speed. Con
siderable variation in dynamic response is observed 
and specialist· advice would be considered essential 
if the ultimate in dynamic response is required from 
a particular package as, in the limit, system response 
is somewhat difficult to define from normal design 
data. Further data are available in the literature on 
dynamic response of drive packages and particular 
attention is drawn to theses by Cessford5 and Luck6 • 
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THE INFLUENCE OF CONTROL SYSTEM 
DESIGN ON PACKAGE PERFORMANCE 

The interaction between the aims of the control
system manufacturer and the problems of the 
machine tool designer have been referred to earlier in 
the discussion of the linearized analysis. The prob
lem of choosing the required motor displacement, 
commensurate with the attainment of certain mini
mum natural frequencies, imposes constraints on the 
selection of motors. This procedure will depend on 
the particular control-system manufacturer and on his 
control-system design criteria. The most widely 
referred to design procedures are those advocated by 
Bakel9 and Dutcher10 . This design procedure they 
advocate consists primarily of meeting a particular 
minimum natural frequency required ( Wm1 /21T = 50 
Hz for a continuous path application) and for the use 
of a high-gain velocity feedback compensation loop. 
The form of this compensation loop is shown in Fig. 11. 

The compensation transfer function shown in this 
diagram is necessary as the feedback loop would be 
unstable at the values of gain required without the 
presence of this class of network. Centre values of 
350 V /V are specified and the result of this compen
sation technique is the production of a very linear, 
wide speed range drive package. Both of these end
products are extremely valuable; the price paid for 
these characteristics is illustrated in Fig. 12 where the 
frequency response of a drive package, subjected to 
this design procedure, is shown. The system 
response displays a reduction in bandwidth. This 
point, however, is readily offset by the system 
software design, as a predictable velocity lag will be 
encountered. A further advantage in this procedure is 
that it does not allow the system to display high 
acceleration capability; that is, acceleration levels 
beyond the requirements of metal cutting perform
ance, so that the possibility of major damage to the 
transmission, during a fault condition due to exces
sive. acceleration loading, is removed. This class of 
control-system compensation calls for a relatively low 
position loop gain, and very high system resolution is 
obtained at zero speed due to the fact that the posi
tion loop gain, at zero velocity, is the product of the 
position loop gain and the forward sequence gain of 
the velocity loop. This performance is achieved by 
setting a relatively high value of minimum drive 
natural frequency, which in some cases is very readily 
achieved, but in others may provide the machine 
tool designer with some design problems. 

Fig.ll. Schematic form of the velocity loop. 
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Fig. 12 The Frequency Responses of an Uncompensated 
and Compensated Hydraulic Drive. 

CONCLUSIONS 

The high performance capability of electro
hydraulic drives has been demonstrated and thus 
particular characteristics which merit attention, when 
the specification of a motor is being formulated, have 
been discussed. It is considered desirable that many 
more motor manufacturers should attempt to include 
reference to these characteristics in their data or in 
their back-up service. In general, good electro
hydraulic drive packages can be expected to produce 
an operating speed range, with appropriate control 
system design, of up to 20 000:1. 

The dynamic response that is developed by a well
designed package is better than that which can be 
achieved by the equivalent electric drive. In the limit, 
the electric drive can, with careful attention to drive 
amplifier design, be made to approach the limit of 
performance of a hydraulic motor. However, on this 
point it should be noted that this limit is very often 
beyond many of the requirements of the machine 
tool designer. 

The main advantage of the hydraulic drive 
package lies in its duty cycle capabilities. The thermal 
ratings imposed on a given d.c. motor package have 
no equivalent in the hydraulic package. It would 
seem, therefore, that when the relative merits of 
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electric and hydraulic drives are considered they 
would break down to a consideration of the good 
dynamic response and good duty cycle performance 
of the hydraulic drive offset against the often subjec
tive reaction of a user to system contamination with, 
in the case of electric drives, a simpler, quieter, mech
anical arrangement of adequate dynamic performance 
of sometimes suspect thermal ratings. Very often the 
choice of one drive or the other will be decided by 
subjective reaction rather than on technical perform
ance. 
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OBJECTIVE METHOD FOR DETERMINING GRINDING WHEEL LIFE 

by 

F. SZEKERES * 

SUMMARY 

A new objective measuring method has been worked out in GTI which is suitable for measuring grinding wheel 
life. The method is based on the measurement of vibration. The frequency of vibrations that occur in grinding 
and that are characteristic of the grinding process was determined. Vibration amplitude-time functions contain 
two inflection points, the second of which indicates the end of wheel life. The correctness of the method is proved 
through comparison with conventional grinding parameters. 

INTRODUCTION 

During grinding process studies accomplished in GTI 
Grinding Technology Research Laboratory, experi
ments were made in order to work out a new and 
distinct measuring method for wheel life. The lifetime 
of a grinding wheel means that time which elapses 
under grinding between two dressings. For measuring 
the lifetime wheels which were self-sharpening only 
to a small extent were chosen. In practice, by 
measuring conventionally the quantities described 
below, we can conclude that towards the end of 
wheel life the following occur. 

(I) The cutting ability of a grinding wheel 
deteriorates with grinding time, therefore consumed 
power varies while chip removal decreases or remains 
the same. 

{2) The surface roughness and waviness of the 
workpiece deteriorate to such an extent that the 
workpiece does not meet the requirements. 

{3) After grinding, visible burn marks appear on 
the workpiece. 

( 4) Using a microscope the size of plane surface 
which can be worn on wheel grains in grinding may 
be determined. 

We have only considered the most frequently used 
quantities which determine wheel life. It is obvious 
from the above points that the aforementioned para
meters that are characteristic of grinding can be 
measured only with high scatter, and wheel life deter
minations from them must be expressed statistically. 
For this reason only we searched for an unconven
tional exact method of measuring wheel life that had 
good reproducibility; this paper is aimed at presenting 
this method. 

*Gepipari Technologiai Intezet, Budapest 

THE NOISE PHENOMENON 
ACCOMPANYING END OF WHEEL 
LIFE AND ITS MEASUREMENTS 

An experienced skilled man recognizes on the basis of 
the noise if a grinding wheel is worn or not. At the 
end of grinding wheel life, noise pressure level and 
frequency content of radiated air noise changes. In 
grinding experiments with cross feed we tried to 
define the wheel lifetime by this noise phenomenon. 
Measurements were made with the help of a tape
recorder, as is shown in Fig. 1. Noise records were 
then subjected to a frequency analysis in the lab· 
oratory. After a long examination it was stated that, as 
the measuring area (machine shop) was acoustically 
undefined, i.e. for the purpose of microphone 
measurement, it is impossible to define the grinding 
wheel life. Our measurements were affected adversely 
by noise from other parts of the machine. 

According to our investigations noise components 
of the grinding wheel had a great effect on the 
resultant noise spectrum, so its reliable evaluation in 
practice incurs very great difficulty. 

When measuring with a microphone proved to be 
unsatisfactory, we changed to measuring the impact 
noise, i.e. vibration parameters. 

As a measuring position the tailstock centre was 
chosen and the block diagram of the measurement is 
shown in Fig. 2. Vibrations were measured in two 
directions as follows: 

(1) radial direction-the direction of the grinding 
compressive force (hereafter referred to as the hori
zontal direction), and 

(2) tangential direction-the direction of the prin
cipal grinding force. 
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The choice of direction of vibration measurement 
was considered preferable, as displacement~ in the 
radial direction were generated by the time change of 
compressive grinding force; while displacements in 
the tangential direction were generated by the time 
change of the principal grinding force. 

By this arrangement it is expected that vibration 
amplitude variation against time will be characteristic 
of grinding tool wear. 

The following technological data were used in the 
experiments. 
Depth of cut: 
Cross feed rate: 
Workpiece: 
Workpiece material: 

Workpiece diameter: 
Workpiece length: 
In our measurements: 

0·02 mm/stroke 
1m/min 
31·5 rev/min 
G0-3 rolling bearing 
steel hardened to SO HRc 
approx 
60-70mm 
450mm 
60 dB = 1000 cm/s2 

vibration acceleration 
The vibration amplitude-time function is 

compared with the time change of surface roughness 
and machined metal volume. On the basis of this the 
following points are established. 

(1) The vibration amplitude, which is measurable 
in grinding, increases with time. 

(2) The frequency characteristic of the process 
falls in tertiary band of 500 Hz. 

(3) From our experiences, the life defined by 
the subjective method (by ear) shows good agreement 
with that determined from vibration amplitude-time 
functions. 

SOUND RECORDING 

BK/,131 ,2~~ ~A I 
MICROPHON AMPLIFIER TAPE -RECORDER 

SOUND ANALYZIS 

NAGRA BK BK 
HI 2112 2305 

BK BK ......_ 
2107 2305 

Fig. 1 Block diagram of the sound level measurements. 

:::f~ PREANPUFER AMPLIFIER ANALrzER LEVEL RECrRDER 

Fig. 2 Block diagram of the vibration measurements. 

FREQUENCY CHARACTERISTIC 
OF GRINDING 

Process: The cross-feed grinding method as a process 
is quite complicated, and because, additionally, of the 
scatter experienced in measurement, the in-feed 
grinding method was chosen for further experiments. 

Determination of self-oscillation number of the work
piece-machine-tool system 
For our experiments, the examinations performed by 
B. Bartalucci and his co-workers served as a start. 
Because an electrodynamic vibration table was not 
available, oscillations on the grinding machine were 
generated by striking, as is schematically shown in 
Fig. 3. Oscillations generated by striking were 
detected by an accelerometer and displayed on a 
cathode-ray oscilloscope screen. The vibration pattern 
displayed on the screen was photographed with an 
oscillo-record camera. Self-oscillation numbers were 
examined in terms of radial force, as in in-feed 
external cylindrical grinding different radial grinding 
forces belong to different in-feed rates. Considering 
the problem it is obvious that, in the case of greater 
radial force, prestress in the system establishes an 
effect in the oscillating system making it seem more 
rigid. 

For a more rigid system, however, it is expected 
that self-oscillation numbers increase. Self-oscillation 
numbers measurements · accomplished are drawn in 
Fig. 4. From this figure it is quite clearly seen that 
self-oscillation measurement made with striking is not 
a precise method; that is why minimum and maxi
mum frequencies were revealed. From this figure it 
can defmitely be stated that with the known machine 
(with a stationary machine) a self-oscillation numbers 
versus radial force vary from between 500 to 1300 
Hz. 

In Fig. 5 the measured results of B. Bartalucci and 
his co-workers are compared with the measured self
oscillation numbers made in our Institute. It is 
seen quite well that the measurements made by B. 
Bartalucci are in reasonable agreement with our 
results. The difference between the self-oscillation 
numbers measured on stationary machines can be 
explained by the different rigidity conditions of the 
grinding machines used by different workers. 

Brii€>1 and Kja(> 
accelerometer 
+ preafTJJlifier 

cell 

Place of the beats 

EMG 
Oscilloscope 

Fig. 3 Block diagram of the self-oscillation measurement. 
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As is shown by these studies, it is extremely inter
esting that the grinding machine as a dynamic system 
should be stable only with a radial force of defined 
magnitude. 
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Fig. 4 Self-oscillation of the grinding machine as a function 

In our experiments it was ascertained that the 
previously discussed noise phenomenon accompany
ing grinding wheel wear begins at the second inflec
tion point. 

Accordingly wheel lifetime is defined by exam
ining the second inflection of the vibration 
amplitude-time function. Wheel lifetime is 
considered to be the time that had elapsed from start 
of grinding to the second inflection point. 

of the radial force. so 
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Fig. 5 The comparison of the self-oscillation measurements 
on two grinding machines. 

VIBRATION AMPLITUDE-TIME 
FUNCTIONS CHARACTERISTIC 
OF THE GRINDING PROCESS 

It is well known that, in grinding, the workpiece and 
the grinding wheel tend to wear in the form of a 
polygon. As a consequence, the grinding wheel oscil
lates the workpiece by striking it. In agreement with 
our measurements, the maximum amplitude of gene
rated vibrations is in the range of 500-1300 Hz. 

By reason of previous discussion it can be ascer
tained that the frequency characteristic of the grind
ing process in external cylindrical in-feed grinding is 
only the self-oscillation number that is characteristic 
of the instantaneous dynamics of the system and 
which is generated by the grinding wheel wearing to a 
polygon. 

Discussion of vibration amplitude-time function 
In Fig. 6 vibration amplitude-time functions for 
three different in-feed rates are presented. After 
examining these functions they can be divided into 
three sections. 

First section: linkage formation lasts until the first 
inflection point. 

Second section: time interval suitable for grinding 
lasts until the second inflection point. 

Third section: grinding wheel is not suitable for 
grinding; the section starts after the second inflection 
point. 

T T 
1020.lii'D506Dl'l180!10100 150 

t [s•c] 

Fig. 6 The vibration amplitude-time functions. 

Reproducibility of the functions characteristic of the 
grinding process 
By further experiments we wanted to prove that time 
functions that were characteristic of the measured 
grinding wheel life, and of the process, had not been 
obtained accidentally but that they were reproducible 
with the same technological data. In a 24-times 
iteration the following technological data was used. 
Grinding wheel speed: 32 m/s 
Work speed: 90 rev/min 
In-feed rate: 10 J.Lm/s 
Grinding wheel: experimental perite 

band grain: 50 kA 
Work material: AISI E521 00 steel 

hardened to 52 HRc 
With mathematical-statistical methods data was 

processed by means of an electronic computer. The 
individual measured magnitudes of vibration ampli
tudes were arranged in time sequence and they were 
examined by two trails to show how the values in 
every square second match at a probability level. 
According to evaluation data of the 24-times iteration 
match on a 95% probability level. 

For reproducibility, measurements were made also 
on a machine with statically double rigidity. In our 
examinations from those measurements made on the 
second machine quite similar vibration amplitude
time functions were obtained with the exception 
that, with the statically more rigid machine, charac
teristic frequency was about 1250 Hz. Measured 
results tended to be in agreement with practice. 

In the present state of development of the measur
ing method it has to be applied to a particular 
machine; through having an adequate amount of data, 
by means of further experiments, it becomes possible 
to generalize the method concerned. 

Mathematical form of vibration amplitude-time 
function 
With the help of an electronic computer it has been 
defined that vibration amplitude-time function was 
approximated best by a polynomial of the fourth 
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degree. Mathematical analysis showed that the co
efficient of the members of the zero, first and second 
degree is of considerable magnitude compared with 
other coefficients. If, however, coefficients of 
members of the third and fourth degree are neglected, 
the curve does not contain the required inflection 
points. Physical meanings of the coefficients could 
not be defined within a short time. 

This work is being continued. 
By means of the empirical process function the 

differential equation describing the phenomenon can 
easily be written down. The differential equation will 
be a complete differential equation of the fourth 
degree. For the present only, it is ascertained that in 
external cylindrical in-feed grinding according to our 
experiments higher accelerations occur, the study of 
which is the subject of further research continuing at 
the present. 

CORRECTNESS OF THE NEW OBJECTIVE 
WHEEL UFE MEASURING METHOD 

In order to prove the ability of our developed 
measuring method to define the end of wheel life the 
following conventional technological parameters are 
simultaneously examined: 
ve (p.m/s) in-feed rate 
T (sec) wheel lifetime 
vt (mm3 ) machined metal volume in the lifetime 
R3 (J.Lm) surface roughness 
P (kP) normal radial grinding force 
7! (mm3 fmm s) normal grinding performance 

In Fig. 7 the results of experiments made with a 
type A60 ~ KS-VIOW grinding wheel of the British 
Carborundum Company are presented. From this 
figure the following statements can be made. 

(1) Wheel lifetime decreases with in-feed rate 
increase. 

(2) Machined metal volume increases with in-feed 
rate increase. 

(3) Radial force uniformly increases with in-feed 
rate increase. 

( 4) Surface roughness deteriorates with in-feed 
rate increase. 

(5) z' increases with in-feed rate increase. 
From the above it is evident that wheel lifetime, in 

respect to the particular technological parameters, 
behaves as we expected. 

The correctness of our measurements is also 
proved by the performed dressing experiment. 
Experiments were made with the single-crystal 
diamond dresser for the planning of dressing tech
nology. Surface roughness and wheel lifetime were 
chosen as output parameters. As is expected from 
theory, experiments showed that by means of 
dressing, either optimal surface roughness or optimal 
wheel lifetime can be obtained. The two optima in 
Fig. 8 do not coincide, i.e. with the same cross feed 
rate, in order to obtain optima, different depths of 
cuts have to be applied in dressing. 
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Fig. 7 Comparison diagram of the grinding parameters 
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Fig. 8 Comparison of several grinding parameters as functions 
of the dressing technology of the grinding wheel. 

CONCLUSIONS 

In our opinion the wheel lifetime measuring method 
developed in our Institute may be of twofold impor
tance. 

In practice, we want to design a device for a high
duty grinding machine which will dress the grinding 
wheel after wheel lifetime has elapsed. In techno
logical planning for choice of a grinding wheel under 
laboratory conditions, objective assessment of wheel 
lifetime is considered important. 

In theory, as in this case, the vibration 
amplitude-time function defined by measurement is 
a characteristic function of in-feed grinding process; it 
can be of great help in more accurate knowledge of 
the grinding process. 
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ON THE ROUNDING-UP PROCESS IN HIGH-PRODUCTION 
INTERNAL GRINDING MACHINES 

BY DIGITAL COMPUTER SIMULATION 

by 

R. S. HAHN and R. P. LINDSAY* 

SUMMARY 

High-production internal grinding machines are required to grind workpieces, which have an initial runout and 
stock allowance, in very fast grinding cycles. The runout must be corrected before the stock allowance is used up. 
As the internal grinding wheel strikes the running-out workpiece, high local instantaneous force intensities on the 
wheel may develop and may cause the wheel to break down, resulting in a loss of straightness of the finished 
ground workpiece. By representing the grinding process mathematically, as well as the dynamic characteristics of 
the grinding machine, a computer program has been developed which traces the rounding-up process, revolution 
by revolution, and permits the selection of the optimum machine settings so as to grind with the shortest possible 
cycle without damage of the wheel and without incomplete rounding up of the workpiece. 

INTRODUCTION 

In order to produce the volume of manufactured 
items required to clothe, feed and satisfy the needs of 
the expanding populations of the world it is necessary 
to produce such items as ·ball and roller bearings, 
automotive universal joint cups, automotive hydraulic 
valve lifters as well as other parts in high production 
quantities. In producing these items in the quantities 
required the repetitive grinding cycle time becomes 
very important. For example, the shortening of an 
11 s internal grinding cycle, precision grinding the 
bores of automotive hydraulic valve lifters, by one 
second can result in a cost saving of over $1 000 000 
per year for one producer of these parts. Conse
quently great efforts are made to shorten cycle times. 
However, as one increases the speed of grinding 
cycles, various things happen to cause a loss in 
quality. Wheel breakdown may cause a loss in shape 
or profile, workpiece size and taper fluctuations due 
to variable stock and variable deflections may occur, 
thermal damage may occur and a loss of concentricity 
of I.D. to O.D. may occur. In view of the above the 
problem is to adjust the various grinding machine 
parameters in such a way as to produce the shortest 
cycle time consistent with the desired level of quality. 

Most workpieces come to the final grinding opera
tion with varying stock allowance and varying degrees 
of runout, i.e. the stock allowance on a bore may not 
be concentric with a previously finish ground O.D. 
The grinding machine must then round up and 

develop concentricity as well as grind the part to size. 
This rounding-up process involves the dynamic 
characteristics of the grinding machine as well as the 
characteristics of the grinding process. 

THE ROUNDING-UP PROCESS 

In a typical grinding cycle the grinding wheel 
approaches the 'black' workpiece at some velocity. 
The first contact with the wqrkpiece is usually made 
at the high spot on the work. During the first few 
revolutions of the workpiece the wheel-work contact 
is intermittent as shown in Fig. 1 for the internal 
grinding of an inner ball bearing ring. As the high spot 
engages the grinding wheel, the wheel spindle deflects 
both laterally and angularly. This tends to concen
trate the grinding force on the inner edge of the 
grinding wheel. Under certain conditions excessively 
high local force intensities (normal force per unit 
width of contact) can occur on the wheel. If the local 
force intensity exceeds the 'breakdown force 
intensity' extremely rapid wheel wear rates occur and 
the profile of the wheel will be destroyed. The 'break
down force intensity' is shown in Fig. 2 as the 
abscissa where the wheel wear curve abruptly turns 
upward. Extensive testing of grinding wheels has 

*Cincinnati Milacron, Heald Division, Worcester, Massachusetts, U.S.A. 
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shown that the 'breakdown force intensity (F0 ')BD 
may be calculated by 

(1) 

where vol =volume of bond in wheel 

De =nDf'Ds =equivalent diameter 
w- s 

C = constant depending on material ground 
and grain type 

The volume of bond in the wheel is given by1 

vol = 1·33H + 2·2S- 8·0 
where H = 0, 1, 2, 3, ... , 8 for wheels of hardness 

HIJK ... P 
S = structure number 

In the early stages of rounding up, the instan
taneous width of cut w varies as shown in Fig. 1 as 
the zone ABD. The instantaneous grinding force at 
the high spot, FG, lies at the position x from the 
right-hand edge ofthe work. The instantaneous wheel 
depth of cut h(x) is also shown in Fig. 1. The force 
required to produce the cut EFGH can be found as 
follows. 

Consider Fig. 3 where a rotating wheel is pressed 
against a rotating workpiece_ Both bodies mutually 
machine each other. The 'machining law' of each 
body depends on the induced interface force inten
sity. Extensive experimental tests2 have shown that, 
for easy-to-grind materials, the volumetric stock 
removal rate from the workpiece, Zw, is proportional 
to the interface force F n, thus 

(2) 

where Aw metal removal parameter (volume 
removed per unit time per unit force) 

h = wheel depth of cut 
vw work surface speed 

From Eq. (2) the local force intensity can be written 
as 

Fn Vw 
f(x) =w = Aw h (x) {3) 

Using this equation the force required to produce the 
cut shown as EFGH in Fig. 1 is 

w w 

FG =f f(x) dx =~ f h(x) dx (4) 
0 0 

Since the shape of the cut depends on the lateral and 
angular wheel position as well as the surface gener
ated in the previous work revolution, it is convenient 
to use a digital computer and to keep track of these 
quantities for each revolution. In this way a digital 
computer program has been written for IBM 360 
which calculates force balances, cross slide move
ments, peak force intensities, runout, width of cut, 
accumulated wheel wear and stock removal. 

After some grinding time the contact between 
wheel and workpiece ceases to be intermittent and 
becomes continuous. Here rounding up continues 
owing to the differential flexing of the spindle. The 

still eccentrically running workpiece 'drives' the 
wheel vibrationally with a quasi-sinusoidal motion 

~ = ~0 + a sin 21T'Tiwl (5) 

This forced motion of the wheel causes the cross slide 
M through the action of the flexible spindle K to 
execute a quasi-periodic motion ~(t). The difference 
between the forced motion~ (t) and the slide motion 
~(t) is the spindle or system deflection. The 
instantaneous grinding force in turn produces an 
instantaneous wheel depth of cut which causes 
further rounding up. The motion of the controlled 
force cross slide is given by 

-©"+£~+!f_~=FA+!f.~ {6) 
dt m dt m m m 

Using these equations the rounding up decrement A 
has been found3 to be 

~~ [ (1- ~:) 

~~}r + 

where (K) 112 
v = 2nnwl m 

M 

tf t) Cross Slide 

~f) 1 :~'~' 
-:;) 

0 
c 
:;) 

01: 

Ql .., 
Ql 

Q. 

~ 
0 

~ ~--------~--------~ 
Revolutions 

Fig. 1 Illustration showing the intermittent rounding-up 
phase in controlled force internal grinding. 
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This equation permits the computer program to 
calculate the continuous contact rounding-up decre
ment and to calculate the time required to reduce the 
runout to any specified level. Using Eq. (4) the 
computer program calculates the stock removed from 
the high spot each revolution during the intermittent 
phase of round up. 

.z. .. 
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.!: AISI52100;Rockwelf C60,5urface Grinding; 
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Fig. 2 Chart showing the metal removal and wheel wear 
characteristics of a grinding wheel including the metal 
removal parameter Aw the wheel wear parameter A8 , and the 
wheel breakdown force intensity (F0

1)BD> 

Fig. 3 Illustration defining the rate of stock removal and 
rate of wheel wear in the mutual 'machining' of wheel and 
work. 

DIGITAL ROUNDING-UP COMPUTER PROGRAM 

This program requires as input the 'metal removal 
parameter' Aw. This is the rate of stock removal per 
unit normal wheel-work interface force and is the 
slope of the plunge grinding velocity curve in Fig. 2. 

Also required are four elastic constants associated 
with the lateral and angular deflection of the wheel 
relative to the workpiece. These are the lateral system 
compliance and the rate it changes with the distance 
x along the grinding wheel and the angular 
compliance and its rate of change with respect to x. 
Other input variables are the initial runout, the 
desired grinding force, cross slide mass and dashpot 
strength, wheel speed, work speed, wheel diameter 
and work diameter. 

The computed results are the workpiece runout 
for each work revolution, the width of wheel work 
contact, the peak grinding force, the peak force 
intensity (force per unit width of contact), the 
accumulated wheel wear, and the required approach 
force to prevent excessive wheel breakdown. 

In order to evaluate the accuracy of the computer 
program a number of tests were made on a controlled 
force internal production grinding machine grinding 
the bore of a tapered roller bearing cup. A work 
riding displacement transducer was arranged to read 
the instantaneous runout of the workpiece. Another 
displacement transducer was arranged to read the 
cross slide motion_ A force transducer built into the 
wheelhead was arranged to read the instantaneous 
normal grinding force. A typical recording of these 
three quantities is shown in Fig. 4. The initial runout 
of 0·008 in (peak to valley) is shown, being reduced 
in about 5·5 s where the intermittent contact ceases 
and continuous contact starts. The peak grinding 
forces (top trace Fig. 4) are seen to increase to a 
maximum of about 300 lbf in about one second and 
then to fall gradually and to approach 100 lbf, the 
steady-state grinding force. 

Since the runout on the nth revolution, p(n), 
during the continuous contact phase is given by 

p(n) = Po(A)n (8) 

where Po is the initial runout at the beginning of 
continuous contact, it is convenient to plot the 
runout on semi-log paper as shown in Fig. 5. The 
upper solid curve gives the calculated runout for both 
the intermittent contact region and the continuous 
contact region. The dashed curve gives the experi
mental values. It will be seen that a true rounding-up 
decrement does not apply to the intermittent phase. 
The rounding-up action accelerates as the roundness 
improves and both computed and experimental 
curves curve downwards. Once continuous contact is 
achieved a true decrement results and a straight line 
relationship occurs. Initial values of the intermittent 
decrement are shown as well as values for the 
continuous decrement. 

The peak grinding forces on the high spot are also 
shown in Fig. 5. It will be seen that the calculated 
values (solid curve) reach their maximum slightly 
before the experimentally measured values (dashed 
curve), although the magnitude of both values are in 
fair agreement. In this case the forces reach nearly 
three times the steady-state force. 

A number of tests have been made similar to those 
shown in Fig. 5 and the results comparing calculated 
values with experimental are summarized in Table 1. 
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Table 1 

Experimental and computed results 

Nw FA 

760 150 

480 150 

760 100 

480 100 

Fixed data 

Workpiece: 

Operation: 

Wheel: 

Wheel speed: 

Work speed: 

Coolant: 

Feed force: 

Metal removal parameter: 

Cross slide weight: 

Dashpot strength: 

Wheel cross compliance 
coefficient: 

Compliance at inboard end 
of wheel: 

Angular compliance cross 
coefficient: 

Angular compliance of 
wheel: 

Dressing lead: 

Diamond depth of dress: 

Revs of 
inter- Peak 

mittent force 
contact 

Calc. Ex pt. Calc. Ex pt. 

70 90 353 

30 34 189 

126 95 276 

62 65 307 

No. 3920 taper roller 
bearing cup 

Grind tapered bore 
(approx 4-7 I 16 O.D. 
X 41.D. X 7/8 wide) 

330 

300 

260 

300 

A801L6 3! X I 1/8 X 
7/8 

8500 ft/min 

Nw = 480 rev/min 
and 760 rev/min 

Cimperial 20 20: I 

Fa= 100 and 150 lbf 

66 X 10-6 in3 /s lbf 

850lbf 

11 000 lbf s/in 

2·8 X 10-6 in/lbf in 

3·7 X 19-6 in/lbf 

0· 7 X 10-6 rad/lbf in 

0·9 X 10--6 rad/lbf 

0·004 in/rev 

0·0005 in 

From this table it will be seen that the computer 
program does simulate the rounding-up process to a 
reasonable degree. 

The program has been used as an aid in 
establishing efficient production internal grinding 
cycles for universal joint cups, water pump bearings, 

Initial Continuous 
inter- decrement 

mittent 
decrement 

Calc. Ex pt. Calc. Ex pt. 

0·9833 0·9868 0·9708 0·9861 

0·9806 0·9800 0·9800 0·9305 

0·9873 0·9901 0·9785 0·9694 

0·9738 0·9805 0·9790 0·9340 

and other ball or roller bearings. The problem of 
optimum machine setting can be appreciated by 
considering the joint distribution of stock allowance 
and runout. The data points in Fig. 6 show the stock 
and runout distribution for a typical roller bearing 
cup. The diagonal lines show the computed stock 
allowance required to correct the runout at different 
grinding forces. As the grinding force is increased the 
stock allowance tends to be used up before the run
out is corrected. This sets a limit on the permissible 
grinding force which will successfully round up a part 
with small stock and large runout. For the case shown 
in Fig. 6 a grinding force of abou.t 90 lbf will success
fully round up all parts since all data points lie above 
this line. Forces greater than 90 lbf will not round up 
the excessively running out workpieces. 

Time (Sec .} 

Fig. 4 The rounding up in grinding the tapered roller track 
of No. 3920 tapered roller bearing cups. The lower trace gives 
the instantaneous runout, shows the period of intermittent 
contact and the beginning of continuous contact at 5·6 s. The 
middle trace shows the cross slide advance. The top trace 
gives the instantaneous force pulses occurring on the grinding 
wheel, the steady-state force being 100 lbf. 
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Fig. 5 Instantaneous runout and instantaneous grinding 
force versus number of work revolutions for the internal 
grinding of No. 3920 taper roller bearing cups (4·4375 in 
O.D.). Comparison of computed values with experimentally 
measured values. 

CONCLUSION 

The grinding process can be described mathematically 
through the use of the metal removal parameter Aw. 
the wheel wear parameter ~ and the breakdown 
force intensity (Fn')sn. 

The rounding-up process can be simulated on 
digital computers using grinding process equations 
and the equation of motion and deflection of the 
grinding machine. 

The selection of machine parameters to give 
efficient grinding cycles which reduce grinding costs 
can be more readily achieved using the rounding-up 
program described above. 

The effect of changes in work speed, system 
rigidity, dashpot strength, metal removal parameter 
and other variables on the rounding up of controlled 
force internal grinding machines can be investigated 
with the aid of the computer program described. In 
this way machine settings of force, dashpot strength, 
and work-speed can Q.e selected which avoid excessive 
force intensities and wheel breakdown yet provide 
fast grinding cycles. 
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DISCUSSION 

Query from W. B. Rowe 

At Manchester, a number of digital simulations were 
made of the rounding process in centreless grinding. 
These simulations did not involve dynamics, since it 
was found that static compliance and the grinding 
force coefficient were sufficient to give excellent 
correlation at sub-resonant conditions. On a 
controlled feed-rate grinder the significant first 
resonance should be well above the frequencies 
corresponding to a basic workpiece eccentricity. The 
conclusion must then be reached that the rounding
up process will be directly related to the ratio of the 
machine stiffness to the grinding force coefficient as 
described in4 • 
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Reference 
4.Proceedings of Conference on Specification and Tests 
of Metal Cutting Machine Tools held at UMIST 
(published 1970/1971 ). 

In controlled force grinding, a similar condition to 
high stiffness may be achieved by the introduction of 
phase shift through the application of damping 
cylinders. However, one might then suspect that at 
certain parts of the operating frequency range, the 
dynamic stiffnesses will be low. Would the authors 
like to comment on this aspect? 

Reply 
The authors would like to thank Mr. Rowe for his 
comments regarding rounding up on centreless and 
feed rate grinders. 

On internal controlled force grinders, the rounding 
up behaviour depends on the mass, natural frequency, 
damping, work speed and the metal removal 
parameter. If one chooses to operate with low 
damping and low workspeeds, the system is unstable 
and will cause the runout to increase. If one chooses 
to operate with low damping, but with the workspeed 
exceeding the system natural frequency, the 
oscillatory motion of the cross slide will be out of 
phase with the runout and a rapid rounding up action 
will occur. However, since it is not always convenient 
in practice to run the work at high speeds, controlled 
force grinders are usually operated with considerable 
dashpot strength. This removes the instability and 
permits rounding up at all but the lowest work speed. 
For further details, see3 of the paper. 



GEOMETRICAL CONFIGURATIONS FOR STABILITY IN THE 
CENTRELESS GRINDING PROCESS 

by 

D. L. RICHARDS, W. B. ROWE* and F. KOENIGSBERGER** 

SUMMARY 

Geometric stability charts for the centreless grinding process have been developed and the results of extensive 
experimentation have proved their usefulness. Recommendations are given for optimum geometrical configur
ations and favourable grinding practice. The paper is a report on part of a research program supported by the 
Science Research Council. 

INTRODUCTION 

There are obvious causes of pronounced workpiece 
roundness errors arising in the centreless grinding 
process as a consequence of the geometrical configur
ation 1 • This configuration is determined by the 
diameters of the grinding wheel, control wheel and 
workpiece, the angle of inclination of the workblade 
and their relative disposition which is caused by the 
variation in height of workpiece centre to a 
horizontal line joining grinding wheel and control 
wheel centres. 

However, from the published reports by Rowe1 - 3 

Gurney4 , Yonetsu5 , Furukawa6 , Richards 1 , it is 
apparent that this geometric problem is essentially a 
question of stability and is encountered under normal 
dynamic operating conditions. 

Therefore, after the basic geometrical relationships 
of the process have been defined1 it is possible to use 
the Nyquist criterion to show the theoretical insta
bilities caused by adverse configurations. 

The centreless grinding arrangement is shown 
diagrammatically in Fig. I where the workpiece is 
simultaneously in contact with the workblade, 
control wheel and grinding wheel. In order to 
produce stock removal, the case considered here is 
that where the workblade arrangement is attached to 
the control wheel carriage. 

A computer program has been developed and used 
to investigate a large range of geometrical configura
tions and these have been compared with experi
mental results. The effects of machine tool 
resonances and variations in workpiece speed on these 
results are discussed. They yield a much better overall 
understanding of the problem of geometrical insta
bility which will prove beneficial to practical users. 

As a result it is now considered feasible to present 
and make use of geometrical stability charts which 
are comparatively simple to compute. 

wheel 

Work blade 

Fig. 1 Basic geometrical configuration. 

MATHEMATICAL BASIS 

The basic assumptions concerning the geometrical 
process are the same as those adopted by other 
researchers, which have been presented previously1 . 

The basic equations which are taken to represent 
the process are as follows. 

R (8) =X (8)- K1 . r (8 -a)+ K2 • r (8 - rr + (3) 

or, as a function of time, the equation of constraint is 

where x(t) = the magnitude of the feed movement of 
the grinding wheel normal to the workpiece at time t 

*Department of Production Engineering, Lanchester Polytechnic, Coventry 
**University of Manchester Institute of Science and Technology 
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r(t) = reduction in radius from the workpiece 
reference circle determined by time t 

r(t - T1 ) = the error on the workpiece at the 
workblade contact 

r(t ....! T2 ) = the error at the control wheel contact 
T1 = the time for the workpiece to revolve 

through an angle a 
T2 = the time for the workpiece to revolve 

through an angle 1T - {j 

The error at the grinding point at t- T1 will have 
just reached the workblade at time t, and similarly 
the error ground at the time t - T2 will have reached 
the control wheel at timet. 

K1 =sin [j/sin(a + [j) 
K2 = sina/sin(a + [j) 

K1 and K 2 are depth of cut factors for workblade 
and control wheel positions respectively. 

These equations may be represented in transfer 
function form, in the Laplace domain, as follows. 
Closed-loop transfer function: 

Open-loop transfer function: 

The method found most convenient for 
investigating the stability of the system represented 
by the closed loop transfer function is based on the 
Nyquist criterion. This involves the examination or 
measurement of the open-loop frequency response to 
determine whether or not it is safe to close the feed
back loop, i.e. to determine the systems' absolute 
stability. The harmonic response to a sinusoidal input 
may be obtained by substituting s = jw in the open
loop transfer function. Separating the components of 

the response in phase with the input (real terms) and 
the components in the quadrature (imaginary terms) 
defmed as A -1 and -B respectively1 the following 
equations are obtained 

Re(ll 0 ) =K2 cos wT2 - K1 cos wT1 =A- 1 

Im(li 0 )=K1 sinwT1 -K2 sinwT2 =-B 

A computer program has been developed and the 
results obtained for these response co-ordinates 
covering a number of geometrical configurations for 
up to SO waves on the workpiece were studied. 

Figs. 2 and 3 illustrate a method of representing 
these results in the form of geometric stability charts. 
Since the parameters A and B are approximately 
sinusoidal functions with unit amplitude, it is only 
necessary to plot the values of A corresponding with 
the number of waves on the workpiece. Instabilities 
are indicated whenever A becomes negative, and the 
maximum negative values of A may be taken as 
measures of theoretical geometric instability1 • 

A 

Number of waves 

Fig. 2 Part of stability charts for various {3 values and blade 
angle a 1 = 20°. 

Numllor of Wavu 

Fig. 3 Stability charts 
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THEORETICAL RESULTS 

Fig. 2 shows a limited portion of a stability chart and 
illus~rates how the geometric stability changes with 
the mcluded tangents angle (j for various orders of 
lobing which may occur on the workpiece. This 
agrees with the conclusion made by Yonetsu5 in that 
(i) the lobed shapes related to odd harmonics of order 
below the 11th, i.e. 3, 5 , ... , etc., are more effectively 
removed with a large included tangent angle (j, (ii) the 
lobed shapes related to even harmonics of order 
below the lOth, i.e. 2, 4, ... , etc., are more effectively 
removed with a small angle (j. 

Fig. 3 shows a selection of stability charts for 
various configurations and extended to cover up to 
50 waves on the workpiece. The areas of potential 
instabilities to be avoided are indicated by the 
troughs on the stability charts. Because of the mild
ness of the instabilities it is found that in most cases 
these are serious only when there is a coincidence 
between an integer number of waves and a maximum 
negative value of A. A coincidence of this nature 
must, therefore, be avoided by selecting a more 
favourable geometric configuration. If there is 
coincidence of a positive trough on the stability chart 
and an integer number of workpiece waves, roundness 
errors of a significant level should not arise. However, 
in practice if the frequency corresponding to the root 
is close to a resonant frequency of the machine the 
workpiece lobes may be pronounced. This condition 
does not always arise but in the event may be 
corrected by a change in the workpiece speed as later 
shown in the experimental results. 

Although the workpiece diameter is a parameter 
which determines the geometrical configuration, it 
has been found from the theoretical results that varia
tions have little significance in the system. If charts as 
illustrated in Fig. 3 are compared, it is found that the 
most favourable configuration of the range so far 
tested is obtained when the included tangents angle (j 
is 7° and the workblade angle a1 is 30°. 

EXPERIMENTAL CONDITIONS 

Grinding machine: Wickman Scrivener No. 0 model 
Grinding wheel: SA 46/54-KS-VSO initially 11·6 in 

X 3 in X 4 in bore 
Control wheel: A80-R-R initially 6·7 in X 3 in X 3 

in bore 
Workblade angles: 0° to 45° in steps of 5° 
Specimen: 0·5 in diameter X 2 in, 1·0 in diameter X 2 

in, hard and soft steel 
Control wheel speeds: 23, 30 and 39 rev/min, 

inclination ! 0 

Grinding wheel speed: 1750 rev/min 
Coolant: Fletcher Miller 'Oearedge' water soluble oil 

1:40 
Wheel dressing procedure: 

1 ·5 in/min traverse 
1 pass with 0·001 in depth of cut, return pass 
0·001 in depth 
1 pass no cut, return pass 0·0005 in cut 
1 pass no cut, return no cut 

Stock removal: 0·010 in on diameter 
Spark-out time: 7 s. 

Vibrations were kept to a minimum by adjustment 
of belts, balancing of pulleys and wheels, etc. 

lnfeed was continuous and controlled by a 
hydraulic infeed mechanism incorporating a plate 
cam. 

Workblades: 10 workblades were carefully 
prepared with angles a1 from 0° to 45° in increments 
of 5° . The maximum departures fro~ the nominal 
angle were well within 10 minutes of arc and were 
checked by angle slips and Angle Dekkor. 

Specimens: Both hardened and soft specimens 
were carefully prepared on a plain cylindrical grinding 
machine to within 30 X 10--6 in M.Z.C. roundness 
error, 7 X 10--6 iil cl.a. surface texture and 0·0002 in 
diameter. These parameters were checked respectively 
by a Talyrond, Talysurf and an electrical comparator. 

GRINDING PREPARATION 

Before each experimentation the grinding and control 
wheels were dressed by positioning the diamond hori
zontally opposite the point of contact with the work
piece after a 'warming-up' period of approximately 1 
hour. The wheels were measured and the corres
ponding height of workpiece centre to grinding and 
control wheel centres for the appropriate included 
tangent angle (j was calculated: -The work blade 
setting was made using a slip gauge and a 0·0001 in 
dial indicator from a datum face. All height settings 
were within 0·002 in. In order to standardise the pre
grinding conditions of the wheels four components 
were ground before the actual tests were started. 

X-23 r.p.m. 
Y-30 " 
Z-39 " 

Roundness error Lll 

Fig. 4 Experimental roundness errors, various (j values, 
blade angle a1 = 20°. 

EXPERIMENTAL RESULTS 

Test A-Included tangent angle {j and workspeed 11w 
Fig. 4 shows graphically the resulting roundness 
errors for different values of the included tangent 
angle (j and control wheel speeds. The blade angle was 
20° . Ten specimens were ground at each test and 
their averages plotted. At each subsequent test, i.e. 
change in (3 angle, the initial conditions were the same 
as in previous tests. The lowest average departure 
from roundness is shown at (j = 8° and 75% of the 
tests indicated the most favourable control wheel 
speed to be 30 rev/min. This is a particularly 
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interesting result since on the corresponding stability 
chart this condition is geometrically unstable for 
22·0 waves and this shape has often been detected in 
practice. Some grinding shapes are illustrated on Fig. 
5. However, the instability is obviously very mild. At 
a workpiece rotational speed of 3·73 rev/sand for the 
given experimental conditions a shape with 22 waves 
corresponds quite closely with the principal machine 
resonance at 82 c/s. In this case the resonance does 
not appear to make the instability severe. 

When the workspeed is increased to 4·85 rev/sit is 
found that approximately 16 waves result, Fig. 5. 
This illustrates an example of dynamic chatter, at a 
frequency of close to 77·6 c/s. This value is below the 
resonant frequency of 82 c/s and confirms the 
prediction of Gurney4 that subresonant chatter is 
possible. The number of waves corresponding exactly 
with the resonant frequency would be 82/4·85 = 16·9 
waves. 

The chatter at 16 waves under the joint influence 
of the resonance and the trough at 15·6 waves is of 
the mild type where waves build up gradually around 
the workpiece periphery and are approximately in 
phase with earlier waves. The chatter does not occur 
at 17 waves, which is close to a peak on the stability 
chart, and indicates incompatibility between such a 
shape and the grinding configuration. 

It is helpful to distinguish dynamic chatter from 
geometric instability since in the first case improve
ment involves a change of workspeed or a reduction 
in grinding forces whereas in the second these actions 
may worsen the situation and may preferably require 
a change of geometrical configuration. 

Test B-Workblade angles 
As the results in Fig. 4 showed preference towards (3 
= 6°-8°, these values were used in turn with work
blades of varying workblade angle a 1 from 0° to 45° 
in steps of 5°. Here again the same initial conditions 
were maintained with a control wheel speed of 30 
rev/min corresponding to a workpiece speed of 3·73 
rev/s. 

Fig. 6 shows graphically the results of departure 
from roundness for various workblade angles when (3 
= 6° , 7° and 8° . The complete range of roundness 
erros is within approximately 55 X 10-6 in for over 
200 specimens. The best results were obtained with (3 

= 7° and 8° and workblade angles 15° and 35°. 
From the average trends of roundness errors for (3 

= 6°, 7° and 8° for varying workblade angles it 
appears that the lowest roundness errors occur when 
(3 = 7° followed by (3 = 8° then (3 = 6°. The errors 
also decrease as the workblade angle a 1 i.s increased 
up to the point where severe instability may occur. 

After the completion of the tests on workblade 
angles their effect on the width and depths of crater 
wear on the workblade was checked with the aid of a 
Talysurf. 

As Fig. 7 shows wear is greater with increasing 
workblade angle. This is indicative of increased forces 
on the blade. There seems to be little advantage in 
using a workblade with an angle a 1 greater than 30°. 
In fact when using workblades with angles 35° and 
40° there was a tendency to chatter and work 
bounce, to an extent that made it necessary to 
terminate the test as the condition became dangerous. 

With a geometrical configuration of a 1 = 15° and 
(3 = 8° the stability charts indicate that the system is 
geometrically stable for 22 waves, see Fig. 3. How
ever, with a workspeed of 3·73 rev/s governed by a 
control wheel speed of 30 rev/min instability was 
apparent as shown by the typical trace in Fig. 8 
indicating. 22 waves. This condition was improved by 
changing the workpiece speed at 29 rev/min. 

It is interesting to note that at the instability 
condition for 22 waves the process is geometrically 
stable but becomes dynamically unstable, a fact due 
to the resonance at approximately 82 c/s. This is an 
example of dynamic chatter, which may be 
contrasted with the previous example, Fig. 5, for a:1 = 
20°, (3 = 8°, nw = 3·73 rev/s which was geometrically 
unstable. In the latter case the resonance in close 
proximity did in fact reduce instability rather than 
increasing it. In view of the improvement in the 
rounding action with large blade angles, on the one 
hand, and the tendency towards higher blade forces, 
increased wear and chatter at blade angles above 35° 
on the other, it is ~uggested that in experiments over 
the range so far considered the optimum lies with (3 = 
7° and a 1 = 30°. A typical workpiece shape is 
illustrated in Fig. 8. This demonstrates the order of 
accuracy achievable with a small centreless grinder 
which, under experimental conditions, amounted to 
an average roundness error of21 X 10-6 in. 
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Fig. 5 Measured workpiece shapes for blade angle cx1 = 20°, 
/3 =go_ 
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Fig. 6 Experimental roundness errors, various blade angles. 

0 

~-
• 0·0008 

• 
0·01 

Blade La1 (dttQ) 

Fig. 7 Measurements of workblade wear, various blade 
angles. 

Fig. 8 Measured workpiece shapes. 

CONCLUSIONS 

(I) It is important to give adequate consideration to 
theoretical geometric stability to avoid highly 
unstable operating conditions. Stability charts are 
easy to compute and provide information which 
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facilitates the interpretation of the grinding results. In 
particular it is possible to distinguish between 
geometric instability and dynamic chatter. 

(2) Geometric configurations which give rise to 
large negative values of the parameter A with an 
integer number of waves n should be avoided. 

(3) Resonant frequencies of the machine should 
be as high as possible so as to minimize the tendency 
towards large amplitude waviness. 

(4) Close proximity between a resonant frequency 
and a geometrical instability does not necessairly 
constitute an unfavourable condition. 
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DISCUSSION 

Query from C. F. Noble, UMIST 

It appears to me that, whilst problems of feeding 
components into the gap might arise, considerable 
geometrical advantage would result if the angle p 
were made negative. Theoretical curves Fig. 2 are 
limited to positive values, as are the potential results 
in Fig. 4. Please comment. 

Reply 

Small negative values of p are not favourable for 
rounding-up odd order waviness on a workpiece. This 
configuration is sometimes employed for long slender 

bars in order to maintain straightness. The authors 
would agree that there may be a possibility of 
improvement in the process by application of 
geometrical configurations outside the present 
operating range. More investigations are required to 
analyse all alternatives, but, as Mr. Noble has realised, 
this does present other problems of locating and 
controlling the workpiece. 

Query from P. F. Jones, P. A. Management 
Consultants Ltd 

Would the authors please say: 
(a) How long on average it takes to solve roundness 

problems occurring in industry. 
(b) How many successful examples of roundness 

improvement, using the authors' technique in 
industry, have been recorded. 

Reply 

The authors can only report reliably from their own 
experience of problem-solving in industry. It is almost 
always possible to improve the grinding technique by 
taking logical account of the geometrical effect. 
There is, however, a reservation which must be made 
concerning the many other associated machine and 
process effects which may be involved in the total 
problem. It is usually necessary to make a number of 
improvements to the whole technique of operation, 
since the total result is primarily a consequence of 
complete interactions between forced vibrations and 
geometrical effects8 . 

Reference 

8. ROWE, W. B., 'Factors affecting the achievement 
of roundness by centreless grinding', Machinery 
and Production Engineering, 984-8, Nov. 3 
(1965). 

Query from H Sa to, University of Tokyo, Japan. 

I would like to raise a question on Fig. 3. Is any 
non-linearity, to limit the amplitude of the 
oscillations, taken into account? In other words is it 
because of a small margin of instability that the 
amplitudes seem to keep constant during their 
duration. 

Reply 

It is true that there are non-linearities in the grinding 
process but these are not taken into account in the 
technique described. The complete simulation of the 
process is so expensive, in terms of effort and time, 
that it would have no practical value of general 
interest to industry. However, it is surprising how 
good correlation between theory and experiment can 
be at sub-resonant frequencies, without taking non
linearities into account other than 
(a) Loss of contact between wheel and workpiece 

at large amplitudes. 
(b) Variation of the finite width of the line of 

contact between workpiece and grinding wheel. 
The technique of digital simulation in the centreless 

grinding process has been described in3 • 
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SUMMARY 

Use of the electron beam for welding is well established, but other applications for it have developed more slowly. 
To-day, however, it is becoming an important tool for machining, engraving and heat treating of materials. 

It is the high intensity of the beam that permits precision machining of metals, ceramics and plastics. The 
mechanism of this is explained in this paper, especially the formation of vapour capillaries that allow deep 
penetration of the beam into the material, and the different effects of single and multi-pulsing of the beam. In 
drilling, molten material is driven from the hole by expanding vapours, but in engraving and cutting direct 
sublimation of material occurs. The machining effect varies greatly with the selection of the electron beam 
parameters. 

The beam itself is the cutting tool and because it has low inertia its rapid movements can be controlled readily. 
It exerts little mechanical force on the workpiece and at present beam positional control is within 0.01 mm. 
Beam movements are so rapid that they must be automatically rather than manually controlled. Hence, machines 
use numerically controlled work manipulators and the beam is electronically coordinated with the work move
ment. Thus errors, because of lag in mechanical movements, are avoided. Engravings or patterns of holes can be 
machined according to programmed information. The process offers many special capabilities but if the value of 
these is to be realised the component designer must be fully aware of them. 

The paper describes and illustrates the application of the electron beam to numerically controlled microweld
ing, hole perforation, drilling, cutting and engraving. 

INTRODUCTION 

Electron beam not limited to welding 
Electron beam (EB) welding can now be considered 
as an established technology, that is, a conventional 
technology; but other technologies have been 
developed using the electron beam as a cutting tool. 
However, progress in these fields has been slower than 
in the better known electron beam welding process. 

In the paper I will describe some electron beam 
techniques that are especially suitable for precision 
machining. They are called electron beam machining 
(EBM). This technique, recently introduced, 
comprises microjoining as well as material removal as 
in EB perforation, drilling, cutting and engraving. 
There are other applications for the electron beam 
that are being developed; for example, heat treatment 
of metals (hardening, melting refinement) or paint 
curing which is based on the electron beam induced 
polymerization. 

It will be helpful to discuss first the principles of 
using the electron beam as a tool. The electron beam 
machining equipment is a precision machine tool. The 
beam itself is the cutting tool; it is a tool with special 

*Steigerwald Strahltechnik GmbH, Munich, Germany. 

individual characteristics. The beam consists of very 
light, but high velocity, particles carrying momentum 
and energy. A special advantage is that the beam can 
be generated by simple means, that is by a thermionic 
axially-symmetric triode valve. Also, it can be shaped 
easily by electric or magnetic fields, permitting fast 
and accurate space-time control. 

The electron beam has little mechanical effect on 
the workpiece. It acts as a pure energy beam, thus 
transfers little mechanical momentum and hence 
applies negligible forces to the workpiece. Because of 
this the electron beam is called a thermal tool. The 
electron beam is generated and operates in vacuum of 
about 1 o-4 mm Hg. Thus, vacuum pumping systems 
are required for the electron beam gun and the work 
chamber. 

To place EBM in perspective as a precision machin
ing process, it is useful to consider the accuracies to 
which some geometries can be produced. For 
example, in producing a beam spot of 0·025-1 mm 
diameter, the relative position of the beam impact, 
with respect to the workpiece, can be held within the 
small tolerance of 0·01 mm. This is, of course, not 
the ultimate limit of accuracy but the practical limit-
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ations of EBM equipment that is currently available 
and already in production use. Development work is 
aimed at reducing these dimensions to permit machin
ing in the micron (0·001 mm) range. 

Details of specific or general electron beam 
machines will not be discussed in the paper. Its main 
purpose is to show some basic characteristics of 
applications suitable for electron beam machining. In 
this sense, the electron beam as a tool affects a work
piece to produce a permanent change in it, but the 
beam does not act as a probe to measure or display 
properties of a testpiece. The beam, a radiation of 
accelerated charged particles, can affect a workpiece 
in very different ways. The technician must control 
the beam's special characteristics so that it performs 
as a tool. The electron beam machine is not just a 
mechanical system, it must also control the properties 
of the beam to enhance its function as a cutting tool. 
This EBM system includes sophisticated numerical 
control; also components can be exchanged so that 
the machine accommodates the full range of EB 
machining applications. 

CHARACTERISTICS OF ELECTRON 
BEAM MACHINING AND ITS 

APPLICATIONS AS A THERMAL TOOL 

Basic features of the thermal tool 
Electron beam precision machining mainly depends 
on the very high current density within the beam. At 
impact, the kinetic energy of the accelerated elec
trons immediately changes to thermal energy that 
heats the material. Consequently, the effect of this 
treatment depends on features of the beam and also 
physical properties of the affected material. The 
intense local heating of the target produces different 
phenomena depending on the properties of the 
material. 

Usually, because the beam has a high power 
density, the different properties of the materials have 
little effect. Each shows the same fundamental 
characteristics during the impact with the electron 
beam. This is true especially for metallic materials 
and ceramics and also for some plastics. In this paper 
we will deal mainly with metallic materials. 

Significantly different results can be obtained by 
controlling the power density distribution, the size of 
the impact spot, and the time duration that the beam 
affects the workpiece. In the case of electron beam 
welding, material is melted and allowed to cool 
rapidly. In this case every surface element in the weld 
is affected by the beam for a relatively long time, 
10-100 ms for a spot diameter of about 0·1 mm. 
Hence, the thermal energy is conducted from the 
point of beam impact to the surrounding material, 
thus causing an expansion of the molten pool and 
producing the characteristic weld seam. For so-called 
'deep welding', the formation of vapour capillaries 
that deeply penetrate the workpiece, is important. 
The beam produces a plasma whose vapour pressure 
holds the capillaries open; along these capillaries the 
electron beam energy reaches far into the workpiece. 
We can figuratively regard it as a linear heat source 

being drawn across the workpiece. This is sometimes 
referred to as 'dagger' penetration. Because electron 
beam welding is a well-known technique, we do not 
want to go into more detail but one aspect is impor
tant. A channel opens before the beam and closes as 
it passes. Alternatively, it can be described as a hole 
that moves along the workpiece together with the 
electron beam. Molten material surrounds the beam. 

The effect is different with very short electron 
beam pulses. Because the formation of vapour capil
laries is immediate, the electron beam melts a cylin
drical area of the workpiece. As a result of the high 
power density within the beam the vapour pressure in 
the vapour capillaries increases so rapidly that 
material is ejected in sudden bursts. The shape of the 
ejected material, termed 'spatters', shows that the 
major part of it is molten. Only a small percentage is 
heated to vaporisation temperature. Thus, because 
the beam is pulsed material is ejected so that a hole is 
formed. 

After this, that is 'shooting' the hole, the beam is 
switched off immediately. The beam duration (pulse 
width) is normally of 5-500 flS, but in some cases up 
to 5 ms depending on material thickness and hole dia
meter. Within this short period at high power density, 
heat dissipation is very localised; the basic material is 
practically unheated, certainly less than required for 
it to reach a transition temperature. Using this single 
pulse drilling (in mass production called EB perfor
ation), a very thin layer is produced at the hole 
surface. This is material dispelled from the hole when 
molten and then solidified again, (recast layer). The 
parent material (matrix) in the immediate vicinity of 
drilling is exposed only to a very rapid temperature 
cycle with low peak temperature. 

Here we have described the first material removing 
or detaching electron beam process. EB drilling, 
machining or milling, as it is called, is the opposite of 
EB joining, that is EB welding. 

Single pulse drilling or EB perforation is limited at 
the moment to round holes of cylindrical or tapered 
shapes. Sometimes, trumpet shapes are obtained. The 
larger diameter of a hole is at the beam entry to the 
workpiece. 

In addition to single pulse drilling there is another 
technique called multipulse drilling. Holes or slots of 
various sizes and shapes are milled, cut or machined 
by repeated beam pulses and by maintaining the same 
spot position for every pulse. Control of beam deflec
tion and triggering the beam pulse is programmed. 
Hole shapes can be produced repetitively to close 
tolerances by suitable processing. The power density 
for multipulse machining is one order of magnitude 
greater than for single pulse drilling. 

The technique used for engraving and cutting thin 
films is basically different from EB drilling. By using 
a beam of high power density, but of short duration, 
direct sublimation of the material occurs. The 
material is evaporated directly from its solid state 
without passing through the fluid phase. The power 
density in relation to the affected volume of material 
is important and hence, the acceleration voltage of 
the electrons is reduced to 10-40 kV. The short 
duration of the beam avoids melting of material by 
heat dissipation. 
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Materials 
What type of material can be machined by the elec
tron beam? As already discussed, metals are readily 
machined. Not only electric conductors can be elec
tron beam machined, however: it is also possible to 
treat insulating or semi-conducting materials. 
Ceramics, glass, silicium, and even plastics have been 
electron beam drilled. 

While the basic principles of processing, as des
cribed, are the same for all materials the exact effect 
of the beam depends on the material properties. 
Clearly the thermal properties of the material are 
important; equally important are mechanical, crystal
lographic, and metallurgical properties. Thus, to 
optimise an electron beam machining process both 
the beam working parameters and workpiece charac
teristics must be considered. They must be made 
mutually compatible. 

Control of the electron beam 
The electron beam consists of a radiation of high 
velocity lightweight particles; it is this that permits its 
precise and fast control. The power distribution and 
path described by the beam spot are simple to 
control. The electrons have speeds of 1/3 that of light 
at about 150 kV accelerating voltage. Therefore, the 
electron beam follows changes of electric and mag
netic fields practically free from lag. 

Thus, we have an inertialess tool that can be 
favourably controlled free from lag. Since the 
machining speeds are very high because of the high 
power density in the beam, it is impractical to control 
manually. Neither optimised values of machining 
parameters not repeatability are possible with manual 
control. Only precise control of electron beam pro
cessing will reveal all its possibilities and advantages. 
This idea, although new, has been used in applying 
electronic control to EB machining and EB welding 
machines. These have been fitted with NC systems 
controlling the speed and position of the work table. 

During recent years, the Steigerwald group in 
Munich succeeded in using a programmed computer 
to numerically control electron beam equipment. To 
do this it was necessary to find a suitably fast com
puter and also to develop and construct an interface 
linking the computer to the control components of 
the equipment. Both the beam parameters and the 
movement of the workpiece are controlled directly 
by the computer. What is new about the NC organi
sation of these computer-controlled machine tools is 
that the workpiece motion and the beam are simul
taneously controlled. In this way, any momentary 
deviation of the worktable speed and position (lag 
error) can be corrected immediately by the timing of 
the beam impulse. The relative position of the beam 
spot relative to the workpiece is kept within small 
tolerances. A linear iqcremental encoder enables the 
NC system to compare by a feedback the actual and 
nominal position of the worktable. Also accuracy is 
not influenced by tool forces as previously discussed. 
The numerically controlled Steigerwald EBM equip
ment, as shown in Fig. 1, comprises not only the 
control of the relative position between workpiece 
and beam, but also other working parameters are 
controlled, using additional computer channels, 

according to preselected workpiece positions. In 
particular the beam current and focusing are con
trolled by the computer, as shown in Fig. 2. A fast 
computer must be used to control these many 
functions of electron beam machining simultaneously 
and with adequate speed. At present, we are using a 
computer with 1·5 IJ.S cycle time that controls the 
complete equipment via 256 external addresses. We 
carry out continuous or even dotted treatment while 
the workpiece is either stationary or moving. This NC 
system is used for electron beam welding equipment 
as well as for EBM equipment. Every welding curve or 
hole array can be programmed. 

APPLICATION EXAMPLES 

The following are examples of the electron beam 
precision machining methods we have described that 
demonstrate their industrial use. The power density 
and duration of the beam for different applications 
are shown graphically in Fig. 3. 

Micro electron beam welding with numerical control 
To stabilise a satellite in its orbit small thrust nozzles 
are needed that control by pulsed propulsion. On the 
basic part of these jet-propulsions units a number of 
fine welds have to be performed on areas of limited 
access. These workpieces are very expensive because 
of the pre-processing prior to welding. For this 
reason, a reliable production electron beam machine 
was needed, but designed with flexibility to accom
modate different applications and to permit quick 
changes of working parameters to achieve the repeat
ability and tolerance standards developed for each 
application. Such a performance guarantee could be 
achieved only with numerically controlled equip
ment. A particular advantage of this equipment is 
that because the worktable and beam are automatic
ally controlled many seams can be welded in succes
sion without taking the workpiece out of the 
chamber. 

Formerly it was necessary to fit the workpiece to a 
rotating fixture and make adjustments for every 
single circular weld. Now, circular welding can be 
carried out on different areas of the workpiece with 
different diameters and welding data as a continuous 
process. In this way it was possible to rationalise small 
batch production of different very valuable work
pieces. This approach also had the advantage that the 
production work paid the running costs of our 
machine, while more time was available for other 
development work. 

Electron beam perfomtion 
As a first example of the material removing electron 
beam processes we would like to discuss electron 
beam perforation. Short beam pulses can be triggered 
in a rapid sequence by the computer. The computer 
receives incremental position signals from the measur
ing system of a continuously moving table or manipu
lator. Every time a programmed position is reached 
by the workpiece, a beam pulse is immediately 
triggered and a hole drilled at that position. This can 
be performed at extremely high speed so that, 
depending on individual aspects of the fabrication, up 
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to 3,000 holes per second can be 'shot' at precise 
locations. Screen printing cylinders, their designs 
formed by a pattern of electron beam drilled small 
holes, are shown in Fig. 4. Blind holes may be 
produced that are precisely controlled in size and 
depth; thus, it is possible to electro-engrave intaglio 
cylinders using the electron beam. There are other 
application examples in jet engine engineering; these 
will be considered separately. 

Electron beam perforation is applied not only 
where other processes fail but also where it is 
economically superior to the conventional processing 
methods. This applies for example, in the perforation 
of large drying drums for the paper producing 
industry, or large centrifuges for the sugar industry. 
Electron beam perforation produces 'semi-products' 
that were unknown until now, for example, perforated 
sheets of tungsten, tantalum and lead. Electron beam 
perforation, precisely controlled as it is, can be used to 
mark tapes for permanently recording information. A 
micro section of tapered electron beam perforated 
holes is shown in Fig. 5. 

Electron beam drilling and cutting 
Semi-products that can be made by the multipulse 
technique are gas burner nozzles. These have very fine 
holes, slots, or crosses that are needed to burn natural 
gas, which is replacing manufactured gas supplies. 
Stoves using gas with higher calorific power, must 
have new burners with very narrow gas passages. 
Automatic control, speed and quality in making the 
nozzles are of vital importance. Another example of 
applied multipulse drilling is the production of very 
deep, small diameter holes in materials that cannot be 
machined mechanically. Micrographs of multipulse 
electron beam drilled holes are shown in Fig. 6. 

In a large number of applications, EBM (electron 
beam machining) is superior to the ECM (electro
chemical machining) and the EDM ( electrodischarge 
machining) because of its much higher working speed 
and high flexibility. 

Electron beam engraving 
Engraving is an EBM application that has recently 
become of interest. In this paper we are concerned 
mainly with engraving fine traces in vapour-deposited 
metal layers, or in strips of printed conductors and 
resistors. The field of application lies in the 'thin-ftlm' 
and 'thick-film' techniques of the electronic industry 
for producing integrated or hybrid circuits. Pro
grammed, the electron beam can engrave a complex 
pattern in an extremely short time. It is possible to 
engrave either by scanning, or by following each line. 
In this way, circuits can be mass produced, individual 
circuits can be made, or already existing circuits with 
passive elements can be calibrated. Examples of 
engraving are shown in Fig. 7. 

A very sophisticated application is the ftlamenti
sation of superconductor tapes. Superconductor coils 
are made from tapes that have a tin superconducting 
layer around the normal conducting core. Since 
second order superconductor coils are not intrinsic
ally stable, their current carrying capacity is limited. 
To increase the possible magnetic field strength, the 
superconducting layer is separated in ftlaments that 
are formed by EB engraving or remelting. 

ELECTRON BEAM: ADEQUATE DESIGN 

The main concern of the application engineer is to 
receive pertinent enquiries and obtain viable applic
ations for new innovations. Usually he is doomed, if 
the innovation is sought only as a substitute for con
ventional methods, to provide better results at lower 
costs. 

The full advantage of a new technology (we should 
consider EBM as such a new technology) cannot be 
achieved if the production engineer alone asks for the 
electron beam. The designer also must have a clear 
understanding and vision for the possibilities of this 
uncommon tool. Both designer and production 
engineer must think about production methods and 
consequently must be well-informed about 'electron 
beaming'. They must be competent to judge the 
possibilities and evaluate the electron beam for their 
own use. In this context the following should be con
sidered: 

• Improved product performance. 
• Reduced fabrication cost. 
• Reduced material. 
• Lighter component. 
• Improved design. 
• New products. 

Each of these factors may open a new market. 
There are examples where several factors were com
bined to greater advantage. 

Example 1. The designer relies on EB welding. He 
avoids riveted joints and saves weight. He asks for 
HSS steel welded to a tough steel tape and gets a 
cheaper, more reliable saw tape. 

He designs a complex component in nimonic as a 
welded structure and saves time and costs of machin
ing. 

He knows that three or more welds underneath 
can be replaced by an EB weld and so designs a closed 
structure with inside reinforcement. 

Example 2. The designer is convinced of EB perfor
ation. He knows that a high hole density can be 
perforated into a 2 mm-thick sheet of refractory 
metal oblique to the surface and so improves the 
performance of a cooling system. At the same time he 
learns that the cooling component can be simplified 
so that it can be drawn, shaped and welded instead of 
cast and machined. Thus, he is able to save costs and 
time, achieving equal or advanced performance. 

He is committed to make a diaphragm with high 
porosity in material resistant to both acids and bases. 
He chooses perforated tantalum and obtains the addi
tional advantage that the electrolytic cell can be 
designed narrower. 

It is impossible to give a complete list of examples 
for EBM. The people who are developing and con
structing EB machines cannot envisage all possible 
applications. Consequently, it is the purpose of this 
paper to give a general impression of what can be 
done with the electron beam as a manufacturing tool. 
The electron beam is a multi-role tool for welding, 
perforating, drilling, cutting and engraving. 
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SUMMARY 

The electron beam is a multi-role thermal tool. It can 
be used for electron beam welding (EBW) and elec
tron beam machining (EMB) comprising perforation, 
drilling, cutting and engraving. Additionally, the 
electron beam is applied to the heat treatment of 
materials, to radiation-induced polymerisation of 
monomer paints, and to electro-resistant methods. 
EBM machine tools with numerical control (NC) are 
available. Their NC organisation enables a fast com
puter to control both the workpiece motion and the 
EB parameters in mutual correlation. This EB 
machine tool is flexible, but guarantees precise 
repeatability provided the workpiece has constant 
features. Consequently, this universal type of EBM 

machine can be used favourably for research and 
development work as well as for small-batch produc
tion. The EB processing competes with or substitutes 
conventional methods such as TIG welding, ECM, 
EDM, mechanical machining, and so on. Its advantage 
is speed, accuracy, flexibility and reproducibility. 

In many cases the electron beam is the only (or at 
least the best) tool technically capable of a produc
tion task. In other cases it is economically superior. 
This is true especially when the component design 
demands the special capability of the electron beam 
process. 

With the aid of the electron beam, semi-products 
can be manufactured, such as bimetal and trimetal 
strips, and perforated sheets in exotic materials; and 
strips with narrow slots. 

Fig. 1 EBM 10/4 equipment for precise electron beam machining (EBM) with numerical 
control. Components from right to left: high voltage tank, high voltage control, auxiliary voltage 
tank (bias and fJ.lament heating), teletype and computer with interface, EB gun, control desk and 
rack in front of the chamber. 
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Fig. 4 Cylinder for screen printing made out of EB-perforated stainless steel sheets 
(a) Testpiece of an EB-perforated screen printing cylinder. It was made out of stainless 

steel sheets 0·1 mm thick welded together by EB. One of these welds has been 
perforated afterwards. 

(b) Section of an EB-perforated stainless steel sheet 
thickness 0·080 mm 
hole diameter 0·130 mm 
spacing 0·1 70 mm 
grating 150 mesh 
transparency 50% 
drilling time 20 JJS/hole 
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Fig. 5 Grinding micrograph of a cross-section with EB-perforated tapered holes. 
Material is Nimonic 90, 0·2 mm thick 
hole diameters: max. 280 !Lm 

min. 110 !Lm 
drilling time: 30 !LS/hole 
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Fig. 6 EB-drilled holes 
Grinding micrographs of cross-sections with EB-drilled holes. EB drilling was performed 
by multipulse and controlled EB deflection 
(a) Inconel 600 sheet, 1· 5 mm thick, every hole pierced in 5 s. A thin recast layer covers 

the matrix which shows no heat induced alterations. 
(b) Nimonic sheet, 3·3 mm thick, with oblique holes (35° to the surface), one being 

pierced by some pulses without deflection, and the other drilled with circular deflec
tion. Drilling time: l · 5 and 5 s. The edges of the orifice are very sharp. 
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a. 

b. 

Fig. 7 EB Cutting and engraving 
(a) Micrograph of EB-cut crosses in 0·1 mm thick stainless steel. 
(b) Micrograph of EB-engraved contours. 
Pattern of a microcircuit with resistors. Vapour-deposited copper 1200 Angstrom thick 
on a quartz substrate. The contours were 'written' by the EB probe with a speed of 
1 m/s. Positioning and EB deflection were controlled by a computer. 

DISCUSSION 

Query from C F. Noble, UMIST 

Do the Steigerwald Co. believe that the direct coup
ling between computer and electron beam machine 
has advantages in extending the general use of the 
process, or will applications be restricted to the 
specialised industries who, for purely technical 
reasons, rather than economical ones, must make use 
of its features. 

Reply 

We have already found that driving an electron beam 
machine by computer improves the usefulness of the 
equipment in general and our present range of 

machines includes computer control as a standard 
option. 

The three main advantages are:-

(a) The computer smooths-out workpiece movement 
irregularities, giving much improved accuracy 
without unduly increasing the machine cost. 

(b) The need for computer skill is avoided and highly 
reproduceable results guaranteed. 

(c) The need for complex tooling is removed and 
substituted for by a programmed tape. The 
designer can therefore change his requirements 
without thereby causing a delay to production 
while new tools are made. At the same time the 
cost of the new tools is avoided by the consider
able lower cost of a modified programme tape. 



K. H. VON GROTE AND A. H. MELEKA 257 

0.025 mm Query [rom M Rogers, British Aircraft Corporation, 
Stevenage. 

{1) What is the maximum thickness of material that 
has been drilled by this method so far, and the 
minimum and maximum diameter of holes 
obtained? 

{2) I assume that for blind drilling the intensity of 
the beam, and the number of pulses applied, 
govern the depth of the hole. Therefore, will 
any variation in homogeneity of a particular 
material affect the accuracy and repeatability 
of the operation? 

Reply 

{1) Two kinds of EB-drilling have to be distin
guished: multi-pulse drilling with controlled 
EB-deflection and single-pulse drilling (EB
perforation technique). 

(a) Multi-pulse drilling 
maximum depth: 15mm 

30:1 ratio of depth/diameter up to 

minimum diameter {thin sheets) 
maximum diameter {sheet of 
2 mm thickness) 

{b) Single-pulse drilling 
maximum depth: 
ratio of depth/diameter up to 
minimum diameter (obtainable at 

2mm 

6mm 
10:1 

ratio 1 : 1) 0.025 mm 
maximum diameter 1 mm 

These figures refer to EB-milling of metal sheets. 
They may be applied to plastics as well, with some 
restrictions. 

(2) The EB-drilling is a material-removing EB treat
ment. It is a thermodynamic process depending 
both on the EB parameters and the thermal 
properties of the material. Thus, variation in 
homogeneity of a particular material may affect 
the repeatability of EB-engraving blind holes. 
Generally, blind holes are made by one single
pulse. The depth of the blind holes is governed 
by the energy density within the EB impact 
spot and the pulse width. 



HYDRAULIC APPROACH TO ELECTROLYTE FLOW 
IN ELECTROCHEMICAL MACHINING 

by 

S. ITO and K. SEIMIY A* 

SUMMARY 

The inception of cavitation at a singular point where flow direction abruptly changes in parallel flow and the 
influence of concentration boundary layers on flow rate are analysed by hydraulic method and experimentally 
examined. The main results are as follows. 

1. The local pressure head losses play an important role in turbulent flow on the inception of cavitation. The 
pressure head losses due to presence of cavitation bubbles are derived. 

2. The recovery of flow rate and the change of skin friction coefficient after interruption of machining current 
depend on IC/Q, where I is machining current (A), C volumic evolution rate of hydrogen gas (cm3 / 0 C), and Q 
volumic flow rate of electrolyte ( cm3 fs). 

INTRODUCTION 

There are many theoretical and experimental 
researches on the electrolyte flow between electrodes 
and the gap thickness in electrochemical machin
ing'· 2 • Inception of cavitation in a radial flow from a 
round or slit nozzle has been observed3 • 

Even in a parallel flow, cavitation is expected to 
occur at a singular point where flow direction 
abruptly changes. On the other hand, electrolytic 
products yielded during ECM such as metallic ions, 
oxides and hydroxides on the anode and hydrogen 
bubbles on the cathode form concentration boundary 
layers as they are carried away by the electrolyte 
flow. The boundary layers influence flow rate result
ing in change of gap thickness. 

In this report parallel flow leading to the inception 
of cavitation is theoretically and experimentally 
analysed, and the influence of concentration bound
ary layers on electrolyte flow rate is also investigated 
by hydraulic method. 

HYDRAULIC ANALYSIS 

Notation 
P('A) pressure head loss due to friction (kg/cm 2 ) 

P(O local pressure head loss due to abrupt change 

PCn 
p 

P(d) 
b 

in sectional area of flow passage at the inlet 
or outlet (kg/em 2 ) 

local pressure head loss due to change of flow 
direction (kg/em 2 ) 

static pressure (kg/cm 2 ) 

dynamic pressure (kg/cm2 ) 

gap width (5 mm) 

*Government Mechanical Lab., Japan. 

g acceleration of gravity(= 980 cm/s2 ) 

h gap thickness (mm) 
I gap length (mm) 
m hydraulic mean depth (mm) [= b.h/2(b+h)] 
w mean velocity across the section ( cm/s) 
t r loss coefficient 
K a constant depending on shape and size of 

flow passage 
'A skin friction coefficient 
p density of electrolyte(= 1·07 g/cm 3 ) 

e angle of change in flow direction 

Subscripts 
i, o values at inlet and outlet, respectively 
I ,2,3,4 values at AB, BC, CD, and DE, respectively 
B,C,D values at B,C, and D, res2ectively 
1,11, values before and after stopping both current 
and feed, respectively 

Hydraulic losses 
Let us consider the configuration of the equilibrium 
gap as shown in Fig. la. The wedge of the tool is a 
right angle and 2·25 mm high. 

The assumptions are as follows. 
1. Local pressure head losses occur at the limited 

places near the changing points of shape and size of 
flow passage. 

2. Electrode gap thickness is kept constant on a 
part of the tool surface, AB, etc. 

3. The influence of hydrogen bubbles produced 
by electrolysis is negligible. 

4. Hydraulic laws derived for large scale flow 
passage remain in this case. 
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Hydraulic losses are given by the following 
equations 

p (i\) = 
w-3 . P }: li. i\i w/ 

2g j c I 4mi 

P(D = P(~)B + P(Dc + P(nn 

I o-3 .p 2 2 2 
2g e~sws+kwc+~nwn) 

~is given as follows 

e 
~ = K sin 2 

4 

(I) 

(3) 

(4) 

In the presence of cavitation, there is a relation
ship between supplied pressure head 6. P and pressure 
head losses as 

M'=/1-Po =Pei\)+P(n+P(D+Pecav) (5) 

where P( cav) is pressure head losses due to presence 
of cavitation bubbles. Pecav) is supposed to represent 
intensity of cavitation. 

Static pressure at the top of wedge-shaped tool, 
Pc, is calculated by the following equations 

Pc = P; - pen - p (A.) I - pens - p eA.)2 

-P(Dc -P(d)c (6) 

J0-3 . p . We 2 
P(d)c = 2g e7) 

Cavitation parameter Kc is defined as 

(8) 

where Pv is saturated vapour pressure (kg/cm2). 
Cavitation parameter Kc, for the critical condition of 
back pressure in the inception of cavitation, is called 
the incipient-cavitation parameter. 

Increase in skin friction coefficient 

Equation to give total head losses !lP in Fig. 1 b is 

M = R - P. = ' - + ~; + ~o w-3 . p. w2 (A./ ) 
1 0 2g 4m 

(9) 

Then, the increase of skin friction coefficient ~A.is 
calculated as 

I work ~anode) I AE= 20mm I I 
~BD=4.5mm. . 

inlet C outlet ~=====~ 
A B D E lA Bl 

tool (cathode) 

I a) (b) 

Fig. 1 Configuration of the equilibrium electrode gap during 
ECM. 

INCEPTION OF CAVITATION 

Experimental method 
Fig. 2 shows a schematic diagram of experimental 
apparatus. An ECM cell was so designed that the elec
trode gap was photographed through a transparent 
acrylic acid resin plate as shown in Fig. 3. A wedge
shaped tool electrode of right angle as shown in Fig. 1 a 
was used. The workpiece was pure iron bar with a cross 
section of 5 X 20 mm. The electrolyte was 10 wt% 
sodium chloride solution. Experiments were per
formed under the conditions of supply voltage 15 V, 
tool feed rate 1·1 mm/min and electrolyte supply 
pressure (inlet pressure) 16 kg/cm2 . Back pressure 
was varied from 1 to 12 kg/cm2 . Therefore the elec
trolyte flow was turbulent eRe= 8-20 X 103 ). The 
pressures and temperatures at the inlet and outlet 
were measured with Bourdon's tube type pressure 
gauges and thermister thermometers, respectively. 
The electrode gap was photographed during ECM to 
clarify the inception of cavitation. The electrode gap 
thickness was measured on the photograph with a 
comparator. 
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Fig. 2 Schematic diagram of experimental apparatus. 

Fig. 3 Photograph of ECM cell. 
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Results: pressure head losses 
Table 1 shows the calculated values P(A.), P(~), P(O 
for A= 0·05 t. = 0·3 t = 1·0 k = 9·5 Then P(ca-v) 

'~. '.;o ' . 
is derived from the following equation: 

P(cav) = D.P- P(A.)- P<n- P(D 

The value of P(cav) decreases with increase in the 
back pressure as shown in Table I. On the other 
hand, it is confirmed from the experimental results 
described in the following section that the cavitation 
area is reduced by increasing the back pressure. So 
P(cav) is concluded to be important in the evaluation 
of cavitation. Comparing the value P(A.) with those 
of P(~) and P(n, we can conclude that the local 
pressure head losses play an important role in ECM 
under the turbulent flow condition. 

Table l. Pressure head losses (kg/cm2 ) 

No. 

(I) 
(2) 
~3) 
(4) 
(5) 

P(cav) 
P(Os +P(O o 

1 3·2 2·6 3·2 0·9 5·2 
3 3·0 2·7 3·3 0·9 3·2 
4 2·6 2·8 3·3 0·9 2·4 
6 3·0 2·9 3·0 I·4 0·6 

I2 I ·1 1·1 I·4 0·4 0 

Incipient-cavitation parameter Table 2 shows the 
calculated values of cavitation parameter. The 
incipient-cavitation parameter for this case is esti
mated as approximately 3 from the observation of 
the photographs. 

Table 2. Estimation of cavitation parameter 

No. Po P(d)c Pc Kc 
(kg/cm2 ) (kg/cm 2 ) (kg/cm2 ) 

(1) I 4·I 6·1 I·7 
(2) 3 4 ·1 5·9 J ·7 
(3) 4 4·2 5·9 1·7 
(4) 6 3·8 6·7 2·0 
(5) 12 1·7 I J ·7 7-4 

Effect of back pressure Fig. 4 shows a photograph 
of the equilibrium electrode gap, in which cavitation 
occurs at the top of the wedge-shaped tool. Cavitation 
bubbles form a white layer in the photograph. The 
cavitation area corresponds to the terrace on the 
machined surface. It is confirmed from the observ
ation of these photographs that the cavitation area 
becomes reduced with increasing back pressure . The 
critical value of the back pressure at which cavitation 
vanished was approximately 8 kg/cm2 • 

Fig. 4 Equilibrium electrode gap in which cavitation 
occurred . 

CONCENTRATION BOUNDARY LAYERS 

Experimental method 
Both the experimental apparatus and ECM cell were 
the same as those shown in Fig. 2. 'The electrode tool 
and workpiece shown in Fig. 1 b were used. 

The theoretical equilibrium gap h1 is derived from 
the following equation 

where X = specific conductivity of electrolyte 
en-) cm- 1 ) 

E = gap voltage (V) 
E0 = overvoltage (V) 
v = tool feed rate (mm/min) 

The gap voltage was so selected by using the equation 
that h1 became an expected value for E0 = 1·2 V. 

Result and discussion 
When the working current and the tool feed are 
simultaneously stopped during ECM by the same 
electric signal, the concentration boundary layers of 
the ECM products suddenly disappear within a few 
milliseconds. Then the electrolyte flow rate gradually 
increases until it reaches a new equilibrium. If the 
assumptions are allowed that the disappearance of the 
concentration boundary layers is regarded as a kind 
of a step input and that the characteristics of the elec
trolyte flow system is linear, the flow rate increase 
6.Q is described as follows 

AQ(t) =A {t - exp (-t/7)} 

where t = time variable 
T = time constant of the flow system 
A= a constant 

Fig. 5 shows a typical example of the flow rate 
recorded with a self-recording flow meter . Flow rate 
recovery ratio E is defined as 

where Q1 and Q11 are flow rates before and after stop
ping both current and feed, respectively. The flow 
rate recovery ratio represents the degree of influence 
of ECM products on the electrolyte flow rate. 

Fig. 6 shows the relation between flow rate 
recovery ratio and machining time r, when the latter 
was varied from 15 seconds to 16 minutes for a fixed 
equilibrium gap h1 = 0·3 mm. As shown in this figure 
the influence of ECM products on flow rate increases 
with machining time . 
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In the next experiment, ht was varied at a constant 
machining time of 3 minutes. The results are shown 
in Fig. 7 indicating the relation between e and IC/Q, 
where I is machining current in amperes, Cis volumic 
evolution rate of hydrogen gas(= 0·116 cm3 0 C). The 
dimensionless parameter IC/Q represents the mean 
concentration of ECM products contained in the elec
trolyte. The experimental result shows a significant 
relation between e and/C/Q. 

Figs. 8 and 9 show the calculated values of LlA. 
from the same experimental data as used to obtain 
Figs. 6 and 7. A linear relationship between LlA. and 
IC/Q is apparently recognized from the result shown 
in Fig. 9. 

after during 
machining machining 
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.3 1/min 

Fig. 5 Electrolyte flow rate recorded by selfrecording flow 
meter. 
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CONCLUSION 

Parallel flow leading to the inception of cavitation is 
theoretically and experimentally analysed, and the 
influence of concentration boundary layers on elec
trolyte flow rate is also investigated by an hydraulic 
method. The main results are as follows. 

(I) The local pressure head losses play an impor
tant role in turbulent flow on the inception of cavit
ation because P(cav) depends on them. The calculated 
value P(cav) represents the intensity of cavitation. 
The incipient-cavitation parameter in this case is 
estimated to be approximately 3. 

(2) The influence of the concentration boundary 
layers of ECM products on electrolyte flow rate 
increases with the machining time because the skin 
friction coefficient of flow passage increases with the 
machining time. There is a close relationship between 
flow recovery ratio and dimensionless parameter IC/Q. 
Also a linear relationship exists between LlA. and 
IC/Q . 

1. 

2. 
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DISCUSSION 

Query from M M Sfantsikopoulos, UMJST 

Was the centrifuge system used in the experimental 
set-up effective for the electrolyte cleaning? What are 
its specifications? 

Reply 

Yes it was. It was a so-called super-centrifuge, whose 
speed was 12 000 rpm. 



VERTICAL SPINDLE ELECTROCHEMICAL SURFACE GRINDING 

by 

M. M. SFANTSIKOPOULOS and C. F. NOBLE* 

SUMMARY 

A short introduction to the operating features of vertical spindle electrochemical grinding is followed by analysis 
of process electromechanics on the basis of simple dynamic behaviour. Experimental results from grinding tung
sten carbide with an 'Abwood' machine are illustrated and discussed in comparison with predicted performance. 
Side effects which have been observed during research and industrial use are summarized. 
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NOTATION 

radial width of wheel rim 

I h . l k . (V- .1 V) . e e ectroc emtca constant = _ _..::_ __ --'--
a.F 

wheel diameter 
grit protrusion height 
set depth of cut or up-feed relative to grit 
surface 
actual depth of cut 
table feed rate 
critical table feed rate 
Faraday 
d.c. current 
conductivity of electrolyte 
component length (table feed direction) 
time 
grinding path length 
material removal rate 
applied potential 
sum of electrode potentials plus overvoltages 
component width (transverse to table feed 
direction) 
leading equilibrium gap 
gap distance, wheel bond/workpiece surface 
dimensionless factor 
chemical equivalent of workpiece 
workpiece density 

INTRODUCTION 

Since the first electrochemical grinding machines 
appeared nearly two decades ago, the principal field 
for their application has been grinding of tungsten 
carbide. Nevertheless, on the shop floor, electrolytic 
problems with this material still persist owing mainly 
to limited research and development. Consequently it 

was chosen for study in conjunction with the com
paratively new electrochemical grinding configuration 
upon which the paper is based: that of using the face 
of the grinding cup-wheel with a vertical spindle and 
controlled linear table traverse (EVSSG-TT). 

Under normal working conditions variables such as 
type of electrolyte and grinding wheel, workpiece 
material, size and shape are given for a particular 
application. The process characteristics are then 
dependent on applied d.c. voltage, depth of cut and 
up-feed, table traverse feed, electrolyte flow rate and 
distribution. With regard to depth of cut, two prin
ciples have to be considered which directly affect the 
process. 

With a large depth of cut the process is limited by 
the leading gap between wheel and workpiece as illus
trated in Fig. 1 a. This gap is given by the relationship 

c 
Xe = f2 = 13. e (1) 

If table feed rate is advanced so that 13 < 1 then 
some degree of mechanical assistance is assured but, if 
advanced too far, excessive mechanical action and 
wheel wear will result and Xe may become small 
enough to cause sparking and arcing resulting in 
permanent damage to workpiece and wheel. In conse
quence only quite low feed rates can be used and this 
allows time for adverse side effects, e.g. overcut, 
grooving, edge erosion, staining, which will often 
necessitate a purely mechanical after-grinding opera
tion. 

With shallow depth of cut or up-feed, of the order 
of grit protrusion height as illustrated in Fig. 1 b, the 
limiting feed rate is far less severe and a more flexible 
process is provided. The discussion and experimental 

*Machine Tool Division, Mechanical Engineering Department, UMIST 
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results reported hereafter are concerned with this 
type of grinding1 • 

Ia) . Large set depth or c:ut lbl Shallow set depth of cut 

Fig. 1 EVSSG-TT techniques: (a) large set depth of cut; 
(b) shallow set depth of cut. 

PROCESS ELECTROMECHANICS 

Depth of cut 
The principal features of the vertical spindle surface 
grinding machine are illustrated in Fig. 1 b. Because 
of electrochemical action the actual depth of cut 
obtained after the first table stroke [ 18 will, in 
general, be greater than the set depthf1 (although the 
real [ 1 may be less than apparently set because of 
machine tool flexibility). Considering only ideal elec
trochemical removal and the fundamental ECM
differential equation2 (i.e. dy/dt = C/y when no
vertical feed exists), then an elementary area of work
piece corresponding to a grinding path length L (i.e. 
grinding time t = L/[2 ) will be machined to a depth 
given by 

[ 18 = [ 1 + l2 Ct + (e- fd 2 ! 112 
- e (2a) 

However, the machining time t varies with compo
nent width w as given by 

(2b) 

This is illustrated in Fig. 2, exaggerated for the case 
of width equal to wheel diameter, where the two 
extremes are coincident with the inside diameter path 
AB and the central path CD + EF. The respective 
actual depths of cut correspond to 

(3) 

and 

l4Cb t t/2 
fu,cfl = ft + h + (e - f1 )2 ~ - e (4) 

There is a 'critical feed' above which an actual 
depth of cut equal to set depth of cut is assured, i.e. 
when [ 18 = [ 1 owing to increasing mechanical com
pensation. From Eqs. {3) and (4) respectively 

4C {b(D-b)}l/2 
f2o,max ;;;.. ft (2e-f1) (5) 

and 

4Cb 
f . ~----

20,cfl :? ft (2e-ft) 
(6) 

For a typical grinding wheel diameter of 8 in with 
lin rim width the ratio between these values is 

f2o, max ~ D ~ l/ 2 
--,--- = -- 1 = v7""' 2·65 

f2o,cf1 b 

Thus, unless Eq. (5) can be satisfied, transverse flat
ness cannot be obtained and, following an up-feed 
cycle at each end of the table traverse, the initial set 
depth will have transverse variation. Note that, in 
fact, although a wide component presents an extreme 
case, the characteristics are further complicated by 
electrolyte flow and wheel conditions which may 
counteract or aggravate the situation. 

Material removal rate 
Considering a typical grinding configuration with the 
workpiece width smaller than the 'non-conducting' 
wheel diameter D-2b, it is easy to see that during 
one table stroke two current waves are developed 
coincident with the rim on the two halves of the 
wheel (Fig. 3). 

Assuming workpiece feed axis to be that of the 
central grinding path and workpiece width suffi
ciently small so that differences in path length can be 
neglected, then the first d.c. current wave can be 
evaluated using Eq. (2) 

t I w.[2 .dt 
I(t)=(V-~V).k. o {2Ct+(e-fd2fl/2 

w.a.F.[2 
X 

€ 

h ( l 1 ll/2) 2 J 1/2 _[ c Re t-
12 

~ + (e-td2 

(7) 
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The second wave was shown experimentally to be 
of negligible magnitude compared with the first 
owing to the considerable increase in electrochemical 
gap. Material removal, therefore, takes place mainly 
during the first wave* and, if a mechanical contribu
tion is ignored, rate of removal is given theoretically 
by 

€ 
Rv(t) = -F . I(t) 

a. 
(8) 

which, for t ~ 1/[2 , is simplified to 

Rv(t) = w. !2. !taCt) (9) 

Vie w in direction f 2 

-2b 0 

Fig. 2 Grinding path effect. 

f------ -=-O--t2:..:b:....___-l b 

0 

Tra i ling wave 

Leading wave 

Fig. 3 Leading and trailing current waveforms. 

*With EVSSG-TT the operative proportion of each table 
stroke is in general smaller than with other ECG methods. In 
the present case the proportion is approximately 1:9 and 
must be taken into account when making comparative 
assessments. 

EXPERIMENTAL INVESTIGATIONS 

Tungsten carbide inserts ISO grade K20, 3/4 X 3/4 X 
3/16 in3 were ground on an Abwood vertical spindle 
electrochemical surface grinding machine tool, model 
SG4HE, using 7·5% NaNo2 + 2·5% NaNo3 aqueous 
solution electrolyte and a metal bonded diamond 
cup-wheel (grit size 120, concentration 50, 8 india
meter by I in rim) revolving at 3000 rev/min. 

Current waves developed during machining are 
compared in Fig. 4 with those calculated from Eq. 
(7). The general shape is in agreement but the power 
source used did not provide automatic voltage control 
and to make comparison more realistic the experi
mental curve in Fig. 4 has been corrected, i.e. 
.::1 V R = 0. Many reasons may be attributed to the 
deviation from ideal conditions which still remain, 
e.g. electrode potential variation, electrolyte supply 
conditions in the gap, mechanical response of the 
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Fig. 4 Experimental, corrected and theoretical leadin: 
current waveforms at 0.0005 in. Set depth of cut an1 
5 ft/min table feed rate for~- 5 and 6 volts applied potential 
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machine tool structure, sparking and arcing, surface 
resistive film on wheel, incorrect chemical equivalent 
value used in calculations. 

In Fig. 5 the experimental volume removal rate 
(weight converted) versus table feed rate for different 
applied voltages and set depth of cut is compared 
with equivalent Faraday values (e/t.F.a)f~ ldt as 
calculated from the observed current waveforms. 
Whilst the Faraday values may include a small error 
from use of an incorrect value for chemical equivalent 
and presuppose a constant 100% current efficiency, 
this would not affect the trends exhibited and, as 
expected, the curves illustrate an increasing propor
tion of mechanical removal as feed rate is increased. 
At 6 volts the difference between the two sets of 
curves is larger than at 4 and 5 volts over the whole 
table feed range but especially at the deeper set 
depths of cut. It is to be noted that this is brought 
about by twofold phenomena; a drop in Faradaic 
removal and a small but noticeable increase in total 
removal. The former must be due to adverse predomi
nance of gas production over possible beneficial 
temperature rise, but to explain increased total 
removal several possibilities are offered: (a) increased 
proportion of mechanical removal-but this could not 
account for the total removal being greater than that 
for lower voltages, (b) sparking and/ or arcing-this 
could cause additional removal directly or indirectly 
with (c) preferential electrochemical attack of some 
constituent elements thereby allowing others to be 
swept away by mechanical or hydrodynamic means. 

The most disturbing feature in Fig. 5 is the 
peculiar shape of the curves at low feed rates. 
Another example of this is illustrated in Fig. 6, where 
the experimental final depths f 1a are compared as a 
mean of direct measurements and weight converted 
values and theoretical ratios based on purely electro
chemical removal operating at a system efficiency of 
37%. (This is an average for correction of the electro
chemical constant C and takes account of observed 
changes in source potential, Faraday efficiency, 
machine tool response, electrolyte supply, wheel 
action.) Reasonably close agreement between actual 
and theoretical values can be seen at critical feed 
rates, i.e. where f 1a /!1 = I. Above these rates, mech
anical removal is observed but because of machine 
deflection it is insufficient to maintain the ratio at 
unity. 

Below critical feed rates, removal is considerably 
lower than electrochemically predicted and this drop 
is either because the workpiece surface requires coin
cident mechanical action to remove a passivating 
layer (especially important for straight WC-CO tung
sten carbide grades), or because electrolyte distri
bution in the gap is crucial. The role of the elastic 
deflection of the machine tool structure should also 
be considered in this aspect. Unfortunately, electro
lyte distribution depends on many parameters, 
including the supply arrangements, the grinding wheel 
specification and speed, voltage, depth of cut, table 
feed and relative workpiece position. A study of these 
effects is to be made but for the present it appears 
that, to assure dimensional control and satisfactory 
grinding quality, feed rates should be set to theoretic
ally critical rates at the optimum voltage (in this case 

at about 5 volts). This is especially important for 
repeated passes because it is the only way in which 
each pass can behave in like manner to its prede
cessor. 
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Fig. 5 Measured and equivalent Faraday removal rates versus 
table feed rate at three set depths of cut for 4, 5 and 6 volts 
applied potential. 

GRINDING QUALITY/SIDE EFFECTS 

Surface finish could easily be produced within accept
able limits of 6-16}.1in CLA, variation depending on 
applied voltage, set depth of cut and table feed. How
ever, three major disadvantageous side-effects were 
observed and are discussed below. 

I. Central grooving This was noticeable on almost 
all specimens and is attributed to superior electro
lyte retention in that area and the resulting higher 
electric field strength. Depth of curvature was of the 
order of I 00 ... 50 }.lin, being reduced with increasing 
table feed and reducing depth of cut. More severe 
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Fig. 6 Actual/set depth of cut ratio versus table feed rate at 
three set depths of cut for 4 , 5 and 6 volts appled potential. 

grooving, of several thousandths of an inch depth , has 
been reported3 for electrochemical peripheral surface 
grinding but the same reasons are given for the pheno
menon. In the present case, however, it is to be noted 
that it more than compensates for positive curvature 
from width effect previously discussed theoretically 
and presents a serious case for investigations now 
proceeding into electrolyte flow conditions. 

2. Edge erosion and staining Edge erosion, Fig. 7, 
already well known from numerous electrochemical 
face grinding research sources, was likewise found to 
lie between 40 and 200 pin. The actual size within 
this range was not only dependent on the set grinding 
conditions but also on component orientation in rela
tion to direction of wheel rotation . Staining was 
always evident near the edges of the component on 
the four unmachined side faces (Fig. 7). It was light 
grey in colour and was sometimes followed by a black 
zone. This observation repeats industrial experience 
and is presumably due to stray current attack and/or 
adherence of electrolytic precipitates. Like edge ero-

sion it was found to be influenced by component 
orientation but electrolyte flow conditions and rate 
proved critical for its size and shape. For the depth of 
cut range used up to 0·0005 in, stain depth measured 
from 0·003 to 0·005 in as voltage increased, but, being 
a time-dependent phenomenon, increase in table feed 
rate acted favourably in reducing it. Commercial 
interests are reluctant to accept its appearance 
although no really scientific disadvantages have been 
presented to date . Edge erosion and staining present a 
second case for further examination of electrolyte 
flow conditions and also perhaps for a study of elec
trolyte type. However, in considering this last point, 
very serious regard must be paid to the requirements 
for a general purpose electrolyte which must not 
corrode the machine tool. 

3. Resistive layer on wheel As grinding progressed 
a layer formed on the surface of the wheel and 
produced severe distortion of the current wave, Fig. 
8. To maintain a 'clean' wheel is of the utmost 
importance if process control is to be obtained. How
ever, the only method which the present authors 
found satisfactory was to use the rather severe 
(silicon carbide) centrifugally loaded roller dressing 
technique. This aspect is serious and one which could 
easily be ignored in industry to the detriment of 
process efficiency. It is, therefore, an important 
aspect for further research, particularly for grinding 
large surface areas when the deleterious effect is 
likely to become noticeable during a single pass. 

ECG Stain-----
Edge erosion:-=--\ 
Ground surface\ \ 

\ 

(a) 

Fig. 7 Edge erosion and staining: (a) magnification 31X; 
{b) magnification 175X. 
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Fig. 8 Effect of resistive layer on wheel. 
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DISCUSSION 

Query from A. Geddam 

(1) For each working traverse there are two current 
waves (leading and trailing). Was the trailing 
current wave taken into account while calcu
lating the ratio f1a/f1 theoretically? 

(2) 

Reply 

(1) 

(2) 

Fig. 8 shows the effect of the resistive layer 
formed on the wheel. Is this layer formation 
peculiar to the type of work material used, viz 
carbides, or is it a general phenomenon for any 
type of work material? 

Equation (4) considers both leading and trailing 
waves for the theoretical determination of 
actual depth to set depth ratio. However, as 
stated in the text, the trailing wave is of negli
gible magnitude and only the leading wave was 
used for converting current to theoretical 
removal rate (Faraday in Fig. 5). 

The resistive layer formed on the grinding 
wheel bond has been observed mainly while 
grinding tungsten carbide. It could probably be 
avoided by selecting another electrolyte solu
tion, but in doing so it would be important to 
avoid corrosion of machine tool elements. The 
present solution has admirable anti-corrosive 
properties and we hope to solve the problem 
without drastic changes in chemistry. 

Query from G. L E. Wright 

Although the machine had a vertical slide, were the 
diamonds fulfilling the normal function of providing 
the correct electrochemical stand-off distance? 

Were experiments carried out with the wheel set at 
a distance independent of the diamonds? 

Reply 

As there is no vertical feed, but only a longitudinal 
table feed, electrochemical gap simply varies from the 
initially set e-f, according to the law described, 
theoretically, by equation (2a). 

Experiments with f = 0 were carried out in this 
case: due to oxide layer formation on the workpiece 
surface and the lack of any mechanical action, the 
current density developed was quite low. In fact, no 
current waves were observed. 



EFFECT OF SURF ACE FINISH PRODUCED DURING ECM 
UPON THE FATIGUE LIFE OF NIMONIC 80A 

by 

J. M. EVANS, P. J. BODEN and A. A. BAKER* 

SUMMARY 

An assessment of the effect of surface finish produced during electrochemical machining upon fatigue life of 
Nimonic 80A has been made. Surfaces exhibiting pitting and intergranular attack showed slightly worse fatigue 
properties than brightened and polished surfaces but any reduction due to surface finish defects was small in com· 
parison with that due to removal of compressive stress. 

INTRODUCTION 

Assessment of the influence of ECM upon metal 
fatigue is complicated by the presence of several 
surface characteristics which operate simultaneously 
and produce contrary effects. Dissolution removes 
the layer of residual stress induced into the surface of 
the metal by mechanical machining. When this stress 
is compressive, a reduction in fatigue life of the metal 
is produced. However, improvements in fatigue resist· 
ance due to ECM have been reported for notch sensi
tive materials1- 3 where removal of hairline cracks, 
notches and sub-surface defects abates possible stress 
raisers. 

Previous research has investigated the effect of 
removal of compressive stress and the application of 
'processes such as shot peening for restoring the stress 
after ECM4 •5• The quality of the surface finishes 
produced in ECM has been regarded only as of secon
dary importance. Steer et al.6 found fatigue cracks 
emanating from pits in an electropolished surface but 
it was argued7 that these pits only represented a small 
reduction compared to that produced by removal of 
residual stress. It has been shown8 that at low current 
densities surfaces are pitted and undergo intergranular 
attack. The importance ECM process of hole sinking 
leads to the final surface of the generated walls being 
pitted through such a low current density effect. 
Therefore, grain boundary grooving and pitting might 
influence metal fatigue to a greater extent than had 
been previously considered. Also Hempel9 has shown 
that beneficial compressive stresses induced by mech
anical machining could be removed by heat treatment 
and fatigue lives comparable with those produced by 

*Department of Metallurgy, The University Nottingham. 

electropolishing were obtained, It was thus antici
pated that, if an electrochemically machined compo
nent was operated at elevated temperatures in service, 
residual stress could be removed and the importance 
of any surface defects which remained after blasting 
operations would be magnified. 

The following investigation has studied the effects 
of ECM surface finish upon fatigue characteristics 
of Nimonic 80A. 

EXPERIMENTAL PROCEDURE 

The shape and dimensions of the Nimonic 80A 
fatigue specimen are shown in Fig. 1. Specimens were 
prepared from forged bar by surface grinding to a 
thickness of approximately 1 ·5 mm and hand 
polished to 1 micron fmish. Electrochemical machin
ing was carried out in the cell described elsewhere8 . 

The specimen was mounted upon a copper anode; 
the sides of the specimen together with the exposed 
areas of the anode base were coated with an insulat
ing paint. The same depth of metal {0·1 mm) was 
removed from the gauge length of each specimen, 
power being supplied to the cell by a Chemical Elec
tronics 100 A potentiostat. Machining was carried 
out on one face only since it was assumed from the 
outset that the mechanically machined face would 
possess better fatigue resistance and would thus 
impose no limitation upon the electrochemically 
machined side. 

The surface finishes studied and conditions of 
preparation are listed in Table 1. 



272 EFFECf OF SURFACE FINISH PRODUCED DURING ECM UPON THE FATIGUE LIFE OF NIMONIC 80A 

Table 1. Conditions used in preparation of ECM Surfaces 

Current Flow rate Gap width 
Type of finish density (m/s) (mm) Electrolyte 

(A/mm2 ) 

anodically brightened 3 x w-2 30·5 0·25 15% NaCl 

brightened surface 
with grain boundary 9·3 X 10-3 30·5 0·25 15% NaCl 
delineation 

surface with 1·6 X 10-3 5·2 0·25 15% NaCl hemispherical pits 

surface with inter- 3·1 X 10-4 30·5 0·25 15% NaCl granular attack 

Specimens were also subjected to conditions 
similar to those found in the stray current regions 
using electrolytes with different cutting properties. 
Sodium chlorate and sodium chloride ( + sodium 
carbonate) were the electrolytes selected with good 

cutting properties and sodium chloride an electro
lyte typical of poor cutting properties. The shape of 
the pits produced is shown in Fig. 2 and the condi
tions of preparation listed in Table 2. 

Table 2. Conditions necessary to simulate stray current pitting 

Electrolyte Current density 
(A/mm2 ) 

15% NaCl 4·42X 10-4 

15%NaCl+ 3·54 X 10-4 
2·5%Na2 C03 

40%NaC103 3·10 X 10-4 

Some specimens were heat treated at 950°C in air, 
for 1 hour, and cooled in air. Metallographic examina
tion of sections through the specimens showed some 
grain boundary oxidation had occurred as expected 
for these alloys. 

Measurement of residual stress in the specimen 
before and after ECM was carried out by X-ray 
diffraction using the two-exposure technique 10 • 

Fatigue testing was carried out in reverse bending 
under conditions of constant bending moment. The 
machine, Fig. 3, has been described more fully else
where11. Testing was carried out in the stress range 
± 247 to± 433 MN/m2 • 

Flow rate Cap width 
(m/s) (mm) 

30·5 0·25 

30·5 0·25 

30·5 0·25 

22·2mm 

14·6mm (rad. 

~/ 

42.9mm 

SO·Bmm 

Fig. 1 Fatigue test specimen 

4·8mm dia. 
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• 
• 

• • 

Fig. 2 Examples of straypitting 
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Fig. 3 Reversed bending fatigue machine (schematic) 

RESULTS AND DISCUSSION 

The effect of surface finish upon the fatigue life of 
Nimonic 80A is shown in Fig. 4. A comparison has 
been drawn in Table 3 of this reduction produced by 
different surface finishes at a stress level of ± 386 
MN/m2 • 

Table 3. Comparison of fatigue lives produced by 
different surfaces at a stress of+ 386 MN/m2 

Surface finish 

mechanically polished 
electrochemically 
polished 

etched 

intergranular attack 
hemispherical pits 

Fatigue life 
(cycles) 

1·68 X 106 

4·9 X 105 

4·4 X 105 

4·2S X 105 

3·3 X 105 

The effect of deliberate introduction of surface 
irregularities by ECM was not as severe as had previ
ously been anticipated. The previous findings of elec
tropolishing upon fatigue appear to hold for electro
chemically machined surfaces even though dissolution 
under dynamic conditions of electrolyte flow gives 
rise to more severe surface defects. Micro
examination of the brightened surfaces revealed 
fatigue cracks emanating from bright hemisperical 
pits . (See Fig. Sa). Examination of surface exhibiting 
grain boundary delineation showed that crack propag
ation was in the main transgranular (Fig. Sb ). Again 
cracks were seen to originate from bright pits. 

Intergranular attack did not cause a marked reduc
tion in fatigue life. Using a carbon replica technique 
the depth of attack was measured as I o-2 -1 o-3 mm. 
The results indicated that these relatively deep 
grooves were no more detrimental to metal fatigue 
than pits of smaller dimensions, i.e . 10-4- 10-3 rom. 
A comparison of micrographs taken of the hemispher
ically pitted surface is shown in Fig. Se-d, although 
these pits when viewed normally were hemispherical 
in nature , taper-sectioning demonstrated them to be 
angular at the base. 

pressive stresses were operative to a depth of approxi
mately 0·20 rom. (See Fig. 6.) Even though in
accuracies could have occurred with this method, 

these results were in good agreement with fatigue 
measurements conducted at a constant stress level of 
± 386 MMN/m2 on specimens with various depths of 
metal removed. It was shown that the fatigue life 
became constant after a depth of 0·20 rom metal had 
been removed (Fig. 7). 

The effect of pit shape is shown in Fig. 8. Speci
mens machined in sodium chloride/carbonate and 
sodium chlorate electrolytes which promoted pits of 
the hemispherical variety produced almost identical 
fatigue values that were only marginally better than 
surfaces formed in pure sodium chloride electrolyte. 

The results of tests conducted on specimens heat 
treated after ECM and mechanical machining are 
given in Fig. 9. Whereas there was little difference 
between fatigue values of electromachined specimens 
before and after heat treatment, the mechanically 
finished material after heat treatment was reduced to 
the same level as the electrochemically machined 
material. Stress measurements confirmed that heat 
treatment had effected a removal of compressive 
stress. The degree of scatter obtained with the heat
treated samples made it impossible to distinguish 
which electromachined finish would optimize fatigue 
resistance at elevated temperature. 

In addition, heat treatment gave rise to internal 
grain boundary oxidation which may have masked 
surface defects arising from ECM. 

It was apparent from the above investigation that 
removal of compressive stress was the prime motiv
ator in reducing fatigue life of electrochemically 
mathined material. Although cracks were seen to 
originate from pits, certain surface finishes did 
produce marginally better fatigue resistance. How
ever, the improvement in fatigue life could only be 
regarded as of secondary importance. Studies to 
determine the effect of pit distribution were carried 
out using the photoelasticity technique. These 
suggested that, although the stress concentration 
factor at single point defects are high and could have 
a deleterious effect upon fatigue, stress concentra
tions around any single notch in a series of notches is 
considerably reduced. This reduction can be attri
buted to the interaction of neighbouring stress fields . 
Although these results should be treated with a 
certain degree of caution , they did suggest a trend 
which correlated with the results obtained, i.e. a 
surface containing single point defects may be more 
susceptible to fatigue failure than one containing a 
network of intergranular attack. 
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Fig. 4 Effect of surface finish upon fatigue life 
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Fig. 5 (a) Fatigue crack propagating from a pit on a bright 
surface (mag. X. 32,000); (b) transangular propagation of 
fatigue crack on an etched surface (mag. X 300); (c) hemis
pherically pitted surface (mag. X 300); (d) taper section 
showing crack propagating from a pit (mag. X 600). 

275 
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Fig. 9 Effect of heat treatment upon fatigue life 

CONCLUSIONS 

I. Stress in the surface outweighs minor defects in 
surface topography in determining the fatigue life of 
electrochemically machined components . 

2. Anodically brightened finishes produce only a 
marginal better fatigue properties than do pitted sur
faces. 

3. Heat treatment after machining removes the 
residual stresses and reduces metal fatigue to the level 
found with electrochemical machining. 
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Figs. 4 and 9 are of a similar form, each having the 
same axes. Presumably Fig. 4 represents the con
ditions when the materials were held at room 
temperature and this is intended to show the effect of 
surface fmish upon fatigue life. Fig. 9, however, 
claims to show the effects of heat treatment upon 
fatigue life. Can Fig. 9 really reveal effects of heat 
treatment without having first been separated from 
surface finish. It would seem that in Fig. 9 an extra 
variable, namely heat treatment has been super
imposed on the types of surface finish. Perhaps had 
the two graphs themselves been superimposed and 
made into one, the effect of heat treatment for each 
type of surface would have been clearly seen when 
compared with the fatigue lives obtained on the 
surface fmishes at mom temperature. 

It has been shown that the dominant factor in 
determining reduction of metal fatigue on electro
chemical machining is the removal of compressive 
stress from the surface layers of the metal. Secondary 
reductions may be experienced with pitted surfaces 
or those containing intergranular attack. 

Materials such as the Nimonics are used 
extensively in the high temperature stages of the jet
engine. The necessity for some treatment, such as 
shot-blasting, to restore the fatigue life of an electro
chemically machined component to the level of that 
of mechanical machining is continually being 
emphasised. This investigation has shown that stress 
relaxation at high temperature can negate beneficial 
effects due to compressive stresses induced by 
mechanical machining at room temperature. Fig. 9 
shows little difference between a mechanically 
machined and an electrochemically machined 
specimen after heat treatment at 950°C. The relevant 
fatigue curves produced at room temperature have 
been superimposed onto Fig. 9 as data lines. 
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A STUDY OF IDENTIFICATION OF DYNAMIC 
CHARACTERISTICS OF MACHINE TOOLS BY MEANS OF 

MICRO TREMOR 

by 

H. SATO and T. AKUTSU* 

SUMMARY 

This paper is a study on _the identification of the dynamic characteristics of a machine tool structure such as 
natu~al frequency, a~prmamate normal mode and damping ratio, applying the method of cross-spectrum analysis 
to micro tremors whic~ are observe~ on ~he structure usually even under driving conditions without cutting. The 
results are compared With those by smusmdal and random excitation. 

INTRODUCTION 

The vibration observed on machine tools should be 
avoided by change of the operation condition or 
suppressed by elaborate design as much as possible, 
whether it is self-excited vibration or forced vibration. 
It causes a decrease of productivity, the deterioration 
of work precision and surface finish. A number of 
researchers are working on improving the dynamic 
characteristics of machine tools; however, it does not 
seem that they have been successful enough to 
predict them in the process of the design. So it is still 
important to measure them on existing machines 1 •2. 

The dynamic characteristics of machine tools are 
generally observed by such methods as (1) frequency 
response method, (2) impulse response method, and 
(3) random exctation method. These all use some 
exciting force from the outside of the machine. 

In spite of tremendous efforts for improving the 
dynamic characteristics of machine tools, there still 
usually remains a vibration with a small amplitude, 
micro tremor, which is caused by gear trains, driving 
belt and other internal moving parts of the machine 
even under driving conditions without cutting3,4 . 

This paper is a study into the identification of the 
dynamic characteristics such as natural frequency, 
normal mode and damping ratio, by making use of 
the tremor without giving any particular exciting 
force from outside the machine. Usually the tremor 
can be felt by hand. The method of cross-spectrum 
analysis is applied. A lathe is used for the analysis5- 7 • 

GENERAL IDEA OF IDENTIFICATION 
BY MICRO TREMOR 

It i~ foun~ that the machine tool structure is usually 
excited With a small amplitude. This is caused by the 

*Institute of Industrial Science, University of Tokyo 

moving parts of the machine such as motors belts 
gear trains, work-spindle system and the ~uttin~ 
operation itself. This will be called micro tremor or 
tremor in the following. This paper is especially con
cerned with the tremor caused during non-cutting. 
These sources of excitation have periodic frequency 
components and some frequency components of 
broad bandwidth as well. It goes without saying that 
the tremor should be kept as small as possible from 
the viewpoint of machine performance. 

The vibration waveforms which are observed at 
various points on a machine tend to be random. Thus 
the method of random vibration analysis such as 
power spectrum and cross-spectrum analysis is applic
able to the identification of the vibration system. The 
tremor is the response of the machine to such excit
ing force as the above-mentioned, which contains 
information of the dynamic characteristics. These can 
be partly extracted by making observations of wave
forms of the tremor measured at various points. How
ever, the analysis in the frequency domain after 
Fourier transformation gives us more precise know
ledge about the structural dynamic characteristics. 

At first the analysis as for natural frequency is con
sidered. Generally the damping ratio of a machine 
tool structure is not so large and the dominant 
frequency components corresponding to the natural 
frequencies appear in the tremor excited by the 
sources of excitation aforementioned. If the 
frequency characteristic of the exciting force is pure 
white noise, the natural frequency component can be 
read from the frequencies at which the power spec
trum shows maxima. However, all the frequency com
ponents do not correspond to natural frequencies, 
and some dominant frequency components of the 
source of excitation may appear, too. The rotational 
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speed of the motor and spindle system and the gear 
tooth engagement frequencies can correspond to the 
frequency. 

Particular parts of the structure such as panels may 
resonate by picking up the frequency components 
out of the source of excitation. This may work as the 
excitation to other parts of the machine. 

The rotational speed of motor and spindle system 
and impulsive frequency decided by engaging gears 
can be identified, taking the operating conditions and 
the number of gear teeth into consideration. The part 
resonance can be measured by ordinary instrument
ation. Thus the natural frequency can be distin
guished from the frequency components of rather 
dominant periodic excitation. 

Secondly the normal mode analysis is presented. 
The normal mode shape at each natural frequency 
can be obtained when the amplitude ratio and the 
phase relation of various points relative to a datum 
are measured. These relations between any two points 
are computed; applying the method of cross-spectrum 
analysis for the tremors observed at two points at the 
same time. The measuring point which is considered 
closer than others to the excitation source is taken as 
the input to the system. The transfer function 
between the two points is computed by the analysis. 
This is expressed in terms of gain and phase character
istics versus frequency. Thus it gives amplitude ratio 
and phase relation of any point, relative to a datum 
point at every natural frequency. Knowing such rela
tions at several important points, it is possible to 
draw the approximate normal mode. 

Finally the analysis as for damping ratio is men
tioned. There are several fundamental methods to 
obtain the damping ratio of a structure. The simplest 
one it is to hit a structure and observe its 'impulse 
response'. The damping ratio is evaluated by the 
shape of damped waveform. However, sometimes it 
happens that the impulse response contains several 
natural frequencies. In such a case it is difficult to 
discern the damping ratio directly for each excited 
natural frequency. Treatment in the frequency 
domain is generally helpful for this analysis also. 

Assuming that the system is simulated by a single
degree-of-freedom system for each mode, the shape 
of the power spectrum of the tremor is supposed to 
give the damping ratio. However, the shape of the 
power spectrum is easily affected by the frequency 
components of the input and also by the numerical 
computation process such as data length, sampling 
period and lag window or spectral window. The 
correction to these should be taken into consider
ation when using this method. 

A different method which utilizes the shape of the 
phase characteristic is proposed here. There are those 
normal mode shapes for which adjacent points move 
in antiphase thus implying that a mode exists in 
between those for high natural frequencies. If the 
phase relation is obtained between these points, it 
shows a phase reversal around a natural frequency. 
The slope of the phase change is steep for small 
damping ratio and becomes gentle as it increases. This 
suggests that the phase relation of the transfer func
tion can be made use of for identifying the damping 
ratio of higher natural frequencies. When the charac-

teristic around a natural frequency is simulated by a 
one-degree-of-freedom system, the theoretical 
transfer function of displacement response to exciting 
displacement H(s) can be represented as 

where s = the Laplace operator 
w= natural circular frequency 

(I) 

~ = damping ratio, given so that the theoretical phase 
relation may coincide with the measured one in the 
sense of least square of the error. 

EXPERIMENTAL PROCEDURE 

A 4 shaku (about 4 feet) lathe is used for the experi
ment. The reason that the lathe is adopted is that the 
shape of the machine is rather simple and funda
mental from the structural viewpoint, and the effects 
of the structural vibration and the cutting process are 
easily understood in terms of relative displacement 
between work and tool. The measuring points of the 
tremor are on gearbox PI which is considered closest 
to the source of excitation, on bearing box of the 
spindle P2, on tool post P3 and on tail stock P4 as 
shown in Fig. I . As the datum points for obtaining 
the normal modes, PI and P2 are adopted. For model 
shape measurements a strain gauge type accelero
meter is used. 

The tremor during driving without cutting is 
measured under various driving condition such as the 
maximum spindle speed 940 rev/min and several 
other low speeds, and disengaged condition of the 
gear coupling to the spindle. This changes the 
frequency components of the excitation source, so 
that these are distinguished from the natural 
frequency. 

On the other hand, in order to compare the results 
of the analysis by the tremor with the true dynamic 
characteristics the usual frequency response method 
is carried out, also. An electro-hydraulic exciter is 
used, and the natural frequencies and the normal 
modes are identified. In addition to this, the excit
ation using a random waveform generated by thermal 
shot noise has also been performed. The vibration 
response to this random input is analysed by means 
of the cross-spectrum method, and the natural 
frequencies and the normal modes are confirmed. 

The tremor or the vibration observed at Pl, P2, P3 
and P4 are recorded on a 4-channel data recorder. 
Thus they are transformed to digitized data on paper 
tape or IBM card through a high-speed A-D conver
ter, the maximum sample speed of which is 6000/s. 
These form the input to a digital computer, and 
power spectrum, cross-spectrum and transfer function 
are obtained by performing the numerical comput
ation. The natural frequency is obtained and the 
normal mode shape is drawn according to these 
results. Estimation of the coherency is taken into 
consideration as an index of reliability of the transfer 
function through the analysis. 
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EXCITING 
POINT 

Fig. 1 General scheme of measuring points 

RESULTS OF THE EXPERIMENT AND 
THE ANALYSIS 

Observation of the micro tremor 
Fig. 2 shows an example of the waveform of the 

acceleration measured at the points aforementioned. 
The spindle speed is set to 940 rev/min. The wave
forms in Fig. 2 are measured by an accelerometer 
with a natural frequency of 80Hz and the maximum 
measurable acceleration is 2·0g. They are also pro
cessed through a low-pass filter, the break frequency 
of which is 70 Hz, to discover the behaviour of low
frequency components especially. These are repro
duced by using a digital plotter, then the amplitude is 
normalized. In addition to this instrumentation an 
accelerometer of 300 Hz and 1 O·Og is used for 
measurement of higher-frequency components. 

The observation of these waveforms reveals the 
common frequency components at all measuring 
points and for each frequency component the specific 
phase relation between two points is found. In Fig. 2 
two frequency components, about 50 and 80Hz, are 
conspicuous. For the former the phase relation 
betwen PI, P2, P3 and P4 are the same. However, for 
the latter PI and P2 have the same phase, and P3 and 
P4 have reverse phase. Thus the approximate mode 
shape of the machine can be obtained by the syn
thetic observation of the tremor in the time domain. 
If these are transformed into the frequency domain, 
more details become evident. 

Power spectrum and transfer function by the tremor 
Fig. 3 and Fig. 4 show the power spectrum. The 
former is computed from records of Fig. 1 and the 

latter is obtained by using the tremor including 
higher-frequency components. Fig. 5 provides the 
transfer function P3/P2. The expression for the 
transfer function P3/P2 means the transfer function 
regarding P3 and P2 as input and output to the 
system to be identified respectively. 

The numerical computation is made by sampling 
period T = 2·0 X 10-3s, number of data n = 1000, 
length of correlogram h = 100, resolution of 
frequency I/2hT = 2·5 Hz and data lengthnT= 2·0 s 
for Fig. 3 and T = 5·0 X 10-4 s, n = 1000, h = 100, 
1 /2hT = 1 0·0 Hz and nT = 0·5 s for Fig. 4. 

Natural frequency 
Table la shows the frequencies where the power 
spectra in Fig. 3 and Fig. 4 exhibit maxima. In Table 
I b the natural frequencies obtained by a frequency 
response method are indicated. As for the;: latter the 
excitation is performed up to 530 Hz. 

(a) 
Analysis of 
the tremor 

(Hz) 

15·0 
25·0 
47·5 
80 

150 
220 
260 
310 
380-410 
460-480 
530 

(2·5) 
(2·5) 
(2·5) 
(10) 
(10) 
(10) 
(10) 
{10) 
(10) 
(10) 
(10) 

(b) 
Sinusoidal 
excitation 

(Hz) 

47·5 
80 

160 
210 
250,280 

400 
450 
530 

Frequencies of 15 .0, 25.0 and 31.0 Hz correspond 
to the rotational speed of the spindle and the motor, 
and the frequency of engaging gears in unit time. 
These are not easily found by the direct observation 
of waveforms, but the expression in the frequency 
domain makes it possible to detect the components. 
The measured rotational speed of the spindle (940 
rev/min) is equal to 15·7 Hz. The 24·7 Hz component 
is similarly identified from the motor speed: The gear 
coupling has the possibility to excite 125 and 313Hz 
at the speed taking note of the number of gear teeth. 
By placing a directional microphone close to the 
engaging gears it was possible to assure the existence 
of 320Hz. As the resolution of the computation is 20 
Hz, the judgment above mentioned is given. Now it 
can be said that the frequency components shown in 
Table Ia agree well with those in Table lb except for 
the frequency of excitation. 

Normal modes 
Normal modes defined in terms of the amplitude 
ratio among PI, P2, P3 and P4 are given in Fig. 6. 
Those based on the tremor are arranged in Fig. 6c. 
Fig 6a and b display the results by sinusoidal and the 
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random excitation. The table tells us not only the 
difference of the results, but also the features of the 
methods themselves. The results in Fig. 6c show 
marked disagreement with those in Fig. 6a and b 
from the viewpoint of mode shape coincidence. How
ever, it is interesting to find that principal modes can 
be identified by analysing the tremor and without 
using particular external excitation. 

In the case of the random excitation the data 
processing is the same as that used for the tremor. 
The necessary time for the experiment involving the 
excitation of the machine is usually very small in 
comparison with that for the sinusoidal excitation. 
The difference caused between the results of the 
random excitation and the micro tremor depends on 
the frequency characteristic of the input. If this is 
white, the analytically assumed response character
istics are well satisfied and the analysis does not intro
duce error, and the results ought to coincide with 
those by the sinusoidal excitation. Fig. 6c suggests 
that the characteristic of the input which caused the 
tremor is far from that of white noise. This naturally 
disturbs the transfer function and leads to difficulty 
in defining the normal modes. 

It is difficult to measure the characteristic of the 
actual excitation. It is attempted to acquire 
frequency component of the excitation by means of 
the sound radiated. A directional microphone is put 
as close as possible to each moving part of the 
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Fig. 2 Example of waveforms 

machine and the power spectrum analysis is carried 
out for it. The frequency components which have 
peak power may disturb the original transfer function 
and as a result the computed transfer function 
becomes distorted. As to the extent of the distortion 
the coherency is referred to. The frequency compo
nents vary according to the driving condition. This 
explains coincidence of the modes which are dis
similar in Fig. 6a and c. 

It is evident from the figure that it is difficult to 
identify the normal mode for higher natural freq
uency by making use of the tremor. But for lower 
natural frequencies the method is effective. In addi
tion the tremor exists even during machining, and it 
may therefore be possible to relate this to machining 
precision and perhaps specify an index for dynamic 
performance of the machine . 

Fig. 5 compares the transfer function P3/P2 by 
~andom excitation with that by the micro tremor. 
The numerical computation for the former is carried 
out using the same parameters as for tremor, T = 5 ·0 
X 10-4 s, n = 1000, h = 100, 1/2hT = 10·0 Hz and nT 
= 0·5 s. It is most remarkable that the coherency is 
higher for the former than for the latter. This is 
similarly true for the case of P2/P1 and P4/P2. The 
reason why the coherency is so high for the random 
excitation is that the machine is excited at a point 
and the excitation has a power spectrum close to the 
theoretical one, that is band-limited white. On the 
other hand the source of the excitation for the 
tremor is rather distributed in addition to the exist
ence of frequency components with dominant power. 
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Fig. 3 Power spectra of the tremor in low-frequency range 
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Damping ratio 
Fig. 7 shows the transfer function P4/P2 and P3/P2. 
The behaviour in the lower frequency range is seen in 
detail. The computation is made forT= 2·0 X 10-3 s, 
n = 1000, h = 100, 1/2hT = 2·5 Hz and nT = 2·0 s. 
The phase relation reverses at about 80 Hz. The co
herency at 80 Hz in Fig. 7 is higher than others, so 
the estimation can be reliable. 

Assuming a one-degree-of-freedom system in the 
neighbourhood of the natural frequency (80Hz), the 
damping ratio is obtained so as to fit the phase 
characteristic of the transfer function (Eq. (1 )) to the 
phase relation of Fig. 7 in the sense of the least 
square of the error. The result is given as ~ = 0·023. 
For the higher-order natural frequencies at which 
phase reversal occurs the same analysis can be 
applied. 

CONCLUSIONS 

It is shown for a lathe that the natural frequencies, 
the principal normal mode and the damping ratio can 
be obtained by means of the micro tremor, applying 
cross-spectrum analysis. The sinusoidal and the 
random excitation is made at the same time. This 
shows that, when appropriate random excitation is 
adopted, the normal modes can be identified at 
higher-order natural frequencies than when tremor is 
utilized. However, the advantage of the tremor 
method is that the. machine is exposed to conditions 
which also occur during normal operation. Although 
the tremor may affect the machining precision and 
the surface finish, quantitative estimation will be left 
for the future. 
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APPENDIX: GENERAL IDEA OF 
CROSS-SPECTRUM ANALYSIS 

This is a method to predict the transfer function of a 
system using random analysis. This has been 
developed in the fields of statistical analysis. 

It is assumed that y(t) is the output of a system 
with transfer function H(j), the input of which is 
x(t), and noise n(t) independent of x(t) disturbs the 
system at the same time. Since x(t) and y(t) can be 
measured and n(t) cannot be discerned, for the identi
fication x(t) and y(t) only are used. 

Autocorrelation functions of x(t) and y(t) are 
Rx(T) and Ry(T ), and cross-correlation function 
R xy ( T) are respectively computed as 

Rx (T) = lim _1 l X (t)x (t + T) dt (2) 
T-+oo 2T -T 

Ry (T) = T= 2~JT_Ty (t)y (t + T) dt (3) 

Rxy(r)= lim 21Tl x(t)y(t+r)dt (4) 
T-+oo -T 

A correlation function is sometimes called a correlo
gram in the case of a numerical computation. Power 
spectra of x(t) and y(t), i.e.Px(j) and Py(/), and the 
cross-spectrum Pxy(J) are given by Fourier transform 
of (2), (3) and (4) 

px (j) ~~ 2~l-TRx (T) exp (-27T.i(T) dT (5) 

P (j)=lim 1 T 
y T-+oo 2Tf -TRY (r) exp (-27Tj[r) dT (6) 

P (j)=lim 1 T . 
xy T-+oo 2TJ-TRxy (r)exp(-27TJ[T)dT (7) 

There are important relations between these power 
spectra and the power spectrum of noise P n (f) as 
follows 

Pxy (f) = H (f) Px (f) (8) 

Py(f) = :1 H (f) f Px (f)+~ (f) (9) 

From (8) H(J) can be given as 

H (f) = pxy (J)/Px (f) 

On the other hand (8) and (9) give 

(10) 

where 'Y(/) is called coherency. If P n(j) = 0, that is, 
there is no noise to H(j), 'Y2 (f)= 1. As the noise com
ponent to the system increases, 'Y2 (J) becomes smaller 
than 1 ·0. Then the coherency gives an index of reli
ability of the computed transfer function. 
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DISCUSSION 

Query from Dr. N H Hanna (Binningham Univer
sity) 

There are a number of points in this paper that I am 
not clear about and I would be grateful if the authors 
could clarify: 

1. Two accelerometers of natural frequencies 80 and 
300 Hz were used in measuring tremor com
ponents in the frequency ranges of 0-100 Hz and 
0-700 Hz respectively. Obviously, this will result 
in a distorted power spectrum which will be 
dominated by peaks corresponding to the natural 
frequencies of the accelerometers, as appears from 
Fig. 3 and 4. On the other hand, 50 and 500 Hz 
low-pass filters, presumably the purpose of which 
was to remove all (or most of) the frequency com
ponents above 50 and 500 Hz respectively, are 
reported to have been employed (see Figs. 3 and 
4). However, power spectrum computations were 
carried out for frequencies above those mentioned 
which, apart from the error introduced, is very 
confusing. 

2. Forces generated by the rotation of the gears, 
spindle and the driving motor have components of 
random nature not only in magnitude and phase 
but also in direction and perhaps their points of 
application. Therefore, the use of the function 
P3/P2 as a transfer function is misleading because, 
theoretically speaking, it will be a random func
tion, that is, it will vary each time measurement is 
taken and the authors have not provided any 
experimental results to prove otherwise. It also 
follows that the comparison between the transfer 
function obtained by applying an external force in 
a fixed direction and at a single point, and that 
obtained by tremor analysis, as proposed by the 
authors, is not valid due to the fact that the 
former will be constant and the latter will not. 

3. The physical meaning of the coefficient~ defined 
by the authors as damping ratio, is not very clear. 

Replies 

I. The accelerometer used for the measurement was a 
strain gauge type pick-up. The characteristic 
around the natural frequency is damped suffici
ently and the peak at the natural frequency cannot 
be seen through the calibration. 
The frequency characteristic beyond the natural 
frequency decreases according to the characteristic 
of single-degree-of-freedom system. Then the sensi
tivity of the accelerometer is still large enough, 
even if the measurement is made above the natural 
frequency, provided the range is close to it. As the 
object of computing the power spectrum is to 
know the existence of the approximate natural 
frequency observed in micro tremor, the distortion 
of the power spectrum mentioned in the contribu
tion is not serious, if the aforementioned situation 
is taken into consideration. 
Even if the filter is used, the situation close to the 
break point frequency does not change from that 
mentioned above. The frequency components 

above 50 and 500 Hz are not all removed by the 
low-pass filter used in this paper. However, it is 
effective to remove the higher frequency com
ponents in comparison with tlre natural frequency 
of the accelerometer, and the sensitivity around 
the natural frequency remains high enough to 
make the peak at about 80 Hz in Fig. 3. The 
distortion is not serious again. The peculiarities in 
the low frequency range are made clear. 

2. As the characteristic of the excitation force is 
random, the dynamic behaviour of the machine 
structure can be excited. If the exciting force is 
sinusoidal, the machine is only excited by the 
frequency. If it is pure random with white power 
spectrum, as stated in the theory, all natural 
frequencies are supposed to appear. Even though 
the excitation force has a random nature in direc
tion and the points application, it is advantageous 
in exciting the dynamic characteristic of the 
machine structure. However, it cannot be naturally 
expected that the characteristic of the tremor 
corresponds to that of theory, so that we have to 
pay attention to coherency which gives a measure 
of reliability for the practical computation of the 
transfer function. 
In the practical computation of the power spec
trum and transfer function the length of data is 
limited, and consequently the length of correlo
gram is also limited. According to the theory 
which was developed as for the power spectrum by 
R. B. Blackman and J. W. Tukey (R. B. Blackman 
and J. W. Tukey: The Measurement of Power 
Spectra, Dover, 1958) and was extended as for the 
transfer function by H. Akaike 7 , the lag window 
which limits the length of correlogram can be 
transformed to the spectral window which 
smooths the power spectrum and realises an esti
mated power spectrum for the theoretical one in 
the sense of a statistical mean. This is also applic
able to the estimate of the transfer function. The 
theory is based on the stationarity of the pheno
menon. It can be said that the assumption is 
reasonable for the case of the micro tremor. So it 
is not necessary to evaluate P3/P2 for each 
different time duration and the results described in 
the paper are valid. However, from an experi
mental viewpoint, the computation was performed 
several times and almost the same results obtained. 

These justify the noise characteristic and can be 
dealt with, being satisfactorily stationary random. 
As mentioned above the dynamic characteristic 
itself is proper for each machine tool structure 
system. The natural frequencies which are covered 
by the input frequency components are excited 
and the effect of difference of the input nature is 
measured by the coherency. Then the comparison 
denoted by the contributor is valid. A new 
approach, to find out the dynamic characteristic 
by making use of the tremor, should be justified 
by comparing with the results by other methods. 
Fig. 6 shows this. It also describes the charac
teristic of each testing method for identification of 
the modes. 
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3. There are several methods to estimate the damping 
ratio of a machine tool structure. The method 
mentioned in the paper proposes a new approach 
to estimate the damping ratio for higher modes of 
the natural frequency. 
It has been made obvious that the dynamic charac
teristic of machine tools can be represented by a 
one-degree-of-freedom system around the natural 
frequencies. However, the shape around the 
natural frequency of the power spectrum and the 
gain of the transfer function cannot be applicable 
for the estimation of damping, because it varies 
according to the analytical conditions such as data 
length, sampling period and length of correlogram. 
On the other hand, the phase characteristic is 
stable and is not easily affected by these and the 
estimated result well represents the damping ratio 
of the natural frequency. 

Query from G. Werntie 

You must change for your test various driving condi
tions to have different frequency components of the 
excitation source. 

If the machine has different dynamic charac
teristics at different driving conditions, do you think 
that you will get the correct results? 

Reply 

Of course we have to change driving conditions, and 
the figures shown in the paper are examples. 

I do not think that the dynamic characteristics of 
mac~~e tools themselves change for different driving 
conditions. The shape of the power spectrum might 
change slightly for different driving conditions. How
ever, this is caused by the change of exciting forces 
related with the different driving conditions, not by 
that of the different dynamic characteristics. In the 
case of lathes, the change of the position of the tail
stock affects the dynamic characteristics of machine 
tools shape for a higher order of the natural 
frequencies. 



ESTABLISHING STANDARD CUTTING CONDITIONS 
FOR PERFORMANCE TESTING OF UNIVERSAL METAL 

CUTTING MACHINE TOOLS 

by 

M. BURDEKIN, A. COWLEY and J. TLUSTY* 

SUMMARY 

The paper discusses the basis for formulating standardised conditions for practical cutting tests to reveal the 
chatter performance of machine tools. The conditions proposed would also be applicable to vibration testing and 
analysis. 

The proposed conditions have been derived by due consideration to machine utilization, workpiece statistics 
and tool life. Examples relating to centre lathes and horizontal milling and boring machines are presented. 

The paper is based upon work conducted during an investigation sponsored by the Department of Trade and 
Industry of the Ministry of Aviation Supply. 
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NOTATION INTRODUCTION 
depth of cut 
full power test 
limit power test 
position of face mill relative to workpiece 
chip width per tooth in face milling 
total chip width 
limit chip width at threshhold of chatter 
width of cut in slab and face milling 
limit chip width test 
maximum swing over bed 
diameter of cutter 
diameter of spindle 
diameter of workpiece 
undeformed chip thickness 
maximum length of workpiece which will 
clamp between headstock and tailstock 
length of test workpiece 
cutter rotational speed 
mean specific cutting pressure 
metal removal rate 
feed 
feed/min 
feed/tooth= S/n 
tool life 
cutting speed 
flank wear 
cutting speed for a tool life of 30 minutes 
(based on flank wear criterion) 
number of teeth in cutter 
number of teeth cutting simultaneously 
engagement angle 
angle of first contact 
cutting edge angle (approach angle) 
facet edge angle 
secondary edge angle 

The cutting performance of a machine tool can be 
assessed from the results of actual cutting tests (direct 
tests) or by inference from the results of vibration 
measurements (indirect tests) on the machine tool 
structure. Both approaches have their special merits 
which have been summarised 1 • However, irrespective 
of whether one choses the indirect type of test 
(exciter test) to the direct (cutting test), the results 
have to be interpreted in terms of some accepted 
standard test conditions, otherwise an assessment of 
the performance of one machine or the relative per
formances of similar machines cannot be made. The 
reason for this is that all cutting conditions influence 
chatter and unless one has precise knowledge of the 
inter-relationship between factors such as workpiece 
material and size, tool geometry, cutting speed, feed 
and overhang, etc., comparisons of machines would 
be impossible. It would be extremely helpful, there
fore, from the viewpoints of both users and manufac
turers, if some standard conditions could be adopted 
for testing purposes on different sizes and types of 
universal machines. Such an approach would assist in 
specifying performance and reduce the cost of test
ing. 

In the following sections, the main factors which 
influence the performance of the machine, as shown 
in Fig. I, are considered and cutting conditions and 
standard cases are formulated for basic machine tool 
types. 

POWER UTILIZATION OF BASIC PROCESSES 

In metal removal processes, the power utilization of 
the machine is related to the metal removal rate, and 
for roughing operations this is some measure of the 

*University of Manchester Institute of Science and Technology 
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Cutting Process Oyn8f"~a:i:"'sc 
workpiece material 

tool geometry 

mass of workpiece 

temperatura of bearings 

machine configuration 

tool material rotational speed 
f-wo-rk=pi"'cc-'• ::.::toc..:mp.:..:.o.::;ra-tu-ro--1 

1 
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cutting specd mass of cutter 

feed 

diameter of cutter 

depth of cut 

Fig. 1 Factors to be considered when specifying standard 
cutting conditions and test procedure 

potential productivity. From this aspect therefore let 
us consider the basic processes of turning, boring, 
face milling and slab milling as shown in Fig. 2. 

Thus for turning 

Q (crn3 /min)= V.a.s = V.b.h 

where V= cutting speed (m/mm) 
a, b, h and shave units of mm 
The power dissipated is given by 

V.b.h.P5 tt 
60 wa s 

where P5 = mean specific cutting pressure (N/mm 2 ) 

For face and slab milling 

Q (cm3 /min) = V.Z.~.a.B 
7r c 

(1) 

(2) 

(3) 

Power = V.Z.S1.a.B.P5 watts 
rrDc· 60 

(4) 

From the above relationships it is apparent that 
the metal removal rate generally depends upon three 
main factors; cutting speed, feed and depth of cut. 
These relationships also suggest that, since the metal 
removal rate is related to power, then the installed 
power of the machine is a measure of the possible 
metal removal rate. However, this may not necessairly 
apply in practice since for a given speed and feed, the 
depth of cut can be limited by the onset of chatter. 

The limit depth of cut not only depends upon the 
dynamic characteristics of the structure but also upon 
the values of the cutting speed and feed2 as shown in 
Fig. 3. In general within the range of cutting speeds 
associated with cemented carbide (c.c.) tools, the 
limit of stability is increased for increase in both 
speed and feed. Consequently, the metal removal rate 
as based upon the products V. b.h and V.a.s (Eq. [1]) 
does not yield an optimum condition other than that 
cutting speed and feed should be a maximum. How
ever, there are practical limitations imposed on the 
choice of cutting speed and feed since these are domi
nant factors governing tool life (T). For example, the 
tool life equation quoted by Opitz3 for C.45 
material was of the form 

T. V2"56 (s. JC)0"8 = const. 

Since a tool life criterion is the basic parameter 
used in practice for selecting cutting speed and feed, 
then we are proposing that the cutting conditions 
associated with power utilization or metal removal 
rates should be related to tool life considerations. 

-
s = mm/rev 

Z = No. of teeth 

Zc = No. of teeth 
cutting 
simultaneously : 

S = mm/min I 

(b) face milling 

(a) turning, boring, 
facing 

Fig. 2 Basic machining processes 
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Fig. 3 Influence of feed and speed on the limit width of cut 

GENERAL PERFORMANCE CRITERIA 

In general it is logical for the installed power of a 
machine to be related to its size because the amount 
of metal to be removed is greater on larger work
pieces. On the other hand machine stiffnesses are 
greater thereby allowing greater chip widths to be 
taken without chatter. The cutting tools are also 
larger and will therefore withstand greater forces. 

Machines of the same nominal size can and often 
are also equipped with different powers and therefore 
classifications such as light type, heavy duty, etc., 
should reflect some differences in machine designs. It 
is therefore desirable to specify a machine's perform
ance in more quantitative terms and consequently it 
is proposed that the installed power should indicate 
the machine's possible metal removal capabilities. 
However, it is obvious that this basic requirement 
cannot apply to all machining configurations since a 

(b) face milling 

Power 
Power Power Power Power Power 
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machine's chatter stability will vary, not only with 
speed and feed, but also with the orientation of the 
machining process with respect to the vibratory 
system. The size, mass and overhang of the workpiece 
can also play a significant part on the resulting stabi
lity. The combination of each of these conditions will 
be referred to as a case. Formulation of the basic 
cases to which full power utilization should be poss
ible and other cases where only part of the nominal 
power can be utilised is based upon accumulated 
experience4 and statistical data on the most frequent 
sizes of workpieces as given by PERA5 •6 and 
MTIRA7 . 

In addition to the above two categories, there are 
cases which are so difficult from the chatter aspect 
that the power utilization is very small and loses all 
significance. Examples of such operations are (a) 
plunge turning with form tools, (b) slab milling with 
form cutters or set of cutters, and (c) boring with 
extended boring spindle. 

For these cases it is more meaningful to express 
the limiting conditions in terms of the limit width of 
cut blim . This parameter is directly related to the 
dynamic compliance of the machine and is predomi
nantly governed by structural design. 

Summarising the above, it is therefore proposed 
that performance should be based upon three criteria 
as follows. 

(I) Full power (A1 test). 
(2) Limit power (A2 test). 
(3) Limit chip width (B test). 

SELECTION OF THE GENERAL TEST CONDITIONS 

Workpiece material 
The properties of the workpiece material obviously 
affects the results of the cutting tests and therefore 
require to be closely specified and controlled. For all 
cutting tests it is proposed that a low carbon steel in 
the normalized condition should be used, having a 
chemical composition equivalent to EN8, BSS970, 
1955. The chemical composition and physical proper
ties of this material are as follows 

0·35/0·45 C; 0·05/0·35 Si; 0·6/1·0 Mn; 0·06 S(max); 
0·06P(max) 
Ultimate tensile strength 55 kg/mm2 • 

The reasons for choosing this material can be justi
fied as follows. 

I. Carbon steel is the material which is most 
frequently used on lathes. According to the survey 
carried out by PERA 5 39% of all turned components 
are made from carbon steel. Similar results were 
obtained by an M.T.I.R.A. Survey7 . For boring 
machines, it was shown6 •7 that cast iron is the most 
frequently used material (30-50%) and that carbon 
steel was the second most frequently used material 
(18-26%). 

2. It is the lowest grade of carbon steel for which 
the quality is rather closely controlled. 

3. Its chatter susceptibility is greater than for 
other commonly used materials such as cast iron and 

stainless steel. From the data given by Sarwar2 it was 
shown that cast iron and stainless steel are approxi
mately twice as stable as low carbon steel. 

4. Low carbon steel of similar specification to 
EN8 has been used for many years by both the 'Ma' 
and 'C' groups of -ciRP and there is therefore data 
available on its machinability. 

Even if one uses the material to the above specific
ation, it is possible that the chatter characteristics 
could vary from different batches of nominally the 
same material. Consequently, in order to account for 
possible differences in the test material, a sample 
should be machined on a structure of well-defined 
dynamic characteristics such as the CIRP Cutting 
Stand1 . 

Tool material and geometry 
For power utilization of the machine, cemented 

carbide (c. c.) tools must be used in preference to 
HSS since they allow higher speeds and feeds to be 
used. The recommended grade of c.c. for roughing of 
steel8 is ISO P.30. 

The choice of the tool geometry influences the 
magnitude of the tool life, the cutting coefficient and 
the directional orientation of the process. The range 
of standard tools available is also an important factor 
since this influences the choice of a suitable geo
metry. 

From tool life considerations, the work of CIRP3 

has shown that when machining low-medium carbon 
steel with c.c. tools, then the optimum tool life 
occurs with a positive rake angle 'Y of 6°. 

Larger positive rake angles would of course give 
smaller cutting coefficients and generally larger limit 
widths of cut, but from practical considerations, large 
positive rake angles are not recommended on c.c. 
tools. 

It has also been shown3 that a reduction in 
approach angle Jffrom 90° to 45° improved the tool 
life. In addition to the tool life consideration the 
approach angle is also one of the most important 
factors which affects the limit width of cut and hence 
the power utilization on single point tool operations. 
The reason for this is that it changes the 'direction of 
the cutting process with respect to the main modes of 
vibration of the machine and is one of the most 
important practical aspects governing the chatter 
process. 

For turning operations, the modes are predomi
nantly in the plane perpendicular to the spindle axis 
and thus, if we machine with a 90° approach angle, 
the cutting process will be very stable since both the 
normal to the cut surface and the direction of the 
resultant incremental force P would be perpendicular 
to the main mode plane. By introducing an approach 
angle less than 90°, then there is a component of P 
and Y in the mode plane and the process will be less 
stable. In practice an approach angle of 70° would be 
used, but for test purposes we are specifying 45° in 
order to exaggerate the chatter limitation. In addition 
to increasing the sensitivity of the test, a lower tool 
wear results which contributes to the regularity of the 
results. 

For boring operations, the approach angle also 
influences the orientation of the cutting process with 
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respect to the mode direction. In these operations, 
the boring bar or spindle is usually responsible for 
chatter and such cases are usually much more 
compliant than the machine structure. Therefore, we 
do not have to exaggerate the chatter limitation in 
these tests and consequently a 70° approach angle is 
specified. 

There is a further orientation to be considered 
when analysing the boring spindle on some horizontal 
boring machines. The spindles on these machines 
usually have two diametrically opposite axial key
ways and the position of the tool with respect to the 
keyways is important since this can influence the 
magnitude of the limit depth of cut. An example 
from an actual cutting test is given in Fig. 4. These 
large variations in the limit depth of cut with angular 
position of the tool occur because of the possible can· 
cellation of the response of two distinct modes of 
vibration which are caused by the influence of the 
keyways. Theoretical details of this mechanism are 
given in Chapter 4 of the book by Koenigs Berger and 
Tlusty4 . In practice, the designer of the standard 
tooling for this machine can take advantage of this 
coupling phenomenon by ensuring that the boring 
tool holder is located at the optimum radial positon. 

Cutting tests are most efficiently carried out by 
using c.c. throwaway type inserts in a standard tool 
holder. With this type of insert, it is necessary to 
specify the size of the tool nose radius and indeed 
this is important in practice from the tool life aspect. 
However, from the stability aspect, more reliable 
results can be obtained when the limited width of cut 
is large compared with the nose radius and for this 
reason, the recommended radius is limited to 0·8 mm. 

Tool wear is a practical aspect which influences 
the magnitude of the limit conditions. In general, 
sharp tools are more susceptible to chatter than 'dull' 
tools as can be seen from the curve of limit width 
against cutting time as shown in Fig. 5. In order to 
obtain repeatable results it is therefore necessary to 
change the cutting edge frequently, and to remove 
the initial sharpness of the tool by machining a small 
portion of the surface prior to each test. 

Cemented carbide inserts are also recommended 
for face milling cutters in order to utilize the power 
of the machine. These inserts should be in P.30 grade 
c. c. with a main cutting edge angle X of 75° and facet 
length of I mm. The rake angles should be generally 
positive with a negative primary land on the cut out 
edge. 

The rake angles of HSS tools should be in the 
order of 15° positive. This value of positive rake is 
necessary in order to produce a reasonable cut surface 
at the lower cutting speeds which are generally associ
ated with built-up edge conditions. 
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Cutting speeds and feeds 

Turning 
It has been shown above that for tests A1 and A2 , the 
selection of speed and feed should be based upon a 
tool life criterion. However, there are three variables 
in the tool life relationship and two of these un
knowns must be specified before the magnitude of 
the third variable can be established. The first of 
these variables is the acceptable life of the tool and in 
practice this is based upon an economic relationship 
between tool and machine costs and can vary 
between about ·10 and 60 minutes. For the A 1 and 
A2 tests we are proposing that these should be based 
upon a tool life criterion of 30 minutes. It should also 
be stressed, however, that, owing to the exponent in 
the tool life relationship, then the difference in cut
ting speed for a tool life of I 0 and 30 mins is only of 
the order of 50%. It is also logical that for turning the 
magnitude of the feed should be related to the size of 
the machine . For centre lathes the feed is specified as 
1/ I 000 of the maximum diameter over the bed and 
this corresponds with the feeds used in practice as 
based upon a survey by MTIRA 7 • Having specified 
the tool life and feed, it is now possible to determine 
the corresponding cutting speed from the tool life 
relationship. This relationship is shown in Fig. 6 , for 
the specified workpiece and tool material, and is 
based on VDI10 and CIRP tool life data. 

For the 'B' tests both c.c. and HSS tools are speci
fl.ed for centre lathes. In this test we are not inter
ested in the power utilization, but on the maximum 
width of the cut, particularly in plunge cut oper
ations. The cutting conditions for these tests are 
different in the respect of both feed and cutting 
speed. For c.c. tools we are specifying feeds of O·I 
and 0·2 mm at a cutting speed of 100 m/min . This 
choice is based upon two considerations: (a) with 
higher speeds or feeds, the cutting test is difficult to 
carry out, owing to the change in the cutting speed 
especially for plunge cutting; (b) Fig. 3 and Sarwar2 

show that for feeds in the speed region of 100m/min 
reducing feed also reduces stability -it is, therefore, 
necessary to carry out the 'B' test at small feeds in 
order to represent the dwell conditions at the finish 
of a plunge cut operation. 

For machining with HSS tools, the recommended 
speed and feed is 30 m/min and O·I mm respectively. 

Face Milling 
The size of the teeth on face mills is usually indepen
dent of the diameter of the cutter, and consequently 
the cutting conditions should be based upon the load
ing on the teeth. Therefore for all c.c. face mills the 
proposed nominal speed and feed are ISO m/min and 
0·25 mm/tooth respectively and such values have 
been based upon the VDI data11 . Owing to the geo
metrical conditions which are imposed on the chatter 
conditions wheri milling with a multi-tooth cutter, 
the Iobing phenomenon can occur. Thus, in practice, 
the stability of the machine could vary considerably, 
depending upon where the lobes coincide with the 
nominal speed of the cutter. Hence, when carrying 
out the A1 and A2 tests on a particular configuration 
at the nominal cutting speed, and the specified power 

cannot be achieved, then the speed should be 
adjusted to the next higher and lower speed of the 
machine in order to take account of the possible 
lobing effect. A practical example of the effect of 
changing in the cutting speed and orientation on the 
limit conditions for milling on a horizontal milling 
and boring machine is shown in Fig. 7. 
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EXAMPLES OF RECOMMENDED CASES 

Centre lathe 
The mass of the workpiece is important on centre 
lathes since this forms an important part of the vibra
tory system; the spindle, the clamping of the work
piece, and the workpiece overhang are the most 
important springs in the system. It is, therefore, 
important to select the size of the test workpiece 
with due consideration to these factors. 

The two basic clamping configurations are given 
with the workpiece held in overhang in the chuck and 
with longer work pieces held in the chuck and centre. 

There are five proposed test set-ups for the cutting 
tests and these are outlined below. 

1. Full power tests (A1 ). The workpiece is held in 
the chuck and centre, and the test is carried out at 
the chuck and tailstock ends of the workpiece. The 
size of the workpiece is such that its diameter is 0 ·2 
to 0 ·25 of the maximum swing over the bed and 
represents a workpiece which is slightly above the 
average size that would be machined. The length of 
the workpiece is 0·7 of the maximum length between 
chuck and tailstock but this is restricted to 6 times 
the workpiece diameter for long beds in order to 
eliminate the problems associated with slender work
pieces. 

2. Full power test (A1 ), but with the workpiece 
clamped in the chuck only and with an average over
hang. The workpiece diameter (dw) is specified as 0 ·3 
to 0·4 of the maximum swing over the bed (Dmax ) 
and an overhang of 0·15 to 0·17 of Dmax . 

3. The limited power test (A2 ). With this test a 

heavy workpiece is held in the chuck and centre. The 
diameter dw is specified as 0·3Dmax and length 0·8 
to 0·9Lmax or less than 6dw. The test is carried out 
at both the tailstock and headstock end of the work
piece, and, owing to its large mass, we do not expect 
to use the full power of the machine and require the 
limiting power P1im of 0·7 of the maximum power. 
The specified feed of 0·001 Dmax is the usual feed for 
heavier roughing operations for middle-size lathes 
with an average installed power. However, in high
power types of lathes greater feeds are usual in the 
order of 0·002Dmax . Therefore, if with the basic 
recommended feed the required power is not reached 
without chatter, the limit widths of cut for S = 
O·OOlDmax are recorded and the test is repeated with 
S = O·OOWmax , where finally the (A1 or A2 ) 

criterion is applied. 
4. The limit width of chip tests ('B'). The fourth 

test is a plunge cut operation with an approach angle 
of Jf= 0, and here the criterion is the limit width of 
cut (blim ). The workpiece set-up is the same as test 
(1) and the test is carried out at the headstock and 
tailstock and with both c.c. and HSS tools. 

5. This is also a 'B' test with the workpiece held in 
the chuck only with an overhang of L = O·Wmax and 
a diameter dw = O·Wmax . The test is carried out 
with both c.c. and HSS tools at the headstock and 
tailstock end of the test piece. 

The smallest value of blim for the 'B' tests pro
posed in tests (4) and (5) above can be used to 
classify the chatter performance of the machine. 
There are four classes proposed and the specified 
values are based upon previous experience4?. The 

Cutting Condit ions Acceptable Values 
l Test s v dw H L Tool Pmax Plim Class btim (mm) r-f . -2 -7 

·-!- f£t---· gc . 
A1 

Drnax Dmax Lmax ,J 45° C.C. '---- - 'd I) 1000 VJo 
to < - -

tJ w -25 6dw - - Pmax 

fl8(' · 3 -15 

dw A1 
Dmax Dmax 

45° 
Dmax ,J 

1000 VJo to .4 -17 C. C. - -
fj Dmax Dmax -
r. .a 

--j Om ax -3 lrnax .2!: 

OJn,~ :,w 
I A2 45° c. c. - ·7 -
fjc 100 0 vJo Dmax to 

.g Pmax 

a Lmax 
_, <6dw - · 

._ -- '=- -- 100 ·2 ·7 0 > ·03 Dmax 

~· 8 -1 m/min Drnax Lmax C. C. A > -02 Dmax - --

· 2 20 to oo < H.S.S. B > .01 Dmax 
m/min ·25 6dw c <. 01 Dmax 

Dmax 
.... .... L 

100 0 > ·03 Dmax 

~; dw 
· 1 m/min ·2 · 3 c. c. A > -02 Dmax B · 2 20 Dmax 

oo 
Dmax H.S.S. B >· 01 Dma x 

m/min I c < · 01 Dmax 

Fig. 8 Proposed basic test cases for centre lathe 
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classes are specified for both HSS and c.c. cutting 
conditions and are summarized along with the above 
tests in Fig. 8. 

Using the reasoning outlined above the basic cases 
for other types of lathes have been evaluated 1 • 

Horizontal boring machine 
The tests on this machine include face milling with 

the cutter mounted directly onto the spindle sleeve 
and also onto the boring spindle. End milling and also 
boring with the boring spindle are also included. 

When the face mill is mounted in the most rigid 
configuration, i.e. clamped directly onto the spindle 
flange, then stability generally depends upon the 
directional orientation and the height of the cutter 
above the top surface of the table. Full power utiliz
ation is required with the spindle up to a height of 
0·6 of Hmax . Since 'frame' milling is often used in 
practice, all the basic orientation shown in (a) to (f) 
of Fig. 9a must be considered and also the possibility 
of improving the stability by changes in speed if the 
specified power cannot be achieved. If then full power 
is only satisfied for some orientations, then the depth 
of cut A lim should be recorded for the others. 

The limit power test (A2 ) is specified when the 
cutter is at the top of the column, i.e. where the 
machine is in the most compliant configuration. For 
this case we should expect the utilizable power to be 
greater than 0·75 of the nominal power. 

The size of the cutters for all the milling oper
ations are given in Fig. 9b and have been specified on 
the basis of the spindle diameter and the availability 
of standard cutters. 

Other face milling tests are carried out with a 
smaller face mill mounted onto the boring spindle. 
With a spindle extension of twice the diameter of the 
spindle, power utilization of at least 0·5 of the 
nominal power is required. 

For end milling operations, a 'B' test is specified 
with the cutter size given in the table. 

The boring test (type B) is made with the tool 
mounted to the boring spindle. With this operation as 
was shown in Fig. 4 the limit depth of cut will 
depend upon the angular location of the cutter with 
respect to the key ways in the spindle. It is left to the 
manufacturer of the machine to locate the tool at the 
optimum position with respect to the key ways. The 
limit conditions are, of course, also a function of the 
spindle extension and two extensions are specified; 
one with thy extension of 3d8 and the other 5d8• 

Umit conditions are not classified but for the larger 
extension a minimum of 2 mm is required. 

PRACTICAL PROCEDURE 

The following notes may assist those who are 
attempting to carry out performance tests for the 
first time. 

Workpiece material and tools 
On most occasions, the time allocated for the avail
ability of the machine for performance tests will be 
limited, and therefore valuable time can be saved if all 
the possible preparations are made before the tests. 

Face Milling 
Selection of cutter 

Boring Cutter 
Remarks Spindle Diameter Diameter 

63mm 200mm 
Cutter clamped 
directly to spindle 

70, 75mm 250mm sleeve flange or via 
g0,100mm 315mm standard adaptor to 

faceplate 

Hh Hp v St Remarks 
rrm 

Pmax for 
-6 ·3 150 ·25 Orientations 

A1 Hmax Hmax m/mir lal lbl (c) 
ldl (e) If I 

1'\;m ~ -75P.nax 

Hmax -6 150 ·25 for 
A2 ~in us H.,.,. m/min Orientations 

De 
(a) (b) (c) 
ldl lei If I 

ygp Q}p ~p 
ldl lei lfl 

(a) 

Boring Cutter 
Remarks Spindle Diameter Diameter 

63mm 100 Extension of 
70,75 mm 160 boring spindle 
90,100mm 160 = 2d 5 

.... , ...... Hh Hp v s, Remarks 

Ptom"' ·5 Pmnx 

End Milling 

Hmnx 150 ·25 in 
A2 - m/min Oriental ions 

De (a) (b) (c) 
(d) lei If I 
Cutter Size 

20 ·1 ds de flutes 
8 - m/min 63 25 4 

70,75 40 6 
90,100 50 8 

Boring r '\ 20' 

-~ [~ 
.... , ...... L s v Tool Remarks 

8 3d, 
·1 

100 
cc m/m1n - r-

8 Sd 5 - . blom"' 2mm 

(b) 

Fig. 9 (a), Proposed basic cases for horizontal boring and 
(b), milling machine 
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The workpiece sizes should be chosen in accord
ance with the recommended proportions and material 
purchased if necessary. Time can also be saved by 
pre-centring and facing the test pieces for lathes, etc., 
and mounting on the fixture in the case of boring and 
milling machines. 

For milling and boring machines, a great saving in 
material cost can be made by having the workpiece 
specimens in the form of plates, which can be 
mounted on box type columns or stools. If, however, 
a stiff angle plate is available then this could be used 
with caution. 

Tools and cutters should be selected in accordance 
with the specifications. It is advisable to have a spare 
set of c.c. tips available for face milling cutters in case 
of accidents. Face milling cutters should be mounted 
directly onto the flange of the milling spindle or in 
the case of some horizontal boring machines, onto 
the standard adaptor which is supplied by the 
manufacturer. 

Cutting conditions 
Select the cutting speeds and feeds in accordance 
with the recommendation. For the A1 and A2 tests 
on lathes, the feed should be chosen as a function of 
the size of the machine, and the corresponding cut
ting speed determined from the tool life curve (Fig. 
6). Calculate the corresponding spindle speed to give 
this cutting speed. For milling cutters, calculate the 
spindle speed corresponding to the specified cutting 
speed. 

Idle run test 
Before we can establish the usable power of a 
machine, it is necessary to determine the power losses 
in the drive. this is measured by connecting a watt
meter into the power supply of the motor and obtain 
the power dissipation at each spindle speed. 

Cutting tests 
Before any tests are made the machine should be 
'warmed up' by rotating the spindle in the middle 
speed range for approximately 15 min. This enables 
more repeatable results to be obtained, since experi
ence has shown that the damping of the spindle 
system changes with the temperature of the bearings. 

For the three types of test (At , A2 and B) the 
general procedure is similar for both face milling and 
turning operations. Here the width of cut is increased 
in increments until the nominal power of the machine 
is reached in the case of the At test or that the usable 
power is limited by chatter for the A2 test. The 
smallest practical increment in the width of cut is 
about 0·1 mm, but larger increments in the order of 
0·5 mm can be used to establish the approximate 
magnitude of the limiting conditions, after which the 
test can be repeated in this region by using 
increments of 0·1 mm. Once chatter has occurred the 
surface is undulated and this should be cleaned off 
before other tests arc repeated. At the limit condi
tions, both the width of cut and power should be 

noted in the case of the At and A2 tests, and the 
width of cut for the B test. 

Detecting chatter conditions 
For face milling and turning operations with c.c. 
tools, there is usually no doubt when the system 
becomes unstable. It is, however, useful to record the 
amplitude and frequency of chatter by means of an 
absolute vibration pickup and a U.V. recorder. The 
actual amplitude recorded will, of course, depend 
upon the position of the pickup on the structure, but 
there will be a marked increase in the amplitude at 
the onset of chatter. It is also useful to measure the 
chatter frequency as a means of establishing which 
mode of the structure is responsible for chatter. 

CONCLUSIONS 

The work has outlined the important factors which 
should be considered when specifying performance 
tests. The advantages of interpreting the results under 
generally accepted conditions is stressed and in this 
respect general performance criteria and cases have 
been proposed. Other examples of specific machine 
types are given in by UMISTt . 

The proposals are directly applicable to assessment 
by cutting tests. However, many of the cases are also 
relevant to exciter tests but for quantitative inter
pretation of such results reliable data on cutting co
efficients are necessary. 
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DISCUSSION 

Query from Dr. Ing. M A. El Hakim, Magdeburg 

The behaviour of the limiting width of cut with the 
tool wear obtained in Fig. 5 in this paper can be 
almost due to the orientation of the dynamic forces 
(especially those components at the tool-flank with 
respect to the direction of the maximum compliance 
of the system). Such a direction is different for each 
system and, therefore, the shown curve cannot be 
taken as a general behaviour. In many other cases, 
results were obtained showing a beginning stabilising 
effect of the wear followed by an unstabilising effect 
with still increasing wear, resulting in a peak by a 
relatively small value of wear land 12 • 

12. Salje, E. Self-excited vibrations of systems with 
two degrees of freedom Trans. A.S.M.E., 78 
(1956), 737-748, series B. 

Reply 

With reference to Dr. El Hakim's contribution con
cerning the influence of wear on stability. We agree 
that one of the reasons for this increase is the change 
in the direction of the incremental cutting force with 
respect to the modes of the dynamic system and, 
therefore, the effect of wear can differ for each 
dynamic system. However, the result shown in Fig. 5 
was obtained on a simple model structure where the 
mode direction was approximately halfway between 
the incremental force direction and the normal to the 
cut surface. Consequently, this mode configuration 
was relatively insensitive to changes in the cutting 
force direction. 

The main reason for the change in stability with 
wear is probably due to increased damping in the 
cutting process, with the increase in flank wear. 

Query from J. Peters 

I am sorry that I do not share the point of view of my 
good friends who are proposing cutting tests. Indeed, 
customers want cutting tests, but we are fooling them 
by giving them what they want. By doing so it is like 
giving a box of matches to a three-year-old child. In 
Fig. 5 you show that there does not exist such a thing 
as 'chatter susceptibility coefficient'. Consequently, 
the result of a cutting test does not give a unique 
definition of the quality of the machine tool as the 
customer would desire. The limiting depth of cut 
depends on speed, feed and cutting conditions. Even 
the minimum of the curves vary between machine 
tools. It may well happen, therefore, that by 
standardising cutting conditions you are at a 
minimum for one machine, and a bit shifted with 
respect to the minimum of another machine, and you 
would falsely conclude that the second one is better. 

Quite a bit of work has been based ori the article 
S. A. Tobias and Das published in 1967. We can now 
measure accurately the dynamic cutting force 
components and predict within a few %accuracy of 
the chatter limit: I refer to work done at VUOSO, 
Eindhoven, Aachen and Leuven. All these experi
ments precisely explain why cutting tests are not 

reliable and indeed let us not forget that the U.S. Air 
Force launched the famous project seven years ago, 
precisely because of the lack of reliability of cutting 
tests. I feel we are now precisely ten years backwards. 
The problem is not to standardise cutting tests, but to 
make people who use them, because they are easy, 
aware of their limitations and very restricted validity. 

Reply 

Professor Peters states that the information obtained 
from cutting tests is limited. It is true that one cannot 
extrapolate the results to other cutting conditions 
such as different workpiece materials, tool materials, 
tool geometry, feeds, speeds, etc. However, we have 
paid due attention to these factors when formulating 
the test conditions and consequently most practical 
conditions have been covered by the minimum 
number of tests. Let us not overlook the fact that a 
cutting test also checks that the drive and clutches 
will transmit the nominal power. Such elements 
would not, of course, be considered by excitation 
measurements. 

Because the paper is mainly concerned with 
cutting test procedures, it does not mean that we are 
against making excitation tests. We have performed 
many such tests for machine tool manufacturers. 
These are particularly useful if one is trying to locate 
the weakness in the structural design, and for these 
cases an exciter test is much more informative than 
cutting tests. 

In principle, the results of excitation tests (recept
ances) can, of course, be interpreted for any cutting 
condition and orientation of the cutting process. 
However, predictions of such an analysis are not 
realistic at the present moment because of two main 
difficulties: 
• Receptances which are truly representative of the 

structural conditions when machining, cannot 
easily be determined, that is, when the guideways 
are sliding. The work carried out at Aachen has 
shown that this factor can have a tremendous 
influence on the resulting receptances. 

• Very little usable data has been published on the 
dynamic cutting force components, even though 
papers on this topic were published 10 years ago. 
We are also involved in both these aspects at 

UMIST and consider it will be several years before 
they are sufficiently perfected to be accepted by the 
industry. In the meantime, cutting tests at standard
ised conditions will serve users needs. 

Query from Martin D. Thomas 

In your recommendation for a criterion for testing 
boring machines, you have apparently assumed that, 
provided two boring bars have the same length-to
diameter ratio, they have the same performance. In 
recent work at Birmingham University, a 2! in. dia. 
bar and a 1 ~ in. dia. bar were used in cutting tests 
with a length-to-diameter ratio of 6. The stability 
boundary was found to be significantly different in 
these two cases, even taking tool orientation into 
consideration. 
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This is to be expected, as the stiffnesses of the bars 
will be constant if p3 /d4 = const., and the damping 
obeys a similarly complex relation. 

Reply 

We do not assume that boring spindles of the same 
length-to-diameter ratio will have the same chatter 
performance. In general, one would expect that for a 
given length-to-diameter ratio, the spindle with the 
largest diameter would perform best. In practice, one 
would only be comparing boring machines of similar 
spindle diameter. Also, in practice, the spindle bear
ings and drive keyways play an important part in the 
overall performance. 



THE DEVELOPMENT OF A DYNAMIC 
PERFORMANCE TEST FOR LATHES 

by 

B. J. STONE* 

SUMMARY 

A cutting test procedure for comparing the chatter performance of lathes is described in outline, together with a 
summary of the results of the cutting tests conducted to establish the procedure. Information on the repeatability 
of single tests is presented, together with results showing the variations between nominally identical machines. 
The use of cutting tests as the basis for customer contracts is also discussed briefly. 

INTRODUCTION 

There is, throughout the world, steadily increasing 
pressure for more comprehensive testing of products 
offered for sale. This applies equally to machine tools 
and purchasers are beginning to require more quan
titative information about the machine tools they buy. 
The properties of machine tools which may be 
required to be tested are many and various and the 
majority have been recently considered in some 
detail 1 in a report which considers the technical back
ground to such tests and in many cases suggests 
methods of testing. Some of the quantities involved 
are, in principle at least, relatively simple to measure 
and the results are readily interpreted but in other 
cases it is much more difficult to specify the quantity 
to be measured and to devise meaningful ways of 
making the measurement. One of the latter, which 
happens to be of considerable importance, is the 
dynamic performance of machine tools. 

The dynamic performance of a machine tool is 
fundamental to its chief function which is to produce 
a workpiece of a particular geometric form with an 
acceptable surface finish at as high a rate of produc
tion as is economically possible. Any limitation in 
dynamic performance may be manifested as a violent 
vibration termed chatter, which increases tool wear 
and power consumption, results in poor surface finish 
and hence limits production rates. A simple and reli
able method of measuring liability to chatter would, 
therefore, be extremely useful to both manufacturers 
and users of machine tools. With the aid of such a 
method the dynamic performance or the ability of a 
machine tool to remove metal without chatter could 
be ascertained by aay potential customer and ought 
to be taken into account together with cost, delivery, 
capacity, etc., when comparing several competitive 
machines. 

*MTIRA Macclesfield 

This paper is concerned with the development of a 
comparative method of dynamic performance test
ing2 for lathes. The essential problem is that of main
taining adequate control over the large number of 
variables that can affect the dynamic performance 
and lathes were chosen for the initial tests as single
point cutting is the simplest cutting operation and 
thus the number of variables was kept to a minimum. 
Even so, during the course of the work more than 
650 cutting tests were conducted on 16 different 
machines of four different makes. Lathes are also the 
most commonly used machine tool. 

Although the test procedure developed relates 
only to lathes, tests may obviously be formulated in a 
similar manner for other types of machine. 

TEST PROCEDURE 

Ideally a dynamic performance test should give 
information about the behaviour of the machine tool 
in all possible configurations and in all possible cut
ting operations. With the present state of knowledge, 
however, no simple test will give this information and 
a realistic objective is the development of a simple 
test procedure which can be applied to obtain reliable 
information about a machine in specified circum
stances. 

Two major decisions, which are interrelated, are 
required regarding the form of test. These are 
whether the test should be comparative or should give 
an absolute rating, e.g. coefficient of merit3 and also 
whether a cutting test should be used or an exciter 
test simulating the cutting forces 3 • The latter altern
ative arises because the liability to chatter increases 
with increase in the width of cut normal to the feed 
direction, and hence the width of cut at which 
chatter starts is a useful measure of the chatter 
performance of a machine in any given situation. This 
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limiting width (b1im , see Fig. 1) can be directly 
related to a particular characteristic of the response 
of the machine to an oscillating force, viz. the so
called operative chatter receptance3 and to the forces 
involved in cutting the particular workpiece material 
which require a knowledge of the dynamic cutting 
force coefficient1 ' 4 . There are, therefore, two possible 
forms of test procedure involving either a cutting test 
to determine the limiting width or an 'exciter' test to 
determine the relevant dynamic characteristic. The 
arguments for and against each form of test are dis
cussed briefly below together with those for compar
ative or absolute tests. 

(II 

(It 

Fig. 1 Cutting test on tapered workpiece and definition of 
limiting width 

Cutting tests or exciter tests 
The main advantages normally claimed for exciter 
tests are the following. 

(i) The variables associated with the cutting 
process are eliminated and the machine alone is tested 
so that the reliability of the result is greater. 

(ii) There is no need for consumables such as 
workpieces and cutting tools so that, once the 
appropriate vibration test equipment has been pur
chased, no additional expenditure is involved for 
tests . 

(iii) It is possible to test machines in various con
figurations and to compute the dynamic stiffness for 
any particular cutting direction3 . 

(iv) By using suitable force and displacement 
transducers a measure of dynamic stiffness is 

obtained in the required units and thus an absolute 
comparison of machines is possible. 

(v) The chatter performance of machines varies 
with rotational speed and shows the well known lob
ing effect3 ' 5. Thus, if cutting tests are conducted at 
certain speeds, a resulting false measure of perform
ance may be obtained. The results of exciter tests 
have the advantage that they may be used to calculate 
the positions of lobes and establish minimum 
performance levels. 

(vi) The information derived from exciter tests 
(e.g. natural frequencies, stiffness values) is very use
ful for development work, particularly when ob
tained in conjunction with information about the 
pattern of vibration in different modes-'mode plots'. 

Similarly the arguments in favour of cutting tests 
and against exciter tests may be listed as follows. 

(i) Considerable expertise is required for the inter
pretation of the results of exciter tests whereas the 
result of a cutting test, viz. a limiting width of cut, is 
readily understood and appreciated by users of 

·machine tools, who are likely to view with suspicion 
figures which they can neither understand nor check. 

(ii) The cost of cutting tests involves the expense 
of workpieces but this must be set against the initial 
cost of instrumentation required for exciter tests and 
the higher degree of skill required to conduct exciter 
tests. 

(iii) In cutting tests the forces are automatically 
of the correct magnitude and in the correct direction, 
both of which may be varying in time whereas for 
exciter tests it is necessary to make assumptions 
about the levels of steady and alternating forces and, 
in general, both are applied in the same assumed 
direction which does not vary with time, i.e. there are 
certain factors and effects which it is impossible for 
the exciter test to simulate. 

(iv) Cutting tests involve all the actual motions of 
the moving parts under both torsional and linear load
ing whereas exciter tests are always limited in this 
respect in that movement normal to the spindle axis 
is not possible, and movement parallel to the spindle 
axis is not too easy to arrange. 

Thus the only major limitations of cutting tests 
when compared with exciter tests are those associated 
with the lobing effect and the reliability of measure
ments. The lobing effect is not very serious on lathes 
as the ratio of chatter frequency to rotational speed is 
generally such that machining takes place in a region 
in which the lobes overlap so that the variation of 
chatter performance with rotational speed is mini
mized. The apparently greater reliability of the results 
of exciter tests is not a valid reason for preferring 
exciter tests to cutting tests as the only method of 
assessing the validity of exciter tests for predicting 
chatter performance, i.e . of calibrating the test proce
dure, is to conduct a cutting test and compare the 
predicted results with the measured results3 . It 
follows that it is not possible to establish the 
accuracy of exciter tests to any greater degree than 
the accuracy of a cutting test. A cutting test was 
therefore chosen as the better form of test at the 
present time and, in order to minimize the effect of 
variables that are difficult to control, such as the 
machinability of materials, or about which insuf-
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ficient information is available, such as the effects of 
the direction of cutting forces and the frequency of 
vibration on the dynamic cutting force coeffiecient, it 
was decided to develop a comparative test procedure'. 
By a comparative test is meant one which can be used 
to compare the performance of two or more machine 
tools but which does not yield an absolute rating for 
either. However, if, at some future time, the machin
ability of materials becomes more uniform it should 
be possible to use the test procedure as the basis for 
an absolute cutting test. 

Test specification 
The full test specification2 will now be summarized 
and the major controls explained. Whenever possible 
the choice of conditions is left to the individual user 
of the test procedure so that he can compare two or 
more machines under the conditions in which he 
would normally operate them. If, however, the user 
has no particular conditions in mind, those recom
mended below should be used. 

The objective of each test is to obtain a measure of 
the chatter performance of the machine under typical 
working conditions with as high a degree of reproduc
ibility as possible. If chatter does not occur under the 
working conditions chosen, no attempt has been 
made to introduce artificial conditions which would 
tend to induce chatter but would not be encountered 
in practice. The degree of control specified on the 
different variables is imposed to aid the repeatability 
of results. 

The test involves machining with a continuously 
increasing width of cut and when chatter commences 
the cut is' stopped and the limiting width of cut 
measured. It is recommended that, in order to ensure 
the maximum reproducibility of results, a tapered 
workpiece should be used whenever possible. The 
machining operation then involves removing the 
tapered portion so that, as machining proceeds, the 
width of cut continually increases-see Fig. la and 
lb. When the removal of a taper is not possible, e.g. 
in a diameter-reduction operation, arrangements are 
made for increasing the width of cut in discrete steps 
until chatter occurs'. 

The major features of the test specifaction are the 
following. 

1. Condition of machine: mounting, locking of 
joints, warm-up time, ambient temperature. 

2. Workpiece: material, initial preparation, shape, 
mounting. 

3. Cutting tool: geometry, material, chipbreakers, 
tool shank, centre height. 

4. Cutting configuration: horizontal lathes, 
vertical lathes, approach angle. 

5. Cutting conditions: speed, feed, lubricant, pre
liminary cut. 

6. Test procedure: range of speeds, feeds, maxi
mum power, taper rests, determination of onset of 
chatter, maximum use of one cutting edge. 

7. Interpretation of results. 
8. Tests as the basis of purchaser specifications 

and tests. 
The majority of the controls are based on current 

practice and knowledge and, therefore, only those 

controls which are likely to be unexpected will be 
commented on here. 

Warm-up time 
It is known6 that the dynamic characteristics of 
machine tools vary for up to two hours after starting 
to run. However, to specify a control in terms of time 
is unrealistic in so far that to conduct successive tests 
would require, for exact control, the machine being 
allowed to cool to ambient temperature and then 
again run for the specified time. An alternative 
measure of warm-up time was required and the 
surface temperature of the housing of the front head
stock bearing was found to be suitable. Fig. 2 shows 

150~--------~~--------~2~--------~3 

Running time (h) 

Fig. 2 Temperature rise characteristic of the housing of the 
front headstock bearing 

the variation of this temperature with running time 
for a particular lathe which was run at approximately 
two-thirds maximum speed. The recommended test 
temperature has been specified as the value achieved 
after one hour when run at this speed. From the 
experience gained as a result of the cutting tests 
which are described in the next section, the tolerance 
on this temperature is ± 2° C for the duration of the 
tests. 

Workpiece material 
All workpieces for use in any one set of comparative 
tests must be manufactured from the same bar. When 
a large number of workpieces is required then second 
bars from the same melt should be used. The cutting 
tests conducted to investigate the effect of workpiece 
material indicated that the above control resulted in 
very small variations. 

Workpiece size 
Workpieces of the same size are used on the machines 
being compared even if the machines are not of the 
same swing diameter. The workpiece geometry is 
defined relative to the smallest of the machines being 
considered. 

Cutting tool 
Throw-away carbide tips are recommended, prefer
ably from one pack as this tends to maintain the 
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cutting-edge geometry at an acceptable level of con
sistency. For the tests involving workpieces with 
tapers a new tip edge should be used for each test as 
the state of wear is inherently controlled by the cut
ting operation. For operations such as facing, which 
require successive cuts of increasing width, the cut
ting edge must be 'run in'. In practice this is best 
achieved by conducting a 'dummy' test and then 
accepting up to the next three test results before 
using a new tip edge. 

Maximum power 
It is possible that for the speed and feed ranges 
recommended a power limitation will occur before 
chatter arises. The procedure that should then be 
adopted is to note the width of cut, to reduce the 
feed and to continue the test until chatter starts or 
another power limitation is met. In the latter event
uality the above procedure is repeated until either 
chatter occurs or the maximum width defined by the 
workpiece or cutting edge is reached. The power-limit 
widths are as significant when purchasing a machine 
as the chatter-limit widths as both impose a restraint 
on production. 

Overhang 
The width of cut at which chatter commences has 
been found to be particularly sensitive to the distance 
of the cutting position from the chuck. As the rela
tion between this overhang and the limiting chatter 
width is significantly different for different makes of 
lathe some indication of the variation is required. 
This is most easily achieved on the tapered work
pieces by conducting tests at different points along 
the taper, either on the same workpiece if possible or 
by using two workpieces. An example is given in the 
next section. 

Detection of chatter 
When using tapered workpieces rapid detection of the 
onset of chatter is essential as any delay will result in 
an increase in width of cut, although the rate of 
increase for the recommended workpieces is not 
great. An investigation was conducted during the 
project2 into the possible use of a chatter detector 
which operated from a signal derived from the ampli
tude of vibration, e.g. using an accelerometer. Thus a 
preliminary test was conducted and when chatter 
arose the amplitude was recorded and stored. Subse
quently the chatter detector was set to indicate when 
the amplitude of vibration during cutting had reached 
some chosen percentage of the stored value. This 
detector was found to be useful only when the onset 
of chatter was not clear. However, in the majority of 
cases on lathes it is possible to rely on the human ear, 
observation of the chip and examination of the cut 
surface for the detection of the onset of chatter. 

For tests involving successive cuts of increasing 
width the width of cut is constant but rapid detection 
of the onset of chatter is still necessary, particularly 
when a small workpiece is being used for facing tests, 
as otherwise the diameter is reduced to such an 
extent that the surface speed is excessively reduced~ 
Also the workpiece may become heated with adverse 
effects on the variability of results. 

Workpiece temperature 
The effect of workpiece temperature was investigated 
during the course of the project and the tests in 
question are described in the next section. As a result 
of these tests it was found that significant variations 
in the limiting width occur for not unusual rises in 
mean workpiece temperature. (This refers to the 
temperature away from the cutting edge.) As a result 
care has to be taken with tools involving successive 
cuts of increasing width as the workpiece may be 
unduly heated. This limitation does not arise when 
tapered workpieces are used, provided the initial 
temperature is controlled, as the temperature rise is 
inherently controlled and may be related to the width 
of cut. 

The remaining sections of the test procedure on 
which comment is required concern the inter
pretation of the results and the use of the tests as the 
basis of purchaser specification and tests. These two 
topics will be discussed after the next section which 
describes some typical test results and the methods of 
analysis. 

CUTTING TEST RESULTS 

As previously indicated, more than 650 tests were 
conducted during the project and a representative 
sample will be given to illustrate the scope of the 
work and the statistical techniques used. It is not 
possible in a short paper such as this to describe in 
detail the statitiscal techniques used but these may be 
found in statistical text books 7--9 • However, certain 
terminology is required and this will be defined with 
reference to the cutting tests described. 

The first example has been chosen simply to 
define some statistical terms and involves the work
piece shown in Fig. 3. This is the specified size for the 
smallest parallel-turning workpieces for lathes with a 
swing diameter of 17·5 in. Sixty test results were 
obtained under controlled conditions; viz. speed 495 
rev/min, feed 0·005 in/rev, ambient temperature 
22° C ± 2, temperature of the headstock front bearing 
45° C ± 2, workpieces from two bars from the same 
melt, new carbide edge for each test, constant tool 
overhang and controlled initial workpiece temper
ature. The results are presented in Fig. 4 as a distri
bution curve of frequency of results against limiting 
width. To these results has been fitted a 'normal' 
distribution curve which shows that a normal distri
bution adequately describes the results. From this 
distribution curve the variance of the results 
(a0 2 )-the mean square deviation from the mean
may be obtained as a measure of the spread of the 
results, the 95% confidence limits being approxi
mately ± 2a0 . In this case these limits are ± 7 ·6% of 
the mean and indicate the range of limiting widths in 
which 95 out of 100 (or 19 out of 20) results can be 
expected to lie. Similarly 99% confidence limits are 
defined as approximately± 2·6a0 . 

One of the main objectives was to determine, for a 
wide range of workpiece sizes and shapes and 
different makes of machines, the 95% confidence 
limits of test results obtained under the conditions of 
the specified test procedure. The effect of a large 
number of variables on the results was also deter
mined so that appropriate controls could be placed 
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Table 1. Results and analysis of variance for tests to determine the 
effects of bearing temperature, workpiece temperature and speed on the 
limiting width of cut (all results in inches) 

Bearing temperature 30°C Bearing temperature 40°C 

Speed Workpiece Workpiece Workpiece Workpiece 
(rev/min) temperature temperature temperature temperature 

30°C 60°C 

495 0·460 0·345 

666 0·410 0·335 

890 0·315 0·245 

Source of Sums of Degrees 
variance squares of 

freedom 

bearing 8·2687 x 1 o-3 

temperature 

workpiece 2·21 02 X 10-2 

temperature 

speed 2·3029 X 10-2 2 

bearing 
temperature 2·1 099 X 10-6 

x workpiece 
temperature 

bearing 
temperature 8·3752 X 10-4 2 
x speed 

workpiece 
temperature 1·9542 X 10-3 2 
x speed 

residual 1·6791 X 10-3 2 

Total 5·7873 X 10-2 11 

on the variables to enable the 95% confidence limits 
to be kept within reasonable bounds. 

As an example of the method used the tests 
conducted to determine the effects of bearing 
temperature, workpiece temperature and speed and 
any possible interactions between them will be des
cribed. A factorial design of experiment was used 
which requires all possible combinations of the vari
ables to be tested. As two bearing temperatures, 30° C 
and 40° C, two workpiece temperatures, 30° C and 
60° C, and three speeds, 495, 666 and 890 rev/min, 
were investigated, this required a total of 2 X 2 X 3, 
i.e. 12 tests. All other possible variables were kept 
within prescribed limits for all the tests. The results 
obtained are shown in Table 1 which includes an 
analysis of variance. 

The analysis of variance is a mathematical proce
dure 7- 9 which enables estimates of the different vari
ances to be obtained. 

The problem is to sort out from the test results 

30°C 60°C 

0·375 0·290 

0·385 0·245 

0·265 0·235 

Mean squares Components of variance 

8·2687 X 10-3 Oo 2 + 3a2BW + 2a2BS + 6a2B 

2·2102 X 10-2 Oo 2 + 3a2BW + 2a2ws + 6a2w 

1 ·1515 X 10-2 ao 2 + 2a2ss + 2a2ws + 4a2s 

2·1099 X 10~ Oo 2 + 3a2BW 

4·1876 X 10-4 Oo 2 + 2a2BS 

9·7709 X 10--4 Oo 2 + 2a2ws 

8·3957 X 10-4 a 2 
0 

how much of the variability is due to random effects 
and how much can be attributed to systematic effects 
of bearing temperature, workpiece temperature and 
speed and to their possible interactions. This is done 
by combining the individual test results in a predeter
mined way. Calculations are made on the sums of 
squares of the results and are laid out in Table 1. 
Each mean square value obtained represents a sum of 
components of variance as listed in the last column 
and the residual variance a0 

2 (the variance of single 
results due to random effects) appears in every entry. 

By comparing the variance obtained from the 
various interactions (e.g. bearing temperature X 
workpiece temperature - a 0 2 + 3a2 BW ) with the 
residual variance a0 

2 the significance of the particular 
interaction can be determined. If a0 2 is greater than 
( 0 0 2 + 3a2 BW ), as in Table 1, then it is unlikely 
that any effect due to simultaneous changes in bear
ing and workpiece temperatures exists. Statistically 
the effect of a variable or combination of variables is 
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given a significance level which is determined from 
the ratios of the variances. A 5% significance level 
means that only in one test in twenty would the 
effect not be observed. A 5% significance level is the 
generally accepted deciding value and tables are avail
able9 of variance ratios required for the effects to be 
significant at this level. 

For the example given in Table 1 none of the 
interactions was significant at the 5% level. In this 
case the calculations were then repeated ignoring 
these interactions. The associated estimates of vari
ance then all reduce to a0 2 allowing a more accurate 
value of the residual variance of 6·39 X 10;4 to be 
obtained. However, the three main effects are all 
more than 5% significant compared with the residual 
and the magnitude of the effects may be determined 
by calculating the mean of the results obtained at 
each value of the variable. Thus the results at a work
piece temperature of 30° C have a mean of 0·368 in 
and those at 60° C have a mean of 0·283 in. Thus a 
23% reduction in width occurs for a 30° C rise in 
workpiece temperature. Similarly for the bearing 
temperature of 30° C the mean result is 0·352 in and 
for 40° C it is 0·299 in. Thus a 15% reduction in 
width occurs for a 10° C rise in bearing temperature. 

In this way it is possible to specify tolerances 
within which the variables must be held during a test 
to ensure a reasonable repeatability on a single result. 
Tests involving those variables considered likely to be 
significant were conducted in two large factorial 
experiments using a facing operating on a small work
piece. The first experiment involved the following. 

1. Material-bars from two distinct melts. 
2. Make of machine-two different types. 
3. Speed-two values. 
4. Feed-two values. 
5. Bearing temperature-two values. 
6. Ambient temperature-two values. 
7. Operator-two operators. 

This experiment thus involved 27 , i.e. 128 experi
ments involving all possible combinations of the 
above. The second experiment involved the following. 

1. Material-bars from two distinct melts. 
2. Make of machine-two different types. 
3. Tool overhang-two values. 
4. Tool centre height-three values. 
5. Tool clamping torque-two values. 
6. Workpiece clamping torque-two values. 

This experiment involved 3 X 25 , i.e. 96 experiments. 
Two different machines were used in each factorial 
experiment to reduce the possibility of overlooking 
effects which might be significant on only a few 
machines. As a result of these experiments controls 
were placed on the variables which it was anticipated 
would ensure that any cutting test result would have 
a repeatability of± '10% at the 95% confidence level, 

i.e. that the result would be within 10% of the correct 
value in 19 out of every 20 tests. 

As only small workpieces for facing had been 
tested in depth in the initial tests, it was thought 
desirable to conduct tests with a large range of work
piece sizes and cutting operations with the controls 
specified in order to assess the repeatability of results 
under a wide range of conditions. These experiments 
were also designed on a factorial basis so that tests 
were conducted at various speeds and feeds and the 
variability in result thus obtained was therefore of 
wider application than it would have been for one 
speed and feed: The major conclusion from the 
results obtained was that, when the limiting width 
was less than 0·35 in, the tolerance on results was 
greater than ± 10%; for the workpieces and oper
ations tested the limits were found to be, at the 95% 
confidence level, ± 0·035 in or ± 10%; whichever is 
the greater. 

Thus it is possible, with a cutting test, to compare 
lathes to a known accuracy. However, as it is antici
pated that such a test procedure will be used to com
pare competitive makes of machine it was considered 
necessary to investigate the likely variations between 
nominally identical machines. In this way some indic
ation would be obtained of the expected performance 
of subsequent machines as compared with that of the 
particular machine used for the comparative tests. 

These further tests involved all the workpieces and 
operations previously investigated and batches of five 
machines from each of two makers of horizontal 
lathes were tested together with a batch of three ver
tical lathes. In order to illustrate the method the tests 
involving the workpiece shown in Fig. 3 on one 
manufacturer's machines will be described. 

As the overhang from the chuck when chatter 
commences had been found to be significant tests 
were conducted at two values of overhang by finish
ing the workpieces to two different sizes. Also three 
speeds were investigated as recommended in the test 
procedure. Thus 5 X 2 X 3, i.e. 30, tests were 
conducted and the results are recorded in Table 2, 
together with the analysis of variance. The residual 
variance (a0 2 ) was estimated from the results of 
previous tests. The machine effect (a1 2 ) may be cal
culated as shown and indicates a variation of± 13.2% 
at the 95% ·confidence level, i.e. 19 out of 20 
machines would give results within ± 13·2% of the 
mean of all 20. The mean of the results obtained for 
each combination of workpiece and operation on 
each of the five machines from one manufacturer is 
shown as a bar chart in Fig. 5. The variabilities of the 
machines made by the other two manufacturers were 
found in a similar way; a variation of± 30% at the 
95% confidence level includes the majority of the 
results. 
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Table 2. Analysis of variance of turning test results on small 
workpieces-Manufacturer X (all results in inches) 

MACHINE 

Overhang Speed 
(rev/min) A B c D 

278 0·196 0·202 0·191 0·195 

H1 370 0·174 0·173 0·172 0·195 

495 0·160 0·227 0·171 0·208 

278 0·231 0·218 0·198 0·241 

H2 370 0·161 0·214 0·185 0·185 

495 0·180 0·250 0·193 0·244 

Source of Sums of Degrees of 
variance squares freedom 

machine 5·4241 . w-3 4 

overhang 3·6080 . 10-3 l 

speed 3·0854 w-3 2 

machine x overhang 3·5216 10-4 4 

machine x speed 3·6233 10-3 8 

overhang x speed 9·9888 . 10-4 2 

machine x overhang 2·7004 . w-3 8 
x speed 

residual 

None of the interactions are significant; however, the 
machine, overhang and speed effects are significant. 
The machine effect is given by 

but 

Therefore 

a0 2 + 6a1 2 = 0·001 356 

0 0 2 = 0·000 319 

a 2 = 0·001 037 = 0·000 173 
1 6 
a1 = 0·0131 in 

Thus 95% confidence limits = ± 0·0257 in 

= + 0·0257 1 01'lm 
- 0·195 • V/O 

= 13·2% 

E 

0·186 

0·175 

0·155 mean of all 

0·186 
results 
= 0·195 in 

0·186 

0·237 

Mean 
squares 

1·3560 . w-3 

3·6080 . w-3 

1·5427 . w-3 

8·8040 w-s 
4·5291 10-4 

4·9944 10-4 

3·3756 10-4 

3·19 10-4 

305 
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Mean 0 ·335 in 
95% confidence 
limits ! 7·63% 

Fig. 3 Dimensions of tapered workpiece for parallel turning 
test on a lathe of 17 ·5 in swing diameter 
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INTERPRETATION OF RESULTS 

When machines are being compared as individual 
machines then the results obtained are subject, at the 
95% confidence level, to a tolerance of ± 0·035 in or 
± 10% whichever is the greater. Thus for one machine 
to be significantly better than another the difference 
should, in general, be greater than twice this toler
ance. If this is not the case then it is likely that the 
chatter performance will not be sufficiently different 
to affect, for example, a purchasing decision. How
ever, if the two machines (of the same model) were at 
different stages of development and it was necessary 
to determine which machine had the better perform
ance than two options are available. It is necessary 
either to conduct repeat tests, when the repeatability 
limits are divided by n112 , where n is the number of 
repeats or to accept a reduced confidence level and a 
consequent reduction in repeatability limits2 • 

If a machine is being tested as a sample machine 
with a view to purchasing several machines of the 
same make then the performance of the average 
machine of one make should be compared with that 
of the others. The result of one test on one machine 
is subject to the variability of the test (say± E%) and 
to the variability of machines (say ± T%). The result 
will be within ± (& + '['2 )1 12 of that of the average 
machine at the 95% confidence level. If these limits 
are too large when comparing makes, then a reduced 
confidence level may be accepted2 with a correspond
ing reduction in E and T or repeat tests on several 
sample machines may be conducted. The tolerance 
then reduces to 

where nr = the number of machines tested 
nE = the number of tests on each machine 

This tolerance applies to the mean of the results 
obtained. 

TESTS AS THE BASIS OF 
PURCHASE SPECIFICATIONS 

The previous section dealt with the interpretation of 
the results obtained in a comparative test of two 
different machines, whether as individual machines or 
representatives of their particular makes. In the latter 
case, when one make has been chosen in preference 
to others on the basis of the tests conducted the 
customer is likely to require some guarantee that the 
machines supplied will have some agreed percentage 
of the performance of the machine(s) tested. 

As it is only the lower limit which is required only 
this will be determined relative to the mean of the 
results obtained, x. The· minimum performance of 
the average machine at the 95% confidence level 
would be 

{ IOO _ ( T 2 + _____e. )1/2} ..L 
nr nr.nE 100 

The performance of any subsequent machine may 
be ('f'l + £ 2 fnE ) 112 less than this, where nE in this 
case is the number of tests conducted on the machine 
supplied. This lower level of performance should be 
equalled or exceeded by at least 19 out of 20 
machines. However, it should be noted that one out 
of twenty machines may not attain this performance. 
If this is unacceptable, then an increased confidence 
level may be required but this increases the tolerances 
and reduces the minimum performance value. 

Some simple calculations for T = 30% and E = 10% 
will soon show that, unless an excessive number of 
tests is to be conducted, the acceptance level will 
have to be considerably less than the mean of the 
tests results. 

CONCLUSIONS 

The work described in this paper indicates the 
amount of testing required to establish any cutting 
test procedure and shows that repeatability limits 
must be determined with a known confidence level 
for the results to have any significance. As a result of 
the tolerances determined for lathes it is possible by 
conducting repeat tests to obtain a very accurate 
measure of performance. Such a technique would 
seem admirably suited to the calibration of vibration 
testing methods for evaluating performance so that 
they might be given repeatability limits. 

Finally, the repeatability limits obtained may 
strictly by applied only to the machines tested and 
the relevant materials, speeds and feeds used. How
ever, it is anticipated that these limits will be found 
to be of wider application but the only sure method 
of verification is to determine such limits for other 
machines and materials. 

ACKNOWLEDGMENTS 

The author would like to thank the Director and 
Council of the Machine Tool Industry Research 
Association for permission to publish this paper. The 
work described was conducted on behalf of the 
Department of Trade and Industry (formerly the 
Ministry of Technology) by the Machine Tool 
Industry Research Association. The members of staff 
principally involved were H. Tipton, H. D. Beeson, A. 
C. Sen and B. J. Stone. 

REFERENCES 

I. 'Specifications and tests of metal cutting 
machine tools', UMIST rep. Min. Techno/. Proc. 
Conf UMIST, February (1970). 

2. 'Dynamic performance tests for lathes', MTIRA 
rep. Min. Techno/. Contract No. 
KJ/4M/150/CB 78 A, March (1971). 

3. SADEK, M. M. and KNIGHT, W. A., 'The 
assessment of the chatter resistance of machine 
tools', The Effects and Control of Vibration in 
Machinery, I. Mech. E., February ( 1970). 

4. PETERS J. and V ANHERCK, P ., 'Machine tool 
stability tests and the incremental stiffness', 
Rep. Gen. Assembly CIRP, September (1968). 



308 THE DEVELOPMENT OF A DYNAMIC PERFORMANCE TEST FOR LATHES 

5. ANDREW, C., 'Chatter in horizontal milling', 
Proc. /. Mech. E., 179,28 (1965). 

6. CHOWDHURY, 1., SADEK, M. M. and 
TOBIAS, S. A., 'Determination of the dynamic 
characteristics of machine tool structures', 
MTDR Con[., Birmingham (1968). 

DISCUSSION 

Query from Dr -Ing. M. A. El Hakim, Faculty of 
Engineering, Ainshams U/V, Cairo 

The represented testing procedures in this paper are 
well prepared and supplied with the necessary pre
cautions. However, the following remarks should be 
taken into consideration: 

(l) One should ensure that the workpiece vibrations, 
although being the same for all tested machines, 
are kept to the lowest possible limits, in order 
to guarantee that the measured results are 
only due to the behaviour of the machine tool 
system. This implies the specification of a 
sufficiently large workpiece diameter-to-length 
ratio. 

(2) As mentioned by the author of the paper, the 
limiting width of cut is sensitive to the changes 
in the distance from the chuck. The workpiece 
in Fig. 3 indicates that such changes are likely to 
occur and hence different limiting widths of 
cut are obtained. 

(3) With the tapered test specimens proposed, the 
development of wear during the test, especially 
at relatively higher values of the cutting speed, 
and because of the excessive workpiece length 
of cut, can lead to errors in the limiting width 
of cut. 

(4) Taking a proportion of the measured chatter 

7. LOWE, C. W., Industrial Statistics, Business 
Books Ltd. (1968). 

8. HOEL, P. G., Introduction to Mathematical 
Statistics, Wiley, New York (1966). 

9. BROWNLEE, K. A., Industrial Experiment
ation, H.M.S.O., London (1947). 

Reply 

amplitude as a criterion for the onset of chatter 
can yield serious deviations in the limiting wid ttl 
of cut. The reason is that the amplitude of the 
self-excited vibrations is not only a function of 
the magnitude of the negative damping, but 
also the non-linear damping of the system. 
It is also independent of the initial amplitude of 
vibration, so that there does not exist a constant 
relationship of any form between the threshold 
of stability and the amplitude of chatter. 

Dr Hakim confirms, in his points I. and 2., factors 
which are covered in the paper and more particularly in 
the D.T.I. report of which the paper was a summary. 

However, concerning point 3., for the materials 
tested the wear obtained was not a significant factor 
and the length of cut could hardly be described as 
excessive. If higher speeds are required to be tested, 
which result in excessive wear with the length of cut 
prescribed, it would appear most unlikely that such 
speeds would be acceptable in practice. 

Finally, concerning point 4., the measurement of 
vibration amplitudes to determine the limit of stability 
is used only when such limits are indistinct. Thus, 
the limit of stability is ill-defmed and some such 
method is essential. However, during the course of the 
tests conducted for the paper, the limit of stability 
was very clearly defined, and measurement of the 
amplitude of vibration was not necessary. 



A NEW HYDRAULIC VIBRATOR 

by 

J. I. ROBERTS, R. LAWTHER and G. PENDLEBURY 

SUMMARY 

A simple new hydraulic vibrator which does not have the disadvantages of conventional vibrators has been 
developed by MTIRA. The vibrator is extremely small and can usually be positioned between the cutting tool and 
the workpiece so as to give realistic simulation of cutting forces. It is intended for excitation by a conventional 
electrodynamic vibrator and permits a large steady force (preload) and small sinusoidal forces to be applied simul
taneously at the most suitable point of a machine tool structure to enable the dynamic behaviour of the structure 
to be studied under conditions representative of those obtained in practice. An inexpensive electrical control 
system which maintains the amplitude of the oscillating force constant as the frequency of vibration is varied is 
also described. 

INTRODUCTION 

The vibration testing of machine tools may have as its 
objective either the improvement of existing 
machines and/or the absolute assessment of the 
dynamic performance of a machine 1 • For the latter 
purpose an exact simulation of the cutting forces is 
required together with measurement of the amplitude 
and phase of the deflections in the relevant direc
tions; furthermore, the tests should be conducted 
with the machine, tool and workpiece in their normal 
operating conditions_. When, however, the objective is 
the Improvement of a machine or trouble-shooting, 
then the requirements are usually not so exacting and 
certain approximations in the simulation may be 
permissible. In both cases a vibrator of some kind is 
necessary to simulate the cutting forces and in con
sidering the most suitable vibrator for use in the 
vibration testing of machine tools it is necessary to 
examine the requirements of vibrators for the above
mentioned objectives. 

The more stringent requirements of the exact 
simulation will be considered initially. These may be 
listed as follows. 

1. Both the steady and oscillating forces must be 
represented exactly in both direction and magnitude, 
due consideration being given to the fact that the 
directions and magnitudes may vary with time. 

2. The oscillating force should be sinusoidal at 
small amplitudes even when a large preload is applied. 
This simulates conditions at the chatter boundary 1 

when the forces are such that chatter vibrations are 
about to ensue. 

3. It should be possible to meet conditions 1 and 
2 over the whole of the frequency range of interest
normally 5-500 Hz. 

4. All machine movements associated with the 
cutting operation to be simulated should take place 
during the excitation, e.g. spindle rotations, table 
traverse, etc. 

5. The vibrator should be positioned between the 
tool and the workpiece without disturbing the 
machining configuration. 

6. The mass of the vibrator should be as small as 
possible so as not to affect the response of the 
machine system. 

At present not enough is known about cutting 
forces to allow for their exact simulation although 
the orders of magnitude and general directions are 
known. Even if full information were available, how
ever, it is difficult to imagine that any vibrator could 
reproduce exactly the variations in magnitude and 
direction that are found in practice so that from this 
point of view no vibrator is ideal. 

Of the three types of vibrator available, viz. elec
trodynamic, hydraulic (using an electrohydraulic 
servo-valve) and electromagnetic-each has various 
limitations. The electrodynamic vibrator, although 
the most widely used type, meets few of the condi
tions listed above. It is large in size and mass, is diffi
cult to use with a preload and machine movement 
during testing, e.g. spindle rotation, is not possible 
without introducing bearings and hence extra flexi
bility into the machine under test. The hydraulic 
vibrator2 ' 3 has limitations because of its size and mass 
and also the force waveform is non-sinusoidal at low 
force levels and at low frequencies. Hydraulic vibrators 
tend to be complex and expensive and machine move
ment during testing is again not possible without 
introducing further flexibilities. The main advantage 
of the electromagnetic vibrator1 •4 is that rotation and 
linear movement parallel with the rotational axis are 
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possible during testing but it is large in size and mass 
and usually cannot be used with the normal tooling in 
place. 

The vibrator described in this paper has little mass, 
is extremely small and its only limitation is that 
machine movement during testing is not possible . It is 
therefore as suitable, if not better, for absolute per
formance assessment than the vibrators noted above. 
However, its main advantage is claimed for use in 
tests carried out in the development or study of 
machines and tooling when its small size oft-en makes 
it the only available method of exciting the structure 
at the correct place between tool and workpiece. For 
this purpose the fact that relative movement of the 
machine and workpiece is not allowed is a minor 
restriction and all other requirements are met. One fur
ther point which should be stressed is that, since the 
vibrator is designed to be held in place merely by 
sandwiching it between the cutting tool and the 
workpiece, no modification of the cutting tool is 
necessary and setting up is much easier than with con
ventional vibrators. The vibrator has been successfully 
used in the investigation and solution of many chatter 
problems involving tooling and workpieces which 
would have been extremely difficult to solve in any 
other way. 

GENERAL PRINCIPLE 

The basic principle of the MTIRA vibrator is conveni
ently explained with reference to Fig. 1 which shows 
a simplified layout. Essentially it consists of two 
similar cylinders each having a thin diaphragm at one 
end with a connecting pin attached to the centre of 
the diaphragm. These cylinders are connected by a 
pipe, the pipe and cylinders being filled with oil or 
other fluid. The diaphragm of one of the cylinders 
(the transmitter) is coupled to an electrodynamic 
vibrator which applies a sinusoidal force to the 
diaphragm and thus causes a corresponding oscillation 
in the fluid pressure. This results in an oscillating 
force being applied via the diaphragm of the other 
(vibrator) unit to the machine under test. A pressure 
gauge and hydraulic jack are connected to the pipe 
connecting the two cylinders and a steady force can 
be superimposed on the alternating force applied to 
the machine by increasing the pressure in the fluid . 

' 
14A.CHIHE 

UMOER TEST 

ELECT10JDV>IOMIC 
VIBRATOR 

/ 

Fig. 1 Diagram showing the principle of operation of the 
MTIRA vibrator. 

DETAILED DESCRIPTION 

Detailed drawings of typical units which could be 
used as transmitter or vibrator units are shown in Fig. 
2. The diaphragm of the unit shown in Fig. 2a is 
made from spring steel of thickness 0·015 in and is 
located on a Dowty seal or '0' ring in the cylinder 
and held in place by a threaded ring. The load trans
mitting pin is screwed to the centre of the diaphragm 
and sealed with a small '0' ring. 

The chamber behind the diaphragm need be of 
only moderate size and the supply pipe, i in diameter 
nylon tube, is brought in through the cylinder wall by 
a screwed union . As the vibrators were designed for 
use with Kistler load washers, to measure the oscillat
ing force applied to the machine tool a boss is 
machined on the base of the vibrator in order to 
locate the load washer. 

The units can be of almost any size. The original 
tests were made on units with external diameters of 
It in and i in, with lengths of 1 in and~ in respec
tively, excluding the boss and the pin extension, and 
when these were found to operate satisfactorily atten
tion was given to designing even smaller models. The 
smallest made up to the present time is of the form 
shown in Fig. 2b-a photograph of this vibrator 
together with the smallest available Kistler load 
washer is shown in Fig. 3. The vibrator is ! in dia
meter and ~ in long, excluding the boss and pin, the 
diaphragm is made from spring steel of 0·005 in 
thickness and k in diameter nylon connecting tube is 
used. In view of the small size the Dowty seal is 
omitted and the diaphragm is glued in place and 
retained by rolling over part of the cylinder walls. 
The vibrator is then a throwaway-type unit as it is 
more expensive to repair than · to manufacture 
another . 

0 RING 

lOSS FOR LillO CEll. 

(b) 

Fig. 2 Typical designs of vibrator and transmitter units: 
(a) large dismantleable unit; (b) small disposable unit. 
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Fig. 3 A small vibrator unit <! in diameter) with Kistler load 
washer. 

CHARACTERISTICS 

The characteristics of the MTIRA vibrator vary with 
the sizes of the diaphragms of the transmission unit 
~d the vibrator. They are also affected by the length, 
SIZe and type of connecting pipe. As it is not possible 
to present here the characteristics of all possible com
binations of these variables, the properties of a 
typical combination which has been found to give 
acceptable results will be described and an indication 
given of the effect of varying some of the variables. 

The vibrator system in question consisted of 
identical transmission and vibrator units of the type 
shown in Fig. 2a, each of which was I+ in external 
diameter and contained a diaphragm of 0·015 in 
thickness supported on a Dowty seal at a diameter of 
1 h in. The connecting pipe was 3 feet of 1 in dia
meter nylon tube. The electrodynamic vibrator used 
to supply the oscillating force was a Goodmans V50 
supplied from a power amplifier fed by a sweep oscil
lator, a Kistler load cell being used to measure the 
force applied to the transmission unit. For the tests 
the vibrator unit was mechanically clamped in a stiff 
frame as described below and a Kistler load cell was 
used to measure the force supplied by the vibrator. 

The force supplied by the vibrator and the force 
applied to the transmission unit are shown in Fig. 4 as 
functions of frequency. These characteristics were 
obtained with fixed settings of both the sweep 
oscillator and the power amplifier. A preload of I 00 lbf 
was applied, half of which was obtained by increasing 
the pressure in the oil to 300 lbf/in-2 and the other 
half by compressing the vibrator by means of the 
mechanical clamp. (If all the preload is developed by 
a steady pressure in the oil, then the diaphragms of 
both the transmitter and vibrator units will be de
flected from their central positions and their linear 
deflection range will be reduced. When the load on the 
vibrator is a machine tool some of the preload can be 
developed by moving the machine members so as to 
compress the vibrator. If half the preload is developed 
in this way and the remaining half by increasing the 
hydraulic pressure, then the diaphragm of the vibrator 

will be restored to a central position, allowing the 
maximum linear range for vibrations). Over the 
frequency range tested - 5-700 Hz - the force 
supplied varies considerably as a result of the method 
of excitation but, except at the upper and lower 
limits of the range tested, there was little loss of force 
between transmitter and vibrator. However, as the 
relation between the force supplied and the force 
applied is reasonably linear - see Fig. 5 - the force 
supplied may be increased by increasing the force 
applied to the transmission unit. Thus a force-control 
unit may be used to maintain the force supplied by 
the vibrator constant as the exciting frequency is 
varied and typical results obtained using the control 
system described in the next section are shown in 
Fig. 6. It can be seen that over the frequency range 
5-400 Hz, i.e. the range normally of interest for tests 
on machine tools, the force supplied by the vibrator 
is maintained within ± 5% of a mean value. 

With the system described it was found possible to 
obtain a sinusoidal force output at a frequency of0·2 
Hz, albeit with a considerable reduction in force 
amplitude. 

Similar characteristics are obtained if the vibrator 
unit is replaced by a smaller one, but there is a 
reduction in the amplitude of the alternating force 
output because of the reduction in area of the 
diaphragm. This reduction in force transfer can be 
avoided by using a smaller transmitter unit. With the 
smaller vibrator units the range of linear displacement 
will, of course, be reduced. 

Because of the small areas of the diaphragms the 
amplitude of the deflection of the structure under 
test has to be limited if non-linear effects are to be 
avoided. However, with the system described above a 
a peak-to-peak amplitude of 0·007 in at 100 Hz 
is possible before non-linear effects are observed and 
this amplitude is more than adequate for most machine 
tool tests, many of which are carried out at peak-to
peak amplitudes of less than 0·00 I in. It is, of course, 
standard practice to observe both displacement and 
force signa~s on a double-beam oscilloscope so that any 
gross non-linear behaviour is easily detected. 

. When testing a machine structure the amplitude 
Will tend to be large at the natural resonant frequencies 
of the structure, but is can be controlled by using the 
setti~g-up. procedure for the force-control system 
descn~ed m the ne:"t section. Alternatively, by using 
the dtsplacement stgnal as the control signal the dis-

Ns 

EXCITING FREQUENCY Hz 

Fig. 4 Forces applied to transmitter and developed by the 
vibrator in a test rig. 
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placement can be maintained at a constant value within 
the range of vibrator. The changes in mechanical 
impedance with frequency would be obtained from 
measurements of the force developed. This would give 
a direct measure of the mechanical impedance of the 
system rather than the commonly measured 
receptance. 

Various types of connecting pipe, e.g. rubber hose 
and copper pipe, have been tested but, compared with 
the nylon pipe, these give excessive force reduction at 
low frequencies and more and larger resonance peaks 
in the force output. 

20 

FORCE SUPPLIED 
BY VIBRATOR 

PEAK to PEAK 
(lbf) 

10 

5 

5 10 15 20 
FORCE 10 TRANSMISSION UNIT 

PEAK to PEAK llbfl 

lOOHz 

liOHz 

li Hz 

Fig. 5 Force transmission characteristics at various fre
quencies. 
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Fig. 6 The force developed by the vibrator with the force
control unit in operation. 

FORCE-CONTROL SYSTEM 

The need for some method of force control has been 
outlined above. Various phase differences between 
the forcing signal applied to the electrodynamic vibra
tor and the force signal generated by the force trans
ducer dictate the use of a d.c. method of force 
control in which the force signal is rectified and if the 
level differs from a preset value the rectified voltage 
is used to vary the gain of an amplifier between the 
oscillator and the electrodynamic vibrator. 

A block diagram of the complete system 
developed at MTIRA is shown in Fig. 7 and the cir
cuit diagram of the force-control system appears as 
Fig. 8. Any convenient force-measuring instrument
ation may be used; the system adopted uses a Kistler 
piezo-electric crystal and a charge amplifier. The 

control system uses four 709 operational amplifiers; 
the first acts as a pre-amplifier with a voltage gain of 
10, the following pair being connected as a full-wave 
rectifier with a voltage gain of about 20. A variable
gain amplifier, consisting of the fourth 709 and a 
field-effect transistor TRI can have a voltage gain be
tween 103 and 1 0"1 depending on the magnitude of the 
rectified force signal. 

Resistor RVI allows the amplitude of the force 
signal fed into the control circuit to be varied. Block
ing capacitors CI prevent any d.c. signal from the 
charge amplifier from entering the control circuit and 
the value of CI in conjunction with resistor RI defines 
the lower frequency-response limit of the input 
amplifier, A, the gain of which is given by the ratio of 
R3 to R1. Amplifier B acts as a half-wave, unity-gain 
rectifier whose output is either zero or a positive half 
sine wave. If the ratio of resistor R9 to R12 is two, 
then the sinusoidal input via R9 and the half-wave 
inverted input via R12 combine and produce a 
negative-going full-wave rectified signal at the output 
of amplifier C. A + 10 volt d.c. offset is introduced 
at the output of C by connecting resistor R 13 to 
the -15 volt rail. This offset is introduced to 'back 
off the steady force signal and thus permit the 
change in force amplitude to control the gain of 
amplifer D. When setting up the system there is no 
force signal to cancel the offset voltage and so diode 
D6 is used to prevent forward biasing of the field
effect transistor. 

A simple low-pass filter, R 19-C9, is required 
between the rectifier output and the gate of the 
field-effect transistor to keep the ripple at the gate at 
a low level. If this is not done, the ripple voltage may 
be sufficient to modulate the source-drain resistance 
of the field-effect transistor and cause signal distor
tion in the output from amplifier D. When D6 is 
reverse biased for any reason any charge in C9 is able 
to leak away through resistorsRl8 andR19. 

The source-drain resistance of a field-effect transis
tor can be altered by varying the voltage on its gate 
terminal and this is used as the controlling element in 
the system. Measurements on a Ferranti ZTX 370 
field-effect transistor gave a resistance variation from 

FORCE 
SIGNAL 

Fig. 7 Block diagram of force-control system. 



J. I. ROBERTS, R. LAWTHER AND G. PENDLEBURY 313 

less than 100 ohm to several megohms for a gate volt
age change from 0 V to -7 V. Used as shown, it was 
possible to vary the gain of amp lifer D from less than 
unity up to around 103 • 

Amplifier D receives a constant-amplitude voltage 
signal from a variable-frequency oscillator and 
provides the power amplifier with sufficient signal to 
maintain the force output from the charge amplifier 
constant. Any increase or decrease in force signal is 
amplified, rectified and, by means of the field-effect 

FORCE 
SIGNAL 

RVI 

R9 

12k R12 

C6 

transistor and amplifier D, controls the drive to the 
electrodynamic vibrator to oppose the change. 

A moving-coil meter is used to monitor the output 
signal level from amplifier D. This is an aid during the 
initial setting-up procedure and also provides a crude 
indication of the force variations during testing. 

Other components shown on the diagram are used 
for biassing and stabilising the 709 amplifiers and 
follow standard practice. 

4 0+15v 

SWEEP OSCILLATOR 
•IN 

1500pf 

05 R20 

R15 
56 A R23 

220k 22k 

R25 

R2 

1M 

R8 
6k8 

Rl( 
8k2 

• OUT TO 
POWER 

AMPLIFIER 

R13 
330k 

-15v 

GROUND 

Fig. 8 Circuit diagram of force-control system. 

SETTING-UP PROCEDURE 

An initial test of the system to be investigated is 
made without the force control operating to find the 
frequency at which minimum force occurs. This will 
usually be at a resonance of the system. With R VI 
turned down to remove the force signal from the 
input, thereby allowing amplifier D to have maximum 
gain, the amplitude of the oscillator signal is increased 
until the meter reading reaches a mark on the scale 
which indicates that the amplifier output is almost at 
saturation. The gain of the power amplifier is now 
increased until it too is almost in saturation. In the 
working condition the driving signals will now be 
incapable of causing electronic saturation. With the 
oscillator set at the frequency for minimum force, the 
force-signal input to amplifier A is increased slowly 
by adjusting R VI until the output meter indicates a 
small reduction in reading. In this condition the 
smallest force signal that will be encountered is just 
balancing the reference value determined by the d.c. 
offset in amplifier C and is therefore controlling the 
gain of amplifier D which is still near the point of 
maximum gain. The system is now ready for use. Any 
required adjustment in the force applied to the struc
ture under test can be made by increasing the gain of 
the charge amplifier and/or increasing the setting of 
RVl. 

Fig. 4 and 6 show the applied force as a function 
of frequency with and without force control. The 
frequency response of the electronic control is flat 
between I Hz and I 0 kHz but the fall off in response 
of the hydraulic system limits the useful maximum 

response to about 1 kHz. In order to overcome the 
reference d.c. offset and control satisfactorily the 
force signal at the slider of R VI must be at least 50 
mV r.m.s. If this input is too low, the control system 
will not operate correctly. 

CONCLUSIONS 

The vibrator and control system described are both 
simple and inexpensive systems which greatly extend 
the usefulness of commonly used vibrator systems. 
Thus small oscillating forces superimposed upon large 
preloads may be applied to structures and because 
the vibrator can be mounted merely by sandwiching 
it between, say, tool and workpiece structural modi
fications are eliminated and set-up times reduced. The 
MTIRA vibrator overcomes most of the limitations of 
conventional vibrators and is expected to prove of 
great value in all types of vibration testing. The vibra
tors described have already proved their worth in 
practical machine tool trouble-shooting, particularly 
when the problem is associated with workpiece or 
tooling. 

The MTIRA vibrator and the control system are 
the subject of patent applications and arrangements 
are being made for their manufacture and sale. 
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INSPECTION AND ACCEPTANCE TESTS FOR NC MACHINE TOOLS 

by 

K. JUSTEL* 

INTRODUCTION 

The increase in sales of NC machine tools has made it 
necessary to reshape the existing specifications of 
acceptance for these machines. Previously in 
Germany the Schlesinger acceptance, which involved 
only the static behaviour of the machine, was the 
standard for all machines. Even today conventional 
machines are inspected with regard to the Schlesinger 
acceptance, normally guaranteeing half tolerances. 

Since the conventional machine has been more and 
more replaced by NC machines, the automatic 
control of the machine positions, without the 
influence of manual intervention, required the exten
sion of existing standard tests and also the creation of 
new specifications considering the static and dynamic 
behaviour of the machine, and the acceptance by test 
workpieces. Also the functional control became more 
complicated as a result of the automatic operation 
under tape control. 

The US standards in this field, such as NASA ori
ginate from the aircraft industry and consider especi
ally the requirements of machining aluminium, etc., 
on contouring machines. For Germany therefore it 
was found necessary to establish new recommend
ations, which have already been published or are still 
under treatment in the German VDI (Association of 
German Engineers). 

One of the most important recommendations, 
which has been in use now for about 3 years, is the 
VDI 3254 'NC machine tools, positioning accuracy, 
definitions and static characteristics'. This standard 
defines the move into pdsition tolerance (deviation of 
position and range of positioning variation) along the 
controlled axis of the unloaded machine. 

The latest and improved recommendations, which 
include also the range of reversal or backlash, were 
published in the spring of 1971. 

Two groups of errors are differentiated: 
1. Systematic errors or deviations. These errors 

are reproducible and have a clear value and sign at 
each point in the machining range. Systematic errors 
are inaccuracies of transducer scales, geometric devi
ations of machine slides, backlash in gears and 
spindles, etc. 

*Scharmann, GmbH, West Germany 

2. Statistical errors or deviations are not reproduc
ible and change value and sign at the same measuring 
point on repeated measurements. The range of statis
tical errors can be measured and is defined as 'stan
dard deviation'. 

STATIC BEHAVIOUR WITH BACKLASH 

Along and parallel to each axis and at a location 
representing the average working range, a number of 
measuring points (normally five points are recom
mended) at a distance of about 50 mm are positioned 
from both sides in order to calculate the range of 
deviation from the desired value (Fig. 1 ). 

The definitions in this figure are 

TEu absolute accuracy 
6a+'O = Rpu range of deviation of position in-

eluding backlash 
fj average backlash 

Au average deviation of position 
s average standard deviation 

xi arithmetic average of average 
values xi from both positioning 
directions 

xi different values of measurement 
at point X 

In constrast with the ISO standard, here, over the 
whole range of one axis, a constant average backlash 
Au and a constant average standard deviations= (st 
+s..J.. )/2 is calculated. The arrows symbolize the 
direction of positioning. This method seems to be 
accurate enough to represent the static behaviour of 
the machine and minimizes the expenditure of inspec
tion and acceptance. If only five random tests at each 
axis point are made, the following correction factors 
are valid for the calculation of the standard deviation. 

N 2 3 4 5 6 7 8 

d2 1 128 1 693 2 059 2 326 2 534 2 704 2 847 
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The factor d2 is the denominator in the respective 
formula for s. 

Fig. 2 shows the Gauss distribution for one 
measuring point. 

L positioning Range 

Fig. I Static deviations with backlash 

Fig. 2 Example of distribution of deviations Xji at one test 
point i including backlash. 

STATIC BEHAVIOUR WITHOUT BACKLASH 

In the case of a point-to-point or straight-cut control, 
or especially in order to bore holes with close centre 
distance tolerances, it is necessary to position each 
point from one direction in order to eliminate any 
backlash in the mechanical system. 

Here the diagram in Fig. 3 shows the position 
tolerance curve and definitions in this case. All 
formulas defining the absolute accuracy and average 
standard deviation are the same except the inclusion 
of average backlash. 

Fig. 4 shows the Gauss distribution at one measur
ing point in this case. 

TOLERANCE PATTERN FOR ANY DESIRED 
LENGTH OF AXIS MOTION 

The absolute accuracy cannot be defined over an 
infinite length of table or headstock motion, because 
close tolerances are mostly within distances of a 
maximum of about 1000 mm. This is the reason why 
the permissible deviations are referred to a variable 
basic length of about 1000 mm with and without 
backlash. The pattern in Fig. 5 therefore allows 

Fig. 3 Static deviations without backlash (positioning from 
one direction) 

Distribution o1 
O.O.iations Xji t 

X;t 

Fig. 4 Distribution of deviations Xji at one test point i 
without backlash (positioning from one direction) 

beyond this basis length a linear opening of the 
pattern. The tangent (.:lT Ezul /2)/ t:.L of this cone is not 
bound by specifications and can be defined by the 
machine tool builder or by the special needs of the 
customer. Within the range of one axis, this pattern 
can be moved in a horizontal and vertical direction 
(Fig. 6). All deviations from the desired value over 
the whole range of the machine are guaranteed to be 
within the borders of this pattern. 

Inspection of NC machines with test work pieces 
In order to include machining errors and dynamic res
ponse into the test value, a recommendation for 
inspection of NC machines with test workpieces is in 
preparation. This test recommendation includes test 
workpieces for drilling, turning and contouring 
machines. 

Normally the test workpiece is one of the actual 
workpieces provided for the customer's production, 
so that at the moment there is no urgent need for 
special test workpieces involving additional costs. In 
special cases, and for fulfilling respective contracts 
with the customer, the NASA standards are used. 

The German VDI will in the future, in order to 
correspond with the ISO standard, also extend this 
existing recommendation to the more complex and 
time-consuming method of ISO, but only when the 
majority of our customers are convinced that it is 
necessary. This recommendation includes all neces
sary information with neglegible inaccuracy for test
ing NC machine tools. 
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POSITIONING ACCURACY OF NUMERICALLY CONTROLLED 
MACHINE TOOLS 

by 

C. P. HEMINGRAY, A. COWLEY and M. BURDEKIN 

SUMMARY 

This paper discusses the practical implications of existing formalized recommendations for the evaluation of 
positioning accuracy of numerically controlled machine tools. The appraisal of the recommendations is based 
upon the results of a testing programme sponsored by the Department of Trade and Industry of the Ministry of 
Aviation Supply and supported by Staveley Industries Umited. 

The merits and deficiencies of the existing recommendations are discussed on a statistical basis using results 
obtained from practical tests. A new recommendation for the specification of positioning accuracy is proposed 
which is based upon a sound statistical and practical evaluation of the results obtained from the testing 
programme. 

INTRODUCTION 

This paper confines itself to those elements of 
machine tool inaccuracies which have their origin in 
the control system (as modified by the machine). The 
resultant errors will form only a part of the errors in 
workpieces produced by the machine, any measure
ments taken referring only to the line,along which 
they were determined and the machine/environment 
state during the course of the test. Geometrical 
errors, thermal effects, and the influence of work
piece weight are all measurable machine properties 
that will contribute to workpiece errors as well as to 
any measurements taken, as will tooling, clamping 
and cutting force deflections among many others. 
Hence we cannot assume that any set of positioning 
errors as evaluated will give a complete picture of 
likely workpiece accuracy. 

No methods of performing the proposed tests are 
described: some of the results given were in fact deter
mined with a line standard, and others using a laser 
interferometer. If care is taken, the measuring errors 
with either of these systems should not be expected 
to exceed ± I J1.ffi (0·000 04 in) over lengths up to 
one meter (39 in). 

The results quoted here are illustrations taken from 
the results of a recent testing program, during which 
the positioning accuracy of several totally different 
numerically controlled machine tools was examined. 
This process showed up sevefal aspects of positioning 
accuracy which do not appear to be covered in the 
various published recommendations and it is on these 
aspects that this paper will concentrate. 

UMIST, Division of Machine Tool Engineering 

EXISTING SPECIFICATIONS 

Two major specifications for evaluating the position
ing accuracy of numerically controlled machine tools 
have been issued, by Verein Deutscher Ingenieure 
(VDI) in Germany1 and the National Machine Tool 
Builders Association (NMTBA) in America2 . The 
NMTBA document has been increasingly used in 
America and Europe by machine tool builders3 , and 
the VDI method has found growing acceptance in 
Germany. Reference is made to positioning accuracy 
by MTTA, MTIRA and BEAMA5 • 

NMTBA specification 
The definition of accuracy proposed by NMTBA is: 
'Numerical control system accuracy at a point is 
defined as being the sum of the signed value of the 
difference between the mean and the target at any 
point plus the value of the dispersion at that same 
point which gives the largest absolute sum.' 

To establish this value, a series of random positions 
are programmed, and the position attained deter
mined, for a certain number of repeats at each posi
tion. The mean at each position is determined and 
compared with the target, the errors being plotted as 
shown on Fig. I. The theoretically perfect target is 
defined to be half-way between the extreme values of 
error, the dispersion at each point having been deter
mined using the standard statistical formula 

dispersion = 3a = 3ll:(X- X)21112 

N-1 
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where X = data value 

x= mean of values 

N = number of values 

a = standard deviation 

The accuracy is then evaluated as shown. 
Two values of accuracy as proposed, one (A b) for 

bi-directional approaches and one (Au) for uni
directional motion, with associated values of disper
sion evaluated in identical ways (3ab and 3au). Lost 
motion at a point is defined in terms of the difference 
between the right and left approach means at any 
given point. We are informed that about 99·74% of 
probable values are covered by such a deviation in 
both directions from the mean, and for two standard 
deviations the figure is 95 ·44%, 'somewhat smaller 
probabilities resulting if the distribution is not 
normal'. 

The main points to note are as follows. 
The dispersion is evaluated for each point, from 

the sum of the squares of the difference between each 
trial and the mean at the position. 

It appears that random selection of points is 
advised. 

Direction of approach is included in the definition. 
If no direction of motion is defined, it is assumed 
that uni-directional positioning is to be used. 

VDI recommendation 
The VDI approach can be explained with reference to 
Fig. 2. As before, a series of random positions is 
selected, and positioned to a number of times. 
(Neither a number of positions nor a number of 
repeats is recommended in the document, but the 
illustrative example has fourteen points each posi
tioned to five times.) The mean position attained at 
each point is determined and compared with the 
commanded position and the errors plotted as shown, 
thus giving 'mean position deviation' similar to the 
theoretically perfect target of the NMTBA specific
ation. Position scatter width Rp, being twice the dis
persion, is evaluated from the mean of the range of 
extreme values at each target positon. The standard 
deviation of each point can be determined by dividing 
the range by a factor depending on the number of 
samples. 

a· = Ri 1(1 

where ai = standard deviation of sample 

Ri = range of sample 

d = correction factor 

and 

From4 the correction factor (where N is the 
number of points in the sample) is 

N 2 3 4 5 6 7 8 10 12 

d 1·13 1·69 2·06 2·33 2·53 2·70 2·84 3·08 3·26 

It is stated in the specification that: 'It {position 
scatter width) can be assumed with adequate 
certainty to be constant over the whole measuring 
length.' Also, no reference is made to the direction of 
motion and its effect on position scatter width (or 
dispersion). However, it is stated that the following 
parameters of the test must always be specified: slide
way length, approach feed rate, load on machine, 
ambient conditions, the number of measuring points 
and random samples, and the duration of the test. 

Comparison 
It is apparent that the 'accuracy' as defined by 
NMTBA is a half of the 'positioning tolerance' as 
defined by VDI. Both specifications, despite their 
different methods of evaluation, say that 99·73% of 
all results should fall within ± three standard devi
ations of the mean at any position. But, whereas 
NMTBA strongly imply that the 'dispersion' can be 
expected to vary along an axis, VDI say not. The 
other main difference of significance, apart from the 
list of parameters VDI require, is that NMTBA have a 
bias towards defining accuracy in terms of a uni
directional approach, whereas VDI do not refer to the 
matter at all. 
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Fig. 1 NMTBA accuracy check 
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EVALUATION OF SYSTEMATIC ERRORS 

Both major standards, and as far as is known most 
Western users of the standards, evaluate both repeat
ability and systematic error by positioning a certain 
number of times (typically 5-13) to a certain 
number of points (typically 6-15) distributed along 
the axis being investigated. Typically any set of errors 
observed is made up to two components: 'cyclic 
error' and 'progressive error', ignoring the effect of 
errors due to repeatability and time. 'Cyclic error' can 
be considered as any error component which repeats 
itself at least once along an axis of the machine tool, 
and 'progressive error' as non-cyclic error. Especially 
with machines which position off the lead-screw, 
cyclic error can be a large proportion of the total 
errors. To take an extreme (but not totally unrealis
tic) example: assume a system with a 50 J.l.m cyclic 
error with pitch of I 00 mm as the only error compo
nent, and a total distance of travel of 600 mm. It can 
be seen easily (Fig. 3) that, if 7 points equally spaced 
are chosen, no error will be revealed, but, if 6 are 
chosen, the pattern will look like a regular systematic 
error. Now normally accuracy is especially critical 
over short distances: thus cyclic error is a more 
serious form of error than progressive error. Taking 
an actual set of results, in Fig. 4 the two types of 
error are illustrated. It can be seen that in distances 
up to about 100 mm the short-term cyclic errors, 
repeating every 6·28 mm (0·25 in), will predominate. 
It would have been very difficult to discern this cyclic 
error if a set of purely random points had been 
chosen. The easiest way of differentiating between 
the two types of error is to perform two tests on each 
axis. The first is desigi!ed to determine dispersion and 
progessive error over the whole stroke, and uses a 
certain number of points {10-20 would normally be 
quite adequate) at a pitch designed to be a factor of 
the period of any suspected cyclic error. The second 
uses a much smaller travel (25 mm is normally 
adequate) the interval chosen being around 0·5 mm. 

A proposal, issued by VUOSO in Prague, recom
mends that in order to reveal periodic as well as 
cumulative error the measuring increments should be 
related to the measured range as follows. 

Measuring range Increment size 

0-0·2mm 0·01 mm 

0-2 mm 0·1 mm 

0-20 mm 1·0 mm 

0-200mm 10 mm 

whole stroke 100 mm 

It is not to be expected that more than two range 
tests will normally be required, however. 

It is required to establish cyclic and progressive 
errors as a consequence of the relationship between 
tolerances and workpiece dimensions. In general, the 
smaller the dimension, the smaller the allowed toler
ance. This is based on the requirements of the ISO 
system of limits and fits, as in BS 4500 (1969). Thus, 
cyclic error can predominate in classifying a machine. 
into an accuracy group, even if it is only a half of the 

observed progressive error. Thus the axis quoted 
conforms with regard to progressive error to IT 7 
easily, but the cyclic error is worse than that allowed 
for on IT 9 tolerance classification. 
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Fig. 3 Effect of step size on observed errors 
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Fig. 4 Errors over whole stroke and over 15 mm 

EVALUATION OF SCATTER 

Significance of difference in dispersion 
The NMTBA document defines dispersion at each 
point, whereas the VDI document evaluates the same 
parameter as a mean of that at all the positions. In 
carrying out tests on machines, dispersion has been 
observed to vary, but not greatly. Fig. 5 shows results 
from one axis of an actual machine, with both the 
VDI values and the NMTBA values of dispersion 
included. It is questionable whether or not the 
observed dispersion variation could have occurred 
solely because only a few samples were taken. Apply
ing standard statistical tests (e.g. Dixon and Massey4 ), 

it is possible to estimate the likelihood of any given 
variation arising, as a function of the observed disper
sions and the number of samples. Applying the tests 
shows that there is more than one chance in 20 of the 
largest of the observed variations in dispersions, as 
shown in Fig. 5, occurring. As 13 points were chosen, 
one can conclude that the VDI method of giving one 
value of dispersion (position scatter width) appears, 
on the basis of the results quoted, to be perfectly 
adequate for this axis of this machine. 

To date, for a number of totally different 
machines types and control systems tested, no signifi
cant variation in dispersion has been observed. One 
can tentatively conclude that a single value of disper
sion is perfectly adequate. This confirms the VDI 
recommendation in this respect. 

Lost motion 
The VDI document ignores the effects of lost motion, 
and the NMTBA version assumes that one can treat a 



322 POSITIONING ACCURACY OF NUMERICALLY CONTROLLED MACHINE TOOLS 

machine that has considerable lost motion by exactly 
the same statistical techniques as those used for a 
machine with no lost motion. However, if one 
performs tests on a machine which has a fairly large 
dead zone, and plots the results in the form of a 
histogram, as has been done in Fig. 6, it is apparent 
that the standard techniques are not really adequate. 
It is fairly easy to demonstrate that there is a unique 
relationship between the bi-directional standard devi
ation (which is l of dispersion as previously defined), 
the uni-directional deviation, and the lost motion, as 
given by 

O'b 2 = O'u 2 +-! L2 

where O'b = bi-directional standard deviation 

O'u = uni-directional standard deviation 

L = lost motion 

This formula has been confirmed (within normal 
error limits) in the cases where L is sufficiently large 
compared with au to render the comparison valid. 

With this formula, it is possible to evaluate the 
actual dispersion, as a function of ab, to include 
'9S%' or '99·7%' of all results as a function of the 
ratio of lost motion to uni-directional standard devi
ation Lfau. The results are shown plotted on Fig. 7, 
and it can be seen that if Lfau is greater than about 4, 
conventional theory over estimates the likely disper
sion by SO% or more. The results shown on Fig. 6 
confirm this to some extent, as 4% of the results fall 
outside the 9S% limits as modified, but none outside 
the un-modified limits (although S% of the results 
would be expected to do so). 

It is clear that, if the lost motion is large, bi
directional repeatability as conventionally evaluated 
is unnecessarily pessimistic: the information needed is 
lost motion and uni-directional repeatability, which is 
sufficient to evaluate all the required information. 
Both parameters are required, as it is obviously un
desirable to specify that only uni-directional position 
is to be allowed on any machine. Thus the actual 
limits for bi-directional dispersion should in all cases 
by given (if necessary, as derived from Fig. 7), 
together with the uni-directional dispersion if the 
machine has a large lost motion. 

In cases where the lost motion is less than about 
twice the uni-directional standard deviation, one can 
usually ignore the corrections proposed here and 
evaluate bi-directional dispersion from all the results. 

To put forward specific recommendations, if lost 
motion is greater than SO% of the dispersion, evalu
ated according to the VDI method, the method as 
outlined below should be used. If less, the VDI 
method is adequate. The method proposed is the 
following. 

I. evaluate mean lost motion. 
2. evaluate the mean uni-directional dispersion, 

for both directions of motion, and then take the 
average of the two values: divide by 3 to obtain uni
directional standard deviation au. 

3. determine the ratio Lfau. 
4. from Fig. 7, determine the appropriate correc

tion factor, c, for the given ratio. 
S. then bi-directional dispersion = 3 X c X au. 

Precision of results 
As previously stated, this paper does not attempt to 
discuss the methods of position measurement, the 
accuracy of which must be evaluated. But, given a 
certain known level of errors in measurement, there 
are two sources of error. The first error, as might be 
expected, arises from the errors in the checking 
method. This error should only affect the deviation 
obtained, as the calibration of the master should be 
known, so systematic error should be eliminated (not 
forgetting temperature effects). However, the 
measurements will have some dispersion due to the 
checking errors, as well as the inherent level of the 
dispersion of the machine. These combine according 
to the formula 

a~= a~+ a~ 

where au = (1/3 dispersion) = measured standard 
deviation 

Thus if 

am =(1/3 dispersion)= actual standard 
deviation of machine 

ae = (1/3 dispersion)= standard deviation 
of checking system 

3ae ll.tm (typical) 

3au S~m (typical) 

3am 4·9~m not 4, as might be ex-
pected 

The second error arises from the very fact that 
only a fairly small number of samples is taken. This 
effect has already been seen to some extent in dis
cussing how much variation in dispersion is needed 
before it can be said that the variation is unlikely to 
arise by chance. In addition, any individual mean can 
only be said to lie within limits given by the mean 

where a = standard deviation of results for posi
tioning method chosen 

N = number of samples at each point 

Strictly, this only gives the 9S% level, i.e. there is 
one chance in 20 that the mean will fall outside these 
limits, but this error width is normally considered 
adequate. 

Thus, with S samples and a dispersion of S ~m, 
any mean can be relied on to± l·S ~m, and with 7, to 
± 1·2S~. 

The dispersion, as evaluated by the NMTBA tech
niques, can be said to lie within ± 2a/(2N)112 (again, 
to 9S% level). 

The errors involved using the VDI method for 
dispersion are less straightforward to determine, but 
can roughly be said to be ± 2a/N!, i.e. 40% greater 
than using the NMTBA method, over the range of 
samples size of S-8. Thus, the VDI example, using S 
attempts at 14 points, gives 3a (i.e. dispersion) to 
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about ± 25%: if each sample of the NMTBA example 
is evaluated using their method, and the mean disper
sion taken, this can be relied on to ± 12%. It is 
interesting to note that both NMTBA and VDI say 
that 99·73% (i.e. quoting to 1 part in 10 000) of all 
points lies within quoted limits. In fact, all that can 
strictly be said is that the value of dispersion quoted 
should be accurate to ± 12% - ± 25%, and hence it is 
almost certain that only a very small minority of 
points (less than 3%) will fall outside the quoted 
limits. 

It is a personal opinion that the VDI method of 
evaluating dispersion is so much easier as to render its 
use in practice desirable over the NMTBA method, 
despite the small sacrifice in precision. 

Effect of drift 
It has been observed on more than one machine that 
over the course of the positioning test, the whole set 
of results drift over the half an hour or so it takes to 
conduct the test. The cause of this has not always 
been clear, although it has on occasion been traceable 
to lack of balance in the null-circuit in the machine 
control system. But, whatever the cause, the main 
effect has been to increase the observed dispersion. A 
typical drift over half an hour is shown on Fig. 8 
which is based upon the same set of results as Fig. 5. 
The results were corrected for drift, and the disper
sion excluding the drift is also shown on Fig. 5. The 
effect can be seen: repeatability is increased from 4·8 
pm (0·0002 in) to 15 pm (0·0006 in) if drift is 
included. 

Drift is easy to evaluate, if a little tedious. The 
procedure which has been used is to establish first the 
mean for each position. Then the average difference 
of the set of results taken initially from the means is 
determined, and similarly for each set of results. (This 
ignores, of course, any drift during one traverse of the 
axis, but this can usually be done.) The drift is then 
plotted, and a mean drift established, enabling the 
results to be corrected for drift, as was done for the 
example quoted. This drift is not to be confused with 
errors caused by thermal expansion, in which the 
progressive error will change but not, normally, the 
dispersion. Such thermal expansion has not been 
observed to occur in this series of tests, but it is 
known that some machines with hydraulic feed drives 
which position off the lead-screw are prone to such 
errors. 

If, as is usually the case, the drift observed is a 
short-term effect, it is recommended that the disper
sion be evaluated after correction for drift, but that a 
statement of the amount of drift be included. How
ever, if (as has been observed), the drift is continuous, 
the dispersion should be given as a function of time. 
To enable any drift to be observed, it is also advised 
that no test during which it is established should last 
less than half an hour: hence, if the drift is estab
lished from the test for dispersion, the test should 
take at least half an hour. 
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CONCLUSIONS 

It has been shown that neither of the two current 
specifications will give an adequate picture of all 
errors likely to be encountered in practice. The 
effects of lost motion, cyclic error, and drift have all 
been observed to affect the positioning accuracy of 
machines, but are all dealt with inadequately, if at all, 
in the specifications. It has also been shown that the 
precision that can be expected is nowhere near as 
great as might be assumed from a cursory reading of 
either document. It is therefore recommended as 
follows. 

l. For any machine tool axis being considered, 
the following should be determined: progressive 
error, cyclic error (including period), lost motion, 
drift (if present), thermal expansion (if present), and 
uni-directional dispersion. Bi-directional dispersion 
should be established from the lost motion and uni
directional dispersion as described in Section 4.2, if 
the lost motion is sufficiently large. 

2. Dispersion is to be evaluated following the 
methods proposed by VDI, for the whole axis. 

3. A minimum of 100 positions should be used to 
evaluate the uni-directional dispersion, lost motion 
and progressive errors in each axis, preferably made 
up to 5 complete cycles (i.e. both ways) to a mini
mum of 10 points. Uni-directional dispersion shall be 
determined for both directions of motion together 
with the mean lost motion. 

4. The position increment for the dispersion test 
shall be chosen to be ·a whole number of pitches of 
any likely cycle error. The cyclic error shall be evalu-

a ted over a suitable fraction of the machine travel, 25 
mm being suggested. 

5. Most of the parameters as recommended by 
VDI should be recorded for each test, i.e. slideway 
length, approach feed rate (if relevant), ambient 
conditions, the number of measuring points and 
random samples, and the duration of the test. It is 
also recommended that the position of the line along 
which accuracy is determined be recorded, relative to 
the co-ordinate axes of the machine tooL 

I. 

2. 

3. 

4. 

5. 
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MACHINE TOOL TESTING
A PRACTICAL APPROACH 

by 

J. W. ANDERSON* 

SUMMARY 

As NC machines find increasing use in the metal working industries, manufacturers are faced with demands for 
greater accuracy and improved reliability. In meeting these requirements, the machine tool test specification must 
keep pace with the demand. Whilst extensive testing at the prototype stage, i.e. design and development testing, is 
justified, it is certainly uneconomic to continue this into the production stage. It is equally essential, however, 
from the customer's point of view, that a realistic program of production testing be fulfilled. Limitations of time 
and economic considerations make it essential that the test program be rapidly excecuted yet comprehensive. 
This paper gives an account of how one machine tool manufacturer has met and overcome the problem. 

INTRODUCTION 

NC machine tools are becoming more and more 
acceptable to the user as a means of achieving 
economic production of small to medium batches. 

While he surveys the field to find a machine to 
meet his production requirements, the potential 
customer must compare each machine with its 
competitors-this he does by reference to a technical 
sales specification. Later, however, when the enquiry 
becomes an order, his interest centres on the 
machine's performance in relation to the sales speci
fication. Thus, the manufacturer has to provide evid
ence of his machine's capabilities by means of its 
conformance to a test specification. 

The development of a test specification for a 
typical standard NC machine tool is the subject of 
this paper. The machine chosen to illustrate the point 
is a numerically controlled horizontal boring and mill
ing machine, one of a range of machines designed and 
manufactured by Giddings and Lewis-Fraser Ltd. at 
the factory in Arbroath, Scotland. (see Fig. 1.) 

A typical sales specification might read as follows. 

Spindle diameter: 
Table size 
Table travel (X axis): 
Headstock travel (Y axis): 
Spindle travel (Z axis): 
Saddle travel (W axis): 
HP at spindle: 
HP at feed drives: 

5 in 
60 in X 96 in 
96in 
60 in 
36 in 
48in 
25 
10 

All 4 axes (X, Y, Z and W) under point-to-point 
numerical control. 

Much has been written, in recent times, on the 
subject of machine tool testing, some of the most 
recent work on the subject being published by the 
machine tool Engineering Division of UMIST in the 
proceedings of the conference Specifications and 
Tests of Metal Cutting Machine Tools, February 
1970. Other National Bodies such as NASA (USA) have 
adopted practical test specifications to meet their 
own specific requirements-in this case the aerospace 
industry. 

The approach to testing described in this paper is 
simple and practical, making maximum use of 
modern measuring equipment and techniques. As 
such, it is by no means claimed as unique. Such 
methods are finding increasing use throughout the 
machine tool industries of the world. The intention 
here, is to illustrate how, using such techniques and 
equipment, test time may be kept to a minimum 
whilst guaranteeing the user value for money and a 
reliable product. 

Tests performed on machine tools fall into three 
main categories. 

1. Design or development tests. 
2. Production tests. 
3. User tests. 
Design or development tests fall outside the scope 

of this paper. They are usually extensive and exhaus
tive, aimed at proving the design specification. From 
the results of these tests the technical specification is 
drafted. 

User tests are commonly simplified or scaled-down 
versions of production tests, aimed at providing a 
ready means of USER assessment as to how the 
machine is maintaining its manufactured accuracy. 
Both have the common aim of proving the technical 

*Division of Giddings and Lewis Incorporated, Fond du Lac, Wisconsin, USA 
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specification. The paper concentrates on the develop
ment of production tests procedures. 

Fig. l 

PRODUCTION TESTS 

These are composed of the following. 
1. In-process inspection --during the manufactur

ing cycle of machine units and the complete machine. 
2. Final alignment inspection- after assembly is 

completed. 
3. Operational quality evaluation of the finished 

product, prior to shipment. 

In-process inspection-machine units 
Most manufacturers treat these tests as a matter of 
routine. Demands for greater accuracies, however, 
dictate that the techniques employed require 
frequent revision. Following the accepted metrology 
'rule of ten', the instrument used in a check must be a 
factor of 10 better than the part being checked - for 
example, where measurements are to be better than 
0·0001 in. the measuring instrument requires a resolu
tion of 0·000 01 in. 

Such accuracies can only be achieved using elec
tronic gauging or air gauging -both systems are 
currently in use in the above checks. Once the 
practice of using electronic gauging is established, it is 
a short step from the conventional 'indicating' instru
ments like the 'Mitronic' micro-comparator (Fig. 2-
seen here checking spindle run out) to the 'recording' 
type such as the Sheffield 'Accutron' (Fig. 3). 

Fig. 2 

Similar techniques are available-and in current 
use-for measurements of spindle sleeve bearing pre
load. Where previously rotational torque was used as 
a criterion, it is now possible to relate preload to the 
axial deflection under a given load-a plot of load/ 
deflection for push- pull conditions on the spindle 
sleeve indicating the preload state. Measurement of 
deflection is by electronic indicator and load is deter
mined by an electronic load-cell (Fig. 4). 

In-process inspection-final assembly 
A similar series of tests is carried out during assembly 
of the machine. In the main, these can be classed as 
'alignment' checks- flatness, straightness, parallelism, 
squareness of one major element to another-as the 
assembly progresses. 

In carrying out these 'in-process' checks, maxi
mum use is again made of electronic instrumentation 
for indicating flatness, straightness, squareness and 
level-instruments such as the 'Talyvel' electronic 
level (Fig. 5), and the autocollimator· and reference 
optical polygon (Fig. 6). The former has a resolution 
of 0·000 005 in. per in. compared with the more 
conventional 'block level' which is typically 0·0005 
in. in 10 in., and the latter indicates angular mis
alignments down to 1 s. of arc. 

Fig. 3 

Final alignment inspection 
The well-known Schlesinger alignment specifications 
are the 'reference manual' for all alignment checks. 
Since their introduction some 40 years ago, toler
ances have, however, been tightened up considerably, 
to meet the requirements of modern practice. It is 
not uncommon nowadays to meet alignment toler
ances of 0·0001 in. per ft, which, on a machine 
of the size under consideration, gives ample proof of 
the need for sophisticated inspection techniques-and 
indeed, equally precise production aids! Figure 6 
illustrates a typical alignment check being 
performed-in this case, the squareness of a table 
cross-slot to the tee-slot. Fig. 7 gives a graphical repre
sentation of another typical Schlesinger alignment 
check. 
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Fig. 4 

Up to this stage, inspection has been carried out 
by an experienced shop-floor inspector, whose 
product knowledge and training enables continuous 
quality monitoring to take place as an integral part of 
the production cycle-prevention rather than cure! 
Until recent times, little has been done beyond this 
stage, to evaluate the performance of the machine 
under service conditions-apart from the occasional 
'cutting test' prior to shipment. For a modern high
quality machine, the test program has hardly begun! 
The completed machine now passes to a specialist 
group, for operational quality evaluation-the vital 
stage before being passed to the customer. 

Operational quality evaluation (OQE) 
OQE is a check on function-for conformance to the 
design specification. From a knowledge of the design 
requirements and a study of the machine operating 
modes, it is possible to draft a test specification 
which will ensure that the original design require
ments are fulfilled on the production models. OQE is 
carried out by a skilled 'team' of mechanical and elec
tronic technicians, using techniques and equipment 
chosen for ease and speed of operation and accuracy 
of determination. 

Tests fall naturally into four categories. 
1. Electronic OQE. 
2. Mechanical OQE. 
3. Positioning accuracy and repeatability checks. 
4. Reliability checks. 

Fig. 5 

1. Electronic OQE 
The first part of the process has already taken place, 
at the time the NC system was assembled as a unit. 
Before 'marriage' to the machine, an extensive series 
of simulation tests has been performed, lasting some 
100 hours. The electronic checkout described takes 
place after 'marriage' to the machine. 

Operating in planned sequence, control elements 
now work under load and perform many operating 
cycles in a short time interval where previously each 
may have operated only a few times under no-load 
conditions. Premature component failures are as a 
result precipitated and indeed can be considered as 
desirable now, rather than later! In general, electronic 
components are extremely reliable, and any impend
ing failures will usually occur during the first 200 
hours of operation-thereafter, failure rates are 
greatly reduced, and after 1000 hours, are of very 
small proportions. 

A test manual giving precise test instructions is 
used in conjunction with a check-list by the tech
nician, throughout the test programme. Failure of any 
test results in immediate correction before proceed
ing. 

'Power circuits and interlocks' OQE. This involves 
checks on voltage levels, fuses, overloads, motor 
rotations and associated circuitry: pressure and float
switch set-up: operation of relays, solenoids, 
switches, brakes, clutches, limits-of-travel switch set 
up: feed and speed range operation: hydraulic, lubri
cation and oil-cooling system operation. 

Functional OQE. A series of tests on 'systems', 
and their function. Each axis of the machine under 
numerical control is checked individually and in com
bination with other axes where appropriate. Digital 
and analogue systems are set and checked, follvwed 
by 'dial-in' modes of operation and finally 'tape 
checks'. This latter series comprises all feed and speed 
selections, fixed cycles-positioning and machining 
variations- depth and cutter compensations and a 
variety of miscellaneous functions. 

An illustration of the extent of these tests can be 
given by examining the checkout of the slowdown 
computer. The electronic circuit controls the slow
down pattern of the feed drive, during a positioning 
cycle. The feedback system compares actual position 
data with preset switch-point data to initiate slow
down as data parity is achieved for each switch-point. 
The feed-rates selected by the computer are compared 
with manually-selected feed-rates by means of a 
tape/bypass switch. The physical slow-down is 
influenced by delays in relays, solenoid-operated 
hydraulic valves, and planetary brake response, and 
this is examined in greater detail later under Planetary 
drives. 

'Tape' checks use individual tape modules for each 
machine control feature . When joined together, they 
form a complete test-tape which is passed to the user 
as a maintenance and training aid-together with the 
program printout, a step-by-step checkout procedure 
for the complete range of machine control features is 
immediately available, 'tailor-made' for the user's own 
machine. 
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2. Mechanical OQE 
The use of specialized items of equipment makes this 
a simple, routine task. The machine functions under 
review are controlled by a combination of hydraulic 
brakes, clutches, solenoid-operated valves, etc., the 
correct inter-action of which determine 'satisfactory' 
machine operation. 

Hydraulic systems. Of major concern in any 
hydraulic system is the extent of undetected leakage. 
Where 'rotating joints' supply clutches and brakes, 
radial (running) clearances must be carefully con
trolled to avoid excessive leakage. Internal leakage in 
solenoid valves and clutch/brake actuators, etc., may 
not be immediately obvious, and a ready means of 
determining the extent of such leakage is required. 

The test illustrated (Fig. 8) is a short-cut method 
of making this evaluation. A planned combination of 
feed/speed/direction of motion/auxiliary functions 
allows the influence of each hydraulic component in 
the system to be assessed. The equipment consists of 
an accurate means of measuring the quantity of oil 
passing through the system in a given time-leakage 
will reduce the measured quantity. 

Oil-cooling system. Accurate machine alignments 
are of little consequence if heat generated in the 
working parts of the machine is not controlled. Lubri
cool is an oil-circulating system with heat exchanger, 
which gives automatic control of oil temperature 
within approximately ± 2° F about ambient. Indepen
dent circulating systems control oil flow to the head
stock and transmission (base), either. through or by
passing the heat exchanger. 

Temperature settings are monitored over a period 
of time, and the on/off characteristics of the system 
studied, for speeds and feeds through the operating 
range, up to the maximum. Initial settings are by 
accurate electronic thermometer, final operation 
checks by thermocouple and ultra-violet recorder. 

Planetary drives. The correct operation of the 
planetary (epicyclic) gear system depends on selecting 
a combination of hydraulic brakes. A u.v. recorder 
with input from a tacho-generator coupled to an 
external rotating member (Fig. 9) plots the planetary 
drive response during feed-rate changes (notably these 
in the slow-down pattern of a NC positioning cycle). 

These plots are compared with 'typical' results 
obtained during prototype testing. Response of each 
machine axis separately, or any combination of axes 
can be checked by this means. 

Power absorption. The power required to move 
each machine axis in forward and reverse directions, 
is measured by wattmeter, at selected feed rates up to 
the maximum (fast traverse rate). 

In assessing the power absorption of the spindle 
bearings and drive planetary throughout the speed 
range, the final spindle drive is disconnected mechan
ically. This allows the power absorbed by the spindle 
bearings to be separated from that absorbed by gear
ing. 

Headstock 'tilt'. A critical area on any horizontal 
borer is the motion of the headstock on the column. 
Insufficient clearance between headstock and column 
may give rise to physical damage to one or both slid
ing surfaces or result in NC positioning errors. Exces
sive clearance will cause misalignment of the spindle, 

particularly where large extensions are used. The 
influence of the hydraulic clamps between headstock 
and column is equally critical. 

A simple means of checking these effects is illus
trated in Fig. lO. This shows a 'Talyvel' electronic 
level being used to measure variations of head inclin
ation as it positions up or down the column, and the 
influence of the power clamps, at prescribed positions 
near the limits of travel. 

Vibration levels. Portable vibration-measuring 
equipment gives a quick and accurate means of test
ing the out-of-balance condition of rotating parts, and 
their influence on vital areas like the spindle (Fig. 11 ). 

Noise levels. Noise level checks at '!trategic 
positions around the machine are made using portable 
equipment. Fig. 12 illustrates a typical acceptability 
curve for the machine in question. 

Machining criteria. Cutting tests are the most 
common means of evaluating a machine tool's 
capabilities. When these are coupled with power 
checks, a realistic assessment of the effectiveness of 
drive clutches, clamps, brakes, etc., while under 
power, can be made. Typical cutting tests include (a) 
milling-maximum metal removal rates-full rated 
horsepower of the drive motor (check horizontal and 
vertical 'lap', flatness, fmish); (b) drilling-spade drill
ing operations-maximum spindle thrust; (c) boring
balanced-cut conditions-'Davis' block tooling-saddle 
feed (check hole size, finish). 

3. Positioning accuracy and repeatability checks 
'Control accuracy'. Tests are designed to check out the 
resolution of the fine systems of measurement-either 
inductosyn scales or resolvers. A test-tape with pro
grammed increments as indicated below commands 
each axis in turn. Actual position is then compared 
with command position, and plotted to give a 
permanent record. 

Axes using Inductosyn feedback
increments of 0·001 inch to 0·015 inch, 
increments of 0·005 inch to 0·100 inch. 

The check is over 1 inductosyn 'pitch'. 
Axes using resolver feedback-

increments of 0·005 inch to 0·100 inch, 
increments of 0·025 inch to 0·375 inch 
or 0·625 inch. 

The check is over 1 complete screw pitch. 

An optical line standard is used to evaluate each 
axis, although the advent of the laser interferometer 
has both simplified and speeded up this operation. 

'Accuracy' and 'repeatability'. Tests are carried 
out with the machine 'free' (no constraint) and in a 
no-load condition. Test equipment requires a high 
degree of precision. This is commonly a Une Stan
dard such as the Starret- Webber lug-bar, in conjunc
tion with an electronic 'indicating' or 'recording' 
system. The lug-bar is composed of a series of 'steps' 
at l inch or 25 mm intervals, having a total span of 
38 inches or 950 rom-accuracy of step spacing 0·000 
002 inch cumulative. Fig. 3 illustrates the check on 
headstock (Y) axis. 

A test tape commands the axis to position to each 
of 6 data points within a 36 inch span, from alternate 
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Fig. 6 

directions, reversal taking place outside the extreme 
data points. A total of 13 round-trips is made. Using 
the recorded data, a statistical analysis is performed 
to give the accuracy and repeatability for each axis, 
to 3-sigma limits. Appendix 1 gives a brief account of 
the interpretation to be put on the results. Although 
13 round-trips are made, the final 7 only are used in 
the analysis. This makes allowance for temperature 
effects (particularly in Resolver feedback systems) by 
giving an initial warm-up period for the axis to 
stabilise. 

Laser techniques. The most recent innovation in 
carrying out these checks is to use a laser interfero
meter as the 'reference', in place of a line-standard. 

Advantages claimed are as follows. 
(i) Data points can now include all programmable 

digits, where previously whole numbers only were 
possible, e.g. I·l213, 5·9439, 9·5601, I6·3727, 
29·0005, 33·4583 inches. Reversal points at 0·0000 
and 37·7500 inches. 

(ii) No re-zeroing. The lug-bar must be reposi
tioned several times in order to set-up the 10-inch 
long Inductosyn scale spars on a 'long' axis. The laser 
inteferometer has a usable travel of up to 1800 
inches. 

(iii) Only the test axis is moved-all other axes 
remain clamped. With the lug-bar, a second axis at 
right-angles to the test axis is programmed, to bring 
the indicator stylus into contact with the lug-bar. 

{iv) Inherent accuracy-the Perkin-Elmer Laser
gage accuracy is ± I part per million + 1 count, at 
distances up to 1800 inches. This means, effectively, 
that over a distance of 100 inches, the measuring 
accuracy is 0 ·0001 inch. 

(v) Time-savings. A typical time for I axis, includ
ing set-up is I - I~ hours, compared with 4- 6 hours 
for the lug-bar. 

(vi) Automatic compensation for environmental 
temperature, part temperature and barometric 
pressure. Relative humidity is manually compensated 
by digit switches. Readings are automatically 
'corrected' to standard measuring temperature of 
20° C (68° F). 

(vii) Automatic print-out of results- no manual 
recording or manipulation. 

Typical laser-gauge set-ups are illustrated in Figs. 
13 and 14. 

f 

I 

i ---11 , 
• ...... , .. ___ ----1 

T 

D 
Fig. 7 

4. Reliability checks 
The machine is now cycled continuously for a period 
of 16 hours, broken down into four 4-hour periods. 
The test tape is from a quality assurance cycling 
program which subjects the machine to conditions of 
service far in excess of normal production operations. 
During the entire period, records are maintained of 
hydrautic/lubrication pressures and oil/atmospheric 
temperatures. 

During the first two 4-hour periods any faults 
which occur-mechanical of electronic-are noted, 
and if the machine cycle can be continued without 
adverse effects, the entire 4-hour period is run. Any 
fault which necessitates immediate correction results 
in the re-run of that period. 

During period 3, only I fault however insiginifi
cant is allowed, and if this can be by-passed without 
adverse effects this is permissible. The final 4-hour 
period must run completely free of faults-if a fault 
does occur, the test procedure reverts to period 3 and 
recommences from that point onwards. The success
ful completion of periods 3 and 4 terminates the test. 

Fig. 8 
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APPENDIX I 

NC ACCURACY AND REPEATABIUTY 
TO '3-SIGMA' UMITS AND INTERPRETATION 

OF THE RESULTS 

The Company has adopted the NMTBA (National 
Machine Tool Builders Association) June 1968 
Recommendations for the Definition and Evaluation 
of 'Accuracy' and 'Repeatability'. These provide 
precise definitions for the terms commonly used to 
describe the performance of a machine tool under 
numerical control. 

'Accuracy' is defined as ' the sum of the signed 
value of the difference between the mean and the 
target at any point plus the value of dispersion at that 
same point'. 

'Repeatability' is defined as 'the expected disper
~ion on each side of the mean, resulting from a series 
of trials when approaching any given point under the 
same conditons'. 

Machine accuracies are normally quoted as 'plus 
and minus' values. Since the zero or starting point can 
lie anywhere within the total accuracy spread, it is 
considered necessary to reposition the theoretically 
perfect target to establish a reference zero at the 
mean of the extreme accuracy points. This follows 
the workshop analogy of repositioning the workpiece 
or fixture reference point to minimize dimensional 
variations within the work zone. 

The use of 3-sigma limits or 3 standard deviations 
in determining accuracy or repeatability is an 
accepted statistical procedure. 3-sigma limits give 
99·74% probability of all positioning attempts at a 
target point falling inside the specified limits. 3-sigma 
limits, by derivation, are automatically quoted as 
'plus and minus' values. 

- - 3o-Llllllts for Uni-Directional 
~ Hoj Accurocy-L.ctt Hand Approocll 

~ +O·Bj P.r1ect To1"9C'- odjlmed to 
j \ Aver• af ExUdon 

0 
I +06 

I 

e= 

-0·2 · 

d e 

Approach 

Distance alang Axis 

Again, quoting NMTBA 

'mean' x= ~X 
N 

where x = data value 
~X= sum of all data values 
N = number of data values = 7 unless otherwise 

specified 

'repeatability~ S = (~(X~x)2) 112 

and 

3-sigma 'repeatability' 3a = 3 S (./-1) 112 

where S = standard deviation of sample without 
regard to sample size 

Fig. 15 shows a typical spread of test results for 6 
data points, for both approach directions. Unless 
otherwise required or specified, unidirectional 
approach is to be assumed (NMTBA), the larger of 
the two unidirectional values found for any given 
point or series of points being taken as representative 
of the machines' capabilities. Note the repositioned 
target, displaced from the original target, to coincide 
with the average of the excursion limits shown by the 
'full' lines. The 'dotted' line is the mean excursion 
for each of the chosen data points. When 3-sigma 
'repeatability' limits are superimposed on the mean 
line, for each data point, the 'full' lines giving maxi
mum and minimum excursions are obtained. 3-sigma 
'accuracy' is then quoted as plus and minus half of 
the excursion limits enclosed by the 'full-line' 
envelope, as illustrated in Fig. 15. 

Similar treatment of all 12 data points, taken 
together, would result in the bi-directional values 
being obtained. A computer program utilizing data 
printed-out by the laser-gauge is commonly used in 
the evaluation. 
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TECHNIQUES FOR TESTING ACCURACY OF NC MACHINE TOOLS 

by 

J. TLUSTY* 

SUMMARY 

In dealing with the problem of defming and testing the accuracy of NC machine tools we are looking for such a 
concept of test where accuracy in the whole working zone of the machine would be established and the 
procedure is practical enough so as to enable us to include the effect of thermal, weight and clamping deform
ations in the test cycle. 

The paper describes how a system of tolerances expressing the accuracy of NC machines, and of measurements 
checking it has been derived and, in some instances, practically applied and verified. This system may be called 
'the linear system of accuracy of NC machine tools' because the word linear appears in describing the various 
features of the system; measurements are made along selected lines in the working zone of the machine, only 
linear (translative) and no angular deviations connected with the motions of the bodies of the machine are 
measured, tolerances are expressed as linear functions of distances of points in the working zone (although any 
other type of function may as well be chosen). We speak of a zystem because rules for tolerances and rules for 
selecting necessary measurements are stated which may be non-ambiguously applied to all types of NC machine 
tools. For a particular type of machine one particular number of measurements along one particular set of lines 
result from this system. This signifies that the system may be used as a basis for standardisation. 

INTRODUCTION 

The method of tape programmed semi-automatic 
'master part trace test' is suitable for our purpose. 
It is a non-machining technique in which the work
piece is represented by the 'master piece' and the tool 
by a corresponding displacement transducer. Such 
instrumentation is usually used as it permits the signals 
of the transducer to be recorded, and the record to be 
subsequently analysed. In principle, the commonly 
used measurements of 'straightness of motion' (see 
Fig. I(a)) in which a gauge slides on a straight 
edge in such a way that for example the straight 
edge is an element of a 'master part'; and of 
'positioning accuracy' (shown diagrammatically in 
Fig. 1 (b)), are elements of the 'master part trace test'. 
In Fig. 1 (b) the 'positioning accuracy' measurement is 
shown in the three possible practical materialisations: 
(1) using a reading head (simple optical or photo
electric and a master scale; (2) a mirror and a laser 
interferometer; (3) a contact type displacement gauge 
and a 'step-bar'. In these instances the positioning 
measurement relates to the master part trace test in 
such a way that the elements of the master part are 
represented, respectively, by (1) the scale, (2) the 
laser beam, (3) the step-bar. It should be realized that 
these are fundamental measurements of displace-

*McMaster University, Hamilton, Ontario, Canada 

ments (errors of positions) relative between the tool 
represented by the transducer and mirror, respec
tively being attached in the instance of Fig. 1 to the 
spindle and the workpiece represented by the various 
elements which are attached in this instance to the 
table of a machine. As previously stated these 
measurements were 'elements' of the whole test and, 
as shown in Figure 1, each of the measurements was 
carried out along one line only in the possible work
ing zone of the machine. 

The measurements assembled in Fig. 1 are the 
three basic elementary 'linear' measurements, i.e. 
measurements of translative errors caused by the 
motion of a body. Apart from these the motion of a 
body is also always accompanied by errors in the 
form of angular motions which will be mentioned 
later, but not eventually included in our 'linear' 
system of measurements. 

Let us, at this stage, determine the denotation of 
the three linear errors. Assume a denotation of co
ordinate axes, for the particular machine tool type, as 
shown in Fig. l(a). In this instance, we are dealing 
with errors related to the motion of the table, i.e. the 
co-ordinate motion X. If this motion was ideally 
accurate the two gauges in Fig. l(a) and any of the 
gauges in Fig. 1 (b), would give a constant signal. For 
the cases of Fig. 1 (b) this means: (1) the head always 
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(a) 

Fig. 1 

reads exactly on each line of the master scale; (2) the 
readings of the counter connected to the laser inter
ferometer are always identical with the position 
commands of the tape; (3) the gauge gives the same 
signal on every step of an exact step-bar. The variations 
of the signals of the gauges represent errors of the 
motion to be found along the one direct line of the 
workpiece parallel to X in which the straight-edge or 
scale or laser beam or step-bar, respectively, are 
situated. These errors will be denoted by the letter 8 
and an index determining the direction of the error. 
In brackets following the letter 8 the letter will be 
given denoting the co-ordinate motion of which the 
errors concerned are functions. Thus: 

8y(x) is the error of straightness of X motion as 
measured in Y direction and of its parallel
ity to table surface (or of its squareness to 
Ymotion) 

8w(x) is the error of straightness of X motion as 
measured in W direction (and of its square
ness to W motion) 

8x(x) is the error of positioning in X, 

all of them reflected to the particular line in the 
working zone. The above formulations relating to 
parallelity, or squareness of a motion to a part of the 
machine or to another motion, would need additional 
explanation which is not considered necessary within 
the frame of the present paper. 

In practical terms, apart from the theoretical basis 
for the system presented above, the paper deals with 
how to determine the minimum necessary number of 
measurements, how to determine the situation of the 
lines along which the measurements have to be made, 
and consequently, how to design the master work
piece and how to write the program for the test cycle 
of motions, and furthermore how to evaluate the 
results of the measurements. At this stage, it is appro
priate to say that the method of evaluation of 
accuracy of NC machine tools, as proposed here, and 
as based on some practical experience, does not 
envisage the use of a digital computer (but for an 
auxiliary part, that of statistical evaluation of each 
positioning measurement separately). An analogue 
way of using a graphical template applied to the 
graphs of element measurements is preferred because 
it is quick, simple and very informative. 

There are a number of reasons for avoiding the use 
of a machining test: (a) it is more expensive and time 
consuming, especially as for statistical reasons, several 
(e.g. five) test workpieces have to be made and subse
quently measured, which again may be a difficult 

Ill, I (~) 

problem; (b) the effects of tool wear and workpiece 
distortions cannot be separated from those of the 
machine inaccuracy. If the non-cutting test is 
arranged so as to give results for the whole working 
zone, including thermal, weight and clamping effects, 
it is undoubtedly preferable. 

THE TOLERANCE LAWS 

Often, unfortunately, methods for testing are 
proposed and discussed without having clearly deter
mined the definition of what is to be tested. We do 
not want to commit such a mistake, and therefore do 
not start discussing the accuracy test unless we have 
established the definition of accuracy of an NC 
machine tool and formulated corresponding tolerance 
rules to be satisfied by the results of the test. 

We are omitting to consider 'dynamic errors' 
occurring in the servomechanisms controlling the 
coordinate motions, such as those caused by different 
velocity errors (different gain) in the individual axes 
and by overshoots and undercuts. Additional checks 
on these errors can rather easily be formulated. 

The accuracy of an NC machine tool is best 
expressed by a comprehensive evaluation of errors of 
positions of points in the working zone of the 
machine. For the purpose of establishing this type of 
approach to the problem, let us start with a technical 
comment concerning coordinate systems. In all prac
tical applications it is necessary to realise tha1: we 
have to deal with three coordinate systems: 

(1) The system of coordinate motions of the bodies 
of the machines; i.e. the system in which the 
machine motions are controlled. Let us denote 
the coordinates in this system by indices 1. 

(2) The system of coordinates of the points belong
ing to the workpiece, i.e. the coordinate system 
of the working zone WZ. These coordinates will 
have indices 2. 

(3) The coordinate system of tool positions with 
respect to the tool carrier, denoted by indices 3. 

For illustration see Fig. 2. In the diagram (a) one 
coordinate direction on a horizontal machine is dealt 
with, the one parallel with the spindle axis. There are 
two machine motions in this direction: table motion 
W, and spindle retracting Z (maximum extension Z 0 

being considered as its origin). In the spindle, tools of 
various lengths can be changed. Considering the 
spindle end as the origin for the tool system, the tool 
point is determined by the coordinate Z3 • In the set
up shown, the coordinate of the point in the working 
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zone which is being machined is w2 , with the table 
edge as the origin of the coordinate system 2. A 
corresponding equation of transformation between 
coordinates w1 , w2 , z2 may be written. 

Case (b) depicts these coordinate systems on a 
chucking lathe. The motion of the slide is related to 
the origin 0 1 , by coordinates x 1 , z1 of the point 0 3 

belonging to the slide. The point 0 3 is chosen as the 
origin of coordinates x 3 , z3 determining the position 
of the tool point with respect to the slide. The tool 
point coincides with the point of the workpiece being 
machined, and belonging to the coordinate system of 
the WZ with the origin 0 2 fixed on the spindle. The 
coordinates of the point of tool-workpiece contact in 
this system are x2 , z2 • Again corresponding trans
formation equations between x 1 , x 2 , x 3 and z1 , z2 , 

z3 respectively, could be written. 
Your attention will now be concentrated on the 

system 2 only-of the points in the working zone of 
the machine. In Fig. 3 the working zones of machines 
(a) with non-rotating workpiece (three-dimensional 
WZ) and (b) with rotation workpiece (two
dimensional WZ), are diagrammatically shown. 
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(c) (d) 

In Fig. 3(a), a point 1 is shown with coordinates 
x 1 , y 1 , w1 , in the chosen system of work zone (work
piece) coordinates. For simplicity, the previously 
mentioned index 2 for coordinates of work zone is 
omitted here. Because of errors connected with the 
coordinate movements of the machine, the position 
of the point 1 is not exact and it differs from the 
ideal position by errors Dx1 , Dy1 , Dw1 , measured in 
the three directions of coordinates. The position of 
another point numbered 2, has errors c5 xz, Dy2 , Dw2 • 

The absolute errors of the positions of any point 
of the work zone by themselves are of no practical 
significance. The accuracy of the workpiece relates to 
dimensions and these are determined by the relative 
distances of pairs of points. Usually, dimensions are 
determined separately in the three basic directions, 
and tolerances for errors of dimensions increase with 
increasing dimensions. 

The two sketches in Fig. 3(b) illustrate a special 
point: generally, it is to be accepted that the 
tolerance of a certain dimension measured in one 
direction, e.g. horizontally in our diagram, will also 
increase with the dimension of the measured surface 

J 
~ 



336 TECHNIQUES FOR TESTING ACCURACY OF NC MACHINE TOOLS 

in the other direction, e.g. the vertical one in our 
diagram. For the dimension A, the actual surfaces 
being such as shown by broken lines and by the 
dashings, the error of the dimension is b.. A . The 
surfaces determined by the dimension B (which is 
practically equal to A) are longer in the vertical 
direction. Therefore an error b..B greater than b..A is 
assumed. The distance of the axes of two holes should 
ideally be C. The actual form and location of the 
axes may be such as shown by the broken lines. For 
very short holes an error b..1 c and for deep holes a 
greater error b..2 c are found respectively. 

The following initial rules for the accuracy of 
positions of workzone points may be assumed: 

(Rl) Tolerances are to be stated for relative errors of 
positions of pairs of points. 

(R2) The relative errors will be considered separately 
in each coordinate. Thus, the relative errors are 
simply differences of absolute errors 

Oxt,2 = Oxt -Oxz 
Oyt, 2 = Oyt -0 yZ 

Owt,2 = Owt -Owz 

(R3) The permissible relative errors (tolerances) 
increase with the distance of the two points 
concerned. 

(R4) The distance of two points will be considered 
separately in each of the coordinates. Thus, e.g. 
in our diagram Fig. 3(a), the direct distance of 
the points I and 2 as shown by the broken line 
is of no concern for the tolerances. The 
distances apply, as they are covered by the 
machine movements 1- 1', 1'- 1", 1" - 2, when 
moving from point 1 to point 2. 

(RS) Each of the relative tolerances mentioned in 
(R2) depend on all the three component 
distances mentioned in (R4). This rule may be 
explained, e.g. by considering the relative error 
o xt 2 in the direction X. By moving 1- 1', the 
positioning error ox (x) along this distance 
applies. By moving 1' -1", the error ox ( w) of 
straightness of motion Win the direction of X 
applies. By moving 1"-2, the error ox (y) of the 
straightness of motion Y in the direction X 
applies. 

In Fig. 3(c), a diagram analogous to that of 3(a) is 
given relating to the two-dimensional WZ of, e.g. a 
lathe. Usually, a diameter is understood as an absolute 
dimension. Actually, however, it is measured again 
as a dimension between two points on the circum
ference of the workpiece and, fundamentally, it results 
from a radial displacement of the tool. Such a displace
ment is again measured as the distance of two points. 
Machining a diameter passing through points 1', 2 
may signify moving from the point 1 to point 1' in 
the setting motion and from point 1' to 2 in the 
machining motion. 

The rules (Rl) to (RS) of the previous case apply 
here as well. In the diagram (d) of Fig. 3 illustrations 
are given of two aspects of these rules. 

Firstly, the relationship between tolerance and 
diameter size is discussed. With manually operated 
machines it may well be assumed that the tolerance 

increases with diameter size, being very small for very 
small diameters. This is so because the error is deter
mined solely by the error of measuring the diameter 
before final cut and the measuring gauge error is 
supposed to increase with the size measured. This is 
illustrated by comparing the small diameter D 1 

without any error with the great diameter D 2 with 
error b..2 . In an NC machine this case applies if the 
tool position is corrected on spindle axis and, conse
quently, every diameter other than zero is obtained 
by displacing in the X coordinate from point x 1 = o 
to a point x2 = D2 /2. It may, however, also be that 
the tool position is corrected in respect to a diameter 
D4 = o. Neglecting, for simplicity, the error of the 
correction, the diameter D 4 will be machined without 
error while both the greater diameter D 5 and the 
smaller diameter D3 will have errors b..5 and b..3 
respectively. These errors will increase with the 
differences (D 5 -D4 ) and (D4 -D3 ) respectively. 

Secondly, it is shown that the error of a diameter 
depends not only on the size of the diameter ( dimen
sion in X) but also on the length of that diameter 
(dimension in Z). All the previous diameters were 
drawn as very thin discs with virtually no dimension 
in Z. The diameter D6 is shown rather long. Corres
pondingly, the error b..6 is assumed to be greater than 
the error b..5 of the diameter D5 = D6 • 

Fig. 4 

Now, it is necessary to formulate the assumed 
rules in a more precise way. Firstly, the relationship 
between error and distance has to be determined. 
Two different formulae have been proposed for posi
tioning accuracy, one by the German VOl 3254 and 
the other one by the American NMTBA. These are 
illustrated in Fig. 4. The diagram shown is a typical 
example of the result of a measurement of posi
tioning accuracy along a direct line, say o x(x ). The 
error ox as function of distance travelled shows a 
systematic trend (full line) and a scatter (broken 
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lines). In this way a field of errors ox is obtained as 
shown by the dashed area. The mean Ox is deliber
ately chosen as zero for x = o. However, the zero line 
for ox may be shifted upwards or downwards mean
ing that it is only the difference of the errors of two 
points which matters. 

It may also be said that the error ox has a certain 
range (span) for every value of the coordinate x. This 
range may be caused not only by scatter but also by 
thermal deformations. 

The requirement expressed in the VDI 32S4 is that 
the difference between maximum and minimum 
values of ox along the whole travel Lx must not 
exceed the required tolerance, TE· In this way, how
ever, an error equal to TE may be generated over any 
small distance of travel. 

The NMTBA expresses the requirement by using a 
template T which permits a certain fundamental value 
.:lrx of the error over a basic distance b. For distances 
greater than b the permissible error increases in pro
portion to the excess of distance beyond b. The 
template is applied to the graph of the error in such a 
way that the whole figure of the error field must 
always be fully enclosed in the template while the 
template is shifted in the direction of the x axis and it 
is at the same time freely moveable as a whole in the 
direction of the Ox axis. This expresses the relativity 
of the error. 

Having to choose between the VDI approach and 
that of NMTBA we do not accept either and propose 
a third formula which is closer to the NMTBA in that 
it permits an increase of error with distance. How
ever, it will contain the VDI formula as a special case. 

Let us, first, see the ISO formula for tolerances of 
workpiece dimensions. In Fig. S the values of toler
ances o in the ITS class are plotted in relation to the 
dimension D. It is seen that the relationship (curve a) 
is non-linear and that for the dimension approaching 
zero the tolerance approaches a certain minimum 
value. The formula for all other IT classes is the same 
but for the scale of o and with the exception of the 
three finest classes IT01, ITO, ITl, where the rela
tionship is linear, again with a certain value of 
tolerance for zero dimension. 

Our proposal is to linearise the ISO curve. For 
middle size machines the linearisation can be such 
that the linearised formula gives identical values of o 
with the original one for D = 63 mm and D = 
420 mm. The linearised relationship is shown by the 
direct line band it is for ITS. 

o = 10 11m+ 40 Jlm/1000 mm 

For small machines the curve a could be replaced by a 
different direct line approximating it in the low range 
of dimensions. 

Accepting this type--of relationship also for toler
ances of positioning accuracy a template as shown in 
Fig. S(b) is obtained. It is similar to the template of 
NMTBA but for not having any basic distance over 
which the fundamental error .:lr would extend, i.e. b 
= o (see Fig. 4). Expressing the graphical template by 
a corresponding formula we have 

(a) 

oL---~-----L-----L----~--~ 
100 200 400 500 

Dmm 

Fig. 5 

which says that the error of the distance (x2 - xt) 
between any two points 1 and 2 being on one line 
parallel with the axis X (see Fig. 3(a), for points 1 
and 1 ') which is obtained as the difference (x2 - x 1 ) 

of the absolute errors in the direction X of the 
positions of the two points is composed of a constant 
A and a term proportional by K to the distance of the 
two points. Whether the resulting error is positive or 
negative (the distance is greater or smaller) is irrele
vant as well as whether the distance is travelled in the 
+ X or - X directions. This is expressed graphically 
by the symmetry of the template around both the ox 
and x axes and, in Eq. (1 ), by using absolute values of 
the differences on both sides of the equation. 

Till now, tolerancing of positioning errors has been 
discussed. However, obviously, the same type of 
formula may be used for the errors of straightness 
and directions of motions. It is well imaginable that 
e.g. in the measurements shown in Fig. 1(a) when 
these are made in both directions of motion and, 
possibly also with stoppings and clampings, the signal 
of the gauges will show a certain basic span indepen
dent of distance of travel and that in addition the 
signal will change in direct proportion with distance 
travelled as a result of non-parallelity of the motion 
with table surface. The constants A and K in the 
formula may be chosen differently for every different 
type of error. If appropriate, the choice of K = o may 
be made which makes the formula equal to the VDI 
one. 

The above errors have been considered when 
moving in one coordinate direction only. If moving, 
e.g. from point 1 to point 2 of Fig. 3(a), the previ
ously assumed rule which has been discussed in 
relation to diagrams 3(b) and 3(c) applies, and each 
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of the errors is not only dependent on one coordinate 
movement only as in formula (I). 

Thus, eventually, the general set of formulae is 
obtained for the tolerances for errors of positions of 
points in the working zone 

l6xl - 6xt 1..:;; Axx + Kxx I x2 -X 1 I + Axy 
+KxyiYl -yti+Axz +Kxzlz2 -z1 1 

(2} 

16y2- 6yt I..;;;Ayx + .Kfx lx2 - Xt I+ Ayy 

+ Kyy ly2 - Yt I+ Ayz + Kyz lz2 - Zt 
(3} 

l6z2 - 6zt I..;;;Azx + Kzx lx2 - Xt I+ Azy 
+ Kzy ly2 - Yt I+ Azz + Kzz lz2 - Zt I 

(4} 

if the three coordinates are x, y, z and where Xt>Yt, 
z1 and x2 , y 2 , z2 are the coordinates of any pair of 
points in the working zone respectively. 

The individual constants A and K may have 
different values. However, it is recommended that the 
pair of A and K be chosen as the same multiples or 
fractions by powers of 2 of the linearised ITS values. 

For a two-dimensional case an illustration of the 
significance of the formulae may be given in a form 
analogous to that in which the tolerance formula is 
graphically expressed by the template in Fig. S(b ). In 
Fig. 6 a two-dimensional template is shown as applied 
to a graphical representation of the 6 x error as func
tion of displacements in two directions X and Y. The 
template consists of two surfaces, one of them 
composed of four planes marked by points I, 2, 3, 
... 9 and the other one symmetric to it with respect 
to the X, Y plane. The minimum distance between 
the two parts of the template is denoted 2a. The 
sections of the template by planes passing through 
the point 9 and perpendicular to X and Y respec
tively, are the single dimensional templates 6x(y) (4, 
9, 8) and 6x(x) (2, 9, 6) of the type shown in 
Fig. S(b ). The template of Fig. 6 could be applied to 
a topographical type of diagram 6x(x, y) in such a 
way that the diagram should always be fully enclosed 
between the two surfaces of the template while 
moving the template all over the X, Y plane and leav
ing it free to move in the 6x axis. This illustration has 
not a practical significance and it is given here in 
order to give a better idea of the significance of the 
formulae (2}, (3}, (4) which cannot, however, be 
graphically expressed in the full three-dimensional 
form. 

The formulae (2}, (3}, (4) are devised as the 
simplest linear form of tolerances. Generally, any 
other form could be used for the relative errors 
(6x2 - 6x1), (6y2 - 6Yl}, (6z2 - 6z1 ) as functions 
of the distances (x2 - x 1 ), (y2 - Yt ), (z2 - Zt ). As 
long as the individual terms of the functions remain 
such that they each include only one of the 
(x2 -x1 ), (y2 -yt), (z2 -zt) variables, the proce
dures of testing and evaluating the accuracy would 
remain the same as those presented in the following 
and using the formulae (2}, (3}, (4). 

- c5x 0 

Fig. 6 

Having decided on the tolerances of the positions 
of points in the working zone of the machine, and 
these representing the accuracy of a workpiece which 
would be machined without any tool wear and with
out any distortion by heat or cutting forces, the 
tolerances for the accuracy of machine motions are 
simply found by correlating the motions of the 
machine with the positions of points in the WZ. 

In this way, it can be required that the three 
component errors 

6i(j), where i = x, y, z. 

satisfy the formulae (2}, (3}, (4) for all the three 
directions j = x, y, z, measured along any direct line 
in the working zone of the machine for all possible 
correlations of the (x1 ,y1 , zt} and the (x2 ,y2 , z2 } 

systems of coordinates. 
By measuring along direct lines which are each of 

them parallel with some of the coordinate axes, each 
of the equations (2}, (3), (4) is split into three 
separate conditions. For eq. (2) it will be 

(2,1}: 16x2(x) -6xt (x)I..;;;Axx + Kxx lx2- Xt !-
positioning accuracy of motion X 

(2,2}: l6x2(y} -6xl (y}J..;;;Axy + KxyiYl-Ytl-

straightness of motion Y measured in direction X 

(2,3): l6x2(z)-6xt(z)I..;;;Axz + KxziZ2 -z~l-

straightness of motion Z measured in direction X 
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It is, of course, unrealistic to make an infinite 
number of measurements along an infinite number of 
lines in the WZ. The minimum necessary number of 
measurements will be determined in the following 
paragraphs. 

It may also be required that the stated accuracy of 
motions be achieved within a range of thermal states 
of the machine, in extremes of weight loading of the 
machine, with or without the use of the clampings of 
the machine elements. 

EFFECT OF ANGULAR MOTIONS. RULES 
FOR UNEAR MEASUREMENTS 

It has been mentioned above that apart from the 
three linear (translative) errors, shown in Fig. 1 and 
measured along one direct line in the working zone, 
there are further types of angular motions by which 
the motion of a body differs from an ideal linear 
translative motion. 

Considering the motion X of the table of a boring 
and milling machine, see Fig. 7, the three angular 
deviations as functions of the coordinate x will be 
denoted by the letter and by an index determining 
the coordinate axis around which the angular motion 
takes place. Or else, the names pitch, roll and yaw can 
be used, analogous to the motions of ships: 

fx(x)- roll 
ey(x) -yaw 
fw(x)- pitch 

The three linear errors x(x ), y(x ), w (x) as 
measured in the point a connected to the spindle and 
along a particular line parallel to the motion X, e.g. 
the line passing through points a and d, include in 
themselves the combined effect of translative devi
ations of the motion of the table and of its angular 
deviations as reflected to the line a, b. 

If the linear errors ~x(x), ~y(x), ~w(x) are 
measured in points b and c, i.e. along the lines passing 
through these points which are offset with respect to 
the line passing through point a by oy and ow 
respectively, the results of these measurements will 
generally differ from that of the measurement in a. 
The difference is caused by the effect of the angular 
motions. Only in the special case when the motion X 
of the table was purely translative i.e. the angular 
variations ~x(x}, h(x), ~w(x) were zero the results of 
measurements of ~x(x), ~y(x), ~w(x) would be iden
tical for all positions of the point of measurement. 

The offsets Oy and Ow are the usual ones 
encountered in this type of machine tool. In Fig. 7 
also the offset Ox is shown, which however, applies 
only in the special cases of twin-spindle machines. In 
such a case the measurement of linear errors made 
with the gauge attached to point a of the first spindle 
applies for machining with tools attached to this 
spindle only while the results for point d of the 
second spindle differ by the effect of the angular 
motions expressed through the offset Ox. 

Often, test specifications for accuracy of machine 
tools are made in such a way that in order to specify 
non-ambiguously the accuracy of the motion of such 
a body as is the table in Fig. 7 the measurement of 

Fig. 7 

the linear deviations «Sx(x), ~y(x), ~w(x) along a 
selected line in the WZ is prescribed as well as 
measurements of the angular motions ~x(x), ~y(x), 
~w(x). 

We do not use this method in our system, for two 
reasons. The first one is that some of the angular 
motion measurements are difficult. Although the 
pitch and the yaw can be easily measured using an 
autocollimator, it is a difficult technique to incor
porate into the 'masterpiece'. The measurement of 
roll is possible with the use of two electronic levels in 
differential connection, provided that it is the roll 
around one of the horizontal axes. 

Roll around a vertical axis is measured with great 
difficulties. The second reason is that there is no 
direct criterion for determining the tolerances for the 
angular motions as their effect is additional to the 
effect of the translative deviations and both should be 
limited together. Therefore, we do not directly 
measure the angular deviations at all and check only 
their effect in an implicit way by making an increased 
number of measurements of the linear deviations ~x• 
«Sy, ~w· 
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The effects of the individual angular deviations are 
included by measuring linear deviations in pairs as it 
is shown in the lower part of Fig. 7, for deviations 
connected with the motion X of the table of the 
boring and milling machine. The illustrations are 
given using arrows as symbols for the three types of 
measurements 

llx(x) - positioning accuracy 
lly(x)- straightness and direction in Y 
llw(x)- straightness and direction in W 

to be carried out with techniques shown in Fig. 1. 
It is seen that the following angular deviations 

affect the following linear (translative) deviations 
through the following offsets 

Angular deviation affects linear deviation through 
offset 

Ex(x) lly(x) Ow 
llw(x) Oy 

ey(x) llx(x) Ow 
llw(x) Ox 

ew(x) llx(x) Oy 
lly(x) Ox 

For single spindle machines, the two effects caused 
by the offset Ox do not apply. In a similar manner 
the effects of angular deviations could be derived also 
for the other coordinate motions of the machine 
(those of the slide, of the headstock, of the spindle). 

It is necessary to determine, in each case, which 
are the applicable offsets and which are the linear 
measurements affected through them. In determining 
the applicable offsets it should be kept in mind that 
an offset is a variation of the position of the point of 
machining (of the position of the measuring gauge) 
with respect to the moving body concerned (Rule A). 
The significance of this rule will be explained later by 
examples. 

The most important aspect of our technique is the 
following statement: If the particular pair of measure
ments of linear deviations are made at extreme off 
sets, they represent two extreme values of the 
particular deviations, (Rule B). Results of measure
ments along lines situated between the lines of 
extreme offsets are enclosed by the results obtained 
at extreme offsets and they could be evaluated by 
linear interpolation between the extreme values. 

Consequently, if the required tolerances are 
satisfied by results measured at extreme offsets they 
are satisfied automatically also for results measured 
along all lines between the two extreme offsets (Rule 
C). 

For illustration, let us consider Fig. 7. The error 
llw (x ), straightness of motion X measured in the 
direction W, is influenced by the angular deviations 
Ex(x) combined with the offset Oy. Therefore, two 
measurements of llw(x) are necessary (for a single 
spindle machine). These measurements will be made 
in points a and b with a gauge reading in the direction 

W on straight-edges which are parallel with the 
motion X. Let us situate these two straight-edges and, 
consequently also the points a and b so that point a is 
practically on the table and point b at maximum 
height possible over table. The two functions llw(x) 
measured at points a and b respectively will be the 
extremes for llw(x). If they satisfy the tolerance 
according to Eq. (4) (taking into account the first 
term only on the right side of the equation), then 
llw(x) satisfies this tolerance for motions in the 
whole working zone. 

As another example let us consider the error llx(x) 
of positioning in the direction X. As shown in Fig. 7 
this error is influenced by the combination of the 
angular deviations Ew(x) with offset Oy as well as by 
the combination of the angular deviations ey(x) with 
offset Ow. Consequently, positioning measurement 
must be made along lines passing through points a, b, 
c, provided that these are situated in the comers of 
the working zone box, i.e. Ow equals the width of 
the table and Oy equals the Y travel of the headstock. 
However, still another measurement is necessary, such 
that both offsets ow and oy combine simultaneously 
at extreme values, i.e. along a line above c in the 
height of b. If the results of these four measurements 
satisfy the tolerance requirement 

then this tolerance is satisfied in the whole working 
zone of the machine. 

In the illustrated way the minimum necessary 
number of measurements of linear deviations and 
their locations in the working zone of the machine 
can be derived for any machine tool type. Having 
determined these measurements a corresponding 
master workpiece can be designed. 

For evaluation of the accuracy test of a machine, 
each set of results is checked against a tolerance 
formula of the type explained by Eq's. (2.1), (2.2), 
(2.3) and by analogous equations obtained by decom
posing Eq's. (3) and (4). These checks are most easily 
made by expressing the result of each measurement 
graphically and applying a template representing the 
corresponding tolerance formula as has been explained 
in connection with Fig. 5. 

As yet, the effect of angular deviations of the 
motion of a body on linear measurements made 
during the motion of that body only has been 
discussed. However, angular motions produced during 
the motion of a body A may also affect the linear 
error& measured during the motion of another body B 
in those cases where the body B is carried on top of 
the body A. We shall not· analyse this aspect in detail 
here. It should only be stated that this aspect does 
not influence the choice of the minimum necessary 
measurements which, when selected as described in 
the preceding are always more than sufficient to 
supply data also for this particular aspect. It is only in 
the evaluation of the results of the measurements 
where this particular aspect imposes constraints addi
tional to those expressed by the tolerance equations 
(2), (3), (4). This point will best be explained on the 
basis of an example in the following paragraph. 
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DETERMINING THE MINIMUM NUMBER OF 
LINEAR MEASUREMENTS. DESIGN OF THE 

MASTER WORKPIECE. THE TEST CYCLE 

By applying Rules A, B, C derived in the preceding 
paragraph on the individual machine tool types the 
minimum number of linear measurements and their 
locations may be determined. Let us illustrate the 
procedure by giving two examples, one for a machine 
tool with a three-dimensional working zone and the 
other one for a machine tool with a two-dimensional 
working zone. 

Following the explanations given in Fig. 7, the 
minimum necessary linear measurements for a table 
type horizontal boring machine are diagrammatically 
shown in Fig. 8. The working motions of the machine 
are X, Y, W. The motion of the spindle Z is not 
considered a working one but only a setting one. 
Therefore, no linear error measurements will be made 
connected with this motion which will be considered 
only in determining extreme offsets. 

y 
IG I 

/ / 1 
I 
I 

(d) 

I 

'/ 
Fig. 8 

The measurements to be made during the motion 
X of the table are based on explanations given in 
Fig. 7 and they are shown in Fig. 8(b ). They are: 

positioning accuracy llx(x), along lines A, B, C, D 

straightness errors in direction Y, o y(x ), along 
linesA andB 
straightness errors in direction W, liw(x), along 
lines A and C 

For measurements to be made during the motion 
W of the slide, see diagram (c). Remembering Rule A, 
that offsets are determined with respect to the 
moving body concerned, we find that the tool 
position varies with respect to the slide in the central 
Y, W plane only. Thus, there are only two extreme 
positions of lines parallel with motion W, those 
denoted E and F. The length of these lines is a sum of 
the travel W,, and of the variation in tool length z3 , 

assuming that travel Z 1 is equal to W1 • The variation 
in tool length determines also the possible offset Ow . 
According to Rules B and C and to geometric 
considerations, the maximum offset Oy given by the 
distance of the lines E and F combined with the roll 
fw(w) influences the measurement llx(w) and 
combined with the pitch fx(w) it influences the 
measurement ow(w). The roll has no effect on oy(w) 
because there exists no offset Ox. However, the offset 
Ow influences both oy(w) and ox(w) by the effect of 
the pitch and the yaw respectively. Consequently, the 
following measurements are necessary: 

positioning accuracy ow(w), along lines E, F 
straightness errors in direction Y, oy(w), along line 
E in two points distant by Ow 
straightness errors in direction X, ox(w), along line 
E in two points distant by Ow 

For measurements to be made during the motion 
X, see diagram (d). The only possible offset of the 
tool with respect to the headstock, which is the 
moving body concerned, is the one created by 
extending the spindle (coordinate z1 ) and by varying 
the length of the tool (coordinate z3 , see Fig. 2(a)). 
Thus, we have the lines G and H located at extreme 
offsets. The following measurements are necessary: 

positioning accuracy o y{y ), along lines G and H 
straightness errors in direction X, .S x(y ), along 
lines G andH 
straightness errors in direction W, ow (y ), along 
line G. 

A 'master workpiece' could now be designed 
which would consist of straight edges and step-bars 
(or scales) assembled together in such a way as to 
make possible all the measurements. Also, .a corres
ponding gauging head should be prepared. There are 
several possible solutions not to be discussed here. 

The evaluation of the test consisting of the 
mentioned measurements is first of all based on 
checking the results of every one of the measure
ments separately against the corresponding tolerance 
formula. We shall say a little more about this in the 
following paragraph. Here, let us just explain the 
point of the effect of angular motions of a body on 
linear measurements made during the motion of 
another body. This effect may only concern measure
ments of 'straightness and direction'. In the case of 
the machine of Fig. 8 it affects the measurements of 
ox(y) and ow(y) because these are made on straight 
edges fixed to the table. Therefore, the vertical 
position of these straight edges is influenced by the 
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deviations €w(w) and €x(w) respectively from hori
zontally of the slide which carries the table. These 
deviations directly affect the 'direction' of measure
ments 8x(y) and 8w(y). Therefore, a separate restric
tion must be imposed on €w(w) and €x(w) which as 
yet has not been contained in the tolerance 'template' 
applied to the results of the individual linear measure
ments. Such a restriction is best expressed by an addi
tional constraint on results of measurements 8x(w) 
and 8w(w). This additional constraint should limit 
the difference between results of these two measure
ments as obtained along the lines of E and F 
respectively. 

Our second case, the two-dimensional one, is that 
of a chucking lathe, shown in Fig. 9. There are two 
coordinate motions X and Z, two types of linear 
deviations connected with each of these motions: 
8x(x), 8z(X), 8x(z), 8z(z) and just a single type of 
angular deviation €y, connected with each of these 
motions: €y(x), €y(z). The axis Y is assumed perpen
dicular to both X and Z. It could be easily shown that 
the two other angular deviations do not apply here. 

18 
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In the lower part of the figure the applicable off
sets are shown as well as the necessary linear measure
ments. For the motion X, of the cross-slide, the 
possible offsets are determined by the extreme 
possible positions of the tool with respect to the tool 
holder fixed to the slide. They are denoted 
Oxmax and OZinax and they indicate the positions 
of lines A and B (relative positions with respect to the 
cross-slide) and the positions of gauges in which the 
measurements have to be made. They are 

positioning accuracy in X, 8 x(x ), along lines A and 
B 
straightness errors in direction Z, 8z(x), along line 
B at two points distant by Oxmax 

For the motion Z of the longitudinal slide, the 
extreme offsets in the Z direction are the same ones 
as for X and they are given by the shortest and the 
longest tool holders respectively. The extreme posi
tions of the tool in the X direction, related to the 
longitudinal slide are those of machining the smallest 
and the greatest diameters as it is indicated by the 
offset Oxmax which differs from that belonging to 
the motion X. The following measurements are 
necessary 

positioning accuracy in Z, 8z(z), along lines C and 
D 
straightness errors in direction X 8 x(z), along one 
of the two lines, at two points distant by Ozmax 

Let us illustrate this case by the description of the 
design of the master workpiece as it has been 
developed, with the author's cooperation, at the 
machine tool company HElD in Austria. Their lathe 
was one with two turret heads. The various possible 
locations of tools in each of the turret heads are 
shown in Fig. 10. It is seen that 0 zmax = 300 mm. 
The Oxmax offset is rather small and it is of no 
significance because the actual Oxmax offset is 
determined by the distance of the tools in the two 
turret heads. Correspondingly, the test was made with 
measuring heads L 1, K1, L2, K2, attached to holders 
shown in Fig. 11. The Oz offset between the heads 
L1, L2 and K1, K2 is 300 mm. The Ox offsets corres
pond to the actual possible tool positions. Each of 
the measuring heads had three gauging contacts 
denoted o:, (3, 'Y, all of them actuating one inductive 
type displacement transducer. The three contacts 
make it possible that the head traces the various tem
plates representing the master workpiece. The 
drawing in Fig. 11 gives the coordinates in the X 3 , Z 3 

system of the contacts. These are used in writing the 
program for the measuring cycle. 

Fig. 10 

In Fig. 12 the master workpiece design is diagram
matically shown. The master piece is shown in four 
positions, A to D. It is an assembly of templates fixed 
to one baseplate which is attached to the spindle 
flange. As shown in the diagram A, in one plane 
passing the spindle axis, there is the X straightness 
template in one line with the X positioning template 
(step bar). In the spindle axis a cylindrical mandrel is 
fixed which is used for Z straightness measurements. 
In the position B which is obtained by rotating the 
spindle one half revolution the X straightness and the 
X positioning templates have changed places enabling 
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the measurements with heads attached to the other 
turrets. The Ox offset for Z positioning measure
ments is obtained here not on lines passing through 
zero and maximum diameters (lines C and D of 
Fig. 9) but in lines displaced on both sides of the 
spindle axis on maximum diameter. This is so because 
machining is also carried out behind and in front of 
spindle axis using the two available turret heads. 
Therefore, the Z positioning template which is situ
ated in a plane passing through the spindle axis at 90° 
to the plane of templates shown in positions A and B 
can be brought once in front of the spindle axis, 
position C, and the second time behind it, position D. 
In this way a rather simple design of the master piece 
enables all the necessary measurements as it is used in 
four different positions around the spindle axis. The 
number of the necessary measurements is slightly 
higher than shown in Fig. 9, for several reasons. The 
first one is that some additional measurements are 
necessary because of the two tool heads. The second 
one is that Z straightness measurements must be 
repeated at two 180° distant positions of the 
mandrel, in order to eliminate the possible non
parallelity of the mandrel with spindle axis. The third 
one is that because of practical aspects of the design 
of the master piece the Z positioning template is 

-570 

182 

186 

Fig. 12 

shorter than the useful Z travel and must, therefore, 
be read in two steps, with the short gauge holder and 
with the long one. The possible non-squareness of the 
X straight edge template to the spindle axis is elimi
nated by the possibility of adjustment of the position 
of this template while a 180° swivel check is made. 

The test cycle in which all the necessary measure
ments are automatically carried out while the 
machine is controlled by a test punched tape, is 
diagrammatically shown in Fig. 13. The whole cycle 
consists of 14 measurements. The type of each 
measurement is noted in the diagrams by determining 
the deviation measured, e.g. o x(x), the turret head 
concerned, where Tl denotes the front head and T2 
the rear head, and the type of measuring head holder, 
where LH and SH stand for long and short holders 
respectively. The positions A to D of the master piece 
are also given in the diagram. All straightness 
measurements are made once in both the plus and 
minus directions. All positioning measurements are 
made with five repetitions of approach to every step 
in one direction arid with five approaches to three 
selected steps in the other direction. In this way a 
statistical evaluation is possible and dead zone is 
determined. The whole test cycle took about 80 
minutes and all results were recorded for subsequent 
evaluation. 
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EVALUATION OF RESULTS 

In the preceding paragraph it has been shown how to 
determine the minimum necessary number of linear 
measurements so as to obtain the basic set of 
measurements which can in a fully comprehensive 
way express the effect of errors connected with the 
individual coordinate motions on the accuracy of 
relative tool-workpiece motions in the whole working 
zone of the machine. It has been shown that this 
basic set of measurements can have the form of a 
semi-automatic measuring cycle in which gauge heads 
representing tools trace a master workpiece represent
ing a universal set of machining operations. 

The evaluation of the basic set of measurements is 
rather simple. First, all of them are expressed graphi
cally. For measurements of 'straightness and direction' 
the result is usually obtained directly in the required 
graphical form as a continuous record of the signal of 
the tracing head, preferably recorded in such a way 
that the direction of the recording paper is reversed 
when the direction of the measured motion is 
reversed. The measurements of 'positioning accuracy' 
have to be statistically processed first. After that, 
they are again expressed in a graphical form such as in 
Fig. 4. 

Subsequently, each of the graphs is checked 
separately using the corresponding graphical template 
as it has been described in the preceding, in connec
tion with Figs. 4 and 5. The individual parts of the 
tolerance conditions (2), (3), (4): they have the form 
shown in Fig. S(b) which in every case is determined 
by the values of the constants A and K. For a 
particular machine tool model, particular values of 
constants A and K apply, to be given in the specific
ation of the model. The correlation is such that for all 
l>x(x) measurements the constants Axx and Kxx 
apply, for l>x(y) the constants Axy and Kxy• etc., for 
c5y (x) the constants Ayx and Kyx• for fiw (x) the 
constants Awx and Kwx• etc. The requirement is that 
all of the measurements satisfy the tolerance con
ditions. If they do, it is proof that in the conditions 
in which the test cycle has been carried out the 
accuracy of the machine is such as required. 

Because the semi-automatic test technique is 
rather quick it is possible to require the test to be 

repeated at various conditions. For example, it may 
be r~quired for a horizontal boring and milling 
machme that the test be made with satisfactory 
results both for a non-loaded table and for a table 
loaded with a specified maximum weight of work
piece. 

The most common requirement is that the 
machine should give the required accuracy in a range 
of thermal states. The corresponding test is such that 
the above mentioned basic cycle is repeated through 
the desired thermal cycle of idle motions of the 
machine. In all particular cases it has been usually 
found that, considering the pecularities of the 
thermal deformations of the machine, only certain 
parts of the basic measurements cycle have to be 
repeated through the thermal cycle of the machine. 
This, usually, leads to considerable simplifications of 
the procedure. For a horizontal table type boring and 
milling machine it may be acceptable that all perti
nent heat sources act on the column and headstock 
group of the machine. In such a case the measure
ments connected with the Y motion only have to be 
repeated, see Fig. 8(d). 

It is, however, important to realise that the 
repeated measurements of a particular item of the set 
of measurements must not be evaluated separately. 
All of the results, of a particular type of repeated 
measurement represent a 'range' of the errors. They 
have to be plotted together, allowing for some correc
tions corresponding to the usual manual corrective 
interventions into the machining cycle, and they all 
together have to enter into one tolerance template. 
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METALLURGICAL AND RESIDUAL STRESS INVESTIGATIONS 
OF EXPLOSIVELY WELDED SPECIMENS 

by 

R. PROMMER* 

INTRODUCTION 

Explosive welding is a method which has already 
gained many applications such as the cladding of pres
sure vessels, heat exchanger tubes and chemical 
reactor tubes. The main advantage of this method is 
that metals can be welded which cannot be bonded 
by fusion welding, either because of too great differ
ences in their melting points or because of the 
creation of intermetallics in the bond zone. Explosive 
cladding can also be achieved within great areas, up to 
5 m X 2m; theoretically unlimited, if there were no 
environmental limitations due to noise. Because of 
this, most of the experiments are performed in 
quarries. In recent years much work has been 
performed in cladding different materials and 
different shapes•-s, and the mechanism of welding 
was also extensively investigated1-4· 6 • 7. Much work 
is concerned with the joint efficiency and the 
strengths achieved. Since the material is subjected to 
changes due to shockwaves, such as intense plastic 
deformation, phase changes, and large mechanical 
twinning2 •4 •8 •9 near the bond zone, examinations of 
the bonding strength are of interest. The strength is 
also affected by the presence of residual stresses. 
These can give rise to fractures or can lead to stress 
corrosion near the bond zone without any external 
applied load. It therefore seems worth investigating 
the stress state of an explosively welded specimen. As 
steep stress gradients are to be expected near the 
bond zone, the strain determination has to be 
performed within small areas. The X-ray method 
seems to be the most appropriate one in this case. A 
weld between an aluminium alloy and a mild steel is 
investigated. 

THE WELDING PROCESS 

The possibility of explosive welding metals was 
discovered accidentally during explosive forming 
experiments of metal sheets, when the sheets 
happened to be bonded to the die10 • At present 
'explosive welding' has gone into fabrication. Several 
companies supply explosion clad plate products. A 
quite common arrangement of explosive welding is 

shown in Fig. 1. A flyer plate is inclined at a small 
angle o: against the base plate. The upper side of the 
flyer plate contains an explosive layer which is deton
ated by the detonator. Fig. 2 shows the situation a 
few microseconds after ignition. Owing to the high 
detonation pressure (of the order of 1 010 N/m2 , 

dependent on kind of explosive), the flyer plate 
is accelerated instantaneously and hits the base 
plate at an inclination angle (3, the collision angle. 
At the collision point K a high stagnation pres
sure and shear stress is created, which causes the 
material to flow. A jet is formed which removes thin 
surface layers from both the flyer and base plate. 
Thus, 'clean' surfaces are impacted and a metallic 
bond is achieved. There are several problems, such as 
choosing the right inclination angle o: , and more 
especially the right kind and amount of explosive. 

flyer plate 

V/7/ZZ/Z{ZTJT~ 
base plate 

Fig. I 

Fig. 2 

*Arbeitsgruppe fUr Hochenergie-Bearbeitung, 7341 Amstetten, Germany. 
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The flyer plate is accelerated by the explosive to 
the velocity Vp· The collision point K travels with the 
velocity vK. The following relations exist, as can be 
seen from Fig. 2 

vP = sin (p- a) 
Vn 

where v0 = velocity of detonation front, and 

- Vp 
Ill( - sin (j 

In order to obtain an explosive weld, the plate's 
velocity Vp should exceed a minimal value. This 
requires either a large amount of explosive or a rela
tively small amount of an explosive with a high 
detonation velocity. In an arrangement of the plates 
with zero inclination (a = 0°), the detonation velo
city should not be greater than 100-120% of the 
bulk sound velocity3 of either one of the two metals 
to be explosively bonded. 

The weld to be examined consisted of an un
alloyed steel St 37, 5 mm thick, and an aluminium 
alloy AIZnMg 1.25 mm thick. The steel plate was 
chosen as the flyer plate, as being the more ductile 
plate. The detonation velocity of the explosive was 
Vn = 3900 m/s. The ratio of mass of explosive to 
mass of flyer plate was 0·44, the inclination angle was 
Sci'. The velocity of the collision point was measured 
to be vK = 3680 m/s, the collision angle was (j = 7° 
and the plate's velocity was Vp = 445 m/s. 

METALLURGICAL INVESTIGATIONS 

From the centre of the 500 X 130 mm cladded plate, 
a block of 50 X 30 X 30 mm was cut with one of 
the removed surfaces parallel to the direction of 
collision (Fig. 3). After mechanically polishing this 
surface, the 'work-hardened' surface layers were 
removed electrolytically. This is important because of 
the X-ray residual stress measurements, as the surface 
layer concerned is very thin. 

The microhardness HV 0 3 measured at the cut out 
area is shown in Fig. 4, plotted against distance from 
the interphase. An increase in hardness is observed in 
both materials after shock loading. There seems to 
exist a minimal hardness both in aluminium and in 
steel at a distance of about 0·5 mm from the inter
phase, whereas immediately next to the interphase an 
increase is observed. The increase is due to the form
ation of intermediate phases near the weld zone. Fig. 
5 shows the bond zone in 1 00-fold magnification. 
Near the wavy interphase in iron, severe deformation 
has occured. At greater distances from the interphase 
in iron, mechanical twin-formation is observed. Such 
twinning is only observed in low-temperature or 
high-strain-rate deformation. 

Microradiographic investigations 
To dig deeper, microradiographic investigations were 
performed as shown in Fig. 6. The upper part is the 
iron concentration near the bead, the lower part, the 
electron absorption picture. The iron concentration 
picture shows that there is no homogeneous distri
bution of iron in the intermediate phase. The phase is 
not in equilibrium due to the fact that during explo
sive cladding there is no, or only little, diffusion. 

Therefore, stresses of great magnitude cause the inter
mediate phase to fracture. The fractures are revealed 
in the electron absorption picture. 

Residual stress investigation 
The stresses which lead to fractures in the bond zone 
of the explosively welded aluminium-steel sample are 
expected to be active within small areas. The require
ments for stress measurement therefore are 

1. nondestructive measurement, 
2. within small areas. 

In this case, the X-ray method is the most capable. 
The measurements are performed nondestructively 
within a very small area of 0·3 mm diameter. A 
primary X-ray beam is incident obliquely on the 
specimen's surface and is reflected at lattice planes of 
the crystallites of the polycrystalline specimen, Fig. 
7. The basic equation is Bragg's law 

2Dsint?='A (1) 

where D is the lattice spacing, -& the Bragg angle, and 
'A the X-ray wavelength. When D is altered, owing to 
residual stresses, a change in diffraction angle -& is 
observed. The way the measurements are performed 
is demonstrated schematically in Fig. 8. The incident 
X-ray beam P is reflected at lattice planes and is 
recorded on an X-ray film. At the same time the 
interference line of a thin layer of a proper reference 
powder is recorded. The distance between both lines, 
~1 and ~2 , is a measure of the strain in the 
directions 

and 

l/11 = 1/lo -71 

l/12 = 1/lo + 11 
(2) 

with Tl = 90° - -& and l/1 0 the incident angle with 
respect to the normal of the specimen's surface. The 
strain in directions l/1 1 and l/1 2 is given by 

el/!1 = c (~1 - ~o) 

and 
(3) 

where c is a constant 11 , and ~0 is the distance 
between the interference line of the reference 
powder and the specimen. When the exposures are 
taken in a plane given by the normal and the direc
tion of the stress o 1 , and assuming a plane stress 
state with the principal stresses o1 and o2 to be 
active in the surface, the lattice strain is given, by 
linear theory of elasticity, as 

v + I . 2 .r. v ( ) el/l = E o1 sm 'I' - E o1 + o2 (4) 

where E is Young's modulus and v Poisson's ratio. 
When several el/i -values are determined in different 
l/1-directions and plotted against sin 21/1 , a linear rela
tionship is obtained (Fig. 9). The slope gives the stress 

a e~ E 
01 = a sin l/1 • v + I (5) 

The intersection el/i =o with the ordinate gives the 
sum of the principal stresses 
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E 
a1 + a2 =-- . €"' = 0 v 

{6) 

Measurements were performed on the sample (Fig. 
3) in order to investigate the stresses a1 and a2 as a 
function of distance from the interphase of the explo
sively welded specimen. The radiation used was 
Co-Ka. The (420)-lattice planes of aluminium, and 
the {310}1attice planes of ferrite were measured. By 
this method, no corrections due to possible alter
nations of the elastic properties12 •13 of the material are 
necessary. Back reflection exposures obtained at a 
point I mm away from the interphase in steel and 
Al-alloy are shown in Fig. I 0. The outer doublet is the 
reference powder's, the inner doublet the specimen's 
interference. The broadening of the interference line 
of AI indicates a work hardening which has occurred 
in the Al-alloy during shock loading. 

Typical lattice strain distributions obtained in steel 
near the interphase are demonstrated in Fig. II. The 
slopes define a stress in the longitudinal direction 
(parallel to the interphase) of a1 = -20 kg/mm2 , and 
in transverse direction {perpendicular to the inter
phase) of a2 = -9 kg/mm2 • In good agreement with 
the single determinations, the sum of the principal 
stresses obtained from the intersection with the 
ordinate is a1 + a2 = - 29 kg/mm2 . 

In Figs. 12 and 13 the plot of the stress a 1 acting 
parallel and the stress a2 acting perpendicular to the 
interphase is given as a function of distance from the 
interphase. The stresses near the interphase are 
compressive. 

--direction of collision 

180 

E140 
E :: 

-~l .., 
0 
> ::<:1 

= ~ .., 
l 

-5 -4 

Fig. 3 

AI 

·3 -2 ·1 

distar.ce from intl!fpNse in mm 

Fig. 4 

Fig. 5 Bond zone of the explosive steel-aluminium alloy-clad, 
100 X. 

a) Fe-concentration picture. 

b) Electron absorption picture. 

Fig. 6 Microradiographic investigation of the weld, 600 x. 
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Fig. 7 

lot 

Fig. 8 

slope: 

intersection 

~6'1!1' ... V'+l 0 
6sin2v E 1 

sin2 7/r 

Fig. 9 

a) Al-alloy, ( 4 20) plane 

b) Steel, (31 0) ferrite plane 

Fig. 10 Typical back reflection patterns for X-ray stress 
measurement, Cobalt-Ka-radiation. 

5.1()-4 ....-------------------------. Fe13101 

Fig. 11 
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DISCUSSION OF RESULTS 

The most surprising fact is the magnitude of residual 
stresses observed near the interphase of explosively 
welded aluminium-steel. These are in the order of the 
yield strength of the materials. There is no doubt that 
strength is influenced by these stresses. In fact the 
strength of the clad product was low. 

The longitudinal stress a1 shows a discontinuity 
at the interphase, the transverse does not. This agrees 
with the requirement of compatibility. The jump of 
the longitudinal stresses at the interphase should be in 
the ratio of Young's modulus for the two materials. 
For steel and aluminium this is I :3. The observed 
ratio is I :2. The deviation can be explained by the 
method of measurement. Due to a steep stress 

gradient near the interphase, the irradiated area, 
0·5 mm in diameter, is still too great for resolution. 

Usually in fusion welding tensile stresses are 
expected in the bead of the weld. This is confirmed 
experimentally when the heat input during welding is 
constant with respect to the specimen's thick
ness13•15. The fact that compressive stresses are 
observed in the explosive weld shows that quite 
different processes are acting, although there exists 
evidence for molten zones in the interphase and a jet 
of liquid metal. The very high pressure during impact 
and the reflected tensile shock waves are the main 
parameters determining the residual stress state. 

Therefore, further experiments taking account of 
collision-point velocity and the plate's velocity during 
explosive welding on the residual stress state, and 
herewith on the strength of the clad product, have to 
be performed. 
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DISCUSSION 

Query from Prof Loewy, Technical Institute, Haifa 

How is the bondage influenced by contamination by 
oxides or oily layers? 

Could these layers be pressed out in spite of the 
high speed of welding? 

Or, should the platen be mechanically or chemic
ally cleaned (sand blasted)? 

Reply 

This question is very important for the practical 
application of the explosive welding process. At first, 
one would guess that very clean surfaces are necessary 
during collision, but there exists experimental and 
theoretical evidence for the formation of a jet of 
liquid metal. This jet is ejected from the surfaces 
involved in collision, so that oxides and oily layers are 
swept away and a metal-to-metal bond can be 
achieved. However, as the mass of the jet is propor
tional to the masses of the colliding plates, problems 
could arise if these plates were very thin. The jet 
could then be too weak to produce this surface clean
ing process. Therefore, in order to be sure, the 
surfaces in our research are cleaned by grinding. 

Query from S. Shina 

(1) Regarding Figs. 12 and 13, I wonder why inte
grations of each residual stress tend to zero. 

(2) If at the outer surfaces residual stresses are 
tensile, it seems to me more important to 
examine the tensile residual stresses, rather than 
compressive ones, so far as the fracture of sheet 
metals is concerned. 

Reply 

(1) In this investigation the most important region 
was the one near the interphase, as the most 
severe metallurgical changes occur there. Of 
course, due to the requirement of balance of 
forces, tensile stresses should occur at a greater 
distance from the interphase. 

(2) This is right, as tensile stresses have a bad 
influence on fatigue behaviour, whereas com
pressive stresses improve fatigue behaviour, 
when materials of similar microstructure are 
considered. 



FORMING FORCE REQUIRED FOR TUBE-FORMING 

by 

Y. TOZAWA* and K. KAWADAt 

SUMMARY 

In the tube-forming process chosen as the subject of this study, a U-formed blank is formed into the tube by a 
semi-cylindrical punch and die without mandrel. The deformation process of each portion of the U-formed blank 
and the shape of formed tube are investigated experimentally, and the diameter of U-forming punch, to minimize 
the deviation of the shape of formed tube from a circle, is found. The devation from a circle decreases with an 
increase of the applied force, and the suitable force for tube-forming with close tolerances is obtained theoret
ically after consideration of the deformation process. The force required for tube-forming without regard to 
tolerances is lower than this. 

INTRODUCTION 

There are various processes in the forming of 
cylindrical parts from sheet metal, and also various 
types of operations and tools used in the press
forming process. The tube-forming process discussed 
in this paper is that of a flat blank which is first bent 
into a U·shape by cylindrical punch; the U-formed 
blank is then formed into circular shape by a semi
cylindrical punch and die without mandrel. This 
process is widely used in the forming of small 
diameter rings and even in the forming of large ones 
for pipes. 

The expression for estimating the force required 
for U-bending has already been presented by the 
authors1 and is comparatively small. However, there 
are very few reports on the force required for tube· 
forming, which is comparatively large. In this paper, 
the force required for tube-forming with close toler· 
ance is examined experimentally and theoretically. 

EXPERIMENTAL 

A testing machine was used for forming in the experi
ment. Under the condition of air bending, flat blanks 
were first bent into a 180° U-shape by cylindrical 
puncheshavingdiameters,d,of22, 28,33 and 38 mm, 
and the U-formed blank was formed to the tube with
out mandrel by a semi-cylindrical punch and die 
having a diameter,D, of 40 mm. 

Before forming, points were marked on the side of 
the blank. Several photographs were taken during 
forming, as shown in Fig. 1. The curvature of each 
portion of the blank was measured from the shape of 

blank recorded photographically at each stage. The 
process of deformation of each portion was revealed 
by the result. 

Fig. 2 shows the distribution of curvature at 
several stages during forming. Each portion of the 
blan~ is at first bent into a large curvature; a certain 
portion is then partly unbent into a curvature smaller 
than that of the tool and finally formed in the shape 
of the tool. Thus, the process of deformation in each 
portion of blank varies considerably with the 
diameter of the U-forming punch, the diameter of 
which consequently also affects the shape of formed 
tube. 

The diameters of formed tubes were measured as 
a, b, and c as in Fig. 3, in addition to the measure
ment of the gap z in the touching part. Fig. 4 shows 
the effect of the diameter of the U-forming punch on 
the shape of formed tube. If the diameter of U-forming 
punch dis small, the diameter of tube a is greater than 
b (a>b), and in the case of large d, a is less than b 
(a<b) in addition to causing the gap z in the touching 
part, and if that is suitable, a becomes equal to b 
(a=b ). These relations are affected by the applied 
force in tube-forming as shown in Fig. 4. 

When the blank is formed, the U-forming punch 
being of suitable diameter, the greater the force of 
tube-forming becomes, the closer to a circle the shape 
of tube becomes. Fig. 5 shows one example of the 
changes of tube diameters a, band c with the applied 
force. If the applied force is small, a and care greater 
than the tool diameter, and in contrast to this, b is 
less than the tool diameter. The difference in the 
values of a and c is caused by the existence of straight 

*Department of Iron and Steel Engineering, Nagoya University, Nagoya 464, Japan. 
tDepartment of Mechanical Engineering, Chiba University, Chiba 280, Japan. 
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parts near the touching part. When a certain force is 
applied in tube-forming, c becomes nearly equal to a, 
namely, the straight parts disappear. Therefore such a 
force is considered to be the force required for tube
forming without regard to tolerances. And the 
difference between a, or c, and b decreases with an 
increase of the applied force and the shape of formed 
tube is nearly circular. 

The change in the shape of tube by increasing the 
forming force is found directly from the profiles as 
shown in Fig. 6. In (i) of the figure, straight parts 
near the touching part are visible; in (ii) the straight 
part disappears, but the diameter in the vertical 
direction, through the touching part, is longer than 
that in the horizontal direction; (iii) is nearly circular. 
These profiles correspond to (i), {ii) and (iii) in Fig. 5, 
respectively. 

Finally, the force suitable for forming the close 
tolerance tube is found experimentally according to 
the measured values of the diameters of the formed 
tube. The results are shown in Table 1. 

Table 1 Forming stress required for tube- forming 

Material 
F c-.,. kg/mm2 

mm kg/mm2 n 
Experimental Calculated 

c- steel A 0·8 50·0 0 ·20 26 23·3 

B 0 8 82 0 022 44 43 ·6 

B 1· 2 82·0 022 46 47·5 

c 0·8 96·0 021 56 52·9 

Aluminium 0 · 8 19·1 0 ·04 18 19·0 

Copper 0 ·8 32·7 0 ·04 33 32·3 

(1) C2> 

( 3> (4) 

Fig. 1 Shapes of the blank during tube-forming: (1) initial 
stage; (2) and (3) under forming; (4) final stage. 
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Fig. 2 Distribution of the curvature during forming. 
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Fig. 3 Measurement of the diameters of the formed tube 
and gap in the touching part. 
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Fig. 5 Changes of diameters with applied force. 

(i) (ii) 

Fig. 6 Profiles of the formed tube. 

THEORETICAL STUDY 
FOR FORCE REQUIRED 

(iii) 

The analysis has been made by one of the authors2 

for the case in which a sheet is bent and then 
stretched in the circumferential direction of the 
bend. As a result of the analysis, the magnitude of 
suitable stretching stress for reducing the amount of 
springback has been expressed by the following 
formula 

F ( 2 )' + n n 
a me= 1 +n y3 K (1) 

where F and n are arbitrary constants when the stress
strain curve obtained by tensile test is represented by 

a=Fen 

and K is the relative curvature defined by 

t 
"= 2p 

where t is the thickness of sheet and p is the radius 
of curvature of the central plane of the bent sheet. 
Even in the case of compression after bending, which 
has been examined by the same person 3 , when the 
mean compressive stress is taken in place of the 
stretching stress, one attains the same result as in 
equation (1 ). 

If a flat blank is bent monotonically from zero 
curvature to K , when the compressive stress applied 
to the bent sheet attains Orne• calculated from 

equation (1), the springback becomes very small and 
thereafter shows the least change. However in the 
case of tube-forming, a blank is compressed after 
bending and unbending as mentioned above, so the 
deformation process of the blank should be taken 
into consideration in order to apply equation (1). 

In unbending, a material deforms in the opposite 
direction to that of pre-straining, and the behaviour 
of the deformation in the opposite direction in the 
material may be different from the initial behaviour 
because of the workhardening and the Baushinger 
effect. These phenomena are examined in the following 
experiments. 

Specimens were bent through an angle 80 over the 
tools of different radii R and, after unloading, the 
springback angle A8 0 was measured. Subsequently, 
the bent specimens were unbent, and the springback 
angle AO 1 was measured after unloading. On the 
other hand, when a specimen is bent monotonically 
to relative curvature K , the change of relative curva
ture by springback is calculated by the following 

F 2 n- I formula 3 ( J 
AK = E (2 + n) ;:73 Kn 

(2) 

In order to apply equation (2) to the calculation of 
the springback of the unbent specimen, the effective 
relative curvature Ka, which is to be taken in place of 
K , was examined under two assumptions. They are 
that (a) the material has no Bauschinger effect and 
workhardens with the increase of the sum of strain 
increment taken along the strain path, and (b) the 
material workhardens with increase of the subse
quent strain without regard to the pre-strain. These 
assumed behaviours are plotted as a stress-strain curve 
in Fig. 7. If a specimen is bent to relative curvature 
Ko and unbent to zero, the effective relative curva
ture Ka = 2K 0 in case (a), and Ka = K 0 in case (b). 
In the case of the unbent specimen, when Ka is taken 
in place of K, the change of relative curvature AKa 

can be calculated according to equation (2). In Fig. 7, 
the results of calculation together with those of 
experiment are shown. It is clear from the figure that 
the experimental values A8 1 /8 0 are greater than 
AO 0 /8 0 , and are also closer to the calculated curve 
of (a) than that of (b). 

The deformation behaviour of the pre-strained 
material is examined by yet another experiment. 
Specimens were bent over the tools and after unbend
ing were stretched; the spring back angle AO 1 was 
then measured. The relation between the stretching 
stress Om and AO 1 is shown in Fig. 8. In the figure 
the values of arne calculated from equation (1), 
where "a is taken in place of K , are also indicated on 
the abscissa, in which (a) and (b) represent the 
assumptions used which correspond to those 
mentioned, and (1) to (4) represent the diameters of 
the tools. From the figure it is found that the 
calculated values of a!Jle under assumption (a) are in 
better agreement than those in the experiment. 
Based on the results obtained in the way described, 
the relative curvature summed up along the process of 
deformation is used for the effective relative curva
ture "a . 

In tube-forming, the process of deformation 
differs in each portion of the blank as shown in Fig. 2 
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and therefore "a also varies. However, only the 
maximum value of "a becomes a reference standard 
in deciding on the force required for the reduction of 
springback for all parts of the blank. The maximum 
value of "a varies with the diameter of the U-forming 
punch, but if it is assumed that during forming any 
portion of the blank is bent to double the curvature 
of tube to be formed, one may obtain "a = 3t/(D-t). 
Therefore, by substituting into equation (1), 

F {2 \ 1 + n( 3t )n 
ame=l+n\:;jj} D-t 

(3) 

and the forming force required for tube-forming is 

where 1 is the length of the tube. 
The values of 0 me calculated from equation (3} 

together with that obtained by experiment are shown 
in Table 1. From the results it may be concluded that 
the suitable force for tube-forming with close toler
ances can be calculated from equation (4). 
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Fig. 7 Springback after bending and unbending. 
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Fig. 8 Suitable stretching stress for reducing the springback. 

CONCLUSION 

In the forming process in which a U-formed blank is 
formed into a tube by semi-cylindrical punch and die 
without mandrel, the force required for tube-forming 
without regard to tolerance is comparatively small. In 
order to get a tube with close tolerance, the U-formed 
blank should be formed by an optimum diameter 
punch and a fairly large force needs to be applied for 
tube-forming. The suitable force for tube-forming 
with dose tolerances can be calculated from the 
formula presented in this paper. 
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A STUDY OF THE STRAIN HISTORIES AND DRAWING-IN 
IN A PRESSED STEEL SHELL 

by 

R. A. ETHERIDGE* and F. J. MORBEYt 

SUMMARY 

The control of metal flow in sheet metal forming is generally aimed at avoiding strain concentrations leading to 
fracture and those compressive strains which lead to puckering. Flow can be controlled by different means, such 
as draw beads, shape and size of blank, holes, shape of die, and so on. In practice, the details of the flow are 

usually unknown to the engineer; he sees only the final result, and that only in terms of the presence or absence 
of puckers. 

For sheet metal to be deformed into a particular shape, it must have formability, but the determination of this 
quality is not an easy task. A particular metal may form excellently for one pressing, and fail when used for 
another of a different shape. The pressing considered in this investigation had proved difficult to produce, due to 
fracture at a critical section and the presence of excessive puckering. The history of the strains occurring in the 
critical section was obtained from measurements of deformed grids on progressively formed shells and the data 
recorded in triangular co-ordinates, thus enabling strain histories and the mode of deformation of particular 
elements to be observed. 

Measurement of drawing-in were made from tracings of the periphery of the formed pressings and plotted 
against the punch penetration, so that the rate and amount of drawing-in during forming could be shown. The 
influence of drawing-in is discussed. Finally deformation rotation of the elements was observed from the 
deformed grid, and its influence on the results discussed. 

INTRODUCTION 

Pressed components may be produced in several 
different ways and in an almost infinite range of 
forms, varying from simple axisymmetric shells to 
those of intricate and asymmetric form. Most pressed 
shells used in the construction of motor vehicle 
bodies are of the latter type and consequently it is 
difficult to predict the behaviour of any given press
ing from available test data or procedures. In fact it is 
perfectly possible to have a situation whereby a parti
cular material will form readily for one pressing and 
yet fail when used for one of a different shape, even 
though the forming quality suggested by sheet metal 
tests was good (there are twenty such tests listed by 
Shawki 1 ). 

A further problem is created by the type of pro
cess used, owing to the fact that in indentation pro
cesses (that is, pure stretch forming) the mechanical 
properties of the material are critical to the stability 
of the process, whereas in a drawing operation the 
control of drawing-in is the factor that most predomi
nantly governs pressing quality. Consequently, the 

type of process, material choice and blank geometry 
are usually based on experience and the particular 
solution is based on arbitrary judgements. There is 
little recourse to experimental technique, and if a 
pressing fails to draw, or tears, the blank shape or 
control parameters are changed according to empir
ical rules based on the previous experience of the tool 
designer. It is also perfectly possible for a component 
to fail under production conditions even though the 
same pressing was capable of being drawn in the 
try-out shop. In these circumstances it is usual to fur
ther modify the process empirically to suit the 
production machine. 

It is advantageous, therefore, to have a knowledge 
of the strain distribution over the surface of a produc
tion pressing drawn under known conditions, so that 
the possibility of fracture can be minimized or elimi
nated. Some work has already been carried out on 
such analysis by Keeler2 and Goodwin3 and the 
former carried out laboratory tests on pressings under 
controlled conditions and compared the results with 
those for production automotive pressings in order to 
construct a formability curve. He claimed that the 

*Lecturer in the Department of Production Engineering, University of Aston in Birmingham. 
tProduction Engineer, Pressed Steel-Fisher Division, British Leyland Motor Corporation. 
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strains measured from the surface of production 
pressings could be directly related to the controlled 
experimental results and conclusions drawn about 
how near to fracture were such production shells. 

This paper is concerned with a pressing which, was 
difficult to draw and was near to the fracture limit at 
a critical section of the component. The experiments 
described were carried out on the production press 
and the surface strains measured from a grid etched in 
the surface. The methods of analysis differed from 
those developed by Keeler. 

STATEMENT OF THE PROBLEM 

The pressing used for the investigation is shown in 
Fig. 1 and is readily seen to be asymmetric with 

complex geometry. Wrinkling due to convergent 
drawing-in is also present. The original tooling layout 
for the pressing called for a blank of trapezoidal form 
using an extra deep drawing quality steel C.R.2 (see 
Appendix). This blank form failed to draw and the 
resulting failure at the critical section can be seen in 
Fig. 2. 

A change in material to a stabilized extra deep 
drawing quality steel C.R.l (Appendix 1) also 
produced tearing at the critical section and a success
ful pressing was not obtained until large cut'-outs were 
made in the blank, near to the critical sections. The 
modified area can be seen on the drawn shell, (Fig. 1 ). 
It was decided at this stage to investigate the strain 
distribution in the critical zone and to determine the 
extent and effect of the drawing-in. 

Fig. 1 Photograph of shell. 

Fig. 2 Photograph of split shell. 
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EXPERIMENTAL TECHNIQUES 

The experimental procedures used fall into four 
main areas: 

(a) preparation of the blanks, 
(b) forming, 
(c) strain measurement, 
(d) measurement of drawing-in. 

(a) Preparation of the blanks 
Blanks of stabilized extra deep drawing quality steel 
were drawn from normal production stock and 
cleaned well using 'Genklene'. Twenty-two blanks 
were prepared altogether, thirteen of which had 
cut-outs near to the critical area and nine had no 
cut-outs. In order to examine the surface strains, a 
grid of intersecting circles (Fig. 3) was etched onto 
each specimen in the critical area. The choice of 
grid was largely dictated by availability and al
though a discussion of the advantages of various 
grid patterns is outside the scope of this paper, it 
would have been more advantageous in this case to 
have used a square grid of chequer-board pattern. 
However, the circular grid made measurement of the 
principal strains easy, since these were obtained by 
measuring the major and minor axes of the resulting 
elipse after straining (Fig. 3). Measuring the co
ordinates of the parallelograms formed by the inter
sections of this grid for the investigation of rotation 
was infinitely more tedious. 

Fig. 3 Undeformed and deformed grid patterns. 

The electrolytic technique used has been previ
ously described by Bowers and Brookes4 and Pearce 
and Drinkwater5 , but it is briefly described again. 
The blanks were marked with location lines in order 
that the stencil could be placed in exactly the same 
orientation on each blank and the surface sprayed 
with Electrolyte K.l30. The marking unit, compris
ing stencil, absorbent pad and stainless steel elec
trode was then placed over the area in the correct 
relationship and a low a.c. voltage applied to the 
electrode for about four seconds. The stencil was 
made from an insulating material and treated so 
that current could only flow where required, and 
consequently on the positive half-cycle ferrous ions 
would leave the metal surface and react with the 
electrolyte. New ions thus formed would be depos
ited on the surface during the negative cycle and 
thus produce a black mark on the metal in those 
areas in contact with the treated sections of the 
stencil. After removal of the electrode and stencil 
the work area covered by the grid was treated with 
a neutralizing agent (Neutralite N.4) and then 
lightly sprayed with oil to prevent rusting. 

(b) Forming 
The shells were formed in stages in order to investi
gate the strain history from the flat sheet to a fully 
formed shell. A clearing DF.2475-84 double-action 
hydraulic press with air cushions was used for the 
tests, and punch penetrations at each stage are 
shown in Table 1. These were obtained by retract
ing the ram of the production press to set positions 
and then allowing it to move through its entire 
stroke at normal speed, since it was impossible to 
operate on full stroke and stop the press at given 
intervals. Seven stages were obtained by this 
method; from a shallow partial form up to a fully 
formed shell. No lubricants were used throughout 
the forming operation. 
Table 1 

Ref. 

Blank with cut-outs 

Al 
A2 
A3 
A4 
AS 
A6 
A7 (fully formed) 

Blank with no cut-outs 

B1 
B4 
B7 (fully formed) 

(c) Strain measurement 

No. of 
pressings 

3 
1 
1 
3 
1 
I 
3 

3 
3 
3 

Punch 
penetration 

(in) 

0·47 
0·77 
1·62 
1·99 
2·33 
2·75 
3·40 

0·47 
1·99 
3·40 

The steep gradients and rapidly changing curvatures 
in the critical section ruled out conventional strain 
measuring techniques using microscopes, due to 
problems of orientating the optical axis normal to 
the particular planes considered. It was necessary, 
therefore, to consider alternative methods, of which 
the replica technique described here was the most 
successful. 

The section of grid to be examined was depos
ited with a thin carbon film by means of a candle 
flame and the surplus lightly dusted off with a 
cotton wool swab, thus leaving a light trace 
attached to the etched surface of the grid. A piece 
of 'Sellotape' was then firmly pressed onto the area 
under examination. care being taken to minimize 
stretching of the tape. The tape was then removed, 
thus retaining an image of the grid on the adhesive 
face; the image was preserved by pressing the tape 
firmly onto a piece of stiff paper. 

In order to check the accuracy and repeatability 
of measurement, an undeformed grid was traced off 
by the method described and measurements of the 
replica compared_ with the actual grid on the flat 
blank. It was found that, for the circle size of 
0·236 in used in the investigation, a change in 
length of 0·002 in was present owing to stretching 
of the tape, giving rise to an error of+ 1·0% in the 
natural strain. 



362 STRAIN HISTORIES AND DRAWING-IN IN A PRESSED STEEL SHELL 

Measurements from the 'replicas' were made on a 
'Nikon' Model SA profile projector using a 10 X 
magnification. Two methods of determination were 
used: (a) direct measurement of the magnified 
image using a precision scale; (b) the micrometer 
scales on the instrument. Repeated readings by the 
two methods showed an error in measurement of 
less than 0·002 in, that is, less than 1·0% natural 
strain. At small strain values it was necessary to use 
reference circles to determine the major and minor 
axes of the deformed grid circles. 

When measuring the change of shape of the 
square (described by the points a b d c in Fig. 3) 
into the parallelogram a' b' t1 c', it was found 
extremely tedious to determine the points of inter
section for deformed circles representing the largest 
strains, again indicating the usefulness of using a 
square chequer-board for examining rotation effects. 
Repeated checks were made of these measurements so 
that accuracy should be of the best possible order. 

(d) Measurement of drawing-in 
For the pressing considered, the mode of drawing-in 
was complicated due to the fact that at one end the 
geometry was shallow and at the other end rela
tively deep; two draw beads had also been included 
as an additional control device. It is clear from 
examining Figs I and 2 that little or no drawing-in 
occurred at some sections, whilst m~ssive divergent 
drawing-in occurred adjacent to the critical section 
in order that necking should be avoided. The other 
feature of this shell was the presence of convergent 
drawing-in leading to wrinkling in the deepest 
sections. 

In order to measure the drawing-in, a special fix
ture was made so that the series of incremental 
pressings could be located relative to a drawing 
board and paper; a tracing of the outside shape at 
each penetration was then obtained. The tracings 
were superimposed one on top of the other to show 
the progress and rate of drawing-in. 

Owing to the fact that the rate of drawing-in 
varied around the pressing it was necessary to divide 
the perimeter into a series of zones for the purpose 
of analysis. These can be seen in Fig. 4 and are fur
ther referred to in Fig. 8. 

Fig. 4 Allocation of zones for drawing-in. 

ANALYSIS OF RESULTS 

The results will be discussed under the following 
headings: 

(a) strains, 
(b) deformation rotation, 
(c) drawing-in. 

(a) Analysis of strain distribution 
Although the pressings were drawn on a production 
press with less control than the authors would have 
preferred, the repeatability of measurements from 
pressings for the same drawing stage was nevertheless 
good. It was found convenient to plot the strains in 
triangular co-ordinates as proposed by Hsi.i6 because 
the three principal strains can easily be represented in 
the same plane by this method, and the strain history 
and strain rate of an element can also be interpreted 
directly. 

Strain measurements were made along the line and 
normal to the line of the critical section for unsplit 
specimens, thus determining the critical strains in the 
region of failure. An estimate of the strain distri
bution in the area of the split was also made by 
measuring the strains for a series of elements parallel 
and adjacent to the split. Strain measurements per
pendicular to the split were also made. 

The resulting strain histories for elements along 
the critical section for unsplit specimens are drawn in 
triangular co-ordinates in Fig. 5 and the reference 
numbers (AQ 39, etc.) are the grid locations for the 
element concerned. The full circles show the strains 
adjacent to the split, measured on the shell drawn 
from blanks with no cut-out and, therefore, represent 
an estimate of the fracture strain. The strain path for 
the element sustaining the greatest strain (AQ 39) lies 
along a line of characteristic index 11 = 8, a line of 
pure tension, where E2 = Et (Et is the through thick
ness strain). The strain paths for the other elements 
lie above and below this line and approach character
istic indices of 11 = 7 and 11 = 9 which are lines of 
pure shear. (The reader should consult reference 6 
for a more· detailed treatment and interpretation of 
their meaning). 

The full lines in Fig. 5 are the strain paths for each 
element and the dotted lines are the loci of states of 
strain for the various elements at a constant punch 
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Fig. 5 Strain paths along critical section. 
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penetration. Clearly the change in intervals between 
these lines along a given strain path is a measure of 
the strain rate for the element concerned. Examin
ation of Fig. 5 shows that the strain rate for elements 
AU 43 and AQ 39 was virtually constant, whilst the 
strain rate for elements AK 33 and AG 29 decreased 
for increasing penetration. 
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Fig. 6 Strain paths normal to critical section. 

Fig. 6 shows the strain histories for elements 
normal to the critical section {that is, passing across 
the line where necking is likely to occur and result in 
failure). The development of the neck can be clearly 
seen, owing to the fact that any strain path indicates 
progressive thinning. Element AQ 39 is obviously 
deforming at a nearly uniform strain rate, whilst 
adjacent elements show decreasing strain rate; an 
indication of localized thinning leading ultimately to 
necking and failure. 

The estimated fracture strains obtained from the 
split pressing show that even for the pressing with 
cut-outs the maximum finite strains are dangerously 
near to the critical values. Obviously, better control 
of drawing-in would give a more uniform distribution 
of strain and thus give a less localized thinning of the 
material. More uniform distribution of the strains 
would permit greater punch penetrations before 
failure occurs and, in the case of this pressing, prob
ably the use of a cheaper work material and less 
control over the other factors such as die wear and 
lubrication. 

The most important aspect of these results is the 
effect of strain history on final strain distribution and 
the finite strain at the end of forming. Neither Keeler 
nor Goodwin considered the effects of strain path or 
strain history in tll.e construction of their formability 
charts, but simply used the final strain. The results of 
this investigation show that the strain path has a 
critical effect on the final strain and that the final 
strains in given pressings might well vary owing to the 
control of the process being inadequate. Obviously, 
pressings which might be critical according to final 
strain might well be non-critical if the strain history 
could be better controlled, as was the case here con
sidered. 

Finally, observation of the estimated fracture 
strains (full circles in Fig. 5) do not show a contin
uous envelope and consequently led the authors to 
believe that the strain paths might not be coaxial and 
that deformation rotation of the elements was 
present. This is examined in the next section. 

(b) Deformation rotation 
In order to test whether deformation rotation was 
present it was necessary to measure the deformation 
of an initially square element into a parallelogram and 
at the same time devise some mathematical test to 
determine rotation from the geometry of the 
deformed element. 

Hsii7 has shown that when deforming a square 
containing an inscribed circle into a parallelogram 
containing an ellipse, a parameter cf> will remain con
stant for coaxial strains but not for non-coaxial 
strains, that is, cf> will vary if deformation rotation 
has occurred. cf> is defined as the orientation angle to 
the original Cartesian framework of the deformed 
ellipse major axis. A variation in the parameter cf> was 
observed and Table 2 shows the results obtained. 

Table 2 

Stage of Grid ref. AU43 AQ39 AK 31 
pressing 

A7 28°29' 32° 15' 35°45' 
A6 24°32' 24°45' 34°53' 
AS 21° 15' 21°41' 28°49' 
A4 21.0 23' 22°52' 

Total rotation 7°14' 10°52' 12°53' 

Great difficulty was experienced in obtaining these 
results due to the grid used and the measurements 
were repeated several times for the purpose of accur
acy. 

The presence of rotation in this pressing can only 
contribute to failure because energy has to be 
imparted to the element to produce this effect. In 
fact for such rotation to occur shearing must take 
place, which could be brought about by differential 
drawing-in, a situation inherent in a pressing of this 
complexity. It is not unlikely, therefore, that such 
rotations will occur in other production pressings and 
would obviously be a contributing factor to failure 
during drawing. 

(c) Drawing-in 
Owing to the marked degree of asymmetry exhibited 
by the component it proved necessary to divide the 
periphery of the drawn shell into zones (Fig. 4). For 
the blank with cut-outs it was observed that the rate 
of drawing-in at zones 2, 3 and 4 was very small for 
small punch penetrations, whilst in zones I, 5, 6, 7 
and 8 a high rate of drawing-in occurred for the same 
penetrations. This can be seen in Fig. 7. As the shell 
was reaching full form it can be seen that the rate of 
draw-in increases in all zones, and in zones 3 and 7 
the metal has totally run into the pressing with resul
tant earing in these vertical sections. 
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The results for the blank form that produced a 
split specimen are shown in Fig. 8. It is readily seen 
that the rate of drawing rapidly increases in all zones 
at all punch penetrations. This would obviously be 
expected since the critical section requires extra 
metal fed in at a high rate, but a restriction is offered 
by the straight sides of the blank adjacent to the crit
ical section. Since the metal can only move in normal 
to the periphery at zones I and 5 for this blank 
shape, adjacent sections must move in also. This 
restriction would obviously be the major contri
butory factor leading to necking and failure, since it 
prevents metal moving into the divergent zone of the 
critical section at a rate which leads to uniform strain 
distribution. 

Wrinkling occurred in specimens drawn from both 
blank forms and is seen prominently in zone 6. This 
is owing to the fact that more metal flows into zone 6 
at a given punch penetration than flows into zone 5, 
due to the axial offset of the form at this section. 

The important points which emerge from the 
examination of drawing-in are 

I. that the rate of drawing-in and its control have 
a predominant effect on the strain distribution, 
and consequently on the fracture strain; 

2. differential drawing-in, such as experienced in 
this shell, leads to rotation of the elements and 
thus contributes to failure; 

3. asymmetry leads to uncontrolled drawing-in 
which gives rise to compressive stresses in conver
gent regions and, hence, wrinkling which in itself is 
a failure mechanism in many pressings; 

4. control of drawing-in is virtually impossible if 
two adjacent sections require massively different 
rates of drawing-in. 

A1 A2 A3 A4 A5 A6 A7 
Drawing Stages 

Fig. 7 Drawing-in against punch penetration for unsplit 
shell. 

0 ·i 1-~--t--+--+--+-.. .. 
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:! 
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" II:. O-!lf----1f---....,~ 

81 84 
Drawing Stages 

87 

Fig. 8 Drawing-in against punch penetration for split shell. 

DISCUSSION 

It is a fact that theoretical understanding of press 
work has lagged behind the practical applications and 
that successful pressings are produced in spite of the 
minimal knowledge of the control parameters. This 
investigation has shown that some quantitive measure 
of the 'condition' of a pressing can be achieved 
through measurement of the strains and drawing-in 
and that such knowledge could be used to produce 
better components with a more uniform strain distri
bution. 

It is apparent that the most important feature of a 
drawing operation is control of the drawing-in; 
namely, that the amount, distribution and timing 
should be known for every pressing. Quantitive data 
on the 'condition' of a pressing has far reaching impli
cations, the least of which would be to replace 
opinion by documented records of the effects of 
lubrication, blank size and blank material. Production 
pressings could also be monitored so that changes in 
the process would be determined and any necessary 
action taken. Material cost is obviously a major con
sideration and if a better knowledge of the strain 
distribution were available, a cheaper material could 
be used even in cases such as the shell considered 
here. 

It is usually argued that if a pressing forms without 
failure, it is satisfactory, but the evid.ence produced 
by this experiment shows that some pressings may 
well be so near to failure that small changes in the 
process could well lead to fracture; or in the worst 
case failure in service. A knowledge, therefore, of the 
critical strain levels can not only save in material 
costs, but also avoid costly production breakdowns. 
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APPENDIX 
Material specifications 

%C %Mn %S %P 
E.N. Spec Quality Max Max Max Max Code 

E.N.2A/l {Stabilize~ 0·075 0·450 0·030 0·025 C.R.l 
E.D.D.Q. 

E.N.2A/l E.D.D.Q. 0·080 0·450 0·035 0·030 C.R.2 

Material test record (thickness 0·033 in) 

Yield Point U.T.S. Elong R Erichson Rockwell 
lb/in2 lb/in2 % Value Value 'B' Scale 

29 300 47 000 44 1·90 11·0 48 



THE QUANTITATIVE EFFECT OF TOOL GEOMETRY AND STRAIN-HARDENING 
ON THE CRITICAL PUNCH FORCE IN CUP DRAWING 

by 

J. A. G. KALS* 

SUMMARY 

A relation between tensile curves and critical punch force in the deep drawing of cylindrical products is 
developed. Both the work hardening effect and the geometry of the drawing punch are taken into account. A 
reasonable correspondence between the analytical results and the experimental data can be established. Finally, 
the practical significance of the mathematical model is shown by giving a criterion for the minimum corner radius 
of the punch. Moreover, the usefulness of the model is confirmed on the basis of some observations on deep 
drawability and geometric similarity in formability tests. 

INTRODUCTION 

Deep drawability can be influenced radically by many 
factors which may constitute the difference between 
the successful production of a stamping and breakage 
during pressworking operations. Many individual 
drawing steps may be required to produce a stamping. 
In order to reduce the number of drawing operations, 
the drawing ratio, defined between the blank 
diameter and the average cup diameter, has to be 
chosen as high as possible. The limit of deformation is 
reached when the load, required to deform the flange, 
becomes greater than the load-carrying capacity of 
the cup wall. 

The required punch load depends on a large 
number of drawing conditions, such as forming 
properties of the sheet material, sheet thickness, 
drawing ratio, blank diameter, die-profile radius, 
hold-down pressure and friction conditions. On the 
other hand, the critical punch load is influenced by 
the punch profile radius, the punch diameter and by 
lubrication, sheet thickness and material properties as 
well. Changes of lubricant and material characteristics 
caused by speed fluctuations are other factors that 
may influence formability. The actual value of the 
limiting drawing ratio is fixed by all these coinciding 
forming conditions. 

In this paper a theory is described which enables a 
calculation of the critical punch load and of a favour
able dimension of the corner radius of the punch. In 
order to limit the complexity of the mathematical 
problem to a minimum, a number of validity 
restrictions have to be made with respect to the 
following theory: 

*Eindhoven University of Technology 

(i) it is assumed that deformation speed effects can 
be•neglected; 
(ii) the working sheet materials are homogeneous, 
plastic-rigid and isotropic; 
(iii) friction effects can be neglected; 
(iv) comparatively thin sheet material only is 
considered, so that bending effects do not have to 
be taken into account; 
( v) a relatively small punch-edge radius in relation 
to the punch diameter. 
The direct practical significance of this theory may 

be based on the fact that special literature of objec
tive information concerning the selection of a useful 
punch-profile radius in relation to formability limits 
is lacking. 

ANALYSIS 

The current stress and strain state in the critical 
cross-section 
In radial drawing of the flange region the material 
is being upset in a tangential direction. This 
results in an increasing sheet thickness and a 
hardening of the material. These effects are stronger 
as a volume element is moved further into the 
direction of the ·die cavity. So the increase in sheet 
thickness is restricted to the outer flange areas. 
Contrary to this, and especially under critical drawing 
conditions, the inner flange area is stretched very 
considerably during the initial increase of the punch 
force. This holds particularly for the material 
originally over the die wall. Therefore, the failure will 
be located exclusively in the stretched area near the 
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bottom of the cup wall. The exact location of the 
failure, caused by exceeding the stability limit in 
stretching, depends on the material and the forming 
conditions, particularly on friction. 

As a preliminary to the analysis of the stretching 
limit, the failure location is assumed to be exactly on 
the borderline between the cup wall and the rounded 
edge of the punch. With favourable friction conditions, 
and a relatively large edge radius being excepted, the 
fore-going will be a fair approximation of reality (see 
Fig.l). A laborious procedure can be avoided by repre
senting the rounded cup area as a part of a torus. 

Let al/> and at be the average axial and circumfer
ential stress components in the critical cross-section 
and p the local normal pressure between the punch 
and the cup wall. The equation of equilibrium is 

p = !!.<!. (1 +-s-) + ~ (I +-s-) (l) 
S Pst 2rst Yst 2Pst 

where 

s = the momentary cup wall thickness 
'St = the punch radius 
Pst = the punch profile radius 

Pst = 15mm 
s. :0.85mm 
rst =59. 75mm 

Fig. 1 Failure usually occurs in the rounded edge, close to the cylindrical wall area. 

According to the simplifying assumptions, failure 
takes place in a symmetry plane of the torus as shown 
in Fig. 2. 

I --·-~"-------! 
11----- ------"'-'" __ __, ... 
I 
' '/' l 'l 

"+ I 

Fig. 2 Schematic stress state in the critical cross-section of 
the cup wall. 

An immediate simplification of equation (I) can be 
achieved by using the restrictions<< Pst. In this case, 
case, equation (1) reduces to 

(2) 

In the first instance the normal stress component 
an depends on the inner wall pressure p . Thus far 
(O~i~l) 

an=- ip 

""" - is ( a<P + ~ ) {3) 
Pst Yst 

The axial stretching of the cup wall during the 
initial increase of the punch load is compensated 
exclusively by a reduction in wall thickness , as the 
punch effectively precludes straining in the circum
ferential direction. The decrease of the average cup 
radius rss by the reduction in thickness may be neg
lected when s < < 'st· As a consequence 

(4) 
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Let dbt, dbq, and dbn be the principal compo
nents of an increment of strain. Since there is no 
change in volume the following relation exists 

(5) 

Hence 

(6) 

The Levy-von Mises equations may be expressed for 
the normal and the axial direction, respectively: 

(7) 

where di\ is a scalar factor of proportionality. If this 
is combined with the straight strain-path as expressed 
in equation (6), we obtain the following necessary 
condition for the stress state: 

(8) 

Now, the average normal stress an can be eliminated 
from equation (3). Thus 

(9) 

where 

j = Yst Pst -is 
Pst 2rst +is 

(10) 

Finally, equations (8) and (9) may be combined to 
give 

(II) 

It seems fair to regard the equations (9) and (1 0) as a 
reasonably good first ·approximation of the complete 
current stress state in the critical cross-section. 

For applications requiring a high accuracy, it will 
eventually be necessary to exclude the simplifications 
from the theoretical framework. At present, however, 
a practical approximation is wanted. So, for the time 
being additional mathematical complexity does not 
seem to be worth while. 

The current load of the cup wall 
Von Mises suggested that yielding occurs when the 
second stress-tensor invariant reaches a critical value 
a. In connection with our problem this criterion may 
be written in terms of the principal components of 
the stress state. Thus 

2a2 =(at- aq,)2 + (aq,- an)2 +(an -at? (12) 

where a , the effective stress, is a parameter depend
ing on the amount of strain. The concept of a yield 
criterion is not restricted merely to loading directly 
from the annealed s4tte, as is sometimes thought. In 
combination with equation (I2), we have from (9) 
and (II) 

(O<j< I) (13) 

In order to include the strain hardening effect in the 
theoretical model, a has to be related to a certain 
measure of the total plastic deformation. A quantity 

db , known as the generalized or effective plastic 
strain increment, is defined in terms of the principal 
strain increments by the equation 

[ ]
1/2 

db= j(d8t 2 +db2 2 +db3 2) (14) 

Apart from the numerical factor, dD is the same in
variant function of the plastic strain increment 
tensor, as a is of the components of the deviatoric 
stress tensor. The use of the previous equations ( 4) 
and (6), and integration of (14), result in 

(I 5) 

This integration is the simplest and most natural way 
to satisfy the obvious requirement that the measure 
of total distortion must involve the summation of 
some continually positive quantity over the whole 
strain path. In this case integration is very simple 
because the components of any strain increment bear 
constant ratio to one another. Besides, it is worth 
noting that this strain model has the additional advan
tage that the general requirement of minimum dissip
ation of specific strain energy is satisfied automatic
ally. 

Turning now to the strain hardening relation 
between iJ and 8 ; it is assumed that the following 
generalized form of an early empirical power law, due 
to Nadai, fits well to many sheet materials 

(16) 

where C (characteristic stress) and n (strain hardeni_Qg 
exponent) are material constants. The quantity 00 

may be considered to includ~ the strain history. 
Extending Nadai's equation in b 0 , results in C and n 
are essentially independent of strain history. Accord
ing to the results taken from many tensile tests on 
different sheet materials, the introduction of 80 has 
the additional advantage of considerably higher 
accuracy in approximating real stress-strain curves of 
materials with an unknown strain history. Typical 
examples are given in Figs 3 and 4. 

<D a-[~"Js(&•Qo~)Q49 . [ ( r" Q) (J = 1391 6+0.06 . , 
Q) 0 = 1230 6 [ ~31 

0 a= 1219 6 [ n32 + ua]...!::L 
- mm2 

0 
0 0.2 0.3 "" 0..5 0.6 07 

natural strain 6 

Fig. 3 The usual form of Nadai's equation in comparison 
with the generalized one and the results of tensile tests. 
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From equations (I 3) and (15), the actual form of 
(16) becomes 

""' -[j +& c ~2 -) arp - (1-j)y3 J3 <P 0 
(I 7) 

Substitution of arp in the general expression for the 
cup wall load (Fig. 2) gives 

which results in 

F""'-. -- - &., +& 2-rr C S 788 ( 2 - )n 
y3 1-j y3 'I' 0 

(19) 

According to the general definition of a logarith
mic strain, we can write 

(20) 

where s0 is the initial sheet thickness. Combining 
equations (6) and (20), we find 

s = S0 exp (-&.p) (21) 

The required relation between the load F and the 
axial strain Drp is obtained by substituting this 
formula in equation (19) 

2-rr 058s0 [ J 
F~ ...;3 1 _ j exp (-&.p)J 

I.:!: - V 
X \0 Drp + &0} 

(22) 

Finally it is to be noted that the present expression 
for the axial load on the critical cross-section of the 
cup wall is applicable for calculating also the punch 
force, with the limitation that friction forces can be 
neglected. This simplification has previously been 
assumed. 

The critical punch load 
The elongation of the partially formed cup wall is 
accompanied by a reduction in thickness; that is, a 
decrease in the cross-sectional area A, and thereby a 
strengthening by strain hardening. Initially the strain 
hardening effect dominates in view of the stretching 
force 

dF d dA da 
- =- (arpA)=arp -+A~ >O (23) 
~<P ~<P ~<P ~<P 

Therefore, the cup wall can now support the larger 
deep-drawing load, so flange forming can continue. 
With only a few exceptions, the strain hardening 
effect da.p /d&.p decreases with increasing strain level 
(Figs 3 and 4). In the continuation of the deep
drawing process, an ultimate strength of the cup wall 
will be reached when both the strain hardening and 
the stretching term in equation (23) cancel each other 
and we have 

dF = O 
do</> 

(24) 

When the chosen drawing ratio implies a further 
increase of the drawing force to be necessary for 
continuous deformation of the flange region, this 

load can no longer be transmitted through the lower 
cup wall. Finally, the load carrying capacity of this 
structurally weak link in the system appears to 
decrease with the punch going on continuously. The 
stamping then starts releasing elastically, with the 
exception of the lower region of the cup wall, and 
this plastic region shrinks into a circumferential con
striction. 

If the stability limit is once exceeded, plastic 
straining continues only in the necked part of the cup 
wall, and consequently no further straining will take 
place in the remaining part. Thus, equation (24) is the 
limiting condition of forming and, in general, it 
seriously reduces the achievable amount of overall 
deformation in those processes where stretching 
occurs. It is therefore the deep drawability limit. 

For our purposes it may be sufficient to consider 
r88 and j as being constant in differentiating equation 
(22), otherwise no explicit solution for the critical 
amount &<t>k of the axial component of strain can be 
obtained. Then, introducing the criterion of necking 
by differentiating (22) and setting it to zero, we may 
write 

(25) 

as a good approximation. The material with the 
higher n-value is characterized by a steeper stress
strain curve (Figs 3 and 4). The critical strain value at 
maximum punch load is larger for higher n-values. 
Generally the n-value primarily influences stretch
ability. The most important effect of a high n-value is 
to improve the uniformity of the strain distribution 
in the presence of a stress gradient, and necking 
happens to be a strong non-uniformity of the strain 
distribution. According to equation (25) and to prac
tical experience, pre-straining diminishes formability. 

Inserting this strain ceiling, in combination with 
equations (10) and (21), in the expression of the cup 
wall load, (22), we obtain 

Fk ""'~3 C 'ss So Pst ( ::J3) n 

2 'st en+ i s0 exp [(y3/2) 8 

X 

Pst 'st exp [n- ( 3/2) Do] + i So (rst + Pst) 
(26) 

The last term in the numerator may be neglected 
according to the previous assumption for relatively 
thin sheet materials. Furthermore, this equation may 
be simplified, by the introduction of dimensionless 
quantities, to 

where 

i [(1/p:i) + (1/r:!)] + exp [n- (y3/2) &0 ] 

(27) 

* _ Pst . 
Pst--, 

So 

* _ 'st Yst--
So 

(28) 

and where rs& is the average local cup radius at maxi
mum wall load [equations (20) and (25)] 
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S S0 (y3 - ) 'ss = 'st + - = 'st + - exp - /jo - n (29) 
2 2 2 

A problem still to be solved concerns the numer
ical value of the stress parameter i [equation (3)]. 
The normal stress distribution may be approximately 
linear, so the value of i that we are looking for seems 
to be 0·5. Nevertheless it is better to choose the maxi
mum value i = 1, for it is evident that instability must 
be initiated at the punch side of the cup wall, accord
ing to the assumption of uniformly distributed axial 
and tangential stresses. If a constant value i = 1 is 
combined with equation (27), the following expres
sion is finally obtained 

(30) 

A representation of this relation is given in Fig. 5. 

Theoretical results 
Of course, the present solution is only a simplific
ation of a more complex process, but this first step 
may shed some light on the mechanism of failure in 
deep drawing. Equation (30), as shown in Fig. 5, 
permits some interesting conclusions: 

(i) Obviously, the load-carrying capacity of the 
cup wall vanishes very rapidly with decreasing edge 
radius below a defmable limit of P:t . Practically, 
this effect implies the punch cutting into the cup 
wall. According to Oehler and Kaiser1 the minimum 
value of the edge radius should preferably be chosen 
to equal five times the initial sheet thickness. A value 
P:t = 15-25 is judged as being still more recommend
able. These empirical data support our foregoing 
theory clearly. Nevertheless, experimental investig
ations are necessary in order to compare the theoret
ical results with reality more systematically. 

(ii) Strain hardening only slightly effects a change 
of the critical P:t -value. 

(iii) The effects of P:'t and r5f on the critical 
punch force are identical. To consider this fact may 
be useful in detecting failures of small stampings. 

(iv) A noteworthy phenomenon being observed is 
that the critical punch force is smaller for larger n
values, due to larger stretchability, until instability 
occurs. The corresponding curves appear to pass 
through a minimum value at about n = 0·8. It can be 
shown (see p. 10) that the maximum punch load 
necessary to deform the flange region also decreases 
with increasing n-values. The corresponding curves 
F max(n) appear to decline steeper than Fk(n). So, 
ultimately, the limiting drawing ratio shows a slightly 
progressive increase with increasing n-values. 

(v) The opposite influence of the 'strain-history' 
parameter /) 0 [equation (25)] is shown in Fig. 6. 

natural strain 6 

(!) a = [697 ( 6+0.12)0'•6 :ta ];;!;, 
® a ·[685 (6+016)Q52 :t2]~ 

a • [61860.2• tso]~ 

a • [566 60.18 !61]~ @ 

Fig. 4 The usual form of Nadai's equation in comparison 
with the generalized one and the results of tensile tests. 
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Fig. 5 Theoretical curves according to equation (30) for 
6'0 = 0, Tst = 38·6 mm, s0 = 2 mm. 
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Finally a restriction has to be made with regard to 
the practical validity of equation (30). At very low 
values of the punch-edge radius in relation to sheet 
thickness, that is, where the edge is cutting into the 
wall, the validity of the presupposed deformation 
model may become doubtful. So Fig. 5 has to be 
understood merely as a representation of the mathe
matical relation in this region. According to the 
previous assumption of relatively small values of the 
edge radius, the validity of the theoretical equation 
has to be restricted in this respect too. It has been 
observed that the instability region is moving towards 
the punch centre at increasing edge radius. 

. 
.!1 

~ 
-o 
0 

.2 

l 
u 

8.-----,-----,-----,-----,-----------, 

4 

rst = 386 mm 

l'c-----+------+-------+-----+ P5 t • 12.0 mm 

i i 

s0 = 2.00mm 

6. :0.3 

0.2 

0.1 

-------++' -r------+---i 

oL-----L-----L-----~----~----~--~ 
0 0.2 0.4 0.6 0.8 1.0 1.2 

work hardening exponent n 

Fig. 6 Theoretical relation between critical load number, 
strain-hardening exponent and strain-history parameter. 

EXPERIMENTAL RESULTS 

In order to obtain the material data, tensile tests were 
carried out intermittently at a mechanical tensile test 
machine. The local plastic strains could therefore be 
measured separately by measuring the cross-sectional 
area of the test specimen after discharging the 
material every now and then. The material constants 
have been computed according to the least-squares 
criterion. A number of ten sheet materials (s0 ""' 

2 mm) was selected on the basis of small earing in 
deep drawing. Nevertheless, this planar anisotropy 
effect increases slightly in the direction of increasing 
test numbers (Table 1 ). Tensile tests were carried out 
at 0°, as well as 45°, to the rolling direction. The 
results are given in Table 1. 

Table 1. Results of tensile tests and deep-drawing 
tests (sheet materials as received). 

in rolling direction 45 degrees to 
rolling direction 

sheet 
Nr 

material '• c n 6. '• c n &. fkw 

(mm] ~~~ [-] [-] (mm] [:mi] (-] [-] [kN] 

I 
72/28 

1.97 79t 0.56 o.o• 1.92 786 0.57 o.o• 179 
brass 

2 
stainless 

steel 
2.09 W8 0 .• 9 0.05 2.06 1391 0.53 0.06 358 

stainless 
3 steel 2.01 1512 0.57 0.06 2.01 1~60 0,61 0.08 343 

4 
63/37 

brass 
1.96 719 0.37 0.08 1.99 687 0.35 0.08 191 

5 
63/37 

brass 
1.93 697 0 .• 6 0.12 1.93 685 0.52 0.16 181 

6 alum(Si) 1.90 •37 0.28 0.02 1.91 •33 0.27 0.02 116 

alum 
7 

(99.5%) 
1.96 uo 0.33 0.01 1.95 138 0.39 0.03 3. 

8 nickel 2.06 1166 o.•6 0.01 UJ3 1104 0.~· 0.01 255 

9 copper 1.95 •o8 0.27 0.16 1.94 .21 o.•5 0.29 135 

10 steel (Cu) 1.98 895 0.27 0.02 1.95 904 0.30 o.o• 270 

The best fitting stress-strain curves on the basis of 
the original Nadai equation (without strain history 
parameter) can be reconstructed with the values in 
Table 2. 

Table 2. Experimental results according to the 
engineering form of the Nadai equation and measured 
values of the plastic anisotropy parameter 

in rolling 45 degrees to ptostic 
direction rollmg direction anisotropy 

sheet parameter 
Nr material c n c n Ro R45 

[m~2] (-] [~] [-] [-] [-] 

I 
72/28 

75• 0.45 72. 0.42 0.96 0.99 
broH 

stainless 
2 steel 1230 0.31 1219 0.32 0.96 0.98 

stainless 
3 steel 13•6 0.37 1387 o .• o 0.92 0.96 

4 
63/37 
brass 553 0.13 583 0.16 0.77 0.88 

5 
63/37 

brass 
566 0.18 618 0.2. 0.89 0.90 

6 alum (Si) •ID 0. 22 •o8 0.22 0.45 0.52 

-
7 alum 

(99.5%) 
137 0.30 133 0.31 0.68 0.67 

8 nickel 1132 o.•3 1069 o.•o 0.81 0.88 

9 copper 335 0.06 339 0.06 0.68 0.78 

10 Sleel (Cu) 778 0.17 71. 0.1• 0.79 0.18 
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The deep-drawing tests were carried out on a 
hydraulic press with low punch velocities and a rather 
arbitrarily chosen tool geometry with 'st = 38·6 mm 
and Pst = 12·0 mm. It is a well-known fact that the 
load c<trrying capacity of the cup wall decreases 
slightly as the drawing ratio further exceeds the limit
ing value. This is due to the introduction of local in
stability before the forming of the bottom rounding 
has been completed. In this case necking occurs 
nearer to the flat bottom and also the critical cross
section is not perpendicular to the moving direction 
of the punch. Therefore, the critical drawing load has 
to be measured exactly at the limiting drawing ratio. 
In order to obtain these values of F k, both the 
maximum drawing force F max and the critical 
punch load Fk have been measured as a function of 
the drawing ratio. The required value of Fk can be 
taken as the intersection of both of these curves. The 
results are given in the last column of Table 1. Fig. 7 
shows a satisfying correspQndence between the calcul
ated values Fk and the experimental values Fkw of 
the critical punch force. 

According to equation (28) the characteristic 
stress C holds a rather dominant position with rela
tion to the absolute value of the critical punch load. 
By eliminating this quantity, the effect of strain 
hardening can be made clear. Therefore in Fig. 8 the 
theoretical and experimental values of the dimension
less critical load number are compared. A stronger 
scattering can be observed in this representation. 
Nevertheless, the theoretical effect of strain harden
ing may be considered to be verified as well. It is 
probable that the divergence may be partly attribut
able to plastic anisotropy, especially in the case of the 
points plotted for materials 8, 9 and 10 in Table 2. 
In order to compare experimental and theoretical 
results (Fig. 6) with respect to the hardening effect 
on the critical load number as well, equation (30) has 
been evaluated according to the standard Nadai 
equation (K 0 = 0) using the values in Table 2. Fig. 9 
shows the results. 

Every deep-drawing experiment so far mentioned 
has been carried out with a constant punch geometry. 
In order to verify the theoretical effect of the punch
edge radius (Fig. 5) separately, an additional series of 
experiments had to be carried out. The experimental 
results and the corresponding theoretical curves 
according to equations (27) or (30) are shown in 
Fig. 10. Equations (27) and (28) have been evaluated 
with the following data from tensile tests 

rolling direction C = 798N/mm2 

n = 0·54 
S0 = 0·06 

45° to rolling direction C = 760 N/mm2 

n = 0·57 
80 = 0·08 

From Fig. 10 it is again found that equation (30) is a 
satisfactory approximation of reality. These experi
ments have been repeated for the larger relative sheet 
thickness s0 /rst as practised in the former series of 
experiments. The results are given in Fig. 11. From 
this graph, in comparison with Fig. I 0, it appears that 
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Fig. 7 Theoretical versus experimental values of the critical 
punch load. 

the validity restriction to comparatively thin sheet 
materials (see p. 2) may not be overlooked. In addi
tion, it is worth noting that the divergence of the 
plotted points in both the figures equals approxi
mately the initial sheet thickness. 

Even though some other variables to some extent 
exercise control over the deep-drawing process, 
equation (30) seems to give a true picture of the main 
conditions effecting the load-carrying capacity of the 
cup wall. Of course this study was only a first 
attempt to analyse the deep-drawing process and 
greater accuracy could probably be achieved with the 
aid of numerical calculation procedures. Many useful 
purposes, however, do not appear to be served by the 
application of rigour in an analysis for the sake of 
exactness. 
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Fig. 8 Theoretical versus experimental values of the critical
load number. 
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APPLICATIONS 

Finally, some significant engineering aspects of the 
foregoing theoretical failure model will be elucidated 
briefly. In trying out stamping tools, it is often neces
sary to change to a more formable material, to 
modify the die design and even to change the stamp
ing design in order to form a new product success
fully. This takes time and money, and illustrates the 
need for a better understanding of sheet-metal form
ability and for objective formability testing methods . 
Of course, formability alone is not the sole criterion 
which has to be taken into consideration when sheet 
metal, tool geometry and production conditions have 
to be selected; but it is an inevitable one. 

Punch geometry and formability 
It is convenient to introduce a parameter 

T/ = FV(F~) max (31) 

defining a practical, useful value of Fk in proportion 
to an imaginary maximum value 

(F~)max = 

41T {2n)" I 1 [ _ l-l (32) 
V3 \.J3 rtt + exp n- (y3/2)0 0]) 

which results from equation (30) for Ps*t ~ 00• Substi
tution of (30) and (3 2) in (31 ), results in 

Pit = _Ti_ j-b- + exp [n- (y3/2) b0 ] l-t (33) 
1 - T/ 'st ) 

This expression enables the evaluation of a favourable 
punch edge rounding as a function of the initial sheet 
thickness, the strain hardening exponent, the punch 
diameter and the chosen fl-value. In the case repre
sented in Fig. 10, for example, the following values 
are obtained from equation (33) 

T/ 

0·75 
0·86 
0·90 

5 
10 
15 

Another more complex criterion might be defined in 
terms of a steepness limit as 

(34) 

In general, the admissible slope tangent q has to be 
selected depending on the maximum drawing force in 
proportion to the critical punch load. Though this 
criterion would be a better one it is not going to be 
developed here. At present the experimental data 
appear to be too slight to make the additional mathe
matical complexity worth while. 

As indicated in the introduction, the present study 
is part of a study directed to a theoretical analysis of 
some factors influencing deep drawability. In deep 
drawing, the overall deformation limit-limiting draw
ing ratio /30 -can be defined as the ratio of the maxi
mum blank diameter, that can be drawn into a cup 
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without failure, to the average diameter of the cup 
wall. This limit of deformation is reached when the 
load F max , required to deform the flange, becomes 
equal to the load carrying capacity Fk of the cup 
wall. A noteworthy aspect of taking F max into 
account is that the die-edge radius Pu has an effect 
on it that is opposite to the effect of the punch-edge 
radius on the critical punch load. Experimental values 
illustrating this are shown in Fig. 12. Several experi
mental curves are shown in Fig. 13 for different draw
ing ratios {j0 • The corresponding measured Fk-values 
are also plotted. In the particular case of equal values 
of Pst and Pzr being selected-as often happens in 
practice-the limiting drawing ratios are fixed in 
dependence on the tool geometry by the intersections 
of the Fmax curves and the ~ curves. Experimental 
and theoretical research in this field is going on in 
order to find a useful expression for F max and, 
fmally, for the limiting drawing ratio as a function of 
tool geometry and strain hardening behaviour of 
sheet metals. Finally, looking at Fig. 13, the observ
ation can be made that the limiting drawing ratio has 
a practical maximum with respect to optimization of 
tool geometry. 

Strain hardening and formability 
It has been pointed out already in the theoretical 
results that the required drawing force F max 
decreases slightly more than its critical value with 
increasing n-value. This results in larger values of the 
limiting drawing ratio as the strain hardening expo
nent becomes larger. This proposition still has to be 
made acceptable in order to give an outlook on the 
importance of the n-value as a basic material quantity 
affecting deep drawability. Let a<fl and at be the 
radial and circumferential stress components in the 
flange at radius r. With the restriction that friction 
effects and the blank holder pressure may be disre
garded, the equation of equilibrium is 

(35) 

where s is the local thickness of the blank. From 
many experiments, the strain state in the annulus 
appeared not to be a plane one, as is sometimes 
thought. The sheet thickness was found to be in
dependent of r as a reasonably good first approxim
ation. This leads to 

da<fl = at- a<fl 
dr r 

(36) 

The relation between the radial stress component alP 
and the circumferential one at, if 'a= external blank 
radius is given by 

r2 +'a 2 

at =a<fl r'- -r/ (37) 

as can be shown2 with the aid of the Levy-von Mises 
equations. Substitution in the equation of equili
brium, followed by integration, leads to 

a<fl = k('~ -I) (38) 

where k is the integration constant. 

The analytical expression for k can be obtained by 
using the boundary condition of a uniaxial peripher
ical stress state. Hence, with the tensile stress-strain 
relation (16), we may write 

(39) 

where r ao is the initial radius of the blank and r a the 
external radius at a certain moment. Substitution of 
equation (38) in (37), followed by combination with 
equation (39), gives 

k=- In~ +5 C ~ r ~n 
2 'a o 

(40) 

and 

a~= i (:~ -l)~n ;ao +81n (41) 

To investigate the influence of work-hardening on the 
drawing force we must find the sheet thickness. With 
the restriction of s being independent of r, and fur
ther of a uniaxial peripherical stress state in combin
ation with the condition of constant volume and the 
Levy-von Mises equations, the current flange thick
ness appears to be 

(42) 

Since we are interested in the work-hardening 
effect only, within the scope of this paper, the effect 
of the punch edge and the-for the rest important
local friction may be represented in a greatly simpli
fied way. Let r8 be the average radius of the drawing 
clearance. Then, the equation for the current drawing 
force is 

(43) 

where Jl is the friction coefficient. Substitution of 
equations (41) and (42) gives 

F~.s.r,c(:;:)"'(m ~· +61"(;:: -~(44) 
or 

P~c(~oy~(ln ';ao +~jn(::: -I) (45) 

where 

(46) 

The punch force reaches its maximum value for ra = 
r ak· Then, with 

we obtain 

(jo = raofrs ('drawing ratio') 

(jk = 'ak/rs 

( )
1/2 

- JI.Tr/l (jo 
p max - Tr e (jk + ~ +6.)" {P.' -I) 

(47) 

(48) 
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where f3k can be calculated with 

(30 = f3k exp (2n :;:2 ~ ~) (49) 

This expression has been obtained by differentiating 
equation (45) with respect to 'a• followed by 
equating to zero. 

Now, the nature of the work-hardening effect on 
deep drawability can be studied by evaluating the 
general condition F;J;ax = F~ with the aid of 
equations (30) and ( 48). The theoretical values
represented by the curves in Fig. 14-are obtained 
with a digital computer, omgting the geometrical 
terms in equation (30) and for o0 = 0. Thus, both cal
culated force numbers F~ax and F~ may be con
sidered maximum values with respect to tool geo
metry. The substantial correctness of the theoretical 
tendency of the work-hardening effect may be 
demonstrated by the experimental work of Arbel3 • 

His results (Table 3) are also shown in Fig. 14. 
In order to eliminate friction effects, these tests 

were carried out without a blank-holder. It was there
fore essential to use a sheet thick enough to prevent 
folding. Contrary to the original values, the limiting 
drawing ratios have been recalculated according to 
the following relation [see equation (29)] 

rao So 
f3o max = rss = rao/(rst + 2 en) (50) 

Table 3. Experimental data of Arbel3 showing the 
limiting drawing ratio {30 max as a function of the work
hardening exponent n (r st = H in; s0 = 0·125 in). 

(2 raolmax 
n 

2r15 
material Qn] QnJ P0 max 

6YJ5 
2.625 0.54 1.173 2.24 

b ross 

18{8 
stainless 2.625 0.52 1.174 2.24 

steel 

copper 2.553 0.34 1.189 2.15 

alum 2.450 0.28 1.195 2.05 

alum 2.420 0.25 1.191 2.02 

hard brass 1.850 0.07 1.217 1.52 

The last metal in Table 3 had a very marked direc
tionality and was tested to assess the results obtained 
with a metal of low formability. From the form of 
the dotted line (Fig. 14) Arbel3 concluded that little 
progress, from the deep-drawing point of view, can be 
expected from new alloys of a high work-hardening 
exponent. Though an approximation, our foregoing 
theory brings to light the fact that too much import
ance has presumably been attached to the last metal. 
In that case Arbel's conclusion should have to be 
reversed to the opposite sense. Recent studies in 
superplasticity4 support our conclusion. Research 

activities are going on in order to analyse the addi
tional effects of friction, anisotropy and the drawing 
edge on formibility. 

Simulative testing methods 

There exist three main methods for determining the 
forming characteristics of sheet metal. 

(i) Testing the fundamental plastic properties of 
the sheet metal-the use of the determined quantities 
has been demonstrated in this study. 

(ii) Comparative testing on the basis of arbitrarily 
chosen formability parameters-the use of the result
ing values should be restricted to make sure that 
properties do not vary from coil to coil, etc. 

(iii) Testing by simulating forming operations
even in the case of carefully controlled geometric 
similarity there is the problem of the scale factors. 
Whether or not a small diameter punch-the Swift 
flat-bottom cup test for example-can truly represent 
a punch used to draw a geometrically similar cup I 0 
or 20 times larger in diameter is questionable. 

Complete similarity exists when the limiting draw
ing ratio obtained from a scale test equals the 
value observed in production conditions. A free 
choice of the material characteristics and the initial 
sheet thickness can be overlooked for practical 
reasons; also a controlled change in friction condi
tions. Thus, the rules of similarity can be obeyed only 
by adjusting the testing tool geometry. Hence, if 
equation (30) holds-and under the simplifying restric
tion that the load numbers F~ and F;j;ax under 
testing conditions must be equal to the values under 
production conditions-one of the rules of geo
metrical similarity can be formulated from (30) as 

1 1 1 
- + - = - =constant (51) 
p~ r~ c 

Solutions are shown in Fig. 15 for different c-values. 
Owing to the diminishing steepness of the part ofthe 
curves of practical interest, it is clear that it will be 
impossible to realize the right geometrical scale condi
tions in most of the cases. It must be noted that 
common testing conditions are expressed at the 
bottom left-hand side of the graph. 

It appears that no matter how much any simul
ative test is perfected, no single deep-drawing test is 
presumably sufficient to evaluate formability in an 
accurate way. Similar findings have been expressed by 
Shawki5 on the basis of many attempts to correlate 
results from different tests. Nevertheless, it is evident 
that there is a real need to be able to predict or evalu
ate the formability of sheet metal in combination 
with tool geometry and working conditions. For the 
time being a careful theoretical analysis of deep draw
ing on the basis of fundamental plastic properties 
seems to be the only way. 
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DETERMINATION OF TOOL-LIFE EQUATIONS BY 
STEP TURNING TEST 

by 

T. S. KIANG and G. BARROW* 

SUMMARY 

Conventional tool-life tests involve large consumption of work material and testing time. They are also restricted 
to a large extent to machines with continuously variable spindle speed drive. The method described here approxi
mates the variable machining-rate test by a number of small constant-speed steps. The tool-life equations thus 
obtained agree well with those established by conventional tests. The test can be conducted on any normal 
machine-shop lathe and the savings of material and time over conventional tests are significant. 

INTRODUCTION 

The conventional laboratory method of tool-life test
ing, first studied by Taylor1 in 1907, usually consists 
of machining with a cutting tool, either until com
plete failure occurs or to a predetermined amount of 
flank wear, measured by a microscope. In either case, 
the test demands a great deal of time and material, 
and thus involves considerable cost in order to obtain 
a relatively small amount of tool-life data. It is 
obvious, therefore, that methods for the rapid evalu
ation of tool life, using a small amount of material 
and at less cost, are desirable. 

Many rapid and approximate test methods have 
been evolved and investigated by various workers, a 
number of which have been described and discussed 
by Kiang2 • However, because of various practical 
limitations and associated shortcomings, these 
methods are still not widely accepted as standard test
ing methods. 

Of these methods, the facing test has been most 
extensively studied3-7 • It involves an operation in 
which the linear increase in cutting speed with time is 
observed. Sun8 showed that the adjustment to the 
equilibrium conditions (for example temperature, 
force, and so on) during facing cuts should be quite 
rapid. In the facing test, the cutting speed, instead of 
being changed to another steady value (as in the con
ventional test), is varied gradually but continuously. 
It can be expected that, however rapid the response of 
the various cutting characteristics to the changes in 
cutting conditions, there could be a persistent gap 
between the changes and responses. Thus, the actual 
cutting conditions may not correspond to the steady
state conditions. Furthermore, the facing test also 

*Machine Tool Engineering Division, UMIST 

suffers from the inherent disadvantage that the cut is 
taken towards the periphery, from a point near the 
centre of the bar and it is in this region where the 
largest probability of material variation would be 
expected from a metallurgical point of view. These 
are the main reasons that the facing test does not 
produce accurate tool-life data. 

Heginbotham and Pandey9•10 have studied two 
other variable machining tests-taper turning and 
variable-speed turning-with a view to eliminating the 
effect of material variations in the radial direction of 
the test bar. Using these methods, the time taken in a 
test when operating between two particular cutting 
speed limits can be controlled effectively. However, it 
is still not known when the rate of increase in cutting 
speed in a taper-turning or variable-speed turning test 
will produce inaccurate results because of temper
ature lag or lead. 

It seems that the variable machining operation can 
be represented by a large number of small constant
speed steps in order to eliminate the temperature 
lagging effect on the total performance of the tool 
and thus the accurate determination of tool-life 
equations. The cutting time is extended sufficiently 
to allow steady-state conditions to be established dur
ing each step. The method has been studied 11 using 
only two cutting steps. It is proposed that the 
number of steps should be increased, the validity and 
practical application of which is studied in this work. 

ANALYSIS 

To facilitate the analysis of the test, the concept of 
'degree of wear, G' is introduced, expressing the ratio 
of the tool wear (at a given moment of time) to the 



380 DETERMINATION OF TOOL-LIFE EQUATIONS BY STEP TURNING TEST 

accepted wear criterion; that is, at the initial moment 
of cutting G = 0 (for a new sharp tool), and G = 1 
when the permissible amount of tool wear is reached. 

The tool-life criterion chosen for the present work 
was 0·01 5 in mean flank wear, and therefore 

G = amount of mean flank wear reached in time t 
0·015 

The Taylor tool-life equation states that 

V'J'1 = c 
and this may be re-written as 

(1) 

T= (~Yin (2) 

Then the amount of tool life consumed, per unit 
time, at a particular speed would be 

~=~)'n {3) 

In the variable rate test, the cutting speed is a con
tinuous function of time. Thus the fraction of tool 
life reached at V1 after a time interval t1 would be 

al 
> 

.¥ 
c 
0 

1L 

J t (v)tfn ( )1/n o cf dr = ~ r! 

Cutting time T (min) 

Fig. 1 A typical flank wear-cutting time curve 

Now, assuming that the flank wear/cutting time 
curve follows a linear relationship (a typical curve of 
which is shown in Fig. 1) when the test is performed 
in a step manner the time periods have a discrete char
acter; thus, tool life is determined by direct sum
mation of the individual tool-life values reached 
during each step of constant-speed turning. There
fore, when the tool fails 

m 

L:(P)'n ~ = 1 

i = 1 

If the fraction of tool life is reached after m steps, 
then 

m 

L: (~}'n t;=G (4) 

i = l 

m 

or L:J{~) = G {5) 

i = 1 

because Tis a function of V. 

If two tests are conducted, a set of simultaneous 
equations will result 

(6) 

i = 1 

and L:(2)'n tj= G (7) 

i = 1 

After expansion, these may be written as 

(v~ tfn {v~ tfn {v. ) c'l t1 + \-d-) t2 + .... \T tm1 =G (8) 

{v'~ 1/n {v'\ tfn (v., ~ tfn vJ-; t~ + \d-) r; + .... \-flj tm2 = G' (9) 

If the cutting conditions are so chosen that 

.... = tm 1 = t 

.... = tm2 = t' 

and V~ = V1 , V~ = b V', V~ = b2 V', .... V' = bm-t V' 

for o <a< 1, and o<b<l 

Equations {8) and {9) become 

~ t vtfn [ 1 + a!fn + (a!fn)2 ( )
1/n 

+ .... (alfnr-1] = G 

and(~)'nt' v'tfn [ 1 + b!fn + (b!fn)2 

+ (b!fn)3 + .... (b!fn)m-t] =G' 

(10) 



T. S. KIANG AND G. BARROW 38I 

Dividing equation {10) by equation (II) PRESENT INVESTIGATION 

(I2) 

i=o 

Assuming that the logT -log V of the Taylor equation 
is a straight line, and making b = a, n can be found 
from equation {12), as 

(13) 

The value of C can then be calculated from equation 
(10) or equation (11). 

Table 1. 

Work/Tool 

All the tests were conducted on a Swift testing lathe, 
the spindle speed and sliding feed of which was 
infmitely variable between I 04-5000 r.p.m. and 
0·0002-0·048 in/rev., respectively. 

Two workpiece materials were used for the tests
En 8 and En 26 according to BS 970:I955. Two 
grades of Kenna-metal carbide inserts-KII and K3H 
were used for the respective work materials. 

The test pieces were 6 in diameter, 2 ft long bars 
in the 'as received' condition. The cutting conditions 
chosen were: feed = 0·008 in/rev., and depth of cut = 
0·080 in. The cutting speeds were selected in the 
range 500-900 ft/min- 1 • 

RESULTS AND DISCUSSION 

Initially the tests were performed using new sharp 
tools. It was found that the results (Tables I and 2) 
were not satisfactory. The values of n and C were 
somewhat higher than those found from conven
tional tests. 

pair Speed-range Pre-worn G t 

570-700 0·473 2 

489-600 0·46 2·5 

En8/Kll 728-900 0·009 0·36 1·5 
0·0096 0·42 

570-700 0·0095 0·286 2 
0·0078 0·286 

489-600 0·42 
(average of 2 min) 

406-500 0·466 1·5 
(average of 3 min) 

En26/K3H 0·0078 0·267 489-600 
0·0082 0·24 

406-500 0·0084 0·213 1·5 
0·0087 0·233 

Table 2 

Step turning test 
Work/Tool Conventional 

pair test 
New sharp tools Pre-worn tools 

En8/K11 
n 0·611 0·554 0·58 

c 4085 4400 4000 

En26/K3H 
n 0·645 0·345 0·352 

c 2718 1526 1250 
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In view of this discrepancy it was necessary to 
check the validity of the analysis by means of the 
available data. Using the results from the conven
tional tests, the following calculations were made. 

The analysis shows that the fraction of tool life 
reached after m steps is expressed by equation (5) 

m 

"""' t. G ::: L.J T(,V;) 

i::: 1 

Now, taking En 8/K 11 as a test sample, the theo
retical tool life reached after five steps should be 
(from Fig. 2): 

2 2 2 2 2 
G == 34·7 ' 32 ' 29 ' 26·5 ' 24·1 == 0'348 

However, the actual tool life consumed was 

Similarly 

G == 0·0062 == 0·473 
0·015 

GT' == 0·332 

and G' == 0·46 

Using G and GT the values of n and C were found 
to be 0·557 and 4406 respectively, which were in 
good agreement with those obtained from the 
conventional test and indicated that the analysis was 
correct. 

The values of G, which are higher than the theo
retical values, are thought to be attributable to the 
first phase of flank wear/cutting time characteristics 
(that is the initial rapid wear period) (Fig. 1 ). The 
cutting speeds used in the tests were well above 
500 ft/min- 1 , therefore b.u.e. would not affect the 
results. In the conventional tests, this rapid wear 
period occurs at all speeds and the cutting time is 
usually extended sufficiently so that the final results 
are hardly affected. In the step turning test, it has 
been assumed that the relationship between flank 
wear and cutting time is linear. However, example 
( 4) does not take this initial rapid wear into 
account. Therefore, the actual tool wear (G) will in
evitably be higher than the theoretical values. Thus 
an error is introduced when subsequently computing 
n and C. This phenomenon was also observed by 
Heginbotham and Pandey9 • When pre-worn tools 
were used, this rapid wear phase could be entirely 
eliminated. The flank wear would proceed in the 'as 
worn' conditions and assume a linear relation with 
time. Furthermore, it is well known that the vari
ations in the results of tool-life tests are usually 
great. Therefore, repeat tests at each speed range are 
necessary and the average values of G must be used. 

As the tests were not orthogonal it was necessary 
to put the artificial wear land on the tool flank face 
as well as on the nose radius. This is a difficult 
operation and it was decided to produce it by actually 

cutting the workpiece with the tool at high speed 
and low feed. Using this method, a wear land of 
0·009 in could generally be obtained within 7 min 
of cutting and the amount of material consumed 
was very limited. To obtain a more natural wear 
land, the tools were run-in for about 30 s at the 
first speed of the range of speeds tested. The final 
pre-worn wear land was then measured. 

The relationship between flank wear and cutting 
time was essentially linear beyond 0·007 in flank 
wear for all speeds. However, in order that the fmal 
wear criterion (0·015 in mean flank wear) was not 
exceeded at the end of a test, and to reduce the 
effect of possible measuring errors on the results, 
the pre-worn wear lands were selected between 
0·007 and 0·010 in. 

Tests results using pre-worn tools are shown in 
Tables 1 and 2, and Figs. 2 and 3, and it is clear 
that they correlate very well with those of the con
ventional tests. There is less than 5% difference in 
the values of n for the respective work/tool pair. 
The effect of temperature lag seems to have been 
removed. The actual responses of the temperature 
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Table 3 

Material 
Test method Work/tool consumption Testing time No. of 

pair (in3 ) {min) test tools 

En8/K11 Step turning 
En26/K3H 

En8/Kll Conventional 
En26/K3H 

and force were not measured for each change of 
speed. However, the temperature tests indicated that 
the response was very rapid indeed. Therefore, when 
the cutting intervals t were chosen between 1 and 
2·5 min, steady-state conditions were used for most 
of the time interval. 

As one set of tests could be completed within 
one or two passes along the test bar, the material 
variation could hardly affect the results. Depending 
on circumstances, this effect may to some extent be 
even less than in the conventional test. It is thus 
clear that step turning is a valid approximation to, 
and possibly a replacement for, the conventional 
test. However, there is a limitation to the applic
ability of the test, in that it can only be applied to 
work/tool pairs which have a linear relationship 
between log T and log V as this is the basic assump
tion made in the analysis. 

Repeatability is a problem facing all forms of 
tool-life tests, variations of up to 200% having been 
observed in some cases. Initial tests using step turn
ing indicated that this was so. Results from a single 
set of tests are neither accurate nor reliable; at least 
one repeat test is necessary to obtain an average 
value of G for subsequent calculations. As the 
demand for testing time and material is small (Table 
3) when using step turning tests, repeat tests can be 
done without involving too much cost. 

Reasonable values of a and t for the tests were 
chosen arbitrarily, and seemed to be satisfactory. To 
approximate the facing test, the number of steps 
used should be large; twenty or thirty steps can be 
used with a cutting time of, say, 20 s for each step, 
which is sufficiently long to allow the steady-state 
conditions to be established. If this is done, the 
effect on tool life for engaging and disengaging the 
tool, some 20 or 30 times within 10 min of cutting, 
will become rather considerable, as suggested by 
Barrow and Spencer12 • It seemed therefore, that 
m = 5 was a reasonable choice, which has been justi
fied by demonstration. 

Conventional tests are restricted to a certain 
extent to machines with continuously adjustable 
spindle speeds and this limits the possibility of 
establishing tool-life equations to metal cutting 
laboratories which have lathes with a special drive 
for stepless control of spindle speeds. 

In this investigation the cutting conditions have 
been chosen so that equations (8) and (9) can be 
solved without the aid of a calculating machine. A 
lathe with infmitely variable spindle speeds was used 
for the tests, and it was then a relatively simple 
matter to select a convenient value of speed ratio a 

214 

126 

143 

137 

4 

4 

670 

565 

392 

660 

5 

6 

to cover a reasonable speed range within which 
b.u.e. was unlikely to be formed. In an ordinary 
machine shop in which this type of special lathe is 
not available, tests can be carried out on a lathe 
which has spindle speeds arranged in a ftxed ratio. 
In this case, the length of the bar should be suffi
ciently long that one test can be completed within 
one pass along the bar. If this is not possible, 
equations (8) and (9) have to be solved as they are. 

CONCLUSIONS 

From this series of tests on both En 8 and En 26, 
using carbide tips, it has been demonstrated that the 
step turning test has several advantages over conven
tional tests and other quick testing methods: 

(a) Information regarding the tool life and 
machinability of various materials can be 
obtained within a very short period of time. The 
savings over the conventional test vary between 
200-400%. 

(b) Consumption of test material is low, being 
about 25-30% of that required in conventional 
tests. 

(c) With a sufficient number of repeat runs (at 
least one repeat) test results are comparable with 
those obtained by conventional tests. 

(d) The method is simple and can be performed 
equally well on any conventional machine shop 
lathe with little extra effort in mathematical cal
culations. 

To obtain reliable test results all test tools should 
be pre-worn and the cutting intervals should be so 
chosen that the flank wear/cutting time character
istics operate in the linear region for all cutting 
speeds. 

Tests using new sharp tools produce values of n 
and C which are too high and cannot be relied on, 
which is attributed to the initial rapid wear during 
the first step turning. 

Although the advantages of using the step turn
ing test are apparent, considerable experimental care 
is required in order to obtain accurate results. More
over, good results cannot be expected on all tool 
and workpiece combinations. ·With these points in 
mind we recommend the use of step turning tests 
only in cases in which conventional tests are impos
sible and by personnel with experience of machin
ability testing. 
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DISCUSSION 

Query from A. H. Redford, USALF 

There would appear to be two features of the step 
turning test which raise doubts about its usefulness. 
Firstly, if as appears to be the case, there is to be an 
international standard on machinability tests with 
standard tool failure criteria, the results of any tests 
where the wear is less than that recommended cannot 
establish, beyond doubt, that the tool would not have 
reached the tertiary wear stage before the completion 
of a standard long-tenu test. 

Secondly, it is inevitable that, as the change in tool 
wear to be measured decreases, any errors in measure
ment of the wear become more significant. It would 
be of interest to know what the authors consider to 
be the minimum amount of wear which could be 
measured for the results to be significant. 

Reply 

Dr. Redford has raised two important points regard
ing the step turning test. With reference to the first 
point, it· is possible with experiel).ce to know which 
combinations of tool and workpiece materials will 
give wear lands of the value proposed in the standard 

test (i.e. 0.015 in. or 0.4 mm). However, in general it 
is preferable to run the test in such a way that 0.015 
in. mean flank wear has been reached at the end of 
the test. If this is done with the highest speed as the 
last step, it is reasonable to assume that 0.015 in. 
mean flank wear would be reached over the range of 
speeds tested. 

If the final wear on the tool at the end of the test 
is 0.015 in. and a sharp tool was used, the measuring 
accuracy is the same as that used in the conventional 
test. However, if preworn tools are used, it is essential 
to have the preworn land of a reasonable size (say 
0.007 in.) so that both this value and the amount 
worn in the test of approximately 0.008 in. can be 
measured with a reasonable degree of accuracy. 

Query from J. B. White, South Australian Institute 
of Technology 

This contribution is perhaps equally relevant to the 
paper 'Tool Life Equations and Machining 
Economics' by G. Barrow. 

Some researchers use with enthusiasm the facing 
test, coupled with a statistical analysis of the results, 
as a quick and allegedly-reliable means of predicting 
both the tool-life component n and the cutting speed 
for a 60 min. tool-life '1/60'. Would the author please 
elaborate on the merits that he considers the step 
turning test may have over the facing test? 

From analyses I have made of a few sets of facing 
test data with approximately 35 tests per specimen at 
varying speeds, the safe V 60 have been approximately 
only 50% of the mean V 60• By 'safe V 60' I define the 
speed which would give not more than 2! % 
(nominally) failures if used in real operation. The 
mean V 60 is obtained from a regression analysis of the 
35 sets of data and must lead to 50% premature 
failure in real operations. 

I would appreciate the authors' comments on my 
view that 'any test data and analysis thereof which 
does not yield the lower safe limits of nor V60 cannot 
be of any significant value to an engineer or technician 
planning real processes'. 

Reply 

We have run comparative tests of the facing and step 
turning methods and found that far less material and 
time (in some cases only 25%) is used in the step 
turning test for the same degree of confidence. In 
addition to this, the facing test is not really suitable 
for small diameter barstock. 

The authors do not agree with Mr. White that any 
test which does not yield the lower safe limits of n or 
V 60 values is of no practical use, since the mean 
values obtained in a laboratory test can be (and have 
been) successfully modified for use under practical 
conditions. Whilst in certain cases statistical tech
niques can be advantageous, it should be remembered 
that when using a regression analysis for tool-life 
studies, it is usual to make the dubious assumption 
that the log T -log V plot is a straight line. Several 
workers in the past have done this and have in our 
opinion produced V 60 values of less significance than 
by a graphical technique. This last comment does not 
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apply to the step turning test, since we have assumed 
a linear Taylor plot and recommended its use only 
where linear Taylor plots are likely to occur. 

Query from G. E. Wright 

vrn = c is only true for a given feed, depth of cut, 
coolant and constant tool geometry, tool material 
and workpiece material. 

In both the taper turning and step turning tech
niques, the depth of cut is varying constantly and 
intermittently respectively. For this case the equation 
should be changed to VT"dm = C1 for each depth of 
cut. Could the author comment on how this has been 
overcome? 

Reply 

It is possible that Mr. Wright was misled by some of 
the slides shown during the presentation of the paper, 
which do not appear in the published paper. Neither 
in the case of the taper turning nor step turning test 
does the depth of cut vary. In view of this the test has 
to be repeated for various depths of cut etc. and it is 
better to use the concept of 'equivalent chip thick
ness' (be) and obtain an equation of the form VT be 
= C from a short series of tests. 



THE EFFECT OF COMPONENT TOLERANCE ON OPTIMUM 
MACHINING CONDITIONS 

by 

J. R. CROOKALL* and R. C. MALTBY* 

SUMMARY 

The economics of cutting is influenced both by resetting and replacing of tooling, on the grounds of dimensional 
drift and unserviceability, respectively. Finer tolerances cause a reduction in optimum speeds and feeds, lllld 
machining cost and time rise sharply for tolerances below about 0·002 in. The analysis constitutes a fairly 
general case; omission of the tolerance aspect results in a special case applicable primarily to roughing operations. 
The effect of relating tolerance to surface finish requirements is also examined. 

INTRODUCTION 

In a previous paper1 the 'performance envelope' con
cept, representing the permissible and desirable 
regions of machining, was developed. This involved an 
analysis of both the time and cost of machining, 
which indicated the 'desirable' regions of operation, 
according to several criteria. The various constraints 
on the operating range were examined, such as power, 
surface roughness, and workpiece deflection. Also, 
cutting failure modes such as cratering and deform
ation were considered, as well as the flank-wear mode 
on which the analysis was based. The present paper 
examines further the 'economic' aspect with regard to 
the component tolerance on the dimension being 
machined, which is of course set by the designer. 

Much has been said in a general way about the cost 
of quality, but this is notoriously hard to quantify. 
Many believe that the cost C rises exponentially as 
tolerance 8 becomes increasingly fine, according to a 
function of the form 

(1) 

where a, ¢ and (3 are constants. But such general 
statements must have doubtful applicability in parti
cular circumstances, if they do not take account of 
the reasons for possible cost increases. These might 
include the necessity for a slower operation, the use 
of more expensive tooling, or production method it
self (for example, grinding instead of conventional 
cutting), or the necessity for more frequent re-setting 
attention to compensate for dimensional drift due to 
wear. 

*Imperial College of Science and Technology, London 

In fact, only if the tool can be permitted to deteri
orate to its maximum wear criterion without violating 
the dimensional tolerance required of the component, 
will tolerance not affect the optimum conditions of 
machining. Normally, the dimensional drift which 
accompanies wear of the tool in use will necessitate 
resetting of the tool, perhaps several times, before it 
is deemed to have failed for the purpose of cutting, 
and therefore needs replacing or regrinding. The 
exception to this situation is when separate roughing 
and finishing tools are used, and this is obviously a 
useful expedient in some instances. However, this 
paper concerns those cases in which the same tool is 
used for both roughing and finishing, or a single pass 
only is taken. 

Considerations of optimal machining conditions 
naturally bring about the high wear rates associated 
with rapid stock removal, and hence the frequency of 
attention required for re-setting will obviously be
come increasingly significant (irrespective of the 
permitted maximum wear) as component tolerances 
are decreased. 

TIME AND COST EQUATIONS 

The economics equation for a production process 
contains three general terms which are functionally 
distinct. One expresses the time or cost consumed in 
setting up and loading the machine, another involves 
the active (actual cutting) time, and a third term 
involves the reconstitution of the machine between 
active periods as a direct result of its use; the latter is 
in effect a 'rate penalty' term. The first term is 
independent of the conditions of operation of the 
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process itself, and is eliminated on differentiation of, 
say, the cost equation, to evaluate the minimum-<:ost 
operating conditions. The second term decreases as 
the rate·determining parameters of the process rise, 
and the last term increases with increasing rate of 
operation. It is the balance of the opposing factors of 
the second and third terms which determines the 
optimum operating conditions. The derivation of 
time and cost equations for turning, which includes the 
effect of component tolerance, involves the incorpor
ation in the rate-penalty term of the re-setting aspect 
occasioned by any given tolerance. The general con
siderations are otherwise similar to those of the 
earlier paper1 • 

Production time per piece 
The time per piece for set-up and loading, tn, and for 
turning diameter Dover length L, can be expressed as 

+ 1rDL 
t -
n SV 

(2) 

where s and v are respectively the feed and speed of 
turning. The depth of cut is presumed equal to the 
depth of the layer to be removed (that is, for single 
pass). The remaining task is to determine the tool 
reconstitution time per piece, and this must introduce 
the frequency with which it is necessary to either 
reset or change the tool, and hence the tool life and 
wear rate. 

It is necessary to use a generalized tool-life 
equation, and as previously1 , two alternatives may be 
considered. Thus a tool-life relationship in which 
speed, feed and depth of cut, and possibly tool geo
metrical variables, are separate terms, or a relation
ship involving the 'equivalent chip thickness' as a 
simplifying expedient must be used. The two tool-life 
expressions are 

v(TQ)n fY1 tf1 k!' = V 

v(TQ)n (csr =A 

where Gs = be, the equivalent chip thickness, and 

(3) 

(4) 

G """a![ a- r (1 - sin sc) + r ] 
cos s + r(7T/2-sc) 

c 

The intention here is to adopt the somewhat simpler 
form of equation (4), for reasons discussed earlier 1•2 , 

and associated mainly with the considerable reduc
tion in cost and material in evaluating tool life, using 
equivalent chip thickness as a parameter. 

Fig. la represents a typical flank-wear curve at 
constant speed (that is, the development of the flank 
wear land 'F' shown in Fig. 1 b). It is normal practice 
to confine the practical use of a tool to the almost 
linear 'secondary' region of the curve, as in the 'terti
ary' region the wear rate is accelerating, and there is 
an increasing probability of catastrophic failure. 
Brewer3 investigated premature fatlures, and found 
that their likelihood of occurrence was dependent to 
the power 2·78 on the permitted flank wear. The 
wear-time curve is approximated by the linear 
relationship 

F=Ff + kt 

where k is the wear rate dF/dt, and representation of 
wear behaviour must be within the limit of linearity 
at Fro· The tool life for any particular value of flank 
wear F may be obtained using the interpolation 
fraction 

Fro -Ff 
Q= F-F 

f 

from the generalized expression for tool life 

1 ( A )tfn 
T=Q (Gs)mv (5) 

For a component diametral tolerance o, the tool 
must be reset when the development of flank wear 
(Fig. I b) reaches a value 

F* = Q cot r 
2 

(6) 

(neglecting the effect of rake angle). Hence when the 
permissible flank wear before the tool is changed for 
the general case, is F, the number of resets during the 
life of a tool is equal to 

F- Fr 2(F- Fr) 
=--'--~ 

F* o cot r 
2(Ffo- Fr) 
oQ cot r 

(7) 

This, in effect, represents a 'reset interpolation frac
tion' Q*, and the machining time between resets is 
thus 

T* _ -::-:::-o=c~ot_r~ ( A ) vn 
- 2Q(F- Fr) (Gsynv (8) 

The number of resets per piece is represented by the 
time to turn length L divided by the time between 
resets, and the product of this and the tool-resetting 
time t 5 gives the tool-resetting time per piece as 

21T DL t5 (Fto - Fr) vlfn _I [Yifn_ 1 (?In 

0 cot r Al/n 
(9) 

Obviously, the number of resets during the life of the 
tool must in practice be an integer. This may be 
derived from equations (5) and (8) as T/T*, and it is 
evident that this is the same as equation (7). 

Considerations of tool changing frequency are 
similar. Hence the number of tool changes per piece 
times the tool-<:hanging time fw gives the tool
changing time per piece, which becomes 

vlfn_l [Yifn_i (?fn 
1rDL Q tw A t/n (I 0) 

Thus the total time per piece to machine a compo
nent is the sum of equations (1 ), (9) and (1 0), giving 
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(11) 

Minimum production time per piece 
In the usual way, differentiation of equation (11) 
with respect to each of the metal-removal parameters 
v and s in turn, will yield the minimum production 
time per piece. Thus, with respect to speed 

ar - - [ 1 v1fn_2f"fn-1 cmtno 
i)VP - 0 - rrDL - w + A 1/n 

givi~g A [ ( 1 )( 2tiF- Fr) t )] --n 
Vto- (Gsr Q n- 1 ()cot 'Y + w ( 12) 

and with respect to feed 

a11p [ 1 v1fn_lrJn_2(?fnQ 
~s = 0 = nDL ~ --r- + -as s v A1~ 

hence 

There is therefore no absolute mtmmum time per 
piece in terms of both speed and feed; thus for con
stant s there is a speed for minimum time and vice 
versa. Lowest overall time for the single-pass case* is 
achieved by using the highest practical feed, and the 
associated Vto· The subject of constraints has been 
treated more fully in an earlier paper1 • 

Production cost per piece 
If production costs are regarded as cost-weighted 
times, the establishment of the equation for total cost 
of machining, already given that for production time, 
is relatively straightforward. However, aspects such as 
tool depreciation cost, which have no counterpart in 
the time equation, are additional. It is partly for this 
reason that the optimum operating conditions when 
evaluated on a cost basis almost inevitably differ from 
those derived from the time analysis. Hence minimum 

*However it has been demonstrated elsewhere 4 that, although 
this holds for a single pass, under certain conditions, lowest 
overall cycle time is obtained when more than one pass is 
taken. 

cost and minimum-time operation cannot be achieved 
simultaneously. 

Proceeding in a similar manner, the cost of set-up 
and loading time, and of machining time, can be 
obtained from equation (2) by a cost 'weighting' R 1 , 

which represents the total overhead, machine-hour 
rate, and direct labour costs (but excluding tooling 
costs) per unit time, giving 

R (t + nDL) 
1 n SV (14) 

The cost of the time 'required to reset, and to change 
the tool, can also be obtained as products of R1 and 
the resetting time per piece and the tool-changing 
time per piece, from equations (9) and (10), respec
tively. Hence cost of resetting time and tool-changing 
time is 

(15) 

However, the additional factor of the cost of 
providing the cutting edge itself must now be con
sidered. 

The two types of cutting tool used in practice are 
the indexable insert type and the integral type, and 
reconstitution is of course different for each. Tims, 
whilst a tool change with the indexable or 'throw
away' type simply involves turning the insert to a 
fresh cutting edge, the integral type must be removed 
completely for regrinding. The cost of regrinding can 
be considered as the sum of costs which are indepen
dent of the amount to be ground away, expressed as 
R 2 money units per regrind, and costs involved in re
constituting the tool point. The latter consists in 
grinding back the flank face of the tool by an amount 
F sin 'Y (see Fig. 1 b), plus an additional safety margin 
q to remove any possibly damaged material near the 
tool edge. If R 3 is the cost of grinding unit depth of 
clearance face (hence the total cost for the cutter
grinding operation is involved, in a manner analogous 
to that being considered here), the cost of a regrind is 
equal to 

The regrinding cost per piece involves the frequency 
of the necessity for tool changing [compare with 
equation (10)], and becomes 

nDL Q v1fn- 1 f"Jn_ 1 c;mtn 
Al/n 

X [R2 +R3 (q+Fsin'Y)J (16) 

In the case of throwaway tips, R 2 = R 3 = 0, and 
hence this whole expression becomes zero. 
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Tool depreciation at each reconstitution will 
depend, in the case of regrindable tools, on the frac
tion of available material (and hence total available 
life) which is to be ground away, or for indexable 
inserts upon the number of available cutting edges. 
For regrinding, if the total removable stock is U, the 
possible number of regrinds will be U/(q + F sin -y). 
Thus for a tool costing W money units, the depreci
ation cost per cutting edge is 

w 
e + U/(q + F sin r) 

For integral tools e = l. For indexable inserts, e is set 
equal to the number of cutting edges available (typi
cally 3, 4, 6 or 8), and U = 0. Hence the general 
expression for depreciation cost per piece is 

rrDL Q v1fn- 1 {"fn- 1 (?fn f- W 1 
x1fn ~ + U/(q + Fsin 'Y~(l?) 

The total cost per piece of machining is the sum of 
equations (14), (15), (16) and (17), giving 

[ 
R, v1fn_1 {'lfn_1 (?fn Q 

C = R 1 tn + rrDL sy + X 1/Ti 

X ~ R [ 2ts (F- Fe)+ t ] + R l 1 [j cot 'Y w 2 

+ R3 (q + F sin r) + e + U/(q ~ F sin r) !J (18) 

It should perhaps be repeated at this stage that 
equations (11) and (18) have been derived assuming 
the tool-life equation (4) involving equivalent thick
ness as a parameter. The equivalent equations for 
time and cost of machining in terms of the alternative 
equation (3) are obtained simply by substituting the 
term apfn kufn for the term cmfn in equations (11) 
and (1~). 

Minimum cost per piece 
Differentiating equation (18) with respect to cutting 
speed yields 

ac [ 1 Q v1fn- 2 {"fn- 1 (?fn 1 ) ] -= 0 = rrDL - -::::7+ --1 S ov sv ;\_ 1/n n 

where 

w 
+ R3 ( q + F sin r) + e + U/(q + F sin r) 

Thus the cutting speed for minimum cost is 

vco = (;sr~1 ~n)]n (19) 

and similarly the feed for minimum cost is 

sco = !_(~)1fm[R 1 { .....!!.._ '] nfm c v QS\m -nj (20) 

Thus no absolute minimum cost per piece exists, the 
situation being analogous to that for production time, 
considered previously. 

Cost and time relationships 
The relationship between cutting speeds for minimum 
cost and minimum time can be obtained from 
equations (12) and (19). Setting 

2t5 (F- Fe) 
Y= +t 

8 cot r w 

representing the combined time for tool resetting and 
tool changing, and 

Z=R2 + R3 (q + Fsin r) + e + U/(q ~ Fsin r) 

representing the combined replacement costs of the 
cutting edge itself at each replacement 

s - z --1+-
R1Y R 1 Y (21) 

as S = R 1 Y + Z. Thus the minimum-time cutting 
speed will always exceed the minimum-cost speed by 
the additional factor Z/R 1 Y, representing the balance 
of costs of the tool itself per cutting edge and that of 
the tool-changing tirue. The implications are that 
tooling which is itself expensive (for example, a 
milling cutter), or inexpensive tools which can be 
rapidly changed (for example, throwaway inserts) will 
cause greater separation of the respective minima in 
terms of cost and time. 

It can be shown that the optimum machining 
conditions, whether in terms of cost or time, occur at 
constant values of tool life. The constant tool life for 
minimum cost is different from that for minimum 
time, and this underlies the separation of machining 
conditions for these two criteria. From equation (5), 
the tool life Teo corresponding to Vco is 

(22) 

Substituting the right-hand side of equation ( I9) into 
equation (22), the tool life for minimum cost is 
obtained 

T =1._ ~-I) 
co R1 ~n 

(23) 

Similarly, from equations (5) and (I 2), the tool life 
for minimum time is 

1 
Tto = Y(n -I) (24) 

Thus tool life at minimum time depends only on the 
combined tool resetting and changing factor Y, and 
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the speed index n of the tool-life relationship, and is 
thus constant for a given tool/work situation. In fact 
the effect of optimization is to select the cutting 
variables in a way which makes the tool life equal to 
the value pre-determined by equation (23) or (24). 
The tool life for minimum cost, Teo , will only equal 
T.o in the unusual case when 

s 
Y=

Rt 

i.e. when the replacement tooling is of zero cost. 

The effect of component tolerance 
Consider the 'open tolerance' case, that is when 

2t8 (F- Fr) = 0 

8 cot 'Y 

This now represents the 'normal' case when the effect 
of tolerance is not considered. The effect of 
component tolerance can be related to this 'open 
tolerance' case as a ratio. Denoting the 'open 
tolerance' value of a parameter* by a prime, the ratio 
of minimum-cost cutting speed for a toleranced cut 
to that without tolerance, can be shown to be 

(25) 

which is 

Vco Rttw+Z 
vto' = R [t + 2t8 (F- Fr)] + Z (26) 

1 w 8 cot A 

In terms of the speed for minimum time, it can be 
seen that 

which is 

Vto -,-
Vto =(~·r =e;r 

(27) 

Thus the relative effect of tolerance upon the 
optimum cutting speeds in terms of either cost or 
time increases as the tolerance itself is made finer 
with respect to the permissible flank weart, and also 
as the resetting time increases. 

*'Open tolerance' in this context implies 6 ~ 2F tan -y, and 
not6 = 00• 

tNote that the 'permissible flank wear' which is implied in 
this analysis is that which occurs at the constant wear rate 
d.F/dt=k, namely (F-Fr). In the use of this analysis in 
practice, particularly if relatively fme tolerances are involved, 
the fairly standard practice of using tools with slightly 
radiussed cutting edges should be adopted, allowing wear due 
to cutting to begin in the region of Ff. In any case this would 
be wise practice, to avoid the rapid 'primary' stage of wear, 
in which the dimension cut would be changing quite rapidly 
relative to the tolerance required. The alternative might be to 
take a 'running-in' cut. This aspect becomes less significant as 
6 IFf increases. 

Similarly for optimum feeds 

Sco ~~)n/m -,-
Sco 

(28) 

Sto = (~) n/m I 
Sto 

(29) 

and for optimum tool lives 

(30) 

(31) 

Evidently the optimum tool lives increase as the toler
ance becomes finer, and this has a reciprocal effect 
upon the cutting parameters speed and feed. The 
inevitable effect upon production cost and time is 
detrimental. This relative increase in production cost 
and time can be judged from equations (18) and (11), 
but the resulting expressions remain unwieldy. The 
effect can best be demonstrated by an examination of 
computed values. 

Cutting spee-d V':const. 

~::::::::: ... 1..~ Col b' -,2 
(a) 

6 
2 --

1-\ 

\ 

.I 

(b) 

T1meo t 

Fig. 1 The effect of component tolerance upon optimum 
machining conditions. 
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COMPUTED RESULTS 

A computer program was used to evaluate the effect 
on machining XC45 steel with a P.30 carbide tool, for 
varying speeds and component tolerances. The 
program output includes cost and time per inch 
turned, tool life, tool resetting cost, velocity at mini
mum cost, velocity at minimum time and power 
consumption. 

However, two alternative circumstances are likely 
to obtain in the finish-machining region: 

(a) that the tolerance criterion is independent of 
surface roughness, in which case the latter is 
simply maintained within a given maximum value; 
(b) that tolerance and surface roughness criteria 
are related, thus better surface finishes are 
associated with finer tolerances. 

These two circumstances will be investigated 
separately. 

The effect of tolerance for constant surface roughness 
The general effect of tolerance on optimum cutting 
speeds and tool lives is shown in Fig. 2. The stepwise 
appearance of the curves represents the increasing 
number of resets required (which can only be integer 
quantities) as the tolerance becomes finer. It should 
be noted that as the tolerance tends towards zero, the 
velocities at minimum cost and time also tend to 
zero, and tool life tends to infinity, as does the cost 
and time of machining. The values of Vco and Vto 

vary according to the component tolerance, and the 
'normal' optimum conditions are true only for rough
ing operations where no tool resetting is required. In 
practice however, where a single cut must confer the 
correct dimension within tolerance, different 
optimum conditions must ensue according to the 
tolerance required. This can be seen also from 
equations (26) and (27) for the economic cutting 
speeds, and equations (30) and (31) for the economic 
tool lives. 

Machining times (and also costs) are presented as 
time (or cost) per piece per unit turned length 
circumferentially (i.e. for the case when rrDL=l·O). 
The relationship of machining time with speed and 
tolerance is plotted bi-logarithmically in Fig. 3a. The 
'open tolerance' case is here represented by the curve 
li ~ 0·0045 in (that is, li ~ 2F tan r), which gives 
the cutting speed at minimum time as 755 ft/min. At 
this speed the time per unit length is 0·025 min/in. 
However at the fine tolerance of 0·0005 in the time 
per unit length at the same speed would be 0·054 
min/in, that is, a time estimate would be in error by a 
factor of two. Machining to this tolerance it may be 
seen that the cutting speed should be 480 ft/min, and 
the time per unit length would then be 0·04 min/in, 
this reduction in cutting speed paradoxically reducing 
the time to machine a unit length by a factor of I ·35 
times from the normal 'optimum'. The reason for this 
is more apparent from Fig. 3b, in which the same 
data are cross-plotted as lines of constant cutting 
speed. These lines tend to cross over between regions 
of coarse and fine tolerance (see for example lines of 
400 and 1000 ft/min). Under open-tolerance 
conditions (o ~ 0·0045 in) machining time decreases 
rapidly with cutting speed at first, but reaches a 
turning point and then begins to rise (as in Fig. 3a); 

by definition of 'open tolerance' conditions there is 
no resetting, hence this behaviour is due to the 
increasing incidence of regrinding at higher speeds. At 
fine tolerances (say li = 0·001 in) it may take longer 
to machine a given length at a high speed (for 
example, 1000 ft/min compared with 400 ft/min) 
due to the fact that as wear rate rises rapidly with 
speed, more resets per unit turned length may be 
required at the higher speed. As the tolerance 
becomes finer, this effect is more pronounced, and 
the cutting speed at minimum time falls. 

The relationships for machining costs are similar to 
those for time. Machining cost per unit turned length 
circumferentially (that is rrDL= 1·0) is plotted 
bilogarithmically in Fig. 4 against cutting speed. At 
472 ft/min and a tolerance of 0·0045 in, the cost is 
0-40 pence per inch; however if the tolerance is 
reduced to 0·0005 in, the cost at the same speed 
would be 0·50 pence per inch, an increase of 25% on 
that which would be estimated if the effect of toler
ance was ignored. In fact at the finer tolerance the 
cutting speed should be 404 ft/min, and the 
associated cost would then be 0·48 pence per inch. 

These results have been evaluated for a feed of 
0·006 in/rev, which is intended to represent an 
average finishing condition. At higher feeds the effect 
of tolerance becomes increasingly more pronounced, 
through its effect upon the rate of tool wear. It 
should be stressed that the 'open tolerance' 
condition represents the boundary only of a zone in 
which the conditions for machining in practice are 
expected to lie-that is, in which a finite tolerance 
must be applied. 

The effect of tolerance for variable surface roughness 
It would be reasonable to assume that over a range of 
required tolerances the appropriate surface rouglmess 
would also vary. This would be achieved in machining 
by a variation of feed, since this exerts a strong 
influence upon roughness (second power law). Whilst 
there is no generally accepted relationship between 
tolerance and surface roughness requirements (the 
two aspects being functionally distinct, although 
there is some interaction), it is obvious and logical 
that fine tolerances, whether for clearance transition 
or interference fits, presuppose a good su;face finish: 
and vice versa. 

A relationship of tolerance li with roughness h of 
the basic form 

(32) 

where K and p are constants, will be assumed here, 
which is based on some evidence of Boltz5 . A 
sufficiently reliable relationship over the range of 
possibilities for finish turning can be obtained by 
setting K = 77·0 X 10- 6, p = 1·0, and where o and h 
are in inches and micro-inches C .L.A., respectively. 

An expression for the 'ideal' C.L.A. roughness 
height has been derived by Brewer6 , namely 

106 s2 

h=f8v'3·r: (33) 

where s is the feed in inches per rev, and r is the tool 
nose radius. Actual surface roughness can be related 
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to the 'ideal' value, based on the feed mark geometry, 
by a factor u which is to a first approximation 
constant for machining outside the built-up edge 
region 1 • Combining equations (32) and (33) and 
inserting the values mentioned, yields 

or 

106 Ks2 
8=-- -(l+u) 

18v/3 · r 

8 
2 = t/1 s 

(34) 

(35) 

where t/1 = 72·0, and is sensibly constant for a given 
cutting situation. Using this relationship, the feed per 
revolution is reduced as the square root of the toler
ance, over the range of finish machining, thus main
taining the relationship between tolerance and surface 
finish represented by equation (32). This can be seen 
from Fig. Sa, which also shows the effect of tolerance 
on conditions at minimum machining time, namely 
time, cost, and cutting speed. As before, the stepwise 
appearance is due to the number of re-sets required, 
and it is evident that cost and time rise at an ever
increasing rate with decreasing tolerance. However 
compared with the earlier results for constant feed 
(Fig. 2), although the optimum cutting speed in Fig. 
5 undergoes fluctuations, the general decreasing trend 
is absent. This is due to opposing trends; hence as 
decreasing the feed raises the cutting speed (other 
factors constant), the effect of the resetting term 
arising from the tolerance (see Fig. 2) is the reverse, 
and hence the combined effect on speed in this case is 
not very great. Nevertheless the overall effect of toler
ance on time and cost* of machining is fairly con
siderable, due both to the direct effect of decreasing 
feed, and to that of increased resetting. 

A point of comparisont with the constant-feed 
case is obtained by reading values of parameters for a 
feed of 0·006 in/rev. Using this point as a basis, it can 
be seen that by reducing the tolerance from 0·0027 in 
to 0·0005 in results in an increase in machining time 
by a factor 1·33 for a constant surface finish, and by 
2 ·50 for the variable finish case. A similar condition 
exists for the condition of minimum cost (Fig. 5b ), 
from which it is evident that the increase in cost for 
the same values of tolerance are 1·14 and 2·02 for 
fixed and variable finish, respectively. The velocity at 
minimum cost shows a slight rise as tolerance 
decreases. 

*As discussed in an earlier paper1, cost at minimum time and 
time at minimum cost are of interest as they define the 
extent of the increase in cost and time above their respective 
minima which can be tolerated. Extension of this gave rise to 
the concept of the 'economic envelope of operation' developed 
in that paper. 
t By interpolation. 

It is interesting and noteworthy that, in this case, 
no dramatic changes in machining conditions result 
from a substantial decrease in tolerance, (apart from 
the steady fall in feed, which in any case was an 
assumed condition). And yet the time and cost of 
machining according to any criterion increases 
considerably as the tolerance, over the range 
achievable in conventional machining, becomes small. 
It is considered that the un-dramatic change in 
machining conditions may frequently give the super
ficial and false impression that the effect of tolerance 
on productivity is relatively inoffensive. In fact, Fig. 5 
suggests that an approximately exponential relation
ship between cost and tolerance of the form of 
equation (I) does hold: the value of the index {3 in 
this case is about-0·4. 

~~~~~~~-+~~~~~~~~uo 
1.0 2.0 3.0 4.0 6.0 8.0 10.0 

Component tolerance S (inch x 1 03) 

Fig. 2 Effect of component tolerance on optimum cutting 
speeds and tool life. 
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CONCLUSIONS 

1. Machining cost and time under optimum 
conditions are significantly affected by component 
tolerance. Inclusion of the tolerance effect enables 
representation of the general machining requirements 
and conditions to be achieved for the single-cut case: 
its exclusion renders the analysis suitable only for 
roughing cuts. 

2. The effect of tolerance depends upon whether a 
constant surface finish, or a given relationship 
between tolerance and surface fmish, is deemed to 
hold. In the former case, optimum cutting speed 
decreases as tolerance becomes finer. For the latter, 
however, the effect upon speed is somewhat 
uncertain, though not marked, and feed decreases 
monotomically. The overall effect is thus an ever
increasing machining cost and time, for this more 
realistic case, having a reasonable resemblance to an 
exponential relationship. 

3. The consideration of the effect of tolerance may 
serve to assist in defining more precisely the limita
tions of conventional machining for finishing, 
whether these are economic or technological. Thus, in 
addition to the increasing cost with decreasing toler
ance-and hence the probable greater economy of an 
alternative operation such as grinding-the necessary 
decreasing feed or speed, or both, may, with some 
materials, cause a transition into the built-up edge 
region of machining, and hence a more severe 
limitation on what can actually be achieved. 
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DISCUSSION 

Query from Dr. G. Barrow, UMIST 

The author has shown that cost is increased by reset
ting the tool. Would it not be more economical to use 
a lower flank wear criterion and index the tool? 

Reply 

As we understand Dr. Barrow's question, he would be 
correct if the indexing time was shorter than the 
resetting time, and the accuracy of re-location of the 
tool tips was satisfactory. 

Query from A. G. Hague, Trent Polytechnic, 
Nottingham 

I often wonder whether metal cutting engineers place 
too much reliance on the traditional flank wear 
measurement (Fig. 1 ). Such a measurement is, after 
all, a single dimensional quantity which is taken to 
represent 'wear' which, by its very nature, must be 
three-dimensional. Even if we can accept this factor, 
anyone who has tried to measure 'flank wear' knows 
how indeterminate this dimension can be, by smear
ing from the B. U.E. and also from the oxide films 
which develop on the flank face. Again, the wear
band on the flank does not always obligingly remain 
uniform and the experimenter is then faced with the 
dilemma of where along the flank wear length is the 
measurement taken. 

The Taylor equation, which is essentially empirical 
and invariably hides much scatter in the results, also 
derives from this single dimensional feature which we 
call 'wear'. In fact since the theory contained in this 
paper does itself derive from the Taylor equation, 
then it becomes even more emphasised how 
important it is to get the tool-life criterion correct in 
the first instance. 

Reply 

We agree with Mr. Hague that flank wear is only one 
criterion of the deterioration of a cutting tool, and 
that this point is widely neglected. In1 of our paper, 
some attempt was made to accommodate other 
modes of tool failure such as cratering and deform
ation in the form of constraints, and some discussion 
of this point was made in our paper. The advantage of 
the flank-wear criterion is that it is relatively easy to 
measure and varies virtually continuously with 
cutting time, which is important in setting-up an 
economic model of the process. (See also reply to Dr. 
Stevenson). 

Query from A. H. Redford, USALF 

The authors' work on the effect of component toler
ance on the economics of the machining process is 
not relevant to most practical turning operations. If, 
for example, a 0.015 in. flank wear land is considered 
as the criterion for tool failure and it is assumed that 
wear on the minor cutting edge clearance face is of 
the same order (in general this will be less). The 
increase in diameter of the component from cutting 
with a new tool to the end of the useful life of the 
tool would be approximately 0.0015 in. It is 
considered that the tolerance band in most practical 
operations would be greater than this. 

The equation relating tolerance to surface finish 
would appear to be in error. In the few cases where a 
change in diameter of greater than 0.0015 in. could 
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not be tolerated, surface finishes better than 20 
micro-in. would be compatible with the tolerance and 
it would not generally be practicabie to achieve this 
by turning. Further, for super-fine turning operations, 
the simple relationship relating surface finish to the 
geometry of the process would not even be approxi
mately true. 

Reply 

We agree with Mr. Redford in principle that the toler
ances on many components are greater than the 
0.0015 in. he quotes; nevertheless critical dimensions 
frequently exist, and must of course be allowed for. 
Taking his value, even for tolerances greater than 
about 0.0015 in., Fig. 5 shows that the effect of 
tolerance upon cost or time is by a factor of some 
50% or more relative to the 'open tolerance' case. 
Although not marked, this in our view is not neglig
ible. For finer tolerances than this, significant 
increases in cost and time are evident. Taking these 
two points together, it would seem that the point of 
sensible limitation technologically in conventional 
machining practice also demarks the region of reason
ably economic operation predicted by the theory. 
This measure of agreement between the theory of 
machining economics and general practice is perhaps 
a satisfying confirmation of the former, and ipso 
facto its relevance to the latter. 

Mr. Redford has tried to read too much into 
certain aspects of the analysis. Contrary to his 
suggestion, there is no error in the derivation from 
the quoted reference. However, on points of detail, 
firstly the important aspect (to which reference is 
made in the paper) is that there is of course no 
rigorous relationship between tolerance and surface 
finish requirements on components. A broad relation
ship with an expectedly wide scatter band exists 
according to Boltz, and we have used the mean of this 
band. Secondly, tolerance is normally related to 
component diameter or size, although this specific 
aspect was neglected. However, over a diameter range 
of 0.5 to 4.0 in., BS 1916: 1953 Part 2 gives a 
tolerance range 'which can be reasonably expected 

under average conditions' (our italics) as 0.001 to 
0.0023 in. for centre-lathe, and 0.00065 to 0.0015 in. 
for high-quality turning. We took this into account in 
quoting our ranges. Finally, in relating flank wear on 
major and minor cutting edges, we obtained advice on 
the reasonableness of this assumption from the 
research group on finish turning at Delft University. 
Although we are inclined to agree that undue extra
polation of our results into the super-fine turning 
region must be regarded with caution, the general 
principles that the paper seeks to enunciate are valid. 

Query from Dr. M. G. Stevenson, University of 
N.S. W. 

The tolerance variation described is one due to 
systematic tool wear. Random variability for a 
constant tool proflle may also make up a substantial 
proportion of the process variability. The random 
variance would be made up, amongst other things of 
tool and work deflections and heating. These effects 
could be expected to increase with increasing feed. 
Hence, there is another reason to decrease feed with 
decreasing tolerances, and the machining costs could 
rise even more rapidly with decreasing tolerance, than 
shown in Fig. 5. 

Reply 

The statistical variability of wear is another ilnportant 
aspect, which is mentioned by Dr. Stevenson (and 
also by Mr. Hague), and one which we are currently 
examining. Dr. Stevenson has made an important 
point concerning work and tool deflection, which 
obviously affects the accuracy of a part. These can be 
treated systematically also as constraints on the use 
of high feeds particularly; in this region larger separat
ing forces occur between the tool and the work. 
Although not considered in the present paper, the 
deflection constraint has been included in other work 
to which reference is made. 

Temperature effects are considerably more 
difficult to ascertain. Determination of the effective 
temperature distribution below the instantaneous cut 
surface would appear to be a very complex problem. 
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SUMMARY 

Thermoelectric characteristics from 0° C to 1000° Care determined for several grades of carbide versus Pt. The 
characteristic of Pt versus C45N-steel is also obtained. From these, the thermoelectric characteristics of the 
carbides versus C45N-steel can be derived. The calibrations are carried out in a radiation furnace set-up, and the 
specimen consists of a bar of square cross-section 12 ·5 mm2 and approximately 300 mm in length. 

INTRODUCTION 

The aim of this investigation is to obtain numerical 
data for the relationship between thermoelectro
motive forces and temperatures for several grades of 
carbide and workpiece material (C45N). For reasons 
of proper calibration, every experiment was carried 
out versus platinum (Pt). This metal has many advan
tages, such as: 

-high melting point, 
-great stability as far as corrosion is concerned, 
-no transformation points. 

TEST METHOD & MATERIALS 

The calibration set-up consists of a radiation furnace 
and a cooling device, as can be seen in Fig. 1. One end 
of the test bar is placed in the furnace, the other end 
in the cooling device. Both ends of the bar are 
connected with a platinum wire. The temperatures of 
the hot and cold junctions are measured by Cr/Al 
thermocouples and are put on paper-tape by means of 
a datalogger. At the same time the e.m.f. voltage 
between the hot and the cold junctions of the 
calibration bar is put on this tape. 

A good contact at the junctions is assured by the 
weight of the furnace. The hot end of the calibration 
bar is protected against corrosion by means of an 
inert gas, and the cooling device is operated by water 
and keeps the cold junctions at approximately 13° C. 

As mentioned before, the tests are carried out for 
several grades of carbides and the workpiece material 
C45N. The carbides used are Sandvik grades Sl, S2, 
S4, S6, HOS, Hlp, H10, Hl3, H20 and F02. 

*Eindhoven, University of Technology, the Nether lands 
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Fig. 1 Calibration set-up. 

NUMERICAL ELABORATION (see Fig. 2) 

Starting data: A paper-tape with in preset-time on 
two channels datalogged non-scaled measured values 
of the hot junction temperature ( e.m.f. voltage of 
the Cr/Al thermocouple) and the e.m.f. voltage 
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between the hot and the cold junction of the cali
bration bar involved (= difference voltage). For a 
qualitative control and a counting of the couples of 
the measurements the tape is read through (program 
A-327-14a). Next, the measurements are mutually 
adjusted in order to eliminate the influence of the 
preset-time-interval (the difference voltage belonging 
to the hot junction is found as the arithmetic mean of 
the preceding and next measurement) and to intro
duce the scaling (program A-3948-5). At the same 
time the adjusted measurements are represented on 
paper-tape in two ways: 

1. all measurements at the hot junction with 
matched difference voltages, and 
2. equidistant chosen hot junction values with 
matched difference voltages (interpolated). 
With the . aid of series 1 a graph is made: the 

Cr/ AI thermoelectric voltage of the hot junction 
along the. horizontal axis and, the difference voltage 
of the calibration bar involved along the vertical axis 
(A-3943-11). In order to get the final data of the 
calibration curve, the following two corrections are 
necessary. First, a correction for the incre"asing 
temperature of the cold junction of the calibration 
bar during the experiment must be made. Secondly, a 
correction for the translation of the coordinates to a 
common starting point (in accordance with the zero
point of the Celsius scale) must also be made. 

With the help of well-known data on the Cr/ AI 
thermocouple, the graph already made with tape 1, 
and the measured temperatures of the cold junction, 
the corrections mentioned above are carried out on 
the adjusted measurements of tape 2 (program 
A-4571-3). Furthermore, in this program the 
voltage of the hot junction in millivolts Cr/AI is 
converted into degrees Celsius. With a regression
program (A-2080-6), the polynomial coefficients of 
the calibration curve are calculated, used model: 

calibration bar voltage versus Pt =aT+ b'J'l + c'P 
(1) 

For plotting the graph of the calibration curve corres
ponding to the calculated formula (with program 
A-3943-11), the coordinates are first made with 
a sub-program (A-1908-3). Given the choice, it 
is also possible to plot the underlying measure
ments (tape 2) in the same graph. In Fig. 3. the cali
bration curve with the measurements of the carbide 
grade S2 versus Pt is given. 

RESULTS 

The results of all measurements are listed in Table I. 
In this table the coefficients a, b, and c are given for 
the carbides mentioned and the workpiece material 
C45N. Moreover, the 2a-value (a = standard devia
tion) of every coefficient as calculated by the 
regression-program is given. 
In general, the shape of the calibration curves are 
parabolic. It is possible to obtain the e.m.f relation
ship between one of these carbides and C45N-steel. 
Therefore, the e.m.f. of S2 versus C45N is 

S2 _ Pt S2 
e.m.f. C45 - e.m.f. C45- e.m.f. pt 

In numerical values (see Fig. 4) 

E.M.F. C~5 = +(0·129 X 10-1 )T-(0·644 x 10-s )'f'l 

+(0·549 X 10- 8 )T3 

E.M.F. ~=-(0·949 X 10-2 )T-{0·34 x 10-6)T2 

+(0·497 X 10-8 )T3 

E.M.F. CS425 = +(0·224 X 10-1 )T-(0·61 0 X 10-s )'f'l 

+(O-Q52 X 10-s)T3 

The carbide grade F02 and the C45N-steel have a 
positive e.m.f. against Pt; this can be seen from the 
coefficient a in Table 1. The heating-process calibra
tions are less stable and they do not reproduce so 
well, as far as the materials with a negative e.m.f. are 
concerned. 

The data of Table 1 are obtained from three or 
more well reproducible calibrations of the cooling-
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Fig. 2 Flow-chart of the numerical elaboration. 
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Table 1. Coefficients of equation 1 for several grades of carbide and steel C4SN. 

Materials 
versus E.M.F. coefficients with 2a-values 

Pt a 2a b 

carbide grade S1 -0·349 x w-2 0·3 X 10-4 -Q·I98 X 10-s 

carbide grade S2 -0·949 x w-2 0·4 X 10-4 -Q· 343 X I 0-{; 

carbide grade S4 -Q·729 x 10-2 0·4 X 10-4 +0·746 X 10-{; 

carbide grade S6 -0·1015 x w-1 0·5 X 10-4 -Q·426 X 10-5 

carbide grade H05 -0·1090 x 10-1 0·9 X 10-4 +0·807 X 10-{; 

carbide grade HIP -Q·866 x w-2 0·5 X 10-4 +0·164 X 10-s 

carbide grade H10 -0·914 X 10-2 0·8 X 10-4 -0·569 X 10-5 

carbide grade H 13 -0·841 X 10-2 0·7 X 10-4 +0·571 x 1 o-7 

carbide grade H20 -0·997 X 10-2 0·10x 10-3 -Q·496 ~ I o-s 
carbide grade F02 +0·430 X 10-2 0·5 X 10-4 +0·454 X 1 o-s 
steel C45N +0·129 X 10-1 0·1 X 10-3 -Q·644 X 10-5 

process. As already mentioned the calibration curves 
of the materials having a negative e.mi. are parabolic. 
The formula 

E.M.F. =aT+ bTl+ cr 
describes a curve through all the measuring points of 
the calibration series with very good technical 
accuracy (see Fig. 3). 

The C45/Pt calibration has a loop in the upper 
range of the curve. This loop is caused by the A1 2 3 
transformation energy. The Ac transformations 
absorb energy. During the Ay transformations the 
absorbed energy is released. If no transformation 
should occur, the calibration curve should be in the 
middle of the loop just mentioned, because the 
absorbed energy and the released energy are of equal 
quantity (see Fig. 5). The coefficients of the cali
bration curve are determined to the average value of 
the Ac and Ay curve. 

At present, research is going on in the laboratory 
into the backgrounds of being less stable of the carbide 
calibration curves in the heating-process. 
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curve through the plotted loop determines the average value 
of the Ac and Ar energy. 
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DISCUSSION 

Query from A. G. Hague, Trent Polytechnic, 
Nottingham 

I cannot see how these results can have any bearing 
towards predicting temperature at the tool/workpiece 
interface for, in the set-up of Fig. 1., neither the 
chemically-clean surface nor the extremely high 
inter-face pressure encountered in actual cutting 
operations have been taken into account. 

Reply 
The calibration bar, the platinum wire and the 
thermocouple Cr/Al are in the hot junction welded 
together by the first heating up to about 1200° C, so 
there is a clean chemical contact. Afterwards, several 
calibration runs were made. 

The contact in the hot junction of our setup has 
the same character as in the actual cutting operations. 
The thermoelectric characteristics of thermocouples 
are independent of inter-face pressure. 



CARBIDE SIZE AND DISTRIBUTION AND THEIR EFFECT 
ON THE PERFORMANCE OF HIGH-SPEED-STEEL TOOLS 

by 

IVO KVASNICKA* 

SUMMARY 

Heat treatment of tools, composition and structure of high-speed-steel are important metallurgical factors 
influencing the performance of cutting tools. The effect of chemical composition and heat treatment on the 
cutting performance is now known, but the effect of structure on the behaviour of high-speed-steel tools during 
machining is not sufficiently known at present. 

This study is an attempt to explain the influence of the size of carbides and their distribution in the steel 
matrix on the tool life of high-speed-steel tools. The study evaluates three different structures of commercial 
high-speed-steel 18-4-1 type (AISI type Tl) bar stocks of 50 mm (2 in.) diameter. The size of carbides and their 
distribution were determined quantitatively on a Quantimet instrument and qualitatively on a metallographic 
microscope. Grain size, heat treated hardness and distortion were determined before the evaluation of tool life. 
Tool life has been estimated for turning and face milling. 

The performed tests show that the carbide size distribution is the most important factor to influence the 
character of steel and tool life. Coarse carbide particles in matrix unfavourably influence mainly the grain size, 
toughness and increase variation in tool life. The influence of distribution of carbides proved to be less important 
than their sizes when tested. 

INTRODUCTION 

The industrial production of high-speed-steel bar 
stock comprises a set of operations which more or 
less influence heat treatment, mechanical and tech
nological properties of the cutting tool. The steel 
producer and consumer are interested in methods of 
evaluating the quality of the produced bars and so 
avoid the production of imperfect tools. Checking the 
quality of steel is rather problematical due to avail
able measuring methods, to lack of possibility in 
statistical control and insufficient knowledge of the 
effect that important factors have on the life of high
speed-steel tools. 

One of the important determinants of quality of 
high-speed-steel bars is the size of carbides and their 
distribution in the matrix. We can generally say that 
optimal structures should have fine carbides 
uniformly distributed throughout the steel matrix. 
However, this ideal structure cannot be reached by 
commercial technique in bars larger than 40 mm 
(1·5 in.) diameter. Therefore it is necessary that the 
steel producer and the customer must know whether 
the effect of carbide size is more important than the 
effect of their distribution and what quality is still 
permissible for a good tool. 

The Department of Tool Materials in the National 

Research Institute for Materials in Prague has been 
working on the solution of these problems, in which 
high-speed-steel of the 18-4-1 type (AISI type TI) has 
been used. This steel, because of its chemical compo
sition, contains a large quantity of eutecticum and 
coarse eutectic carbides. 

EVALUATED STRUCTURES 

The aim of this work was to evaluate the influence of 
three selected structures differing in size of carbides 
and the manner in which the carbides were distri
buted on the cutting properties of high-speed-steel 
tools. Bars 50 mm (2 in.) diameter were produced 
from three heats A, B and C by different techniques 
of casting and hot working. The chemical compo
sition of the heats and reduction in cross sectional 
areas of the bars are shown in Table I. 

TABLE 1 Analysis and reduction(%) 

Heat c Cr w Mo v Reduction 

A 0·74 4·26 17·20 0·12 1·21 60 

B 0·75 4·11 17·90 0·08 1-16 40 

c 0·75 4·14 17·65 0·10 1·05 120 

*Department of Tool Materials, National Research Institute for Materials, Opletalova 25, Prague 1, 
Czechoslovakia. 
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The microstructure (of the three bars) in the 
annealed condition was determined in four cross 
sectional areas cut 250 mrn (10 in.) apart. Four speci
mens of 2·5 sq. em in area, which were taken from 
places situated % of the diameter under the surface, 
were tested. The area of the microsections was 
parallel or perpendicular to the direction of forging. 
Frequency distributions of carbide size were deter
mined quantitatively on a Quantimet instrument and 
the distribution of carbides in the microstructure 
were examined qualitatively under a metallographic 
microscope. The etchant KMn04 + NaOH + H2 0 was 
used under temperatures of 90° C (200° F) to etch the 
microsections for the Quantimet. The microsections 
for the metallographic microscope were etched with 
Nital. 

Figs. 1 to 3 show typical examples of the micro
structures of the three heats. The experimental results 
gained with the QTM instrument are shown graphi
cally in Fig. 4. The microstructure of heat A (Fig. 1), 
which is usual in high-speed-steel bars of larger 
dimensions contains a large amount of fine carbides 
less than 3 microns in size (Fig. 4). The carbides are 
formed into bands. The microstructure of heat B 
contains an increased quantity of medium carbides of 
3 to 6 microns in size which are distributed uniformly 
or in thin bands. The microstructure of heat C 
(Fig. 3) has a high quantity of medium carbides and 
an increased number of coarse carbides of 12 to 15 
microns in size and contains heavily banded carbide 
regions. 

The specimens for experimental work on heat 
treatment and single point tools for turning and face 
milling were taken from the bars in the same way as 
the specimens for the QTM instrument, i.e. from 
places situated % of the diameter under the surface. 

BEHAVIOUR OF STRUCTURES DURING 
HEAT TREATMENT 

A large amount of experimental work has been done 
on the influence of carbide size and distribution on 
the heat treatment of tested cutting tools made from 
the heats. Some of the interesting results obtained at 
the laboratory are summarised below. 

Austenite grain size 
Austenite grain size is the significant factor influenc
ing such properties of high-speed-steel as red hardness 
and toughness. The check test· of grain size gives us a 
view of · the quality of high-speed-steel bars and 
accurate knowledge of the actual tool temperature in 
the furnace during hardening. 

Influence of hardening temperature on the 
austenite grain size of 20 mrn (%in.) cube specimens 
was measured. Hardening temperature as an indepen
dent variable was chosen in a desirable range of 
1240-1320° C (2665-2405° F) which is recom
mended for this type of steel. Holding time in the salt 
bath was three minutes and then the specimens were 
quenched in oil. Obtained grains were examined on 
the metallographic microscope by the intercept 
Snyder-Graff method. 

Fig. 5 illustrates the correlation between austenite 
grain size and hardening temperature for the speci-

mens of the three heats. The microstructure of 
specimen of heat C containing a large number of 
coarse carbides measurably affected the rapidity of 
grain growth at the tested temperatures. Fine grains 
(in size higher than 12) were not reached even at low 
hardening temperature and the microstructure had an 
appearance of overheated steel at 1300° C (23 70° F). 
This behaviour is caused by a smaller number of the 
fine carbide particles influencing the rate of grain 
growth. Heat A with a large amount of fine carbides 
retained much finer grains than heats B or C and 
overheating began at a higher hardening temperature 
of 1320°C (2405°F). Austenite grain size of the 
microstructure of heat B was between heats A and C 
values. 

Heat treated hardness 
Specimens of the same 20 mm (%in.) cube size were 
tempered three times after quenching (see Table 2). 
In order to obtain the complete transformation of the 
retained austenite, soaking time during tempering was 
45 min. Hardness in the hardened and tempered 
condition was measured on a Rockwell instrument 
and microstructures were determined on the metal
lographic microscope. Rockwell hardness increases 
with the more uniform distribution of carbide 
particles and is not dependent on the size of carbides. 
On the other hand, the variation in microhardness 
increases with a growing amount of coarse carbides in 
the microstructure. The matrix of tempered marten
site corresponds to the austenite grain size. Coarse
grained steel contributes to the coarse crystal of 
tempered martensite and fine-grained steel has the 
opposite behaviour. 

TABLE 2 Heat treatment conditions and hardness 

Heat Hardening Tempering Hardness 
Temp. Time (Rockwell C) 

A 1260°C 3 min 3 X 570°C 65·5 
B (2300°F) (3 X 1060°F) 66·5 
c 65·0 

A 1280°C 3min 3 X 570°C 65·5 
B (2335°F) (3 X 1060°F) 66·5 
c 65·0 

A 1300°C 3 min 3 X 580°C 66·0 
B (2370°F) (3 X 1080°F) 67·0 
c 65·5 

Distortion during heat treatment 
Specimens used were 30 X 30 X 10 mm (1% X 1% X 
3/8 in.) in size with a hole 15 mm (~in.) diameter, 
the axis of which was perpendicular to the direction 
of forging of the bars. The specimens were quenched 
in oil from 1280° C (2335° F) and tempered three 
times at 570° C (1 060° F) for 45 min. Dimensional 
changes after quenching and each tempering were 
determined by a micrometer parallel and perpendi
cular to the direction of forging. Circularity of the 
ground hole was estimated on a Talyrond instrument. 

Fig. 6 shows the variation ranges in dimensional 
changes. The specimens of heats A and B have similar 
dimensional changes but the specimens of heat C 
deformed longitudinally much more than trans
versely. The main reason for this anisotropy can be 
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attributed to the reduction of coefficient of thermal 
expansion by the heavily banded carbide regions and 
to orientation of the grains in the direction of hot 
working. Dimensional changes between different 
conditions of the specimen are affected by the 
amount of retained austenite. 

Circularity of the ground hole of all specimens 
changed after heat treatment to ovality, with the 
longer axis parallel to the direction of hot working. 

TOOL LIFE TESTING 

An investigation has been conducted to compare 
cutting performance, in terms of tool life, of the 
single point tools made from the evaluated structures. 
Cutting performance depends on a combination of 
properties, of which three have a predominant 
significance: red hardness, wear resistance and tough
ness. As coarse carbides disproportionately distri
buted in the matrix make difficulties connected with 
tool failure due to decrease in toughness, the evalu
ation of tool life performance by turning a difficult
to-machine alloy and face milling was carried out. 
Due to the wide extent of testing, the paper describes 
only some of the results showing the correlation of 
tool life and carbides in the structure. 

Turning experiments 
The experiments were carried out on the lathe with a 
variable-speed drive. Tool tips 10 X 20 X 30 mm (3/8 
X * X 1 ~in.) in size with the main edge parallel or 
perpendicular to the direction of hot working were 
used. 

The tips of the three structures were quenched in 
oil from 1280°C (2335°F) and tempered three times 
at 570° C (I 060° F) for 45 min. The hardness after 
tempering was 65 to 66·5 Rockwell C (see Table 2). 
The following tool geometry for the tip held in a 
toolholder was chosen: Normal rake 'Y = 10°, normal 
clearance a = 8°, cutting edge inclination A = 0°, 
cutting edge angle JC = 75° and 0·4 mm (0·016 in.) 
nose radius. Grinding of the tip was made according 
to the ISO/TC 29/WG 22 draft proposal 'Tool life 
testing with single point turning tools'. 

The test material was a high-strength austenitic 
alloy with the following chemical composition and 
data: 0·46% C, 5·46% Mn, 3·63% Cr, 1·07% Ni and as 
= 114 to 130 kp/mm2 . This material does not form a 
steady built-up edge near the nose of the tool and 
mechanical stresses the cutting edge. 

The tool life for each tool material was determined 
for several different cutting speeds in accordance with 
Taylor's formula expressing the relation of cutting 
speed and tool life between grindings. 

The cutting test was performed dry a:t 1·5 mm 
(0·06 in.) depth and 0·125 mm (0·005 in.) feed with 
cutting speeds of 5, 6, 7 and 8 m/min (15, 18,21 and 
24 ft/min). The tool life of the tip was characterised 
by the absolute cutting time required to produce a 
flank wear land of 0·3 mm (0·012 in.). Flank wear 
land dimensions were measured and the condition of 
working edge was checked on a shop microscope of 
15 times magnification. 

Fig. 7 illustrates the correlation of tool life and 
cutting speed for the three evaluated structures deter-

mined from the experimental tests. Values of V45 

(the cutting speed in m/min for a 45 min tool life) 
and exponent n, that were obtained by application of 
the least square analysis, are presented in Table 3. 

TABLE 3 

Heat Direction of v •• Exponent Cutting edge 
cutting edge (m/min) n condition 

A parallel 5-l 0·27 good 
perpendicular 5·2 0·26 good 

B parallel 4·4 0·48 micro breaking 
perpendicular 4·9 0·34 microchipping 

c parallel 3·3 0·55 micro breaking 
perpendicular 4·2 0·43 microchipping 

The tips with the structure of heat A have the 
greatest values of V45 and the longest tool life. The 
cutting edge conditions after cutting were good. The 
values of V45 for the heat C are 35% or 20% lower 
than those for heat A. The cutting edges of the tips of 
heats B and C parallel to the direction of forging were 
damaged by microbreaking, the cutting edges situated 
in the perpendicular direction were damaged by 
microchipping. 

Milling experiments 
Milling experiments employed an ASV type vertical 
milling machine. A face milling head of 160 mm 
(6~ in.) diameter with three mechanically held insert 
cutters w3s used. The insert cutters were set-up in 
such a way that their cutting edges were not 
influenced by each other. 

The insert cutter of 16 mm (5/8 in.) square and 
100 mm (4 in.) length had its axis parallel to the 
direction of forging. The cutters of the three evalu
ated structures were quenched in oil from 1260° C 
(2300° F) and tempered three times at 570° C 
(I 060° F) for 45 min. The hardness after tempering 
was 65 to 66·5 Rockwell C (see Table 2). The tool 
geometry was as follows: normal rake 'Y = 15°, 
normal clearance a = 8°, cutting edge inclination 
'Y = -5°, cutting edge angle JC = 75° and 1·0 mm 
(0·04 in.) nose radius. 

The material for the milling experiments was a 
constructional steel bar of 100 mm (4 in.) square and 
1000 mm (3 ft.) long. The nominal chemical compo
sition and the actual strength of the material were as 
follows: 0·56% C, 0·65% Mn, 0·27% Si and as= 65 to 
75 kp/mm2 • 

The experimental conditions were constant: i.e. 
cutting speed 14m/min (42 ft./min), feed 0·8 mm/ 
tooth (0·032 in./tooth), depth of cut 1·5 mm 
(1/16 in.), dry. 

Tool life was determined in each test on the basis 
of the wear curve. The flank wear land of the insert 
cutters was photographed during cutting. Then the 
width of the wear was measured from the photos and 
plotted against the cutting time. The criterion for the 
end of tool life was the flank wear land of 0·4 mm 
(0·016 in.). The condition of the cutting edge after 
machining was observed on the shop microscope of 
15 times magnification. 

Correlation between tool wear and cutting time 
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for the four insert cutters from each heat is shown in 
Fig. 8. The results of the tool life measurements, the 
arithmetic mean and their deviations are summarised 
in Table 4. 

TABLE4 

Heat Tool life (min) Mean Deviation 

A 40; 39; 42; 23 36 ± 24% 

B 33; 12; 48; 4 *) 31 ±56% 

c 36; 13; 25; 15 21 ± 48% 

* Value was eliminated from the set. 

The difference in the average tool life between the 
tools from heats A a:nd B is very small. But mean tool 
lives alone do not indicate conclusively that these 
heats differ in machining behaviour. We must bear in 
mind that tool life will be shorter than mean in 50% 
of the cases. The estimate is safe only in the case 
when tool life is determined from the low limit of the 
correlation. Regression analysis shows that the vari
ation in tool life of heat A is smaller than that of heat 
B, and therefore, the structure of heat A is more 
useful especially in automation. The significant 
difference is between the average tool life and its 
variation of the insert cutters of heats A and C. The 
results indicate a correlation existing between the 
sizes of carbide and cutting properties. It may be 
explained by the effect that coarse carbides have on 
the decrease in toughness connected with chipping or 
breaking of working edge during cutting. 

CONCLUSIONS 

1. The experimental results demonstrate that a 
correlation exists between carbide size distri
bution and cutting properties of high-speed
steel tools especially during interrupted 
machining. 

2. Grain coarsening of high-speed-steel, which 
occurs when carbides in the structure are large 
(approximately higher than 8 to 10 microns in 

Fig. 1 Microstructure in annealed condition of 
specimens taken from the bar stock of heat A. Magni
fication 500 X. 

3. 

4. 

5. 

6. 

I. 

2. 

3. 

4. 

5. 

6. 

size), indicate the decrease in toughness and the 
lower resistance to interrupted cutting in 
milling or shaping operations. 
The coarse carbides placed in the cutting edge 
decrease the ability of the tool to withstand 
impact without chipping or damage and 
increase the variation in tool life. 
Machining of the difficult-to-machine materials 
requires a high-speed-steel tool without the 
coarse carbides in the structure even when 
turning. 
It has been found that the distribution of 
carbide particles has a much lower influence on 
tool life and cutting properties than the 
absolute size of the particles. 
Since an increase in tool size results in greater 
carbide size variation, a suitable type of high
speed-steel containing a lower quantity of 
eutecticum (e.g. AISI type M2) must be 
selected for a large tool. 
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Fig. 2 Microstructure in annealed condition of 
specimens taken from the bar stock of heat B. Magni
fication 500 X . 
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Fig. 3 Microstructure in annealed condition of 
specimens taken from the bar stock of heat C. Magni
fication 500 X. 
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DIGITAL COMPUTER AIDED DESIGN AND CONTROL 



THE PROGRAMMED APPROACH IN CONTROL SYSTEMS 

by 

R. DOANE* and D. HOLLAND'" 

SUMMARY 

The basic principles that separate the programmed 
approach from more traditional direct approaches are 
discussed and examples given. The programmed 
approach is shown first in its application to sequential 
control of mechanical systems, and then briefly in its 
application to· numerical controls. Finally, the limit
ations of the programmed approach are considered, 
and non-programmed alternatives briefly discussed. 

DESCRIPTION OF PROGRAMMING 

Programming and its expression in software or firm
ware are distinct from more direct (hardware) 
techniques in the way system behaviour is defined. 
Table 1 shows what these differences are for elec
tronic controls. In essence, the programmed approach 
to electronic controls divides the problem of system 

TABLE 1 Comparison of the characteristics of 
programmed and direct approach to control system 
design 

Direct approach 

Electronic circuits and 
their 'hardwired' inter
connections define all 
parameters of system 
behaviour. 

The details of how the 
system is intended to 
behave are 'remembered' 
by the circuitry and 
wiring. 

Programmed approach 

Electronic circuits and 
their 'hardwired' inter
connections define a 
class of possible system 
behaviour patterns. 

The programme defines 
the specific details of 
system behaviour. 

The details of how the 
system is intended to 
behave are stored on 
punched paper tapes, 
magnetic tapes in 
magnetic cores etc. 
(software) or in woven 
wire memories, diode 
arrays etc. (firmware). 

*Digital Equipment Corporation, Maynard, U.S.A. 
+Digital Equipment Company Limited, Reading, England. 

design into two parts: electronic hardware to define a 
class of available system characteristics and a 
programme or programmes to specify the details 
within that class. 

There are many well-known mechanical devices 
that have used the programmed approach success
fully. The music box, for example, is capable of a 
class of system characteristics called 'playing a tune'. 
The particular tune played depends on a mechanical 
memory comprising a drum or disc with pegs or tabs 
arranged to programme the sequence of musical notes 
making up the particular tune to be played. 

This drum or disc memory holding the musical 
programme would be called fmnware in today's 
terminology, because the programme can be altered 
only with a physical change. Many music boxes, 
however, play more than one tune and some 
elaborate ones are designed for easy replacement of 
one whole programme by another. 

The 'player piano' or 'pianola' is another 
programmed musical device, but it uses software 
instead of firmware. The perforated paper strips that 
control the tune-playing behaviour of the pianola are 
more easily interchanged than are music-box 
programmes. Ease of programme change is charac
teristic of systems programmed in software. 

Advantages of the programmed approach 
One can think of many other programmed devices in 
common use long before the advent of reliable solid
state electronics: everything from tumbler and 
combination locks to Jacquard weaving looms and 
automatic screw machines. Whenever the 
programmed approach has been applied, it has 
allowed several helpful changes in both design and use 
of the system (see Table 2). The separating of details 
relating to the specific applications away from general 
system design problems makes both parts of the job 
more manageable. One of the most important conse
quences for the use of electronic controls is the 
possibility of having the controls built by people who 
have only a general idea of the use to which the 
systems will be put, while the programmes are 
prepared by people who need to know little about 
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controls but who understand the application 
intimately. The total manpower made available by 
this division is potentially much greater than the 
number of people who can be expected to learn both 
sides of the control system problem. 

TABLE 2 Advantages of programmed approach 

Direct approach 

Details of system func
tion must be considered 
together with other 
problems, such as 
physical arrangement 
and interconnections. 

If malfunctions occur, 
diagnosis requires a 
complete knowledge 
of the system. 

Changes in system func
tion require rethinking 
the system design and 
rebuilding the physical 
system; sometimes the 
entire system can be 
replaced easier than the 
existing system could 
be salvaged. 

Programmed approach 

Outlines of system capa
bilities must be con
sidered together with 
other problems such as 
physical arrangement 
and interconnections. 

Details of system func
tion may be considered 
at a different time, in a 
different place, by 
different people who 
need not be burdened 
with questions of 
physical arrangement, 
interconnections etc. 

If malfunctions occur 
after a period of 
successful operation, 
the programme is 
known to be good. 
Diagnostic aids built 
into the programme may 
be used to isolate the 
fault. Sometimes a 
diagnostic programme 
can be used in place of 
the entire working 
programme for self
checking. A complete 
detailed knowledge of 
the system may not be 
required. 

Errors in the programme 
can be searched out in 
a methodical way before 
the programme is 
installed in the system. 

Changes can be made by 
preparing a modified 
programme, without 
the need to worry about 
wide-ranging conse
quences. 

Redesign or reassignment 
of the equipment 
obsoletes only the 
programme. 

THE PROGRAMMED APPROACH IN 
SEQUENTIAL CONTROL 

The first class of problems discussed require the 
sequencing of a mechanism or process through a 
series of discrete steps. In a sense, the music box 
referred to previously is an example of a programmed 
controller, but with a significant exception: the music 
box is run by a timer. For maximum productivity 
industrial processes are self-timed wherever possible. 
That is, a feedback sensor tells the control when the 
goal of each step has been reached, and the next step 
is initiated immediately. Such controllers employ 
timers only when specific steps have goals for which 
no adequate completion sensor is available. 

Until recently machine tools were almost invari
ably controlled by panels of relays designed by the 
direct approach. Relays are used because of their low 
cost and the ease with which they interface with limit 
switches and so forth. However, the increasing costs 
of design, manufacture and maintenance of these 
systems together with the increasing complexity of 
the machines being controlled has led many users and 
builders of machine tools to consider the alternative. 

Fig. 1 shows the first known application of the 
programmed approach for sequential control. This 
PDP-14 programmable controller replaced a relay 
controller in May of 1969 to control a Reichaur 
grinder at the General Motors HydraMatic Plant, near 
Detroit, Michigan. Since then hundreds of such 
controllers have been installed on a wide variety of 
machines and mechanical systems. The largest single 
category of applications has been for the control of 
'transfer' machines, which are highly integrated 
manufacturing systems used in the automotive 
industry and others for high volume automatic 
production. 

PDP-14 and PDP-14/L programmable controllers 
are also used in such diverse applications as conveyor 
switching, control of automated parking garages, and 
auxiliary function control on large numerically 
controlled machines. 

Fig. 2 shows the main components of a PDP 14/L 
programmable controller. The programme is built 
into a wire braid (in the sub-system labelled 
'Memory'). The wire braid technique, an outgrowth 
of the technology used to operate critical systems 
aboard the Apollo missions, offers maximum security 
in the control of equipment that could be dangerous. 
There is no way that the programme can be lost or 
altered short of physically changing the arrangement 
of wires in the braid. This firmware concept accounts 
in large measure for the speed with which the PDP-14 
series of controllers has been accepted. (The 
controller is described in rather more detail in 
Appendix 1 ). 

A key part of the PDP-14 concept is the provision 
of software aids for the preparation and pre-testing of 
programmes, before they are implemented in a wire 
braid. The PDP-8/E computer system shown in Fig. 3 
can be used with a programme called BOOL-14 to 
create a description of the wire braid from statements 
that specify the interrelations that are desired 
between stimuli to the controlled device (motor 
starters, solenoid valves etc.) and responses (limit 
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Fig. 1 PDP-14 installation controlling grinder at General Motors Hydra-Matic plant. 

Fig. 2 Main components of PDP-14/L programmable controller. 
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Fig. 3 PDP-8/E computer system. 

switches and the like). After preliminary checking 
and modifications have been made, the same PDP-8/E 
can be used to actually run the system, using the 
output of BOOL-14 with another programme called 
SIM-14, to allow the PDP-8/E to simulate the 
functions of the wire braid temporarily. 

The most recent development of the PDP-14 
concept is the introduction of MAP-14 (machine 
analogue package) which provides a sophisticated 
maintenance tool for those users who have a number 
of important machine tools controlled by PDP-14 
systems. MAP-14 enables the user to make a record of 
the functioning of a machine tool at the time of 
acceptance and to use the record to point out 
differences later, when the machine is malfunction
ing. This technique is invaluable for finding the 
'operationally random' or intermittent fault. 

One major manufacturer of transfer machines 
reported that his machines used to spend about half 
their time in assembly and mechanical test, and the 
other half being checked as operating systems while 
the controls were being tested and revised. In his first 
PDP-14 experience, the system test phase required 
less than 2 days due to the pre-testing and easy 
revision made possible by BOOL-14 and SIM-14. His 
shops are, therefore, able to build and ship twice as 
much equipment as before, with no increase in floor
space. Also, his customers are better served by the 
increased reliability and ease of updating they get 
with the PDP-14, and this machinery builder has 
saved the price of a new factory. 

PROGRAMMABLE CONTROLLER 
INSTALLATIONS 

There are now a number of PDP-14 installations in 
Europe. The first in the U.K. was on a transfer 
machine supplied by Snyder Limited to the South 
Wales plant of Girling Limited. The machine has been 
in production for some six months, during which 

time the PDP-14 controller has been faultless. 
In this application, the PDP-14 resulted in direct 

savings in the cost of steelwork. Due to space limit
ations at the user's plant a conventional relay panel 
would need to have been mounted on a special over
head gantry. Because of the relative compactness of 
the PDP-14 control system it was possible to mount 
the controls on the same level as the machine. This 
installation has demonstrated the merits of the 
programmed approach in general and PDP-14 read
only memory and software systems in particular. 
Because of the use of BOOL-14 and SIM-14 no signi
ficant changes in PDP-14 read-only memory were 
required after installation. Minor changes that subse
quently proved necessary were easily performed by 
the user's engineering staff. 

Fiat, in Italy uses programmable controllers on 
machine tools producing engine and gearbox parts. A 
total of five PDP-14 systems are used on a transfer 
machine supplied by Lassalle-Chimat for the produc
tion of FIAT 127 gearbox cases. Three of the 
controllers are used for direct control of one part of 
the machine, while two are used to monitor conven
tional controls in another part of the machine. This 
dual approach is intended to provide valuable inform
ation on the economics of programmable controllers 
and computer monitoring systems. 

A second transfer machine manufactured by Fiat 
themselves using two PDP-14 controllers has been in 
production since February 1971 machining engine 
components. Downtime on the machine due to the 
controllers is said to be zero. 

THE PROGRAMMED APPROACH IN 
NUMERICAL CONTROL 

Numerical control differs from sequential control 
because not just the sequence of events, but their 
timing and geometry are established by the control 
system. Numerical controls are the earliest form in 
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which the programmed approach to control systems 
gained widespread acceptance in electronic form. 

Since numerical control is itself an expression of 
the programmed approach to control systems, it 
might be thought that the ultimate has been reached. 
However, there are two ways in which further 
progress has been made. 

(1) The first is in the preparation of the NC part 
programme. Just as BOOL-14 and SIM-14 are tremen
dously helpful in preparing and debugging a 
programme to be used in a PDP-14, similar software 
aids are available for preparing the programmes that 
are needed to run a numerically controlled machine 
tool. The same PDP-8/E system shown in Fig. 3, for 
example, can run QUICK.POINT-8 for preparing 
point-to-point tapes for drilling, simple milling and 
punching on a variety of NC machines. With about 30 
different post processors already available, and well 
over 100 installations, QUICKPOINT is saving an 
average of 50% of the labour that used to be spent in 
preparing NC tapes manually. The PDP-8/E can also 

Fig. 4 Mini DNC system. 

be expanded to run UNIAPT, allowing it to prepare 
NC tapes for large, multiaxis work. For turning, a 
programme called EasyProg has been developed in 
Germany by a lathe manufacturer, to use the same 
PDP-8/E processor. With these and other software 
aids, preparing part programmes can be greatly 
simplified. 

(2) The second development concerns the use of 
software to interpret NC part programmes and to 
supply extended capabilities such as machine-side 
editing of part programmes and the reporting of 
exceptional circumstances affecting productivity to 
supervisors and management. Fig. 4 shows a system 
of this type called Mini DNC. It simultaneously runs 
two independent machine tools, interpreting their 
separate part programmes, and at the same time can 
be used for the preparation of simple part 
programmes to be run later. The system allows 
programmed speeds and feeds to be optimized from 
the control panel at the machine, and prints the 
circumstances for the supervisor if production is 
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interrupted. The Mini DNC design is oriented to the 
same smaller NC machines for which QUICKPOINT 
was developed, and has the same PDP-8 processor 
built in. Larger DNC systems have been built around 
the same processor and also around the PDP-11. The 
use of software to interpret software, as in these 
systems, is a new and growing dimension of the 
programmed approach to control systems. 

Limitations of the programmed approach 
It would hardly be fair to finish a discussion of these 
developments without paying some attention to their 
limitations. There are two significant boundaries to 
the usefulness of the programmed approach in 
control systems, both based on economics. 

(1) The first is that a control system needs a 
cert-ain size to support the specialisation of functions 
inherent in the programmed approach. Below that 
size, which for a programmed controller like the 
PDP-14/L might be close to 100 relays at current 
European wage rates, economic justification must be 
based on indirect factors. Such factors might be: 
improved reliability, the need for added system 
features such as on-line monitoring, or the time and 
floor space savings referred to earlier. As wage rates 
rise and new products are introduced, the crossover 
point will continue to move towards this class of 
system. 

(2) The second boundary concerns flexibility. If 
one wishes to built 100 or 1 000 systems all alike, and 
all having a single, never-changing task, the flexibility 
of the programmed approach does not pay-off so 
well. This can be especially true if a wide variety of 
specialised unique circuit functions are needed in an 
otherwise small system. For such cases there are two 
types of equipment available: the highly-developed 
logic modules using both integrated and discrete 
component circuitry available from a number of 
suppliers, and the new PDP-16 processor recently 
introduced by DIGITAL using the proprietary 'Chart
ware' concept for simple tailoring of complex but 
single-function systems. 

The future of the programmed approach 
The technology for a programmed approach to many 
controls problems has been available for almost a 
decade, and the last few years have seen a remarkable 
increase in the variety and number of operating instal
lations. Henceforth, the rate at which the benefits of 
this approach become realised will depend mostly on 
the rate at which potential beneficiaries learn about 
it. 

As a way of encouraging this learning process 
DIGITAL has established training centres in Reading 
and elsewhere in Europe and publishes a variety of 
free tutorial material as well. Much of this effort is 
admittedly product oriented, but a number of educ
ators have found some of the published materials to 
be worth using as texts in class, and the training 
courses have been praised by many who found them 
helpful in understanding the overall possibilities as 
well as the specific details. 

The programmed approach to control systems is 
ready to go to work almost anywhere in industry, and 
the development of programming aids is making some 

applications merely routine. A knowledge of this 
approach should be one of the resources that every 
builder and user of control systems has ready at hand. 

APPENDIX 1 

DESCRIPTION OF EQUIPMENT 
MANUFACTURED BY DIGITAL 

PDP-14 system components 
The PDP·l4 control system is a unified assembly of 
three basic units: 

(a) Input interface boxes (1-boxes) 
(b) The PDP-14 programmed control unit 
(c) Output interface boxes (0-boxes) 

All system inputs and outputs are designed for 
110--125 VAC, 50/60Hz single-phase, compatible 
with the present industry standard (see Fig. 5). 
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Fig. 5 PDP·14 system diagram. 
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The 1-boxes are signal-conditioning devices; they 
accept 120 V AC inputs from two-state sensing 
devices such as limit switches, pushbuttons, 
proximity switches, pressure switches and photocells. 
These inputs are converted into signals which are 
proper for our solid-state equipment. They then pass 
along control cables to the PDP-14 control unit. Each 
1-box contains 32 inputs. A maximum of eight 1-
boxes, providing a total of 256 inputs, is permitted in 
one PDP-14 system. 

Input boxes may be substituted for output boxes 
to expand the input capabilities (in increments of 32) 
to a maximum of 512 inputs. 

(b) PDP-14 control unit 
The control contains a wire matrix or 'braid' 

which is the memory of the entire unit. It is called a 
'read-only' memory (ROM) because it cannot be 
altered electrically (that is written on). The ROM is 
actually a list of permanently-wired electrical instruc-
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tions which are 'read' by the control to determine its 
operation. 

The control operates in a way analogous to 
scanning a relay ladder diagram rung-by-rung. Each 
rung of the ladder represents a specific group of 
sensed input conditions which must be satisfied to 
cause a change in the condition of an output. The 
ROM contains instructions in small groups, each 
corresponding to a single rung in the ladder. The 
ROM directs the control to select each input specified 
in a group and test whether it is on or off (this is the 
action performed by the 'Test' unit shown). Finally, 
the specified output is selected and set on or off, 
based on the test results (this is the function of the 
'Set' blocks). The control now continues to the next 
group of inputs and outputs and repeats the process. 
This action proceeds one instruction at a time, but so 
fast that all inputs are checked and outputs properly 
changed in thousandths of a second; in fact, usually 
faster than one or two hundred relays could respond. 

(c) Output boxes 
Control signals sent from the control are accepted 

by the 0-boxes to activate selected 120 V AC outputs. 
Each output is a triac, the solid-state equivalent of a 
remotely-controlled switch. Once set on, each output 
remains on and supplies power until it is set off by a 
new control signal. 

Output boxes have an additional system function: 
they can be interrogated by the control unit to deter
mine whether their outputs are on or off. In this 
mode, they can be considered as control inputs. 

Each output of an output box can be connected to 
its own source voltage and to loads, such as solenoids, 
motor contactors, small motors, lamps and signalling 
devices. 

Each output box contains 16 outputs. A total of 
16 0-boxes providing 256 outputs may be incorpor
ated in one PDP-14 systems. 

Read-only memory 
The heart of the control operation is the read-only 
memory (ROM). The ROM contains all the instruc
tions which allow the control to sample specific 
groups of inputs and then select a specified output 
and turn it on or off. The ROM is provided in one to 
four separate plug-in sections, each of which has over 
I 000 locations in which control instructions are 
stored. The number of sections required is deter
mined by the size of the control 'problem' -the 
number of inputs and outputs, and the number of 
control decisions that must be made. 

The ROM is an actual physical matrix or 'braid' of 
solid wires permanently-embedded in a potting 
compound and surrounded by electronic sampling 
circuits (96 transformer cores) in a sandwich packag
ing. The arrangement of the braid wires is determined 
in a series of computer-aided steps, which result in a 
punched paper tape. This tape is used to operate an 
automatic wire placing machine or 'loom' which 
forms a wire braid. This braid, returned to be 
installed in the control unit, represents the specific 
solution to the individual control problem. Whenever 
this element is changed, the PDP-14 system behaves 
as though it were rewired, allowing you complete 

flexibility in changing machine operations and re
trofit. 

In operatJion the ROM acts like a series of wires 
strung through and around small current trans
formers. Each wire represents eight individual control 
instructions, which are read by sending a current 
pulse through it. The readout is in groups of eight 
instructions. The single desired instruction is selected 
from these eight. Only the transformers with wires 
running through their cores will be energised. The 
pattern of energised transformers is then read as an 
electronic instruction code. The code is the 12-bit 
binary instructions which are understood by the 
PDP-14 control unit (see Fig. 6). 
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Fig. 6 Schematic of three PDP-14 ROM transformer cores. 

It is possible to change as many as 20 wires (about 
15%) of the ROM by cutting out wires and manually 
replacing them with new ones. 

Accessories 
In addition to normal outputs, the PDP-14 system 
may be equipped with solid state timers, retentive 
memories, and storage outputs. The timers and 
retentive memories are provided in an accessories box 
(A-box). The storage outputs are provided in a 
storage module consisting of 16 storage outputs. 

The solid state timers may be adjusted to provide 
timing functions from fractions of a second to thirty 
seconds. The retentive memories are mercury-wetted 
relays which provide 1-bit of storage information after 
a power failure. The storage outputs provide 
temporary storage of intermediate processing, results 
and status information and are sometimes used for 
communication between the PDP-14 and the moni
toring computer. 

Also supplied as an accessory is an auxiliary power 
supply which is required for large PDP-14 systems. 

Programming the PDP-14 
Programming in the PDP-14 system is simply the 
procedure used to generate the read-only memory 
(ROM) to control a process or machine. PDP-14 
programming does not require previous computer 
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experience but it does require experience in machine 
control. 

PDP-14 programmes provide relationships between 
inputs (limit switches, pushbuttons, selector switches 
etc.) and outputs (solenoids, motor contractors, 
indicator lights etc.). These relationships or control 
functions, may be expressed as Boolean equations 
which, when solved for particular input values, 
specify the state (ON or OFF) of an output. 

Machine inputs and outputs must be assigned to 
the PDP-14 input (1) and output (0) boxes before a 
PDP-14 control programme can be written. 

These assignments permit the PDP-14 instructions 
to test the state of specitlc inputs and outputs. Once 
these assignments are made, the inputs and outputs 
are referred to by unique numbers preceded by an X 
for an input or a Y for an output. For programming 
purposes, these X and Y numbers represent specific 
input and output devices. 

Boolean representation of machine control 
Programming a PDP-14 requires familiarity with 
simple Boolean representations of control functions. 
These representations consist of 'operators' and 
'variables'. The variables of PDP-14 control equations 
are inputs (X's) and outputs (Y's). The variables have 
two 'states' namely, ON and OFF. The operators in 
these equations are (AND) + (OR) and I (NOT). 
Parentheses may be used within equations to group 
variables. 

For example the equation: 

Y1 0 = X23 + X21 * Y7 

is read 'output 10 is set ON when input 23 is ON, or 
when both output 7 and input 21 are ON'. This 
equation instructs the PDP-14 to test input 23; if it is 
ON set output 10 ON. If input 23 is OFF test output 
7 and input 21; if they are both ON, set output 10 
ON. If neither set of conditions is satisfied set output 
10 OFF. 

The above equation could be represented by the 
ladder diagram shown in Fig. 7. 

SOL F = 2LS +3LS • 7CR 
SOL F 

2LS 

3LS 
7CR 

-t 
Fig. 7 Where SOL F corresponds to YlO; 2LS corres
ponds to X23; 7CR corresponds to Y1; and 3LS corres- · 
ponds to X21. 

A set of control functions similar to the preceding 
example comprise a PDP-14 programme. A series of 
equations corresponding to these functions and 
written in terms of X's and Y's are then translated 
into the PDP-14 machine code programme using 
BOOL-14. 

BOOL-14 

Is a translator programme for control equations. It 
operates a PDP-8 family computer and translates the 
equations into the PDP-14 machine code instructions 
needed to solve these equations. The machine code 
instructions will later be woven to form the ROM for 
the PDP-14. Before this happens, however, the 
programme should be rigorously tested and debugged. 
This is done with SIM-14. The translation for two 
equations is:-

Y1~=X23+X2hY7 

(JQ~~ 2423 TXN ~23 
~~1 54~7 JFN QQ7 
(J()Q2 2~21 TXF ~21 
r¥)~3 1~~7 TYF ~~7 
(J()Q4 5~1;17 JFF QQ7 
r¥)~5 3~1~ SYF 1;111;1 
~Q6 ~344 SKP 
r¥)Q7 341Q SYN 1;111;1 

Y17=X2+X51+X3*Y7+X4*Y21 

fJQ1~ 24~2 TXN ~1;12 
r¥)11 2451 TXN Q51 
~~12 5423 JFN ~23 
r¥)13 2~~3 TXF rM/J3 
r¥)14 101;17 TYF 01;17 
r¥)15 5023 JFF Q23 
~1;116 2~Q4 TXF CJ~ 
~Q17 1~21 TYF ~21 
~21;1 51;123 JFF ~23 
0021 31;117 SYF 017 
r¥)22 1;1344 SKP 
f/JQ23 3417 SYN 017 

The resultant PDP-14 programme is a 'closed-loop' 
of disjoint instruction groups. Each group of instruc
tions solves an equation for one output, setting it on 
or off. For example, if a machine control requires 
twenty outputs, there are twenty equations and 
instruction groups in the control programme. The last 
instruction group is terminated with a 'jump' to the 
first instruction group. The construction of the 
programme is illustrated in Fig. 8. 

! 
Solve Set Yl 
for 

off 

Output 1 

I 
Solve Set Y2 for 

on 

off 

Output 2 

i 
on 

off 
Solve Set Y20 

for 
Putput 20 

' 
on 

Go to Yl 

I 
Fig. 8 Construction of the programme. 
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Is a PDP-8 based programme which simulates PDP-14 
operation in two modes. The user may operate in an 
offline or local mode to debug or modify his 
programme completely within the PDP-8. When rela
tively certain that the programme is correct, the user 
may switch to on-line mode where the programme is 
executed to control the machine's operation. 

Local mode debugging offers three .features for 
testing programmes: 

(I) The user supplies input states for a given 
equation and SIM-14 reports the resultant state 
of the output. This proceeds equation-by
equation. 

(2) The user generates a complete truth table, or 
binary array, which completely defines the 
state of an output for all possible input states. 
This is also done for each equation. 

(3) The user tests the complete programme using 
simulated execution. He tests the complete 
programme in sequence by specifying input 
states. Changing output states are reported by 
SIM-14. The user continues to vary input values 
to test all segments of the programme. 

The following are sample truth tables as generated 
by SIM-14 for the two equations which were trans
lated by BOOL-14. 

Y10 = X23 + X21 * Y7 

.TAl~ 

.X23 

.X21 

.Y7 

.SQ 

AX~3 
BX~21 
CY~7 

ABC 
~~=~ 
C)Ql =f) 
~IQ= f) 
~11 = 1 
1C)Q = 1 
101 = 1 
11Q=1 
111 = 1 

Y17 = X2 + X51 + X3 * Y7 + X4 * Y21 

.TA17 

.X2 

.X51 

.X3 

.X4 

.Y7 

.Y21 

.Sf) 

AXC)Q2 
BXQ51 
CXf)Q3 
DYQQ7 
EXQQ4 
F Y~21 

ABCDEF 
f)QQQQQ= Q 
0()()()~1 =f) 
f)QQQH~ = Q 
0QQQ11 = 1 
0()()1~=0 
~~~~~~~ = ~ 
f)QQ11~ = ~ 
~f)f)111 = 1 
C)Q1~QQ = Q 
~()1~~1 = ~ 
~1()1~ = Q 
~1f)1I=1 
!W11C}Q= I 
!W11~1 =I 
0Q11I~= 1 
~~1111 = 1 
~IQQ~ = 1 
f)1 QQQ~ = 1 
c;HQQQ1 = 1 
~1Q~1Q = 1 
~1~f)I1 = 1 
()1QIQQ= 1 
11QIQ1 = 1 
f)1~11Q= 1 

f)IQ111 = 1 
()11~() = 1 
~11Qf)I = 1 
Q1IQ1f)=1 
011~1I = 1 
{)111 Qf) = I 
~IllQl =I 
f)llll~ = 1 
()11111 = 1 
H)QQQQ= I 
1Qf)~f)l = 1 
IQQQ1Q= 1 
IQQQll = 1 
lQ~lW == 1 
IC)~IQ1 = 1 
IQQ11~=1 
1Qf)111=1 
1()1~()= 1 
IC,Jl ~01 = 1 
1QH,H~ = 1 
1f)H,H1=1 
1Q11f)f)= 1 
lf)11f)l = 1 
1()111~= 1 
1()1111=1 
llQQOO = 1 
IIQQQI = 1 
llQQif)= 1 
11()()11 = 1 
11()1()()= 1 
110101=1 
1H)11f)= 1 

419 

11Q111=I 
111QQQ= I 
111~~1=1 
111010= 1 
1,11()11=I 
llllf)~= 1 
llllf)l=I 
11111~ = 1 
111111=1 
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PDP-8/E 

Is the latest addition to our very successful 'family
of-&' range of computers introduced in 1965, of 
which over 10 000 have now been installed. The basic 
specifications are:-

Word size 

Memory cycle time 

Memory size 

Physical size 

12 bits 

1.2 JJS 

4 096 words 
expandable to 
32 768 words 

19 in. rack. 
10! in. high, 
24 in. deep 

The PDP-8/E features considerable advances, both 
in its electrical and mechanical design which enables 
its full memory expansion capability to be contained 
within the processor cabinet. 

The elimination of conventional back-to-hack 
wiring, by the use of a printed wiring system known 
as the OMNIBUS, has greatly enhanced reliability. 

PDP-11 

The PDP-11 family of computers of 1970 introduced 
the concept of the UNIBUS, which gives the machine 
very powerful real time characteristics. The basic 
specifications for the PDP-11 /20 are: 

Word size 

Memory cycle time 

Memory size 

Physical size 

16 bits 

950 ns 

4 096 words 
expandable to 
124K 

19 in. rack, 
11 in. high 

The full range of the PDP-11 family provides 
machines varying from low cost OEM to high 
powered computational machines. 

PDP-16 

This is the most recent development in low cost 
computer systems. The PDP-16 does not have a single 
specification since it is in fact a made-to-measure 
computer. The systems are made up from large 
function macro-modules known as RTM (register 
transfer modules). These modules permit systems to 
be built to solve specific problems. In these appli
cations, the PDP-16 can offer higher speed or lower 
cost, or both. Basic specifications for PDP-16 
systems: 

Word size 

Memory 

Instruction set 

any multiple of 8, 
12 or 16 

read-only or 
random access 
available in a 
wide variety of 
sizes and speeds 

basic instructions 
include add, sub
tract, negate and 
several logical 
functions. Any 
instruction can be 
micro-programmed. 

APPENDIX 2 
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A SYSTEM FOR DIRECT NUMERICAL CONTROL OF MACHINE TOOLS 

by 

G. SPUR and W. WENTZ* 

SUMMARY 

Systems for direct numerical control (DNC) include usually a small high-speed real time electronic computer, 
communicating directly with the NC machines to be controlled by means of a dispatcher. The computer used in 
the DNC-system NC 700 has a capacity of core storage of 16 K words. Software and hardware are in modular 
structure to control units up to six machine tools of varied manufacture and type. All control data are located on 
a magnetic tape. The data output is initiated by the NC machine tools and requires an intermediate storing device, 
here a part of the core memory. In addition to the dispatching function, the DNC system includes programs in 
order to register and to work up production data. The basic DNC program is completed by a number of user 
programs. All part-programs are stored on a magnetic tape and so, for instance, are easy to bring up to date. In 
the last few months such systems have been presented in the USA, Japan and Western Europe and should be 
installed in such factories where many NC machine tools are to be controlled. Because of the automatic inform
ation flow and by simplifying the control units of the machine tools, DNC can be used economically. 

INTRODUCTION 
The use of computers is necessary in automatic 

systems when either the number of functions to be 
executed in order to control the process is large or 
the speed of the process itself is very fast. Conven
tional machine tools are difficult to be integrated into 
automatic production systems. Through the develop
ment of Numerical Control (NC), a suitable link has 
been created in order to integrate machine tools into 
a process control system. 

A recent development in the field of automatic 
information flow in the factories at the single-piece 
and low-series production are systems for direct 
numerical controL (DNC). They render possible the 
on-line connection of NC machine tools to a process 
computer. Thus it is possible to give the machine 
control data directly to the control unit and avoid the 
conventional paper tape. There the control data are 
stored on a mass storage and, when requested, are 
put out directly to the NC machine tools. The connec
tion to the control unit can be behind the tape
reading device or at the corresponding registers and 
memories. 

In the first case the original control unit is nearly 
completely conserved, while only the fragile paper 
tape reader is eliminated. Such a system is well 
prepared to integrate NC machines which already are 
used in the factories into a DNC system. Thus there is 
always the possibility of a quick change to the conven
tional tape-reader mode. 

Another method of machine tool control is 
known as computer numerical control (CNC) and is 
mentioned here in order to show the difference 
from DNC. The main typical difference is the density 
of the information flow per work progress. The 
information flow from the paper tape to the numer
ical control can be regarded as quasi-static. In 
contrast, the subsequent transformation in the 
control unit by the interpolator is a dynamic proceed
ing. The delimitation between DNC and CNC is the 
intersection between quasi-static and dynamic 
information processing. When several axes are inter
polated by a computer and at the same time the 
above-mentioned characteristics of DNC are realized, 
the delimitation between the DNC and CNC is within 
the software of the computer1 . 

The machine control unit (MC), which only has 
become known in connection with DNC systems, 
contains characteristics of conventional or hardware 
NC and of CNC or software NC. There only such 
functions are performed which would take a com
puter too much computing time. The other functions 
will be executed by the available computer2 • 

While the NC machines used in 'systems behind 
the tape-reader' (BTR) also work without a com
puter, machines with MCU are only functionable with 
a DNC device. The different types of control units, 
which can be linked to a DNC system, are shown in 
Fig. 1. 

Besides the dispatching of control data DNC 

*Lehrstuhl und Institut fiir Werkzeugmaschinen und Fertigungstechnik, Technische Universitiit, Berlin. 
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BTR- SYSTEMS MC-SVSTEMS 

Fig. 1 Classification of DNC systems 

systems mainly have administrative tasks. They 
reduce the considerable expenditure which can be 
met even in smaller factories in order to store and 
prepare paper tapes. Newly installed control data 
programs can quickly and easily be improved after a 
test run. The on-line connection of the machines with' 
the computer is used in larger systems to transmit 
production data. These data are obtained at the 
machines, computed and either put out on a tele
typer or transmitted to a superior computing system. 

Number of 
Producer System Computer Core memory linked 

machines 

AEG· 
Telefunken NC 700 AEG 60-10 16 ... 32 K Words 32 by a unit 

Bendix Oynapath 

Cincinnati CIP ?100 16 ... 56 K 64 

Ex-Cell-O Raytheon 706 16 K Words 

Farrel Spiras 65 64 K Words 

Fujitsu Fanuc T Hidic 100 and 10 
Hitac 7250 50 

Fanuc K F acom 250-20 7 

General 
Electric CommanDir PAC 30 16 ... 64 K Bytes 15 

Kearney & 
Trecker Gemini IBM 1800 32 K Bytes 80 

or Hewlett 
Packard 
2114 B 8 K Words 

and 2116 B 32 K Words 37 

Lodge & 
POP8 I 4 32 K Words Shipley 

Mitsubishi Melcolm 
Electric Meldas 350130 F 24 K Words 18 

Molms System 24 IBM 1130 4 ... 32 K Words 7 

Monarch CompTrol POP 8 4 .. 32 K Words 6 by a un1t 

Oki Computrol4! Okitac 4500 8 .. 64 K Words 32. 128 

S1emens Siemens 301 16 K Words 15 .. 60 

Sundstrand Omntcontrol IBM 360130 .. 50 65 .. 512 K Words 15 255 

TokiO Shibaura 
32 K Words 20 Electric oshiba 2000 Tosbac 

Tndea Honeywell 
H112 10 

Warner & 
Swasey POP8 I 4. 32 K Words 14 Ax1s 

Westmghouso Univac 9200 8 32 K Bytes 30 and P 2000 

Fig. 2 Performed DNC system 

PERFORMED DNC SYSTEMS 

In 1970 about thirty DNC systems have been 
presented at the machine tool exhibitions in Hann
over (Germany), Chicago (USA) and Osaka (Japan). 
It must be mentioned that most of them were still in 
an early state of development (Fig. 2). Only a few 
have so far been industrially used. As an example the 
following can be mentioned: CommanDir (General 
Electric), Omnicontrol (Sundstrand) and Fanuc T' 
(Fujitsu). 

The CommanDir system of General Electric is a 
small central processing unit with a large drum 
storage capable of operating up to 15 machine tools 
simultaneously (Fig. 3). The heart of the processor 
and core memory subsystem is a general purpose 
minicomputer-the GE-PAC 30. Its core memory has 
a cycle time of one microsecond and a capacity that 
ranges from 16 to 64 K. The processor is provided 
with a telecommunication printer and a drum 
memory. Machining information is supplied to each 
numerically controlled machine by data distributor 
linked to the computer. An auxiliary scanner provides 
the interface between the computer and the opera
tor at the machine tool. All these components reside 
in a central location. 

At each machine tool, an operator's station 
provides the NC and the operator with a communi
cation link to the computer. The major subsystems are 

UP TO 15 MACHINES 

Fig. 3 System CommanDir (General Electric) 

the processor and core memory drum subsystem, the 
telecommunication printer and paper tape reader, 
NC interface and communications operator's station 
and the software system. 

The CommanDir system is designed to work in con
junction with a conventional machine tool controller 
at each NC machine. In operation, the machine opera
tor selects the control data program for the part to 
be machined. The computer's central processor 
retrieves this program from the drum storage and the 
machine is directed from the stored program. The 
control system bypasses the tape reader and thereby 
eliminates most of the time delays inherent in the use 
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of taped part-programs and tape readers. Since there 
are used conventional numerical controllers with tape 
readers, the machine tools can be operated individu
ally from their tape reader if it is desired3 • 

Sundstrand's Omnicontrol system was the first 
working DNC system in the world (Fig. 4). In 1968 it 
was installed in a plant of Pontiac Motor Division of 
General Motors Corp. to control four NC machines. 
This system is able to control up to 255 machines. 
Five components are involved in the Omnicontrol 
system. The general-purpose computer of the IBM 
360 series compiles and stores the required data, 
which are stored on a disc. 

The Omnicontrol master is located in the data
processing room. This unit establishes contact and 
directs the flow of data between the computer and 
the machine console unit (MCU). It contains one 
interpolating and buffer unit for each machine 
attached to it. One Omnicontrol master is capable of 
controlling up to 15 machines. Via a high-speed selec
tor channel up to 17 Omnicontrol master units can be 
connected to an IBM 360/50 computer. 

·COMPUTER 

OMNICONTROL MASTER 

~ 

IBU.Interpolating/buller un~t CRT• Cathode Ray lube 
IICUd4achtnt control untt KBU• Ktybord umt 

Fig. 4 System Omnicontrol (Sundstrand Corporation) 

DISC COMPUTER 

Fig. 5 System Fanuc T (Fujitsu Limited) 

The cathode-ray tube master (CRTM) is also 
located in the data-processing room. It controls the 
individual cathode-ray tube units (CRT's) and relays 
CRT instructions to the computer. The machine 
console unit is located at the machine. It contains 
the machine logic and machine control. The function 
of the machine logic is to communicate with the 
machine tool. 

The cathode-ray tube (CRT) is located at each 
machine for two-way communication with the com
puter. CRT's can be remotely located also for super
visory monitoring. 

Fujitsu's Fanuc System Tis able to control up to 
50 machines. The functions of the system are NC 
machining, on-line processing of conversational 
F APT, and on-line production control (Fig. 5). The 
control equipment consisting of the computer and 
the time-sharing NC (TSNC) is located in the control 
room. A simple machine control unit (MCU) at the 
machine and the TSNC are taking4 the place of the 
individual NC. 

In the machining mode, first the machining data 
are taken out of the magnetic disc by an interruption 
signal from TSNC. These data are processed through 
the TSNC and will be given out to each MTC in form 
of pulse trains on a time sharing basis. Besides, auxili
ary signals necessary to operate the machines are 
transmitted to the MTC. 

In the conversational mode part-program state
ments can be processed by the group control equip
ment. During the processing of the part-program the 
coordinate values are printed immediately and the 
toolpaths are drawn. By detecting an error part
programming can be interrupted and directly 
corrected. The system can also perform production 
control. Following the input instructions to the group 
control equipment, it can make out the relevant 
operation schedule of NC machines. 

SYSTEM NC 700 

The DNC system NC 700, which has been 
developed by the Institute of Machine Tools of the 
Technical University of Berlin in collaboration with 
the AEG/TELEFUNKEN Company, will be described 
in the following, especially the problems of con
figuration and such of software and hardware. This 
system has been introduced to the public at the 
Hannover Machine Tool Fair in 1970 by Spur et a/.5 

The heart of the DNC system is an AEG process 
computer of the type 60-10. The following station
the dispatcher-is linked to the different NC machine 
tools by cables. The control data as well as the users' 
programs are stored on magnetic tape. The primary 
input of all programs is done by an optical paper tape 
reader. A teletyper serves as terminal for commands 
of the operator. In cases of danger and for special 
commands there is a second teletyper for recording. 
Fig. 6 shows the configuration of the system as it has 
been demonstrated at Hannover. Six machine tools 
equipped with different types of numerical control 
were supplied with control data by the DNC centre. 

The computer has a core storage capaCity of 16 K 
words with 12 bits each. At an instruction length of 
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Fig. 6 System NC 700 (AEG/TELEFUNKEN) 

24 bits it works with the single address mode. The 
cycle time of the computer is about l·O p.s. 66 hard
ware instructions can be used. Two data channels give 
the connection of the central unit with the peripheral 
devices. The data transfer between accumulator and 
peripheral units is managed by the program con
trolled data channel. The direct data channel serves 
for transport of data blocks between core storage 
and tape devices. The transmission of data to 
the tape during the main run of the program, once 
initiated, is done by the hardware of the computer. 
Thus, only the program passage time is prolonged. 

The computer has an interruption system which 
sets priorities within four levels. The level of first 
priority controls core storage capacity and the supply 
voltage. Level two interrupts in time with the clock 
while level three and four provide interruption of the 
control board and the process devices. 

The heart of the computer receives an interrupt 
that has been produced in the dispatcher in the third 
and fourth level. This dispatcher is the connection 

between the central processing unit and the different 
DNC adapters at the numerical control of the 
machine tools. It has been especially developed for 
high-speed data transfer at DNC systems and allows 
the connection of groups of six machines. 

The design of the software and hardware of the 
DNC system contains the possibility of connecting 
numerical controls of different types. It must be 
expected that the numerical control of different 
producers and generations differ in the conditions for 
read-in of control data. Older control devices mostly 
have a mechanical paper tape reader so that the data 
rate is not greater than 50 signs per second. On the 
other hand, there are some which are able to read in 
more than I 000 signs per second. Thus, two modes 
for the data output have been developed. At machines 
with a high rate of read-in, one interrupt will be 
answered with a whole data block, while , on such 
with a low rate , only one sign will follow one 
interupt. There the output frequency is determined 
by the numerical control, that means by the speed of 
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forming a new interrupt. An adaption of the control 
data output speed to the read in speed of the numer
ical control is necessarily given. 

For three reasons mainly the output sign by sign 
will be preferred for the future. 

1. The connection of numerical controls with a 
low read-in speed will be possible. 

2. Numerical control devices with a data buffer do 
not always read in up to the end of the block. They 
often stop at the word-address, which means a switch
ing function, and then do not continue to send out 
interrupts. There is no longer a need for an extensive 
software to recognize the special stops of read-in. 

3. Computer numerical control systems read in 
control data of the next block in a computing inter
val. A transfer block by block without extensive 
changes in the software and hardware of the CNC 
system would be impossible. 

The control data of NC machines flow over the 
output register of the dispatcher as well as all data 
groups for the control board of the DNC adapter and 
such for the control of supplementary functions. 

The dense data transfer between the DNC centre 
and the working stations requires the registration of a 
large number of interrupts. Therefore the dispatcher 
possesses a significant interrupt administration, which 
organizes the sequential treatment of all advices by a 
priority circuit. 

The DNC adapter is located between the dis
patcher and the linked numerical control devices. It 
organizes the interval distribution of information. 
The control data are transferred directly when they 
are adapted to the internal logic at the numerical 
control device. All other arriving information serves 
either for registration on the control board or for the 
control of supplementary devices. The DNC adapter 
also takes over information of the control board and 
the numerical control device itself and transfers them 
to the dispatcher. 

All function programs which are necessary for the 
DNC system are organized by a central administra
tion. It takes care of a due time and logical work of all 
instructions of the linked devices by noting the real 
time. The peripheral devices only process information 
much slower than the central processing unit provides 
them. Thus, there would be a long time of waiting. This 
time is registered by the administration and issued for 
the run of some other programs. So several programs 
are running quasi-parallel: the NC 700 works in 
multi-programming mode. 

The special structure of the core storage of the 
used computer requires a program administration of 
its own. The core storage is divided into 16 blocks of 
1 K word: only four blocks can be addressed at the 
same time. The blocks 0 and 1 can always be 
addressed and, together with two given blocks, form 
the available working area of four blocks. Order for 
programs are principally not executed directly, they 
are first stored on a list where they are later investig
ated and then worked off. If all lists are worked off, 
the administration program runs into a waiting loop 
where new orders to advices are asked for. 

During the direct numerical control of the 
machine the computer runs in the interrupting mode 
so that, at the arrival of an interrupt, the program just 

I I TABLE of 
INTERRUPTION LEVEL - CONTENTS of 

the MAGNETIC 
PROGRAM SUPERVISION TAPE 

Res1dent area 
USER of core storage ,---

PROGRAMS 
INPUT /OUTPUT P~OGRAMS 

CONTROL DATA 
I ~~BLE of contents of actual! 

J 
PROGRAMS for 
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Fig. 7 Programme and data storage. 

running will be interrupted and an identification of 
the interrupt will be possible. By the interrupt 
administration the single interrupts can get a different 
priority in order to provide the numerical control 
devices in time with control data. By a special 
program, the internal clock gives the date and time. 
So the real time of the devices can be surveyed and 
special programs can be started in defmed intervals. 

In order to get the DNC system working, resident 
and interchangeable programs, as well as control data 
for the NC machines, are needed (Fig. 7). 

Resident programs are permanently located in the 
core storage of the computer and accomplish mainly 
administration functions and organize the output and 
input of data to the linked devices. For the output 
data to the NC machines there are two programs: one 
for the output block by block, the other for the out
put sign by sign. The interchangeable programs, 
mostly user programs, will be transferred over a 
resident distribution program from the magnetic tape 
into the core storage. The storage of the resident 
programs and data needs 6 K words. The overlay area 
as data buffer for the NC machines has 7 K words. As 
external mass storage in the system NC 700 a mag
netic tape is used. Each tape will be divided into four 
parts. At the beginning of the tape a table of contents 
is located which makes it possible to find again stored 
programs in the shortest way. All the user programs 
and some system programs are stored in the second 
part of the tape and if needed will be transferred into 
the core storage. A further part of the tape is reserved 
for the storage of control data programs which are 
needed in a defined working period. The fourth part 
of the tape, which is the largest part, serves as storage 
for all control data programs. In this part up to 4000 
control data programs of average length can be 
stored. 

For the initial read-in of control data programs the 
ordinary paper tapes without any changes are used. 
From the core storage they are transferred to the 
magnetic tape block by block. During the read-in all 
control data are translated into the ISO code so that 
all information is written in one code. 
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Fig. 8 DNC-adapter. 

At the beginning of each planning period, which 
can be a day, a week and so on, the operator inserts 
into the computer the actual manufacturing list. 
These control data programs will be searched out of 
all stored programs and then transferred into the 
reserved area of the tape. To enable the operator at 
the machine to correspond with the computer the 
DNC adapter has some units for input and output of 
information (Fig. 8). At the selection of a control 
data program certain parameters are examined and if 
accomplished the first two blocks are transferred 
from the tape to the core storage. At control units 
with a fast read-in circuit one interrupt initiates the 
read-out of a whole block. Then the output time for 
one sign is about 150 p.s. On one with a low-speed 
read-in circuit one interrupt initiates only one sign. 
There the time needed is about 350 p.s. During the 
output of control data no interrupts are allowed, so 
the data transfer will be accomplished in a defined 
time. After the data transfer new interrupts are 
admitted. At the output the signs are retranslated 
into the code needed by the numerical controls. 
When they arrive at the DNC adapter they are 
examined and if necessary given out up to three 
times. To guarantee a data output without delay a 
part of the core storage is formed as alternating 
storage. The transfer of data from the magnetic tape 
to the alternating storage happens during the output 
from data to the NC machine tools. If a greater 
number of NC machines are linked to the numerical 
control system, a data buffer with a shorter access 
time is needed. This may be a magnetic disc or a 
drum. The information flow of the system is shown 
inFig.9. 

By the combination of output data and feedback 
information of the machining, process manufacturing 
data will be found out. So, for instance, the kind and 
number of control data programs which are called by 
the NC machines are registered on a list which gives 
information about the machined parts. The working 
time of the machines and the time needed per work
piece as well as breakdowns are registered on a list. 

To maintain the control data programs, user 
programs have been developed which render possible 
the correction and the extension of data programs. 
There are also programs which give the possibility of 
printing control data programs and lists which block 
up and reprint special programs. 

The further development of the system NC 700 
intends to allow for an integration into a superior 
manufacturing system. For that purpose the manufac
turing data will be collected and serve as basis for 
manufacturing planning and manufacturing control. 

DIRECT NUMERICAL CONTROL 
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MASS SJOUG£ FOI 
COIIIOL OAIA PIOGIAMS 

r------------.., 
: SUPERIOR COMPUTER : 
~----r-,-----· 

WOIK ORO£ I 1 OPERAIIOI DATA 

liP iT Of 
COIUOL DATA 

Fig. 9 Information flow within the system NC 700 

AC IN CONNECTION WITH NC 700 

Besides the already stated advantages, a process 
computer for direct numerical control of machine 
tools also offers the possibility of taking over control 
functions in adaptive systems. The installation within 
the hardware of these functions would not be 
economic. Since there is all the equipment for 
information exchange between computer and numer
ical control, there is only the necessity for an addi
tional control unit as access to the wire link. 

Deriving from the principal of the system the AC 
programs have a minor priority. Only such control 
functions are processed by the computer which when 
totally missing initiate a lower quality of control. A 
cost-optimizing AC system can be regarded as an 
example. To process the large number of tasks 
involved a digital computer is needed. Because of the 
high costs of that unit and in case it can only be 
needed for one AC system, the economy of such an 
optimizing control can be doubted. 



G. SPUR AND W. WENTZ 427 

At the automatic control of tool path by AC units 
the access to a process computer can be useful. In the 
case of constrain control with automatic control of 
tool path on turning one must deal with equally high 
costs for the realization of the hardware as it would 
amount to on a two-axis-contouring control. Therein 
the costs of cut division are twice as much as for feed 
control. This is as far as our experience is concerned. 

The advantage of automatic cut division is 
primarily to avoid cuts into the air when dimensions 
of the non-machined workpiece vary strongly and 
secondly in the short cut of programming time. By 
thus lowering the main time of cutting; there can be, 
on the other hand, a longer idle time or e\'en a lower 
efficiency during the last path. The control of depth 
of cut is started only when the feed as the main figure 
of control has passed certain limits. When during the 
last cut a deviation from the wanted workpiece 
contour occurs by means of keeping the limits of 
feed, a subsequent cut cannot be avoided which 
causes higher idle time. In those cases wher·e several 
cuts are necessary to machine the wanted contour the 
depth of cut during the last passage is determined by 
chance when firmly programmed limits of feed exist. 
Feed cannot be extended to ever higher values as 
thus the surface roughness is negatively influenced, 
so it occurs that at low depths of cuts an optimal 
efficiency cannot be reached. 

The disadvantages pointed out can be avoided by a 
high expense on programming; this may be reduced 
by access to a DNC computer. 

In the field of cut optimization by a process com
puter, efforts are presently being undertaken at the 
Institute for Machine Tools of the Technical Univer
sity, Berlin in collaboration with the companies 
Boehringer, Goppingen, and AEG/TELEFUNKEN. 
Seligenstadt. As a first result, a numerically con
trolled lathe with an AC system on cut division and 
lined to a DNC system has been presented at the 
Hannover Fair in 1970. Fig. 10 shows the inform
ation flow of such a control system. An independent 
control unit at the machine takes over all functions 
which are permanently necessary. The control func
tions in the computer correct the control data 
program. 

It can be subsequently said that by connecting 
DNC and AC new possibilities arise which allow 
economic realization for highly developed control 
systems. 
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DISCUSSION 

Query from S. Taylor, University of Birmingham 

The extensive use of computer jargon and termi
nology can be confusing to many engineers. This 
aspect of direct numerical control is largely the 
province of the programmer and can often be handled 
in a variety of ways. Engineers who may be contem
plating using DNC or the other computer techniques 
should not be deterred by involved problems of 
computer organisation, except in so far as they 
concern costs and economics. One of the attractions 
of a computer is that specialist knowledge can be 
incorporated in programmes and subsequently used by 
a non-specialist in the field. 

Reply 

The use of computers in manufacturing systems and 
machine tool design will surely increase in the future. 
Engineers must therefore know how to apply com
puters in an optimal way. 

Actually, small process computers of low cost 
are used for manufacturing control, to collect manu
facturing data, to produce special part-programmes or, 
as have seen during the Conference, to control 
machine tools directly. To profit by the whole core 
storage capacity and the computing speed of these 
small computers, the user must be acquainted with 
the operating conditions. 

It must be said, that the training of engineers in 
many European countries includes instruction on 
computers and their operating conditions. 
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Query from Wasiukiewicz, Dixi II, Switzerland 

There is already a great deal of work being done by 
the technical universities in West Germany on DNC 
control systems. But it is at the very beginning of the 
new phase in technical progress in which we have to 
learn to live with the electronic computers. 

It is difficult to speak about a product which is 
involved in a constant development. It takes time to 
establish the correct use of this universal tool, which 
is the computer 'excellence'. Nevertheless, it is neces
sary to predict the next logical step in the develop
ment of DNC systems. 

Because of its nature, the computer fulftls three 
principal functions, namely to collect information, 
compute this information and then dispatch the data 
at a given time to a given place. 

Historically, the first attempt was made to use the 
computer as a coordinator of the group of machines 
and at the same time use the storage facilities avail
able. Feedback information was used to control the 
production process. Unfortunately, this solution 
involved an important capital investment: the 
machines were equipped with the complete NC 
cabinets. Another possible configuration is a central 

computer replacing the expensive NC of each 
machine. Only a small interface will be necessary to 
meet the individual requirements of each machine. It 
is quite sure that the right solution lies between these 
two extremities. The next very important step would 
be the derivation of the optimum distribution of the 
hardware between the central computer and the 
machine's own NC. Because of reliability, investment 
and running costs of such sophisticated equipment, 
there is a great deal of work to do. The present 
paper shows the technique of collecting the inform
ation properly and effectively. 

Reply 

I fully agree with you. First results in the field of 
CNC (computer numerical control) have been 
presented at this conference. Latest developments on 
DNC (direct numerical control) are obviously tending 
towards simplified machine control units (German: 
Rumpfsteuerung). An example has been shown at the 
14th Aachener Werkzeugmaschinen-Kolloquium. 
Furthermore, it turns out that on-line connection of 
DNC-Systems with high-level production control
systems will be of increasing interest. 
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by 

G. STUTE and R NANN* 

SUMMARY 

A DNC system was developed for a manufacturing system comprising about 20 NC machines. The requirements 
put on this system as well as its design will be described and discussed, especially the signals being transmitted 
between the computer and the numerical control, the electrical characteristics of the transmission lines, the 
organization of the computer programs and the disc storage. 

INTRODUCTION 

The requirements to obtain the best possible amortiz
ation of high-investment production equipment, rapid 
throughput of the parts and better transparency of 
the manufacturing data could be realized economic
ally in the field of production through an increased 
rate of automation. The automation of the material 
and information flow is the substantial criterion for 
the technical solution of these tasks. 

The development and introduction of the numer
ical control resulted in an important step forwards in 
the automation of the information flow. The numer
ical control processes automatically the technological 
and geometrical data input to produce output signals, 
which act on the control elements of the machine 
tool to realize the required functions. 

The numerically controlled machine tool is, how
ever, similar to an isle of automation, as long as it is 
not connected to an automatic information flow, i.e. 
as long as the data to be processed in the control is 
carried manually to the machine tool. 

The supervision of the functional order of the NC 
and the monitoring of the manufacturing data 
remains up to now mainly a task of the operator. For 
a more advanced automation, it is also necessary to 
collect and evaluate these data automatically for 
management information. For this informational 
feedback, attention should be paid to the number of 
the parts and their production time, the tool applic
ation frequency and tool life, as well as to the shut
down times and their reasons. 

The most powerful tool for the automation of 
information processing is the digital computer. The 
above-mentioned problems could be solved through 
the use of a computer to distribute the machining 
information to the individual NC's and to collect the 
manufacturing data. 

DNC SYSTEMS 

Under the name DNC (direct numerical control) there 
have been so far about 20 systems developed in USA, 
Japan and Europe, in which the NC's are conn~cted 
to digital computers. The advantages resulting from 
the introduction of the DNC, and which should prove 
its economy, consist mainly of three factors. 

1. Management information. The exact plant 
monitoring through the collection of all necessary 
data allows a more efficient planning and therefore a 
higher loading of the NC machines. For this purpose, 
the kind and frequency of the troubles, their sources 
as well as the shut-down times, are of interest. 

2. Increase in the efficiency of the machine tools. 
This depends mainly upon the quick and error-free 
preparation of the NC programs for the machines, the 
removal of tape and tape reader as a source of 
numerous troubles and the restriction of the neces
sary manual manipulation, therefore minimizing the 
operator errors and the prevention of arbitrary inter
ventions in the program flow, e.g. through· feed-rate 
reduction. 

3. Improved possibilities for test and correction of 
NC programs. This problem is of great interest when 
small series or single parts should be produced. 

The principle set-up of such a DNC system is 
shown in Fig. 1 . All NC programs which are required 
for the connected machines during the period in con
sideration are stored in a large-capacity storage, such 
as a magnetic disc or drum. The real-time computer, 
which manages this storage, can take over, upon 
command, segments of the desired NC program in its 
core storage. The numerical data output from the 
computer through a digital input/output device to the 
NC appears in the format dictated by the NC, i.e. 
most often blockwise. 

The transmitter T adapts the output signals of the 

*Institut fur Steuerungstechnik der Werkzeugmaschinen und Fertigungseinrichtungen, University of Stuttgart, 
Germany 



430 REPORT ON A SPECIAL DNC SYSTEM 

digital 1/0 device, regarding frequency and power, to 
the transmission lines characteristics. By the receiver 
R, the arriving signals are transformed to the internal 
power level of the NC. For conventional NC's, at 
which the input data are equivalent to those on the 
tape, numerical data input should be behind the tape 
reader (BTR). Should the NC close to the machine be 
specially designed for the DNC operating mode, 
special data conventions should be used. The trans
mission of the data collected at the machine to the 
computer takes place in a similar way. 

Peripheral devices of the computer serve the 
operation of the DNC system and the data input/ 
output. As most of the modern computers have 
connection capabilities to other computers, the DNC 
systems lend themselves to the incorporation in 
higher level information processing systems. 

This generalized structure of a DNC system has 
been modified by some companies. Sundstrand, for 
example, in its Omnicontrol System, has separated 
the machine control into a part close to the com
puter, and another one, close to the machine tool. 
Kearney and Trecker has designed its system, Gemini, 
as a satellite computer system with small computers 
to handle the functions of data gathering, buffering 
and distribution to the individual machine tools. 
Some systems, like Gemini, as well as the system 
described in this paper, perform the data input/ 
output in a program-controlled mode; other systems, 
like for example the DNC system of Siemens, are 
designed for device-controlled operation with the NC. 
Device-controlled means that the digital 1/0 device 
operates with the NC independent of the program 
control of the central processing unit. When connect
ing a numerical control to a computer, the functions 
which should be left close to the machine and those 
which should be transferred to the computer have to 
be considered in detail. Fig. 2 shows the different 
steps of DNC, i.e. the various positions of a 
separation line between the computer and the NC. 

In a first step the functions of the tape reader, i.e. 
the numerical data input, are carried out by the com
puter. In this case the computer offers the data in the 
same format as the tape reader. The signals being 
supplied between the control and the computer are 
exactly the same as between the control and the tape 
reader. A second step may be that a number of 
operating and supervising functions, carried out by 
the operator in the conventional tape mode, should 
be transferred to the computer. These functions are, 
for example, 'NC cycle start', 'NC cycle stop', 'NC 
reset', and the monitoring of voltage and temper
ature. Also in. this stage there will be no functions 
taken out of the control. When the feeding of the NC 
program number to the computer is done through an 
automatic input device, a fully automatic NC 
operation could be realized already at this stage. 

A further DNC step is that the functions of 
manual input should be taken over by the computer. 
The most important are the mode of execution, tool 
offset, feed-rate over-ride, zero position and manual 
numerical data input. At this stage a substantial part 
of the control is eliminated from the hardware close 
to the machine. Without the computer, the control 
could no longer be operated. 

Some problems are confronted within the last 
step, in which the interpolation of contours is com
pletely or partly taken out of the control. The calcul
ation of new position commands must be done at a 
high frequency and this requires much computing 
time. For technological reasons it is also necessary 
that the output of position commands should be 
made at a fixed frequency, otherwise the feed rate 
would oscillate. This demand is difficult to fulfil for 
time-sharing computing, with the different NC's as 
users. At the present state-of-the-art it is not advisable 
to replace the hardware interpolation completely by 
software. A division may be possible, according to 
which the computer has to make a coarse interpol
ation, and the NC hardware the fine one. 

The characteristics of DNC systems could be 
summarized in the following: step of the DNC, type 
and number of the NC's which can be connected, 
volume of signal transmission, transmission 
frequency, the way of electrical data transmission, 
the possible distance between computer and NC, the 
1/0 operation mode, computer size, programming 
language, type and size of the large-capacity storage, 

Fig. 1 Structure of a DNC system 
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its organization, the methods of operating the system 
and the conversation possibilities with the computer. 

All these points have to be considered when 
designing a DNC system in order that its components 
be well matched to each other. Doing so makes it 
possible to keep the necessary investments at a level 
allowing an economical operation of a DNC system. 

DESIGN OF THE DNC SYSTEM 

It was specified that the DNC system should control a 
production system comprising about 20 NC machine 
tools, mainly boring and milling machines. For every 
NC machine there have to be about 30 to SO 
programs, so that the organization of the large
capacity storage has to manage about 1000 NC 
programs. 

It was also specified to realize a fully automatic 
trouble-free service. For operational safety as well as 
economical considerations, conventional NC's should 
be used, so that switching to the tape operation 
should be possible in case of trouble. 

To be prepared for a future automatic workpiece 
loading, the connection to the program number input 
should be so designed that it could also accept signals 
coming from a conveyor control. This was important 
in view of testing the conditions at start and end of a 
program. Simple operation was desired, so as to 
reduce mistakes to a minimum. In the case of mal
functioning or error, sufficient conversation possi
bilities should be available to allow an efficient 
trouble-shooting. Furthermore, the recording of the 
production process was considered to be necessary. 
The whole system, comprising both hardware and 
software, should be so designed that it could be 
extended up to the maximum computer capacity
and naturally it has to work with a minimum cost
to-performance ratio. 

In the discussion of Fig. 2 it was mentioned that 
the first two steps of DNC, i.e. computer-controlled 
program data input, operating and supervising, could 
be made without substantially changing the NC hard
ware. Since conventional NC's were planned in the 
system due to reliability and investment viewpoints, 
the system was laid out on this stage. The automatic 
program number input required a special device. 

Fig. 3 shows the signals being supplied between 
the computer and the NC, to maintain the required 
mode of operation. 

Firstly, the NC program required from the large
capacity storage should be given to the computer. For 
this purpose, a program number plug should be put 
into the program number input device and with the 
signal' program No. input start' an interrupt in the 
computer is effected. Accordingly, a program is 
started in the computer, which reads in the number, 
tests and transliterates it. Then the corresponding 
program will be searched for in the storage. When the 
program is found, the computer replies to the input 
with the signal 'program No. correct'. With manual 
loading of the parts, the NC will be reset and started 
from the program number input device. With auto
matic workpiece change, on the other hand, a new 
program number could be input as long as the 
previous part is being machined. When the program 

number is not correctly coded or when the NC 
program is not stored, the computer replies to the 
input with the signal 'program No. false'. The corres
ponding workpiece could then not be machined. 

After the start, the NC requests the data blocks 
with the interrupt 'numerical data request'. This is 
similar to the signal 'tape reader on' in the tape mode. 
The block will be transmitted character by character 
on eight parallel lines, and the data input in the NC 
will be triggered by a timing signal. If the control 
recognizes a false character, e.g. in a parity check, it 
produces the interrupt' data error'. The computer 
then resets the error and repeats the data trans
mission. If it is not possible to transmit the data 
correctly after three repetitions, the control would be 
stopped by the signal' cycle stop', and the false 
information will be printed out on the computer 
typewriter. The operator could correct the false data 
through a conversation program, and the computer 
will start the NC again. 

If in a continuous path control the servo error 
exceeds its limit, the control would stop the drives 
and transmit an interrupt signal to the computer. 
After removal of the trouble the NC will be restarted. 
The end of the NC program, i.e. receiving and decod
ing the last block, will be signalled with 'end of 
program'. Now the input of a new program number 
will be permitted by the computer. 

After deciding upon signals between the computer 
and the NC, the data input/output mode should be 
discussed. The advantages of the program-controlled 
I/0 mode are based on the flexibility and adaptability 
of the computer. This mode allows a free choice of 
the type and number of the connected NC's, output 
format and frequency, as well as the kind and 
number of the signals transmitted between the com
puter and the NC. It is also possible to secure the data 
transmission against noise through the formation of 
additional checking marks. Furthermore, the use of 
standard 1/0 devices is cheaper than the application 
of special DNC devices. The main disadvantage of the 
program-controlled mode is the high time loading of 
the computer due to the many output operations, 
which often need a much longer time than the core 
cycle. A further disadvantage is the existence of short 
waiting times with multiple call of the data output 
program, since the computer could feed only one 
machine at a time. 

With the device-controlled mode, on the contrary, 
the data output device takes over the data blockwise 
from the core storage simultaneously with the 
program flow. The data is buffered in the external 
device and is transmitted with a fixed frequency 
independent of the computer program control. This 
results in a great relief of the computer, and several 
NC's could be operated simultaneously if the buffer 
capacity is large enough. The disadvantages of this 
system are the poor adaptability and the high costs of 
the special DNC devices. 

Owing to the intensive signal exchange in this case, 
a single device for the program-controlled I/0 has 
been necessary. So it was decided to limit the set-up 
of the system to this device. However, it has been 
important to make the data output as quick as poss
ible, so as to make full use of the computer speed, 
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and to prevent the unallowed waiting times of the 
individual NC's. When choosing the computer and its 
devices, it has been recognized that the computer has a 
maximum input/output rate of 16,000 bit/s. For the 
system in consideration, it has been necessary to 
make two outputs per character; in the first output, 
the data lines have to be set and, in the second, the 
timing signal has to be sent. Therefore, the maximum 
output frequency of the computer was 8000 
characters/s. The maximum input rate of the NC's is 
10 000 characters/s. A rate of 16 000 bit/s has there
fore been specified for the transmission system. 

Owing to some economical factors, this trans
mission system was designed for d.c. Some safety 
measures were provided to prevent disturbances, or at 
least to recognize them. The lines were chosen to 
have a very low resistance; the voltage and current 
level were relatively high. For the purpose of error 
recognition, the signals are transmitted on two non
equivalent lines. In addition, the NC performs a 
vertical redundancy check on each arriving character. 

The program-controlled output mode enables a 
further longitudinal redundancy check. This concept 
of a program-controlled output mode allows excellent 
checking possibilities in the hardware as well as in the 
software. The DNC system is now operating at a 
transmission rate of 5000 characters/s without any 
false character arriving at the connected NC's. Com
paring this value with the 300 characters/s of a con
ventional tape reader it would be recognized that a 
great number of NC's could be fed with data, without 
substantial waiting times. If it is possible to make the 
program-controlled data transmission sufficiently 
quick, such that to be able to give always complete 
information blocks to each NC at a time, then it 
would be possible to connect all machines to one bus 
line. A further signal for -selecting the NC should then 
be added to the operating siganls shown in Fig. 3. The 
main advantage of this bus line is that the number of 
digital computer outputs is very low. Since there is 
only one bus line, sophisticated testing logic can be 
used. Regarding the high transmission power level, it 
is also interesting to note that the power supply unit 
could be kept as small as possible. The complete DNC 
structure decided upon is shown in Fig. 4. 

The program number input signals are also trans
mitted through a bus line owing to their relative 
rarity. The program package has been so deisgned 
that one or a few functions can be done by a single 
program. Each program could be called by each of 
the connected NC's. The program package consists of 
12 DNC programs and 7 service routines. The oper
ating system of the Siemens computer 301 organizes 
the program flows according to their priorities. Some 
programs are segmented according to the required 
response time of their functions. It has thus been 

possible to keep the core capacity occupied by the 
DNC system programs within 3 K words. 

The organization of the NC programs and the disc 
storage is of a great consequence. About 1200 NC 
programs can be stored according to a proper 
administration, i.e. independently from the operating 
system. 

Despite the relatively high access time of a disc 
storage, the buffer area in the core storage could be 
kept very small through the shifting of the called 
programs to preferred cylinders. 

The computer system configuration comprises the 
central processing unit. Siemens 301, with 8 K words 
core capacity, each of 24 bits, a disc storage having a 
capacity of 1600 K words, a tape reader and a tape 
punch, a typewriter and control inquiry station. 

Through the use of the bus line principle, the 
choice of the program-controlled input/output mode, 
the simple way of data transmission, the parallel 
organization of the programs, and the application
oriented administration of the disc storage, a system 
has been designed which permits an economic DNC 
operation, owing to its low investments and high 
reliability. 
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THE DESIGN AND DEVELOPMENT OF A 
NUMERICAL CONTROL SYSTEM USING A SMALL 

DIGITAL COMPUTER 

by 

C. 1. CHARNLEY and V. SRINIVASAN 

SUMMARY 

The report outlines an investigation into the design and development of a numerical-control system using a small 
digital computer and electrohydraulic pulse motors to provide coordinate positioning of machine-tool slides. 
Problems encountered during commissioning and testing are mentioned. 

INTRODUCTION 

The aim of the project is to investigate the possibility 
of using a small computer to control the operation of 
a machine tool. The problem is esentially to replace 

the conventional or dedicated NC system with its use 
of 'hard wired' techniques by a computer with its 
stored program or 'software' approach. It is interest
ing to note that computer control was envisaged in 
the conceptual stage of numerical control in 1949, 

Fig. 1 General view of system, showing Digico computer (mounted on trolley with interfaces for general on-line experimentation), 
Cincinnati milling machine and Fugitsu electrohydraulic stepping motors. 

Cranfield Institute of Technology, Cranfield, Bedford. 
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when the Massachusetts Institute of Technology 
undertook a project 'to develop a system applicable 
to machine tools for controlling the position of shafts 
in accordance with the output of a computing 
machine'. The reasons which have ruled out this 
stored program approach in the past have been: (I) 
economic-the high cost of core memories; (2) realiz
able speeds of operation-access to memory stores 
took too long; and (3) lack of interest by computer 
manufacturers-partly because of the small size of the 
market. The position has changed recently with the 
introduction of microelectronic and integrated-circuit 
devices giving higher speeds of operation and cheaper 
small computers. 

This report outlines the background and tech
niques which evolved in the design and development 
of a control system (Fig. 1) capable of moving a 
machine slide to coordinate positions, under the 
direct control of a small computer. 

CHOICE OF APPROACH 

The use of computers in a production organization is 
illustrated in Fig. 2 which also includes the three 
levels of direct numerical control (DNC) identified by 
Burgon 1 • These three different types of DNC are 
identified as follows. 

Levell-machine control 
The computer is only concerned with the metal cut
ting process in individual machine tools, leading to a 
replacement of the conventional hard wired logic by 
stored program logic for interpolation and machine 
functions. 

Level 2-job control 
The computer is still concerned with the individual 
machine, but the control is taken a stage further to 
include the loading of tool sets, part programs and 
workpieces. 

Level 3-workshop control 
The computer is used to control a group of machine 
tools 11-nd peripheral work transfer devices to follow a 
production schedule. This involves the total organiz
ation of a cell of machine tools so that the work
pieces can be routed from storage areas through 
proper machine heads. 

As well as the three levels of direct computer 
control listed, computers can also be used for the 
computation work necessary in a modern working 
organization, for example for preparing part 
programs, production schedules and production 
plans. Normally this work is performed separately 
from the real time environment using batch process
ing methods. 

Stored programme control 
The benefits claimed for DNC include: a reduction in 
cost and increase in reliability because of the elimin
ation of the electro-mechanical or electro-optical tape 
reader and its associated punched tape; better control 
of operations because of the ease of communication 
between the computer and the operator, together 
with the ready availability of information for manage-

ment; versatility of performance and operation 
because the program can readily be suited to the 
individual machine with only minimal changes in 
hardware. Furthermore, compensation for errors in 
the machine can readily be incorporated together 
with more advanced forms of control (for example, 
adaptive control) as they become available. 

The problems to be overcome include the increased 
risks and cost of failure if operations are too highly 
centralized, together with the considerable time and 
cost required for the development of suitable soft
ware. A particular problem to be resolved is how 
much of the control should be performed by software 
and how much by hardware, as all input and output 
information would have to be digital whereas the 
amplifier and position transducers might well be 
analogue devices. 

011-lino 

~putatlon 

--------------+-------

On line Control 
IExccution of machine loading) 

On line Control 
(Execution of the machining 
process) 

Workpieu and 
tool set control 
program loader 

Machine tool 
controlled in 
accordance with 
the part prog ra 

----------------

Fig. 2 Levels of control association with direct numerical 
control. 

DEVELOPMENT OF THE CONTROL SYSTEM 

In view of these considerations, it was decided to take 
as an initial target the development of a DNC system 
suitable for level 1 control which could be incorpor
ated into higher levels at a later stage. The system 
(Fig. 1) would be suitable for point-to-point or linear 
path operations and would be based on the use of a 
Cincinnati milling machine, a Digico Micro 16 com
puter and electrohydraulic stepping motors which 
were available in the Department and the Cranfield 
Unit for Precision Engineering (CUPE). This approach 
would enable the ideas to be tested at the lowest 
possible cost and not restrict future development. We 
also thought that a low-cost approach, as envisaged, 
would more readily meet the requirements of the 
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general engineering industry and would contrast with 
the complex, high capital cost systems developed else
where. 

To determine some of the technical factors influ
encing the design we referred to surveys carried out at 
Cranfield2 and work by PERA3 in which it was shown 
that nearly 90% of operations were performed on 
workpieces smaller than 750 mm (30 in); correspond
ing positional accuracies were from ± 0·125-0·025 
mm (± 0·005-0·001 in). On this basis it was decided 
to design for an accuracy of± 0·025 mm (± 0·001 in), 
a rapid traverse greater than 80 mm s-1 (200 in 
min-1), with acceleration and deceleration rates as 
high as possible to provide minimum positioning 
times over the generally short traverses involved. 

Organization of system 
It was decided to make the operation of the machine 
tool asynchronous, that is, not time dependent on the 
central processor of the computer. This would enable 
an interrupt operation of peripheral equipment so 
that the computer would not have to stop, during an 
input/output operation, and wait for the function to 
be completed. As far as possible, input/output units 
would operate through a standard interface in the 
hope that fewer technical difficulties would arise dur
ing installation and commissioning (however, there 
seem to be nearly as many standard interfaces as com
puter manufacturers). 

The output from the computer would be sent to 
registers associated with each axis controlled and any 
other functions provided. After these registers have 
been set with command position data, the movement 
of the machine slides is initiated and the computer is 
then free to continue with important processing or to 
deal with other peripherals. The presence of data in 
the command registers can be detected and made to 
move the slides in the correct direction. It was envis
aged that a feedback generator from the slides would 
cause the command register to count down as the 
slides moved towards their demanded position, so 
that the count in the registers reaches zero when the 
demanded position is reached. This condition can 
again be detected and made to generate an interrupt 
in the computer, so that each axis of the machine 
tool could be controlled asynchronously and effec
tively. To keep the system simple, we decided to use 
an open-loop configuration, which seemed to be a 
feasible proposition for the accuracy required, with 
the available pulse motors driven directly from out
put pulses from the computer. 

The key parameters that affect the choice of a 
particular pulse motor, when it is considered for 
open-loop application, are: (a) power (or torque) out
put; (b) start and stop speeds; and (c) steady-state 
speed. The output torque determines whether the 
motor is capable of delivering a sufficient torque to 
accelerate and decelerate the table at the desired rate. 
The start and stop speeds affect the performance of 
the motor in high-speed operation; Electrohydraulic 
Pulse Motors (EHPM) can be operated at various 
speeds depending on the load on the output shaft, 
but usually the starting and stopping speeds are lower 
than the maximum steady-state speeds. The perform-

ances of EHPMS currently available have been 
compared by Budzilovich4 • 

Machine control logic 
The basic system is shown in Fig. 3 and operates as 
follows. The oscillator produces a square wave train 
of fixed frequency pulses which is fed to a variable 
pulse-rate divider controlled by a fraction register; the 
reduced frequency output from the divider is taken 
through a mode selector (manual or automatic) to 
two registers. On automatic operation, the modified 
pulse train is fed to the Auto Register and Down 
Counter (ARDC), which is used to hold the 
demanded position information in the form of binary 
digits and is capable of being set from the computer 
accumulator. The input pulse train causes this register 
to count down to zero and, at the same time, feed 
pulses to the EHPM. Thus, when the ARDC reaches 
zero, the EHPM will have received the number of 
pulses equal to the value set by the computer. A zero 
detector stops the register counting down when all 
the bits are zero and then pulls down the computer 
interrupt line to indicate that a demanded position 
has been reached. 

On manual operation, the modified pulse train is 
fed to the manual register and up/down counter 
which is used to count up or down depending on the 
direction of travel. The pulses are sent to the EHPM 
and to the register by depressing manual control 
buttons for rapid traverse or fine traverse. When the 
desired position is reached, the register contains the 
total distahce moved manually. This can be input to 
the computer by depressing an attention input 
button. The information sent to the computer can be 
used to correct an existing program or to build up 
manually a new program. 

In order to vary the frequency of the pulse train 
sent to the EHPM, an acceleration/ deceleration 
detector is used to monitor the value of the data set 
in the ARDC such that, if the demanded movement is 
greater than a certain minimum value, the Fraction 
Register (FR) is made to count up to an upper value. 
Thus, acceleration takes place because the frequency 
of the pulse train to the EHPM is increased each time 
the FR receives a pulse; this continues until the FR 
reaches its highest value and the frequency of the 
pulse train reaches its maximum. When the demanded 
movement equals a certain minimum value, the 
acceleration/deceleration detector reverses the 
sequence and cause the FR to count down to its 
minimum value; this reduces the frequency of the 
pulse train to the EHPM in steps, causing it to 
decelerate. After the fraction register has reached its 
minimum value, the pulse-train frequency also 
assumes a constant low frequency. The EHPM is 
moved at this low rate until the ARDC reaches zero. In 
this way, two desirable functions are achieved. 

I. The EHPM is fed with the number of pulses 
equal to the demanded movement. 

2. The frequency of the pulses fed to the EHPM is 
maintained, so that the starting and stopping freq
uencies are well within its capability. Also, depending 
on the demanded movement, the EHPM is made to 
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accelerate to its maximum speed and then decelerate 
towards the target. Thus, the positioning time is kept 
to a minimum. 

The functions of the device decoder and function 
decoder are to decode instructions from the com
puter and gate pulses to various parts of the system. 
There is usually one set of function and device de
coders for each machine, whereas the units referred 
to previously relate to one axis of the machine. 

Mode selection 
For effective manual control of the machine, the 
following facilities have been built into a manual 
control panel. 

1. A manual/automatic operation selection switch 
to indicate to the computer whether the machine is 
under manual or automatic control; an interrupt is 
generated whenever the changeover is made from 
manual to automatic or the converse. 

2. A general re-set switch, used to set up initial 
conditions in the circuitry to ensure that random 
states are eliminated. 

3. Rapid/fine traverse control switches and an 
associated direction control switch. 

4. An attention input switch, used to indicate to 
the computer that data are ready to be transferred 
from the manual register to the accumulator. 

Interface requirements and facilities 
A device interface is an intermediary unit between 
the computer interface and the actual device logic, 
the function of which is to accept the data from the 
computer jnterface highways and detect any parti
cular information relevant to itself. After detection, 
any data present on the computer interface are gated 
into the appropriate areas of the device. 

The devices under control here are the two 
machine axes, and the transfer of data to and from 
the computer is accomplished by using input/output 
instructions, which have two parts called channel 
addresses and peripheral commands. The channel 
address denotes a code by which a particular device 
can be selected; as there are six bits for these the 
computer can handle a total of sixty-three devices. 
The peripheral command denotes a code by which a 
selected device can be made to perform specific func
tions. The various input/output instructions that 
effect the control of the two axes are the following: 

1. set data into automatic register-this transfers 
data from the accumulator into the automatic 
register; 

2. enable interrupt-this enables the particular 
axis register to interrupt the computer after the 
demanded movement has taken place. This instruc
tion was included so that if the control program was 
too long, or when interrupts would be inconvenient, 
the interrupt mechanism could be turned off for a 
period; enabling the interrupt, thus restores the status 
and activates any waiting condition; 

3. disable interrupt: 

4. read manual register-this causes data to be 
read from the manual register to the computer 
accumulator, leaving the register clear of data from 
previous movements and ready for further movrneent; 

5. clear interrupts and read status register-this 
re-sets the interrupt flag in the devices and also copies 
the contents of the status register into the accumul
ator. The status register provides information about 
the reason for the interrupt, that is, whether it was 
generated by manual/automatic changeover, attention 
input or end of movement. 

Pulse motor drive circuit 
To keep the cost to a minimum, it was decided to 
build a unit to control two motors with all the 
circuitry housed in the same cabinet (Figs. 4, 5 and 
6). The drive unit consists of two parts: (I) a logic 
level stage that converts the incoming clock pulses 
into five pulse outputs for each of five motor coils; 
and (2) an amplifier stage that steps up the power 
output for each coil so that the motor can be driven 
under full load. 

Software 
So far, most of the effort expended has gone towards 
designing, assembling and testing the hardware so that 
equipment would be available for experimentation. 
But, a simple program has been developed and used 
to demonstrate the operation of the system under 
computer control. The principal program is kept in 
locations l-17. The test program is loaded into core 
using the Octal debug routine and then entered by 
typing 12000 as command input. Locations 2031 and 
2032 contain the data that are alternately sent to the 
automatic register. The program is written so that 
after each cycle of EHPM operation, the computer is 
interrupted and control transferred to the debug 
routine. In this way, every time the command 12000 
is typed the EHPM is rotated through 4096 steps, the 
direction being changed each time. Used as a simple 
test program, this provides a method by which the 
accuracy and repeatability of the system can be 
measured over various distances, and investigations 
are proceeding into the development of further soft
ware. 

. Set 
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Fig. 3 Machine control system block diagram. 



C. J. CHARNLEY and V. SRINIVASAN 437 

Fig. 4 Power amplifier and logic level sub-racks mounted in 
modular cabinet following International Standard Equipment 
Practice (ISEP). 

Fig. 5 Drive logic card containing EHPM drive logic and the 
f1rst stage of the power amplifier. 

Fig. 6 Device interface card showing the labelling of each 
logic package and wire-wrapped connections. 

DISCUSSION AND CONCLUSIONS 

The system has been shown to operate successfully 
under both manual and automatic control, although 
further development is clearly necessary to improve 
operation and to overcome some of the problems 
which have arisen. For example, under manual 
control, inaccurate pulse counts occurred, apparently 
caused by random fluctuations on the switch 
contacts. Because of the high currents being switched 
in inductive conditions in the amplifier stage, interfer
ence is a problem, and for effective operation , the 
power amplifier must be effectively screened and isol
ated. Furthermore, care must be taken to reduce the 
effect of random noise and other external interfer
ence on the power supply to ensure reliable oper
ation. It was also found necessary to increase the 
acceleration time of the EHPM to ensure satisfactory 
operation with a maximum operating frequency of 3 
kHz, and it seems that further increases would have 
to be incorporated for higher operating frequencies. 

As indicated previously, most of the effort 
expended so far has gone towards designing, assemb
ling and testing the hardware so that equipment 
would be available for experimentation. More effort 
will now go into the development of the necessary 
software to test and prove the system fully and we 
hope to report on this when this paper is presented. 
In the future, the operation of the system under real
time control should be evaulated to provide inform
ation about the developments and associated costs 
required to make the system suitable for general 
industrial use. Other aspects, such as the possibility of 
time sharing so that several machines can be con
trolled from one computer, should also be investi
gated. 

This discussion would not be complete without a 
consideration of the costs involved in adapting such a 
direct-numerical-control system for industrial use. 
The most expensive part of the system is the EHPM 
quoted at £500, which, together with the £150 cost 
of the control circuitry, including the power amplifier 
and logic elements, gives a total basic hardware cost 
of £650 per axis. On this basis, the system seems to 
compare very favourably with conventional NC 
systems and provides an inexpensive method of 
incorporating Direct Numerical Controls into conven
tional situations. The system could be used on a pro
gressive retrofit basis in situations in which cost and 
simplicity are important and accuracy requirements 
are not very critical, which is the case in many general 
engineering situations. In conclusion, we suggest that 
a relatively simple low-cost system, such as that out
lined here, may be the means of introducing numer
ical control in its latest form to a much broader range 
of industry . 
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COMPUTER APPROACH TO DYNAMICALLY OPTIMUM 
DESIGN OF MACHINE TOOL STRUCTURES 

by 

M. YOSIDMURA and T. HOSID* 

SUMMARY 

A system of computer programs is described as a tool developed for computation of structural dynamics and 
dynamic optimization of machine tool structures. Based on energy equations of a mechanical system at reson
ance, an approach to the optimum design is developed theoretically, and demonstrated by numerical results on a 
particular planer-type milling machine. 

INTRODUCTION 

Because of recent developments in computer tech
nology, methods are available for a designer to obtain 
the estimated harmonic response and mode shapes of 
a proposed design of a machine tool structure. 
Dyna.-nically optimum design, however, should be 
approached by revising the proposed design according 
to some appropriate principle which will lead to more 
balanced dynamic behaviour of the structure. 

Introduced here is a system of computer programs 
developed for computing the dynamics of three
dimensional structures and a set of theories which 
will help a designer in approaching optimum design. 

The computer program system is based on the 
principle of synthesis of receptance established by 
Bishop and Johnson1 , and it computes the harmonic 
response, mode shape, strain distribution and energy 
(kinetic, potential and dissipated energies) distri
butions of the composite system, from input data 
about the sub-systems (such as uniform beams having 
distributed mass, other simple configurations the 
dynamics of which can be readily calculated theoreti
cally, and springs and dampers, which are combined 
to compose the objective system). 

The optimum design theories are developed based 
on equilibrium principles of mechanical energy in a 
structure at resonance. A set of simple rules are given 
by the theory, and the approach is demonstrated in 
proposing a design change of a particular planer-type 
milling machine. 

OUTLINE OF SYNTHESIS OF 
RECEPTANCE PROGRAM SYSTEM 

Using the receptance notations, the relationship 
between exciting forces F 1 eiwt • F; eiwt , ---, 
Fneiwt exerted on a member and the oscillatory dis-
placements X eiwt X eiwt --- X eiwt measured 

1 ' 2 ' ' m 
at the points where the forces are applied is expressed 
in matrix algebra as follows: 

X1 ex1,1 ex1,2 --- exl,n 

X 2 = ex ex ex2,1 2,2 - - - 2,n 

(1) 

where Fj is the amplitude of force exerted at a point 
Ai> X; is the amplitude of displacement at a point A;, 
and lX;j is the receptance between points A; and Ai. 
The dynamic behaviour of all the members of a 
composite system is expressed in the form of 
equation (1). 

Receptances of each sub-system member can be 
calculated from the vibration theory of an elastic 
body. Using the restraint conditions for displacements 
and forces at joints, receptances ex;i of all sub-systems 
are synthesized. Repeating the series of computations 
for many different frequencies in the frequency range 
of interest, the harmonic response and natural 

*Department of Precision Engineering, Faculty of Engineering, Kyoto University, Sakyo-ku Kyoto, Japan 606. 
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frequencies of the composite system can be derived. 
At the natural frequencies the mode shapes are 
computed.* 

Vibratory displacements are not the only res
ponses significant in structural dynamics; distri
butions of strain, kinetic energy, potential energy and 
dissipated energy in the system should also be 
assessed for some of the resonance modes in order to 
analyse an original design and propose a design 
change. 

For this purpose, an identity matrix (3 is added to 
the sub-system receptance matrix o:, such that every 
sub-system is expressed in the following form at the 
start of synthesis calculation: 

0: (2) 

By the synthesis routine, displacements as well as 
forces are obtained at the junction points between 
members. In the mode shape routine, these results are 
used as the boundary conditions for each member so 
that distribution of displacement, strain, potential 
energies restored by bending, torsional, and longi
tudinal deformations and kinetic energy can be com
puted in detail at other points in the member. Also 
sub-totals of the kinetic and potential energy can be 
computed about each sub-system, together with 
totals over the whole system. This mode shape 
routine processes every member separately without 
using the rigorous synthesis routine. 

In this program, it is possible to handle a system 
having closed loops without using a special technique. 
The program has sufficient flexibility to calculate the 
dynamics of various types of structures, merely by 
writing the appropriate main program and changing the 
input data. The building-block principle of the 
program allows computation of a system with many 
sub-systems by repeated use of the synthesis. If the 
configuration of some particular members are too 
intricate to assess the sub-system dynamics solely by 
computation, empirical data on the sub-system 
dynamics can be obtained by the harmonic response 
test, and can be synthesized with the theoretical sub
system data of other members. 

Example of analysis by synthesis of receptance 
program. 
A single-column planer-type milling machine (as illus
trated in Fig. 1) is considered as an example. The 

machine weighs about 30 tons (the concrete found
ation excluded), and has a column 3·4 m in height. 
By exciting the structure at point A in the figure by 
an electro-dynamic exciter mounted on the machine 
table, and measuring the displacement at the same 
point, empirical harmonic response curves were 
obtained, as depicted in Fig. 2. The solid line in the 
figure indicates the receptance O:xx (the displacement 
response of the point A in the x-direction caused by 
excitation in the same direction). Also the broken 
line indicates the receptance O:yy , measured similarly 
in they-direction. 

For computer analysis, the machine structure is 
divided into 13 sub-systems, each being replaced by 
an equivalent beam having distributed mass and uni
form cross-section, as seen in the lower right diagram 
of Fig. 3. The cross-rail and the cross-arm of the 
machine are jointly divided into four beams (sub
systems 3, 4, 5 and 6), each having a uniform cross
section. Also the milling head and the column are 
divided into two (sub-systems 1 and 2) and four 
beams (sub-systems 7, 8, 9 and 10) respectively. The 
bed, the table and the concrete foundation are 
replaced by two combined beams (sub-systems 11 
and 12). 

Considering that the concrete foundation is 
supported by the ground which is elastic, the resili
ence of the support is represented by six equivalent 
springs-three rotational and three translational-the 
resilience of which are calculated from the design 
data of the concrete foundation and the ground co
efficient of the underlying soil. For modelling the 
tapered cross-arm, the ends of the assumed sub
systems are offset by massless, completely rigid bars. 
Also the connections between milling head and cross
arm, cross-arm and central axis of column, and 
column and foundation are replaced by massless, 
completely rigid bars. In order to compute the recept
ances between points A and B (cutter to workpiece 
deflection), a massless, completely rigid bar is 
assumed to extend from the machine table to point 
B. 

Fig. 3 illustrates the sequence to compute the 
harmonic response between points A and B, and also 
the mode shape. Nine syntheses are performed in 
order to derive the receptances of the composite 
system. 

Fig. 4 shows the computed harmonic response of 
direct receptances between points A and B (tool and 
work) in the x- andy-directions. From the figure, the 
lowest four resonance frequencies are identified as 
16Hz, 26Hz, 29Hz and 38Hz, which compare with 
the empirical results of 17Hz, 22Hz, 31Hz and 41Hz, 
respectively. The first two parts of Fig. 5 illustrate 
the experimental results of the mode shapes at the 
first and fourth modes, which are consistent with 
other figures showing the computed results of the 
mode shapes at first, second, and fourth modes. The 
experimental and computed results of the resonance 
frequencies and the mode shapes are in fairly good 
agreement. 

*The program system as at November 197 0 is publicized by a manual entitled 'Synthesis of Receptance Program 
System' (in Japanese). 
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Fig. 1 Single-column planer-type milling machine analysed 
by the program system. 
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Fig. 2 Empirical harmonic response curves of receptances 
OXx and Gyy at the point A of single-column planer-type mill
ing machine. 
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Fig. 3 Sequence of synthesis for computation of dynamic 
response of single-column planer-type milling machine. Fine 
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represents a set of springs equivalent to the elastic ground. 
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Xl PLANE 

MEASURED 
IAODE 1 
(17 H1 ) 

XZ PLANE 

COMPUTED 
MODE 1 (16 H1) 

XY PLANE 

MEASURED 
MODE 4 

(41 H1 ) 

XY PLANE 

COMPUTED 
MODE 2 (26 Hr) 

COMPUTED 
MODE 4 (58 H1) 

Fig. 5 Measured and computed results of mode shapes of 
single-column planer-type milling machine. 

THEORIES-OF APPROACH TO 
OPTIMUM DESIGN 

In analysing the dynamics of a complex three
dimensional structure, it is essential to observe the 
whole system and analyse it macroscopically. For this 
purpose, the vibration system can be considered 
based on the balance between input, kinetic, poten
tial and dissipated energies. These energies are distri
buted along the axes of members, and are calculated 
by integrals along the axes. Therefore, the axis 
through a system is in this sense, considered as the 
path of integration, and it is referred to as an 'integral 
path' in this study. 

A machine structure consists of sub-systems which 
are connected to each other by either a single or a 
combination of bolted joints, welded joints, bearings, 
slideways and so on. By way of explanation, we 
assume that a system A consists of N sub-systems B 1 , 

B2 , ---, and BN, where each of those N sub
systems is made of uniform material and each junc
tion (bolted joint, bearing or others) between sub
systems also forms a sub-system. 

In general, a system has infinite degrees of free
dom, and so an infinite number of natural 
frequencies. For a structure in resonance at any 
natural frequency, the following two relations are 
essential: 

1. Maximum kinetic energy, T A , of the whole 
system is equal to maximum potential energy, VA , of 
the whole system. 

2. At steady resonance, input energy per cycle, 
/A, at a resonant condition is equal to the summation 
of dissipated energies per cycle, D A, through the 
whole system. 

At an mth natural frequency Wm, theN sub-systems 
have energy (T1m, V1m, D1m). (T2m , V2m , D2m ), 
---, and (TNm , VNm , DNm ) respectively, where 
first subscripts 1, 2, ---, and N indicate sub-system 
numbers. General three-dimensional structures are 
subjected to combinations of bending, torsional and 
longitudinal vibrations. The potential and kinetic 
energies of the total system are respectively equal to 
the sum of those in all the sub-systems, and they are 
expressed by 

The sum of the dissipated energy of all the sub
systems is 

At the mth natural frequency, the relationship TAm 
= V Am = EAm holds, as previously stated. Assuming 
that the damping energy of each sub-system is pro
portional to its potential energy, the following 
equations are obtained: 

(6) 

where 'Y1 , 'Y2 , ---, 'YN are constants which corres

pond to the so called 'loss-coefficients' Tis = f:rts and 

their values are inherent to the material of the sub
system and the condition of the junction. They can 
be considered as latent damping factors for the sub
systems and junctions. 

Accepting the assumptions that the potential 
energy is proportional to the square of the amplitude 
of the displacement and DAm IV Am is far less than 
0·5, the logarithmic decrement, 8 Am , at the mth 

mode of the total system A is expressed by 

(7) 

Denoting the ratio of potential energy in each 
sub-system to the potential energy of the total system 
by 

and subsituting equations (6) and (8) into equation 
(7), we obtain 

(9) 

This equation embraces an important principle: that 
is, if, for an arbitrary mode of a structure, the ratio t 
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is large at the sub-system or the junction at which the 
latent damping ability, -y, is large, this effectively 
results in a large logarithmic decrement for the mode. 

Considering a machine tool structure as shown in 
Fig. 6, the tool-work relative displacement at the cut
ting point C occurs in various principal directions at 
different natural modes. Denoting the angle between 
the cuttinC force direction and the principal direction 
of the mt order mode by e, the angle between the 
normal-to-cut-surface direction and the principal direc
tion by ..Pm, the cutting force amplitude by Fe, the 
tool-work relative displacement in the normal-to-cut
surface direction by Xc, and the same in the principal 
direction by Xm, the preceding relation (2) yields an 
expression of the cutting point compliance at the mth 
order mode as follows 

f.!!}. =sin (3.cos Om .cos 1/Jm 1T • Xm 2 (IO) 
v:~Jm DAm 

In this equation, {j stands for the phase difference 
between the force, Fe , and the displacement, Xc , and 
DAm represents the energy dissipated per cycle as a 
result of the relative displacement, Xm . Substituting 
equation (7) into equation (10), we obtain 

- · a ll 1T./m - Sinp.COS um.COS 'Pm· -I)--
Am 

(11) 

where 

(12) 

Em in the last equation stands for the maximum 
instantaneous value of either the potential or kinetic 
energy stored in the system. 

km and f m as defined by (12) are the modal stiff
ness and the modal flexibility, respectively, of the 
relative motion at the cutting point in the principal 
direction at the mth order mode caused by the cut
ting force. If we denote the relative displacement in 
the cutting force direction by Xe, and that in the 
normal-to-cut-surface direction by Xc, equations (10) 
and (11) can be written as follows 

where 

. a 1T 
=sm.-.~ 

m 'Am 
· Xe .Xc 

- · a 1T./m' 
-sm.-.-~>-

m UAm 

(13) 

(14) 

(15) 

and km' and f m' as defined by equation (15) are the 
modal stiffness and the modal flexibility, respec
tively, of the relative motion at the cutting point in 

the normal-to-cut-surface direction at the mth order 
mode caused by the cutting force. 

If we designate the static compliance of the rela
tive motion in the normal-to-cut-surface direction 
caused by the cutting force by fst, we have 

00 

k= ~ fm 
m=1 

(16) 

where fst depends on the static stiffness of the so 
called 'main force loop' of the structure, as indicated 
in Fig. 6. 

In order to have a minimum chance of regenerative 
chatter, a known criterion exists, which is, that the 
maximum real negative part of the compliance of the 
relative motion in the directional normal to cut sur
face caused by the cutting force must be small. This is 
equivalent to the compliance as formulated in 
equations (IO), (II), (13), or (14) being small at 
modes of any order. According to equation (13), this 
requires that D AmiXe Xc be large for every mode. 

More practical rules are obtained by consulting 
equations (14) and (15): namely, for a minimum 
chance of regenerative chatter, the following require
ments should be satisfied for every mode: 

I. logarithmic decrement of the total system ll Am 
is large, and 

2. modal flexibility f m' is small. 

Referring to equation (9), the first requirement is 
favoured by selective allocation of greater latent 
damping at the parts of the structure where potential 
energy is distributed. 

On the other hand, equation (15) shows that the 
modal flexibility f m' can be calculated without know
ledge of damping factors in the system. From 
equation (16), it is apparent that an optimum design 
is such that the static compliance fst is small, and 
evenly shared by modal flexibilities in many modes. 

From the theories developed in this approach to 
the design of a dynamically optimum structure is 
reduced to a set of practical procedures as follows: 

(i) for every resonance mode identified, compute 
the distribution of kinetic and potential energy in 
the system, and also calculate the modal flexi
bility, either by equation (12) or (15), 

(ii) focus on the particular mode where the modal 
flexibility is predominantly high, and by consult
ing the energy distribution at the mode, propose a 
design change such that energy is more evenly 
distributed in the system, 

(iii) after repeating the second procedure a suffi
cient number of times, try to allocate greater latent 
damping at the parts of the machine at which 
greater potential energy is stored. 
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This is a very interesting method. However, with 
frequency response methods in general, there are 
problems of economy, because the complete calcu
lation has to be carried out at every frequency. This is 
when an eigenvalue solution can show to advantage, 
because only a minor calculation is carried out at 
every frequency. We have developed a combined 

This is a very interesting method. 
frequency response methods in general, there are 
problems of economy, because the complete calcu
lation has to be carried out at every frequency. This is 
when an eigenvalue solution can show to advantage, 
because only a minor calculation is carried out at 
every frequency. We have developed a 
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Fig. 6 Illustration of the coordinate system used in theoret
ical analysis. 

highest modal flexibility in the y-direction. In the 
first and second order modes, about 80% of the 
potential energy is stored in the ground, which 
presumably has high damping ability. 

Tentatively, it was proposed to increase only the 
torsional stiffness of the column by SO%. The right
hand column of Table 1 indicates that such a change 
resulted in increased natural frequency, a different 
share of the potential energy and decreased modal 
flexibility in they-direction. 

CONCLUDING REMARKS 

A system of computer programs developed for the 
estimation of the dynamic characteristics of three
dimensional structures is described as a method to 
approach a dynamically optimum design of machine 
tool structures. Theories have been developed based 
on the energy principle and a set of simple principles 
presented for the optimum seeking process. Calcul
ations are demonstrated on a planer-type milling 
machine. 

Continued studies will be aimed at a computer
aided design system of machine tools, in which 
optimum design would be approached by a proposed 
flow chart, as shown in Fig. 8. After functional speci
fications are written, integral paths of the system 
should be proposed first of all. Being free from the 
existing designs of similar structures, various integral 
paths of a machine system should be compared. Using 
the computer technique, mode shapes, the distri
bution of kinetic, potential and dissipated energies 
and modal flexibilities at the cutting point are com
puted. Those results are checked against the dynamic 
requirements and necessary modifications are made 
on the integral paths, until objective functions attain 
satisfactory values. Then, details of each sub-system 
are determined, and at this stage, requirements from 
economic, manufacture, thermal stability, and so on 
should be incorporated, to ensure a successful design. 

DISTRIBUTION 
OF BENDING 
POTENTIAL 
ENERGY 

DISTRIBUTION 
OF TORSIONAL 
POTENTIAL 
ENERGY 

Fig. 7 Distributions of bending and torsional potential 
energy along the column in the fourth order mode. 

OBJECT ANl FUNCTION OF MACHINE 

!REQUIREMENTS FOR MACHINE SYSTEM! 

' PROPOSED INTEGRAL PATH ) 

' I I COMPUTE MODAL SHAPE AND ENERGY J 
DISTRIBUTIONS ALONG Tl£ INTEGRAL PATH 

L(: REDESIGN INTEGRAL PATH ;)--- OBJECTIVE FUNCTION 
BY COMPARISON TO REQUIREMENTS IN DYNAMC TEAMS 

i RESTRAINTS ON 

ACCORDING TO ENER~ DISTRIBUTIONS INTEGRAL PATH 

AS COMPUTED IN ABOVE. DESIGN DUE TO USE 

(R)SS.SfCTIIJj GEIIIETRES. MATEAAL FUNCTION 

ANl SO ON OF SUB·SYSTEMS 
ANl JUNCTIONS 

• I COMPUTE DYNAMICS OF J 
COMPOSITE SYSTEM REQUIREMENTS 

FROM 

( EVALUATE DESIGN ANl }---
ECONOMCS 
MANUFACTURE 1"-REDESIGN IF NEEDED 
TI£AMAL STABILITY 

' 
STATIC RIGIDITY 

c FINAL DESIGN ) 
ENGINEERING c ) DOCUMENTS 
OR DRAWING 

I I COMPUTATION 

( ) ENGINEER'S .JUDGEMENT 

Fig. 8 Proposed flow chart for optimum design process of 
structures with respect to dynamic behaviour. 
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DISCUSSION 

Query from C. Andrew, University of Bristol 

This is a very interesting method. However, with 
frequency response methods in general, there are 
problems of economy, because the complete calcu
lation has to be carried out at every frequency. This is 
when an eigenvalue solution can show to advantage, 
because only a minor calculation is carried out at 
every frequency. We have developed a combined 
eigenvalue and receptance method that seeks the 
advantages of both techniques. The eigenvalue part 
has so far been calculated with a humped-parameter 
model. This has an advantage over uniform beam 
analysis if the machine tool manufacturer has not 
made his machine of such elements. However, if a 
particular element is uniform (and important) one 
can put in the appropriate receptances. For such an 
element, it is particularly advantageous to apply 
damping uniformly, and one should be able to predict 
the effects of the introduction of damping inserts. 

I should be very interested to know if the authors 
have carried out a comparison of their method with 
humped-parameter methods. 

Query from J. Hammill, University of Bristol 

The authors refer to the natural frequencies of the 
system. These appear to be obtained by determining 
the receptances of each sub-system at a number of 
discrete frequencies and searching for the maximum 
response of the composite system. If so, does this not 
represent a very time-consuming procedure, which is 
subject to inaccuracy, in that there is no guarantee 
that the true resonant frequency has been obtained? 

Query from S. Satyamurty, T. U. Munchen. 

I wish to add to Professor Andrew's remarks. From 
my own work concerning the synthesis techniques 
using receptances, I have found that it can be very 
desirable to use the eigenvalue descriptions in order 
to obtain the maximum advantages of the synthesis 
technique. We have successfully obtained closed 
expressions for the transfer function of a composite 
system knowing the lumped parameter description of 
the sub-systems. However, when we needed to 
calculate the eigenvalues of the composite system, we 
found that the required computer capability was very 
large. I would like to know the experience of the 
author in this connection. 

Query from S. Taylor, University of Binningham. 

Optimisation is based on a theory which relates 
damping to strain energy distribution. Hence, struc
tural modifications are proposed according to the 
energy distribution. 

Consequently, the improvements tabulated for the 
planing machine are based on improving the torsional 
stiffness of the column. This modification will surely 
improve the machine irrespective of damping 
considerations, so the table does not demonstrate the 
validity of the theory. This comment is not intended 
to suggest that the theory is not valid nor is it 
intended to derogate some interesting ideas. 

General Reply 

Three main points may be said to relate to the prac
tical usefulness of the synthesis of receptance 
programme system introduced by the authors. From a 
practical point of view, it is true that this method 
requires considerable computer capability and 
substantial computer time. Presently, with the use of 
FACOM 230--60 processor, whose specification is as 
tabulated below, a three-dimensional analysis of a 
knee-type milling machine takes 202 sec cpu time to 
be carried out for only eight discrete frequencies. 

The working core size required was 55 026 words 
(42 bits/word). By repeating several jobs as above, it 
was practical to identify the resonant frequencies 
within 1% accuracy. 
FACOM 230-60 (Kyoto Univ.) 

computation on 
floating point 
number 

Core memory 
Size 
Cycle time 

Add and Sub. 
Mult. 
Divide 

2.27 JJ. sec 
3.68 J..1. sec 
5.12 J..1. sec 

42 bit (Flag 4, data 36, parity ch. 2) 
0.92 J..1. sec/double word 

On the other hand, this method is characterised by 
the following practical features over the lumped
parameter method: 
(1) The composite system is analyzed as if it were 

composed of a distributed mass. Thus, lumped
mass description is unnecessary. 

(2) The building-block principle brings about 
several advantages, such as the possibility of the 
expansion to a composite system having many 
members, easiness in evaluation of alternative 
designs of particular members, and inclusion of 
members whose responses are expressed by 
empirical transfer-function formulae. 

Because the lumped-parameter, receptance, and 
finite element methods have their own characteristic 
features and drawbacks, it is desirable to make selec
tive or combined use of various methods depending 
on the character of the structure to be analysed, the 
size and speed of the computer available, and the 
kind of information requested by the client. 

the question by Dr. Taylor is concerned with the 
optimisation theory proposed by the authors. Con
sidering the present limited knowledge on structural 
damping, a practical optimisation procedure is 
proposed which essentially consists of the following 
two steps: 

1st step, optimum distribution of mass and stiff
ness, 
2nd step, optimum allocation of damping. 

In the present report, however, only an example of 
the 1st step is demonstrated and tabulated. 

The authors look forward to future opportunities 
to report an example of the succeeding 2nd step, 
which should verify equation (9) of this report, and 
also confirm the validity of the proposed theory. 



EFFICIENCY AND ACCURACY OF THE 
FLEXIBILITY AND STIFFNESS METHODS FOR 

THE CALCULATION OF BEAM-LIKE 
REDUNDANT STRUCTURES 

by 

L. VAN DEN NOORTGATE* 

SUMMARY 

In this report a critical study is made of the flexibility and stiffness methods for the static calculation of beam
like structures. I found that the computation speed and the accuracy of both methods are essentially determined 
by the number of elements in the structure and the degree of redundancy. Several computer trials have shown 
that the flexibility method is the most economic and the most accurate for the calculation of structures with a 
small degree of redundancy. The stiffness method is the most efficient for the calculation of highly redundant 
structures. 

Practical values are given enabling one to choose the optimal computation method in each case. 

INTRODUCTION 

There are several methods for the calculation of the 
static and dynamic behaviour of beam-like structures. 
The most important approaches are the flexibility 
and the stiffness methods. Many authors1 •2 •4 mention 
the theoretical differences between the two methods 
but few practical comparisons have been made. 

In this report a criterion has been proposed enab
ling the choice of the most efficient and the most 
economic method for a particular case of a static cal
culation. This criterion, called the degree of redund
ancy, is defined as the sum of the number of addi
tional foundation joints and twice the number of 
closed loops, divided by the number of elements. The 
first section briefly reviews the fundamentals of each 
of the methods and both the advantages and dis
advantages are discussed. Next, the computation 
speed of each of the corresponding computer 
programs will be discussed. Special attention has been 
paid to the accuracy of the results. 

FUNDAMENTAlS OF THE FLEXIBILITY 
AND THE STIFFNESS METHOD 

A massless continuous beam, loaded only at its ends, 
is generally considered as the basic building element 
of all structures for the flexibility as well as for the 
stiffness method. The load-deformation relationship 
can easily be set up for such an element. This rela
tionship is written as follows 

In the stiffness method: 
load vector = element stiffness matrix X displace
ment vector; 

In the flexibility method: 
displacement vector= element flexibility matrix X 
load vector. 

The most general building element is a free-free 
beam (Fig. 1). The stiffness matrix of a free-free 
beam exists because, by displacing the ends of a free
free beam by an arbitrary value, a unique set of forces 
is required to keep the beam in equilibrium. This 
stiffness matrix, however, is singular and therefore its 
inverse, yielding the flexibility matrix, does not exist. 

BASIC ELEMENTS 

STIFFNESS NETHOD Fl.EX/8/L/TY HETHOD 

Fig. 1 Basic elements-stiffness method, flexibility method. 

It is clear that a given set of forces at the ends of the 
free-free beam does not correspond with a unique dis
placement vector (rigid-body motion) because the 
beam is massless. 

C.R.I.F., Instituut voor Werktuigkunde, Catholic University of Louvain. 



448 EFFICIENCY AND ACCURACY OF THE FLEXffiiLITY AND STIFFNESS METHODS 

Obviously, for a given set of loads a unique 
deformation of the beam exists because the deform
ation of a beam corresponds to the relative displace
ment of both ends. It can also be physically 
represented by the displacement of one of the ends, 
while the other end is rigidly clamped. For this 
reason, the basic building element in the flexibility 
method is a cantilever beam (Fig. 1). This kind of 
building element possesses some disadvantages in the 
case of redundant structures as will be seen. 

Element flexibility and stiffness matrices (Fig. 1) 
To each element is attributed a three-dimensional 
right-handed coordinate system (x, y, z); the x-axis 
coincides with the element axis, and they and z axes 
with the principal axes of the beam cross-section. In 
the flexibility method, the x-axis is chosen positive 
from the 'assumed' clamping end towards the free 
end. In the stiffness method, the positive direction of 
the x-axis is arbitrary. Conventionally, if the ends of 
an element are i and j and the x-axis is taken positive 
from i towards j, the end i is called near-end, and the 
endj 'far-end'. 

To each free end of the elements three displace
ments and three rotations are attributed, totalling six 
degrees of freedom. The element flexibility matrix, 
Si, of the element i is a 6 X 6 matrix, relating the 
displacements of the free end, i, of the element to the 
loads acting on this point as 

Di =SiFi (1) 

The element stiffness-matrix, Kk, of the element k 
with near-end i and far-end j, is a 12 X 12 matrix 
relating the loads acting on the points i andj and the 
displacements of these points 

(2) 

The stiffness matrix Kk can be decomposed into four 
6 X 6 matrices. Equation (2) then becomes the 
following expression, which is more convenient for 
the further explanation 

(3) 

The flexibility matrix, as well as the stiffness matrix, 
are symmetric. The calculations of the elements of 
both matrices have been described in detail.4--6, 7 

Structural flexibility and stiffness matrices 
The basic building elements of the structure. have to 
be connected properly in order to build up the com
plete structure; two types of conditions have to be 
fulfilled: compatability and equilibrium conditions. 

These conditons obviously have to be expressed in 
a coordinate system, common to all elements of the 
structure. 

For this reason a structural coordinate system (X, 
Y, Z) has to be defined. The position of this frame of 
reference is arbitrary, but is usually chosen in such a 
way that the transformation equations of the element 
coordinate system to the structural coordinate system 
are as simple as possible. 

The displacement vectors and load vectors, which 
are described in the element coordinate system by the 
equations (2) and (3), have to be transformed into 
the common structural coordinate system by means 
of a transformation matrix, T. 

After this operation the assembly of the structure 
can be calculated. 

ASSEMBLY OF THE STRUCTURE IN THE 
FLEXIBiliTY METHOD 

A structure is usually connected with the foundation 
at one or more points. One of the elements connected 
with the foundation is chosen as element (1). In the 
flexibility method, the basic building element is a 
cantilever beam. For element (1) the assumed clamp
ing point coincides with the foundation points. The 
assumed clamping points of the elements which have 
to be connected to element (1) are coupled to the 
free end of element (1 ). The other elements are 
coupled in a similar way. An example of this oper
ation is given in Fig. 2. 

To the free end of an arbitrary element only 
clamping points of other elements can be coupled. 
Neither closed loops nor additional foundation joints 
can be made by this procedure. If the structure is 
redundant, further operations are obviously neces
sary. The importance of this particular feature will be 

® 

<l) ~{--0;;;......_00/® 
o--(j) ... J _____ _ 

Fig. 2 Assembly of structure following the flexibility 
method. 
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discussed in more detail. Redundant structures have to 
be first transformed into isostatic ones by properly 
cutting the closed loops and by eliminating the 
additional foundation joints (Fig. 3). 

Assembly procedure 
For setting up the flexibility matrix of the· complete 
structure the following procedure is followed. 

Joint i of the structure can be displaced either by 
(a)-The elastic deformation of the element i itself, 

caused by all the forces acting on the joints further 
away from the foundation and belonging to the same 
branch of the structure. 

J 
2o---.o----Q 

1 oo-7---o6----o5 

8 -
Fig. 3 Redundant structures using the flexibility method. 

DDDDD 
DOD DO 
DDOOO---
DDDDO---
000001---
Fig. 4 Construction of the flexibility matrix for an unbranched 

structure. 

(b)-The displacement of the assumed clamping 
point of the element i, conforming to a rigid body 
displacement. 

Similarly, the displacement of the assumed clamp
ing point of the element i is caused in turn by an 
elastic deformation and a rigid displacement, and so 
on. 

The displacement of a joint corresponding to a 
row of the structural flexibility matrix, is composed 
of the sum of a large number of terms. This number 
increases for joints further away from the foundation. 
Fig. 4 illustrates the construction of the flexibility 
matrix of an unbranched structure. Each block 
corresponds to a 6 X 6 matrix. 

Redundant structures 
For redundant structures, two conditions have to be 
fulfilled. 

(a) The relative displacement of the cuts must be 
zero. 

(b) The internal redundant forces must be in 
equilibrium with the external forces. 

These conditions determine the redundant forces 
as a function of the external forces. The redundant 
forces can then be replaced in all the equations by 
these functions . 

Obviously, this procedure involves a large number 
of operations, which increase rapidly with the degree 
of redundancy. 

Finally, the last step of the calculation of the 
static deformation of the structure consists of multi
plying the flexibility matrix by the load vector. 
Several load cases can easily be considered by subse 
quently multiplying the flexibility matrix by the 
corresponding load vectors. 

Conclusions 
The following conclusions can be drawn. 

(i) The construction of the flexibility matrix 
involves a large number of operations, increasing 
drastically with the number n of elements: (for an 
unbranched structure, the number of 6 X 6 

matrices to be calculated is equal to J:.f = 1 i2 ) 

(ii) The number of operations rapidly increases 
with the degree of redundancy. 

(iii) The fmal step in the calculation, consisting of 
the multiplication of the flexibility matrix by the 
load vector, requires a short time compared with 
the setting-up time of the flexibility matrix itself. 

(iv) Several load cases can easily be calculated 
without further difficulties. 

SIMPUFICA TION OF THE FLEXIBiliTY MATRIX. 

The flexibility matrix of isostatic structures can be 
simplified considerably. It has been assumed that, in 
each joint and in each direction, a force and a 
moment can be applied. In practice, however, the 
number of loads really acting on the structure is 
usually small compared with the total possible 
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number of loads, which is equal to six times the 
number of joints. 

Thus, the number of non-zero elements in the load 
vector is small and consequently most of the columns 
of the flexibility matrix would be multiplied by zero 
in the ultimate step of the calculation. Obviously, 
these columns of the matrix do not require any 
calculation and therefore the actual number of oper
ations may be reduced up to one hundred times, 
depending essentially on the dimensions of the matrix 
and the number of non-zero forces. 

In the case of redundant structures, it is clear that 
a large part of the matrix must still be calculated 
because the displacements of all joints, caused by the 
redundant forces, have to be calculated. Almost the 
entire flexibility matrix must be calculated for highly 
redundant structures. 

Assembly of the structure in the stiffness method 

Assembly procedures 
The free-free beam being the elements of the struc
ture can be coupled quite easily by applying the 
equilibrium equations. Indeed, the external forces 
applied to a particular joint must be in equilibrium 
with the sum of the internal forces in the various 
elements corning together in that joint. Consider 
element k with near-end i and far-end j, and let F; and 
Fi be respectively the external forces in the joints i 
and j and F;k and Fik respectively the internal forces 
in the element k. 

The equilibrium equations for joint i andj are: 

F; = Fik + contributions from other elements meet-
ing at joint i. ( 4) 

Fj = Ffk + contributions from other elements meet-
ing at joint j. (5) 

Combining equations (4), (5) and {3) 

F; = F11 k D; + K12k Di + contributions from other 
elements {6) 

Fj = K21 k D;. + K22 k Di + contributions from other 
elements. {7) 

The displacements of the near-end i and far-end j of 
the element k are equal to the displacements of the 
joints i andj of the complete structure (compatability 
condition). The presence of an element between 
joints i and j seemingly has the effect of transferring 
the four blocks of the element stiffness matrix to the 
structural stiffness matrix according to the following 
scheme: 

row i 

row j 

column i 
I 
I 
I 

columnj 
I 
I 
I 

-- -Kuk---- -K12k--

I 
I 
I 

-- -Kztk---- -Kzzk---
I I 
I I 

{8) 

Application of this procedure to all elements in the 
structure produces the complete structural stiffness 
matrix. 

Example 
In order to illustrate the construction of this com
plete matrix by means of a particular example, a joint 
j is considered at which three elements, k, I and m 
intersect (Fig. 5). It is assumed that the x-axis of each 
element is oriented in such a way that j is a near-end 
for member I and a far-end for members k and m; 
when the structural stiffness matrix is cQmpleted, the 
6 X 6 matrix, Kn , of the complete matrix will be the 
superposition of three blocks which are part of the 
corresponding element stiffness matrix 

{9) 

ASSEMBLY OF THE STIFFNESS MATRIX 

Fig. 5 Assembly of the stiffness matrix. 

Because no load-displacement equation is required to 
formulate the equilibrium of foundation-joints, the 
structural matrix has no row and no column corres
ponding to these foundation joints; only 6 X 6 blocks 
corresponding to the unknown displacements should 
be calculated. 

Furthermore, the stiffness matrix is a band-matrix, 
the bandwidth being determined by the largest 
difference between the joint numbers of the 
elements. This property considerably reduces 
required memory core in the computer. 

Simplification 
The evaluation of the displacement vector for a given 
load vector, being the last step in the calculation, 
generates a large number of operations. For this 
purpose, the modified decomposition method of 
Cholesky3 has been used. With this method the band
width of the structure matrix is conserved during the 
decomposition. Moreover, only the back substitution 
is to be repeated when more than one load vector is 
considered. 

The following conclusions can be drawn. 

(i) The number of 6 X 6 matrix blocks to be 
calculated for the composition of the structural 
stiffness matrix is small compared with the flexi
bility method. Indeed, only four blocks have to be 
calculated for each element. 

(ii) The presence of foundation joints reduces the 
number of calculations, because for these 
elements, only one 6 X 6 block has to be calcul
ated. 
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(iii) The structural stiffness matrix of redundant 
structures is obtained in the same way as for iso
static structures because the equilibrium 
conditions are automatically satisfied in each joint. 

(iv) The stiffness matrix is a band-matrix, yielding 
a considerable reduction of computer memory. 

(v) The evaluation of the displacement vector 
involves a large number of operations. 

COMPUTATION TIME AND ACCURACY OF 
THE PROGRAMMES BASED ON THE 

FLEXIBILITY AND ON THE STIFFNESS METHOD 

Advantages and disadvantages 
The advantages and disadvantages of both methods 
may be summarized as follows: 

(i) The construction of the complete flexibility 
matrix is a time-consuming operation. But, in the 
case of isostatic structures, the matrix can be con
siderably simplified. 

(ii) For highly redundant structures, a large 
number of further operations are required when 
using the flexibility method. 

(iii) Finally, when using the stiffness method a set 
of simultaneous equations has to be solved, which 
may also prove to be a time-consuming operation. 

The net effect of these considerations of the com
putation time associated with the computer programs 
has been evaluated further. 

Computation time 

Comparison criteria 
The parameters determining this computation time 
are not necessarily indentical in both methods. There
fore, the basis for comparison must be found in the 
structure itself. 

Convenient parameters for the comparison are: 

the number of elements of the structure; and 

the number of foundation joints and the number 
of closed loops. 

For the flexibility method as well as for the stiff
ness method, the computer-time is almost a quadratic 
function of the number of elements. 

Because of the method of construction of the 
complete structure stiffness matrix, the computation 
time associated with the stiffness method is approxi
mately independent of the degree of redundancy of 
the structure. With respect to this parameter, the 
inverse is true for the calculation time associated with 
the flexibility method. For the flexibility method 
various computer runs have experimentally proved 
that the closing of an additional loop roughly requires 
a twofold increase of time compared with the intro
duction of another foundation joint. 

The degree of redundancy can thus be defined as: 
(the number of additional foundation joints)+ (2 X 
number of closed loops)/(number of elements) (10). 

Practical examples 
The computer times corresponding to various arbi
trarily chosen structures are reviewed in Fig. 6. The 
ordinate value is the Central Processer time* divided 
by the square of the number of elements. The 
abscissa value is the degree of redundancy defmed by 
equation (10). 

The values corresponding to the flexibility method 
as well as to the stiffness method show a certain 
amount of scatter, because the computation time is 
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Fig. 6 Computation time with the flexibility and the stiff
ness methods. 

assumed to be a quadratic function of the number of 
elements. In Fig. 6, the number of elements ranges 
from 8 to 115 and the number of external loads from 
1 to 4. Especially with the flexibility method, the 
computer time also depends on the way the structure 
is branched. The calculation time associated with the 
stiffness method also depends on the bandwidth of 
the stiffness matrix, which may vary between wide 
limits. But, none of those additional factors seems to 
have a particularly important influence on the com
puter time. Moreover, the scatter is relatively small; 
from Fig. 6, I conclude that: 

1. the computer time associated with the flexibility 
method increases strongly with the degree of 
redundancy; 

2. the computer time with the stiffness method 
slightly decreases with the degree of redundancy. 
This can be explained because the number of the 6 
X 6 blocks to be calculated by building up the 
structural stiffness matrix, depends only on the 
number of elements; however, for an increasing 
degree of redundancy, the total dimension of the 
matrix decreases and the set of simultaneous 
equations will be solved faster; 

3. in comparison with the stiffness method, the 
flexibility method is three times faster for the case 
of isostatic structures but about ten times slower 
for the case of highly redundant structures. The 
break even point is at a degree of redundancy of 
about 0·15. That means that for example, for a 

* The programmes were run on a CD 6600 computer. 
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structure with 100 members, the flexibility 
method is the most efficient if the number of 
closed loops does not exceed seven or eight or the 
number of foundation joints (without closed 
loops) does not exceed fifteen. 
The computer times mentioned evidently depend 

also on the detailed programming. In this respect it is 
interesting to note that both programs are set up by 
the same person. 

A second comparison is given by Fig. 7. This 
shows a truss structure, which was made isostatic by 
cutting all closed loops and the right foundation 
joint. This structure has been used to study the 

EXAHPLE OF A TRUSS STRUCTURE 

I 
.F 

/L~ 
1, 1 J 'r',,, 

I 

Fig. 7 Example of a truss structure. 

importance of the degree of redundancy without the 
influence of other parameters. Subsequently,joint 31 
is fixed to the foundation and the cuts {30-9, 29-1, 
28-8, and so on) closed. In another step, the joints 
31, 30, 29, 28, and so on were subsequently fixed to 
the foundation. The computation times obtained 
both by the flexibility method and the stiffness 
method are plotted against the degree of redundancy 
(Fig. 8). 

CPT- TRUSS STRUCTUII£ -· Fl.£-"' IEMP 
10 

--- FOUNDATION .K*TS y -CLOSED LOOPS 

v 
~~ 

~, 

~ ~ ~IR'NESS IETHOD 
1 

~,..._ I' -- --- ---· -- j -
0.,.. ff -n<l 

Fig. 8 Computation time with the flexibility and the stiff
ness methods- truss structure. 

The following points can be observed. 

For the flexibility method the time increase 
required for an additional closed loop is about 2·3 
times larger than the time required for an addi
tional foundation joint. 

In the stiffness method, the time for the calcul
ation of the completely closed structure is about 
53% of that for the open structure. 

The break even point for the closed loops as well 
as the foundation joints corresponds to a degree of 
redundancy of about 0·16. This value corresponds 
very well to the mean value 0·15, found by Fig. 6. 

Conclusion 
The flexibility method is obviously efficient only for 
the calculation of structures with a small degree of 
redundancy. For the calculation of highly redundant 
structures, however, the stiffness method is superior. 
In this case, the reduction of computer time may be 
considerably larger than the gain achieved with the 
flexibility method in the case of isostatic structures 
[ratio 12 against 3]. 

ACCURACY OF THE COMPUTATION 

Comparison criteria 
Computation errors have their origin in rounding off 
errors during mathematical operations. The magni
tudes of the errors for both the flexibility method 
and the stiffness method have been evaluated in a 
particular case by means of the structure represented 
in Fig. 7. This structure is symmetric with respect to 
one axis coinciding with the joints 10 and 5. The load 
F is acting in the direction of the axis of symmetry. 
The deflections of the mutual symmetrically situated 
joints {for example, 16-13, 15-12, and so on) must 
be identical and the rotations of the joints 5 and 10 
around they-axis must be zero. 

In order to obtain the computation error as a func
tion of the degree of redundancy, a similar procedure 
to that used for the study of the computation time 
was followed. 

To begin with, an isostatic structure {Fig. 7) was 
considered; but in order to regain symmetry, joint 31 
was fixed to the foundation. Subsequently, the closed 
loops were made two by two symmetrically and, in a 
second step the symmetric foundation joints {30-29, 
28-27, and so on were fixed two by two. 

The results of computations showed that in all 
cases, symmetry was conserved (6 significant figures 
were printed) in the flexibility method as well as in 
the stiffness method. In none of the cases, however, 
was the rotation of the joint 5 (.pys} exactly zero. The 
value of .Pys varies between 10-17 and 10-22• The 
maximum displacement, which is always obtained in 
joint 5, varies between 0·5 X 10-6 and 0·6 X 10-9, 
and the maximum rotation around the y-axis varies 
between 0·15 X 10-s and 0·7 X 10-8 • 

Practical results 
In Fig. 9, the value IPys is plotted on a logarithmic 
scale against the degree of redundancy for both the 
additional foundation joints and the closed loops. 

In both cases, the error of the stiffness method 
decreases with the degree of redundancy. This can be 
explained by the fact that the total dimension of the 
stiffness matrix decreases and the solution of the 
equation may be more accurate. For the foundation 
joints, the decrease is steeper than for closed loops 
because the number of mathematical operations 
necessary for obtaining one element of the stiffness 
matrix is smaller and, consequently, the rounding off 
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errors are smaller. On the contrary, the error in the 
flexibility method slightly increases for an increasing 
degree· of redundancy. 

The break even point corresponds, in both cases, 
to a degree of redundancy of about 0·21, which 
corresponds well with the break-even point observed 
for the computation time criterion. 
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Fig. 9 Accuracy with the flexibility and the stiffness 
methods. 

GENERAL CONCLUSIONS 

Generally speaking, the flexibility method is usually 
superior for the static calculation of structures with a 
small degree of redundancy in terms of economics 
and accuracy. The stiffness method is seemingly the 
most economic and accurate method for the static 
calculation ofhigh1y redundant structures. I conclude 
that both methods are complementary. 

By means of the proposed break-even points, it is 
possible to choose for each practical case the most 
efficient method. Flexibility methods should be 
applied if the degree of redundancy of the structures 
does not exceed 0·15. Stiffness methods should be 
preferred for higher degrees of redundancy. The 
flexibility method should, for example, be preferred 
for the calculation of radial drilling machines, hori
zontal milling machines, one-column presses and so 
on; the stiffness method should be preferred for the 
calculation of lathe beds, redundant truss structures, 
portal milling machines and so on. 
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DISCUSSION 

Query from S. Taylor, University of Birmingham. 

I agree that the main disadvantages of flexibility 
methods are redundancy difficulties and the fully
utilised flexibility matrices. On the other hand, two 
advantages have not been considered. 

(1) Three deflections at any station point are 
adequate for most practical purposes, whereas 
six degrees of freedom are mandatory for stiff
ness methods. Slopes can be calculated from 
the deflections if required. This leads to a 
factor of roughly 4 in reduction of computing 
time and cost. 

(2) There is no need to have a station point 
between every pair of elements as is necessary 
in stiffness methods. Again this leads to a 
reduction in matrix sizes, time and cost. 

(3) In addition, the truss structure mentioned has a 
very narrow band-width and is particularly 
advantageous to the stiffness method. A 
representative selection of structures would give 
wide variation of times using stiffnesses due to 
the differences in band-width unless the struc
ture were small enough or the computer large 
enough to handle them entirely in the core 
store. In particular, there is doubt when 
different programmes are compared, even if they 
are both developed by the same man. 

Considering all these points, I believe that the area 
in which the flexibility approach is favourable is 
much larger than the author suggests. 

Replies 

(1) Even in the flexibility method, the reduction 
to three degrees of freedom for each station 
point cannot be used throughout the programme 
for the following two reasons: 
(a) A static load on a structure consists in 

many cases not only of forces, but also of 
bending and torsional moments. The 
corresponding rotational degrees of 
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freedom need to be introduced in the 
computation. 

(b) If the structure is redundant, the redun
dant forces have to be calculated for all 
the six degrees of freedom. 
For high redundancies, about 95% of the 
computation time is due to this calcu
lation, where no reduction is possible. 
Moreover, the slope of the curve of Fig. 6 
corresponds to the additional time 
needed for the calculation of the increas
ing number of redundant forces with 
obligatory six degrees of freedom. 
This results in the fact that, even if a 
reduction to three degrees of freedom is 
used where possible, the position of the 
break-even point will practically not be 
influenced. 

(2) Indeed, an advantage of the flexibility method 
is the possibility of not considering some of the 
station points. The same effect, however, may 
be obtained in the stiffness method, by combin
ing it with transfer matrices. Neither of these 
possibilities was considered in the present 
programmes. 

For highly redundant structures, however, in 
almost all station points, redundant forces are 
applied. Obviously, those points may not be 
skipped. Therefore, the computation time for a 
degree of redundancy of 1 will not considerably 
be influenced (see Fig. 6). Again, the position 
of the break-even point will remain practically 
unchanged. 

(3) The results of the truss structures were not used 
for setting-up the general curves of Fig. 6. As 
mentioned in the paper, the structures used for 
Fig. 6 are chosen arbitrarily with widely varying 
characteristics. The selection of the structures 
may therefore be considered as representative: 
all computations were done in the core store of 
the computer, which can handle up to 150 
beam elements in the stiffness method. This 
number may be considered as largely sufficient 
for machine tool construction. 
For all the mentioned reasons, the general con
clusions of the paper are valid, namely the 
trend of the curves and the position of the 
break-even point. The latter is of course to be 
considered as an order of magnitude. 



THE FINITE-ELEMENT METHOD APPLIED TO THE DEFORMATION 
ANALYSIS OF THIN-WALLED COLUMNS 

by 

S. HINDUJA and A. COWLEY* 

SUMMARY 

The paper presents the results obtained from computations of the deformations of thin-walled box-type column 
structures when subjected to both torsional and bending loads. The computed results, which correspond to 
various finite-element representations of the columns, are compared with experimentally derived values and with 
calculations based on closed form analytical expressions. 

The accuracy of the computed static deformations depends on the specific nature of the finite-element model 
adopted. The results presented in the paper indicate the degree to which the resulting accuracy increases as the 
finite-element model becomes more refined. Some considerations regarding computing costs are also explained. 

INTRODUCTION 

Up to the present time the response of machine tool 
manufacturers to the computer aided design tech
niques, which have been developed and demonstrated 
over the past decade, has been somewhat limited. In 
the area of structural design the application of 
computer procedures which have appeared in the 
literature have been based on the analyses of simple 
topological models comprising concentrated masses 
interconnected by beam-like elastic elements. Such a 
.simplification obviously imposes a serious constraint 
on the type of structqre that can be analysed with 
acceptable accuracy. On the other hand approximat
ing to the true structural geometry in this way yields 
a substantial simplification in the mathematical 
problems involved in determining the static and 
dynamic stiffness characteristics of the structure. 
Typical examples are described1•2 from which it is 
evident that the main limitations of the beam-like 
element approach are:-

(i) It is often difficult to define the equivalent 
beam characteristics of machine tool structural 
elements, particularly those of non-slender form 
and with internal ribbing, apertures, etc. 
(ii) The stiffness characteristics of both fixed and 

sliding joints cannot always be defined with 
adequate accuracy. 
(iii) The damping behaviour of structural elements 
and joints is not yet (claimed to be) adequately 
appreciated even by the more academic research 
workers. 

The latter limitation might be considered as 

belonging to a separate category since it affects only 
the accuracy with which dynamic behaviour may be 
predicted. The remaining two limitations influence 
the accuracy in computing both static and dynamic 
stiffness characteristics and this paper is concerned 
primarily with the first. 

In order to overcome the difficulties mentioned in 
(i) a number of finite-element computer programmes 
have been developed at UMIST which, to date, permit 
a structure to be represented, for the purpose of 
computation, by an assembly of beam-like elements, 
rectangular and triangular plate elements and solid 
prismatic elements (Fig. 1 ). The programmes, which are 
restricted presently to the computation of static 
deformations, are currently being employed in 
analysing rather simple structural elements with the 
aim of establishing both the accuracy and cost of this 
technique of analysis. 

The basic features of the programmes, together with 
the results of some preliminary applications, have 
been described in (3). This paper describes the results 
of further applications of finite-element technique. 

a1 , a2 , etc. 
b 
E 
h 
L 
p 
t 
u, v,w 

NOTATION 

Coefficients of displacement functions 
Mean width of column 
Modulus of elasticity 
Mean depth of column 
Length of column 
Applied loads 
Aspect ratio h/b 
Displacements in x, y and z directions 
respectively 

*Department of Mechanical Engineering, UMIST, Manchester. 
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x Distance from column base to cross 
section at which displacements are 
required 

Xp Distance from column base to point of 
application of load 

8 Wall thickness 
e Aspect ratio L/ h 
Ox, Oy or (Jz Rotation (or slope) of a point about 

X, Y and Z axes respectively 
'Yxy Shear strain at a point within a plate 

situated in a plane containing x andy 
axes 

v Poisson's ratio 
G Modulus of rigidity 
T Torque applied 

THE FINITE-ELEMENT METHOD 

The finite-element method has been applied to the 
analysis of a variety of mechanical structures 
primarily in the civil engineering and aerospace 
industries and the works of Clough4 , Zienkiewicz5 , 

Argyris6 and others have contributed notably to its 
growth. The method requires the structure to be sub
divided into a number of basic elements, finite in 
dimensions and particular in shape. Typical basic 
elements include thin plates of triangular, rectangular, 
or general quadrilateral form, beams, solid prismatic 
elements, etc. (Fig. I). A complete structure is 
built-up by the connection of such finite-elements to 
one another at a definite number of nodal points, 
those for a rectangular plate being situated at its four 
corners. The finite-element is constrained to deform 
according to a prescribed pattern which is expressed 
in mathematical form by a 'displacement function' 
expressing the displacement under load of any point 
within the boundaries of the element as a function of 
the precise position of that point. The displacement 

function forms the starting point in the derivation of 
the 'stiffness matrix' of the element which is simply a 
relationship between the forces and resulting displace
ments of the element's nodal points. In the case of 
thin plate elements it is necessary to prescribe 
displacement functions expressing the possible 
deformation of the plate under plane stress and when 
subjected to out-of-plane (bending) forces. These two 
considerations result respectively in the derivation of 
an 'in plane stiffness matrix' and a 'bending stiffness 
matrix' which are assumed to be independent 
properties. 

Since the resulting accuracy of the computed 
deformation of a structure depends primarily on the 
choice of displacement functions, those which have 
been used in the UMIST programs will be briefly 
discussed. 

DISPLACEMENT FUNCTIONS 

The displacement functions used for the derivation of 
the stiffness matrices of the individual elements are 
enumerated below. Any of these formulations can be 
used simply by calling for the appropriate routine. 

Routine RECT 
This routine is used for the formulation of the stiff
ness matrix of a rectangular plate element. It consists 
of three alternative formulations written as sub
routines, any one of which may be adopted, depend
ing on the requirements of the application. 

RECT 1 
Computes the stiffness matrix of a plate based on a 
simple linear four-term displacement function4 for 
the deformation of the plate in its own plane, thus:-

y 

t:::::=:=:=:-r--x 

X 

Fig. 1 Basic elements. 
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u = a1 + a2x + a3y + a4xy 
v = a5 + a6 x + a7y + a8 xy 

(1) 

For the out of plane (bending) propertie~ the 
function (9) used is 

w = a1 + a2 x + a3y + a4xy +·a5x 2 + a6y 2 + a7x 2y 
+ a8xy2 + a9 x 3 + a10y 3 + a11 x 3y + a12 xy 3 

(2) 

A total for six degrees of freedom is associated 
with each corner node namely, three displacements 
(u, v and w) and three rotations (Ox, OY and Oz). The 
resulting stiffness matrix is an array of stiffness values 
relating the forces and moments at the nodes to the 
corresponding displacements and rotations. Thus, for 
the four-node rectangular element the stiffness matrix 
contained 24 rows and columns. It should be noted 
that when using the displacement functions specified 
above, it is not possible to derive the plate stiffness 
coefficients associated with a moment about the Z 
axis and the corresponding rotation 0 z. In this case 
these stiffness coefficients are taken to be zero. 

RECT 2 
This sub-routine performs the same functions as 
RECT 1, but the in-plane displacement functions 
adopted are modified in accordance with the 
proposals of Cheung 7 , who has demonstrated that for 
certain types of structure they yield an improvement 
in the accuracy in determining deformations 

u = a1 + a2x + a3y + a4xy + ( 1 ~v a4 -a8/2)y 2 ( 3) 

v= as+ a6 x + a7y + a8 xy + (-1 v a8 - a4ja)x2 
-v 

where v = Poisson's ratio. 

RECT 3 
This sub-routine is also similar to RECT 1, but the 
in-plane displacement function used is a linear-cubic 
eight-term polynomial 

u = a1 + a2 x + a3 y + a4xy + a5 xy2 + a6 xy3 + a7y 2 

+asy3 

v = a9 + awx + a11 y + a12xy + a13x 2 y + a14x 3 y 
+ a15 x 2 + a16x 3 (4) 

If an analysis is performed taking into consider
ation only the in-plane properties of the element, the 
four degrees of freedom associated with each node 
are u, v, Oz and the shear strain 'Yxy- If, however, as is 
usually the case, this function is being used in con
junction with the twelve-term displacement function 
for the analysis of space structures, then owing to 
difficulties encountered during transformation, 'Yxy is 
put to zero. The suppression of 'Yxy implies that the 
angle included between two sides remains 
undistorted. 

Routine tric 
In this routine the stiffness matrix of a triangular 
plate is evaluated based on the simple 3-term in-plane 
displacement function, viz 

u = a1 + a2 x + a3y 
v=a4 +a5x +a6y (5) 

and the nine-term displacement function in bending 
(8), 

w = a1 + a2x + a3y + a4xy + a5x 2 + a6y 2 + a7x3 
+ a8y 3 + a9 xy2 (6) 

The five degrees of freedom associated with each 
node are u, v, w, Ox and Oy. like RECT 1, Oz is also 
included with the stiffness coefficients equated to 
zero. 

Routine BE26 
The stiffness matrix for the beam is derived by 
specifying independent displacement functions for 
the tensile, torsional and bending deformation shapes. 
The three displacement functions are 

u = a1 + a2x 
v = a3 + a4x + a5 x 2 + a6 x 2 

w= a7 + a8x + a9 x 2 + a10x 2 

Ox= au + atzX 

(7) 

It is not necessary to specify independent displace
ment patterns for 0 z and Oy because they are directly 

dv 
related to v and w respectively (0 = - and 

z dx 

0 = dw) 
y dx . 

Routine PR83 
The displacement function used for the rectangular 
prism is 

u = a1 + a2x + a3y + a4z + a5xy + a6yz + a7xz 
+ a8xyz (8) 

with similar functions for v and w. Each of the eight 
nodes has three degrees of freedom, namely, u, v and 
w. 

During the analyses of the column structures, only 
the rectangular and triangular plate elements have 
been used. Analyses have been performed using three 
alternative formulations in the case of rectangular 
elements, and the results clearly indicate the 
influence of the prescribed displacement functions 
used on the resulting accuracy. 

RESULTS OF COLUMN ANALYSES 

The column chosen for analysis is shown in Fig. 2. 
The dimensions (mm) of the column shown were 
selected primarily because detailed experimental 
results were already available from Dreyer10• The 
column, which is shown in the figure with transverse 
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partitions, has in fact been analysed under the follow
ing conditions. 

(i) With no transverse partitions. 
(ii) With a uniform end cover plate. 
(iii) With five uniform transverse partitions. 
(iv) With five cored transverse partitions. 

The loading employed (Fig. 2) subjects the column 
to both bending and torsion. The loads are applied at 
three positions (/3 , /b, lc) along the length of the 
column. To determine the deformation resulting from 
loads at each of the three positions, different finite
element meshes (Fig. 3) have been used. By examin
ing the results obtained for the various meshes the 
convergence of the computed deflections to the exact 
value can be ascertained and related to mesh configur-

lc= 
210 

~ 

_..., 

~ 

.. 

4 

'• 

150 
158 

ations. The size of each plate has been maintained as 
square as possible. This has been done, when making 
a finer mesh, by increasing the number of divisions 
along the length and width of each panel simultan
eously. The notation m X n denotes that there are m 
divisions along the length and n divisions across the 
width in each wall of the column. 

For the last three meshes in Fig. 3, advantage is 
taken of the symmetrical nature of the column and 
only one half of the column is analysed. This is done 
by imposing appropriate restraints on the nodes 
which lie in the plane of symmetry. (The y and z 
coordinates of such nodes are y = 0 and z = ±% width 
of column.) The restraints to be imposed will depend 
on the nature of loading. The restraints, when the 
column is subjected to a pair of symmetrical bending 

} 00 600 

I .T 15 

Young's modulus= 
2·1x104 kp/mm2 

Poisson's ratio= 0·3 
For bending:P,=Pz=150kp 

For torsion: P, =-f2= 207 kp 

Fig. 2 Box column with horizontal partitions. 
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Mesh 10x3 Mesh 1S x4 

Muh 20 x6 Mesh 2Sx6 

For bending ~ = f2 = ISO kp ; For torsion ~ =-'2 = 207 kp 

For meshes 1Sx4, 20x6 and 25=6 at y=O Iii u~w=9y=0 in torsion 
Iii) v= Bx = 0 in bending 

Fig. 3 Meshes used for column with/without end-plate. 

loads, are v = Ox = 0 and in the case of the skew
symmetric torsional load, u = w = 0 y = 0. In the case 
of torsion, the axial displacement u for nodes lying 
on the line of symmetry is zero because at these 
points there can be no warping. 

For the column with the end-plate, it was found 
convenient to consider the cover plate as a separate 
substructure and compute its stiffness matrix in 
terms of the nodes which connect it to the main 
column. 

In the last three meshes, since some of the internal 
nodes lie on the line of symmetry and since the 
restraints with bending loads are different from those 
with torsional loads, it is necessary to compute two 
different substructure stiffness matrices for the cover 
plate. 

The introduction of horizontal partitions at 
regular intervals of 100 mm made it necessary to alter 
the lengths of the elements slightly, but the number 
of elements in each mesh has been retained as such. 
Since the horizontal partitions and the cover-plate are 
identical, the substructure stiffness matrix derived for 
the cover-plate can be used for the partitions also. 

Open column in torsion 
The rigidity of box-shaped columns is usually calcu
lated taking into account only the membrane stiffness 
of the walls. This is often justifiable because machine 
tool columns are usually thin-walled and moreover, if 
the flexural stiffness of the walls is also taken into 
consideration, the theoretical analysis becomes 
lengthy and complicated. However, this column 
whose wall-thickness:width ratio is about 0·026, is 

analysed both by taking into consideration and 
neglecting the flexural stiffness of the walls. In each 
case the theoretical values are calculated from the 
formulae given in 11 ; these formulae are reproduced in 
the appendix. 

Fig. 4 shows the computed results obtained when 
the column is loaded in torsion by two skew
symmetric loads. The 'number of divisions' refers to 
the number of elements along the length of the 
column between the fixed end and the loaded plane. 
To obtain these results the stiffness matrix formu
lation using the sub-routine RECT 1 (four-term 
displacement function) has been adopted and only 
the inplane (membrane) stiffness of the walls is 
considered, (that is the bending stiffness of the walls 
is assumed to be zero). Fig. 4( a) shows the deflection 
(average deflection of loaded plane) resulting from a 
load applied near the free end of the column distant 
] 0 from the clamped end. It is evident that, as the 
mesh becomes more refined, the finite-element results 
converge to within 1% of the theoretical result 
obtained using equations (3) and (4) of the appendix. 
Similar correlation is obtained when the load is 
applied at 1 b with the deflection also referred to the 
section of lb (Fig. 4(b )). 

However, at lc the fmite-element solution 
converges to a value some 3% higher than the 
theoretical result. The probable reason for this 
discrepancy is that the formulae of the appendix 
cannot be applied with sufficient accuracy when the 
effective loaded length: width ratio of the column 
approaches unity and when loaded at lc this ratio is 
approximately 1·3. 
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148 

140 

... 
c 
-~ 130 -u ., -., 
0 

120 

Theoretical value= 147 m 

6 

Four-term displacement 
function used. 

8 15 20 25 30 
No. of divisions along the length 

5. 
c"" 
0 -u • -• 0 

88 

80 

Four-term displacement 
function used 

X 

64t~------~----~1~--~------~'--~' 
3 5 7 10 15 20 

No. of divisions along the length 

(b) loaded at lb. 

(a) loaded at la. 

23 

22 Theoretical value= 21-8 ~m 
~-----x X--

E 21 
<. 
c"" 
.Q 20 - X 
u 
~ 

Four-term displacement function used -., 
0 19 

18 

3 10 
No. of divisions along the length 

(c) loaded at lc-

Fig. 4 Column loaded in torsion by two skew-symmetric loads. 
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Experimental value= 139 )J-m 

118 
Theoretical value = 116·35)J-m 

116~----------------------------~------

114 

E 
In-plane displacement functions ::1.. 

c 102 -x- Four term 
0 Four term (Cheung) 100 --0---u 

Eight term C» 98 -·-l::r·-..... -C» 
96 0 

94 

I I I I I I I I I I I I I 111111111111 

4 6 8 10 15 20 25 30 
No. of division along the length 

Fig. 5 (a) loaded at 10• 

Experimental value = 82·5 }lm 

Theoretical vatu e = 65·6).1 m 

65 

I 
In-plane displacement functions 

E 
:::l. I -x- Four term 

I 
I --0-- Four term (Cheung) c I 0 - I -·-&·- Eight term 

u I 
C» I - I 
C» I 0 I 

I 

5 7 10 15 20 
No. of divisions along the length 

Fig. 5 (b) loaded at lb. 

used 
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In-plane displacement function used 

-x- Four term 
- -o-- Four term (Cheung) 

c
-~ -u 
v -v 

0 

--·-&-·- Eight term 

3 4 

___ o 

~ 

------~ 

5 6 10 
(c) loadedatlc- No. of divisions 

Fig. 5 Convergence of finite-element results. 

The convergence of the finite-element results when 
taking into consideration the flexural stiffness of the 
column walls is shown in Figs. S(a), (b) and (c) for 
the same loading cases as previously considered. The 
computed results corresponding to the three altern
ative stiffness matrices obtained using RECT 1, 
RECT 2 and RECT 3 are shown, together with the 
theoretical deflection obtained using equations (1) 
and (2) of the appendix and the experimental results 
obtained by Dreyer. 

From the finite-element computations it was 
found that the deflections obtained for the two 
meshes 20 X 6 and 25 X 6 were virtually identical, 
which indicates that the convergence is completed 
and further refinement of the model would be of no 
benefit. The curve at 10 converges to within 3% of the 
analytical solution, whereas at lb the error is much 
smaller. However, at lc there is considerable disagree
ment between the converged value and the theoretical 
result. The finite-element result can be expected to be 
more reliable, because it can be argued that, if the 
solution has converged to the analytical result at 10 , it 
ought also to be correct at lb and lc. 

The stiffening of the column due to the inclusion 
of the flexural stiffness, varies from 24% at Ia, to 14% 
at lc, which is quite considerable. This is indicative of 
the error to be expected when a theoretical analysis 

of a column based on the simpler f orrnulae is 
performed. 

Comparing the results obtained from the three 
different formulations, there is no appreciable 
difference between those obtained with a four-term 
and four-term (Cheung) in-plane displacement 
functions. It has been shown in an earlier analysis of a 
cantilever beam3 that the use of these two four-term 
functions yields exactly the same answer when the 
plate is square. For the meshes used to assess the 
convergence of these functions, each plate element 
has been maintained almost square. 

The third formulation (eight-term cubic linear in
plane displacement function combined with a twelve
term bending displacement function) yields results, 
for coarser meshes, which are better than those 
obtained from the other two. This curve, which is 
flatter, converges ultimately to a slightly lower value 
of deflection. This difference can be attributed to the 
fact that it was necessary to impose a physical 
constraint when using this formulation as previously 
mentioned (i.e. 'Yxy = 0). The reason for this cannot 
be dealt with here but it should be appreciated that 
any such constraint must lead to a reduction in the 
resulting deflection. In other words the constraint is 
equivalent to increasing the stiffness of the structure. 

Dreyer has compared the experimental results 

TABLE 1 Deflection values of open column in torsion 

y deflection (urn) z deflection (urn) 
Loading 
plane finite- theoretical experimental finite- theoretical experimental 

element element 

la 112·8 116·25 139 90·9 98·4 100 
lb 64·7 65-6 82·5 48·05 50·78 58 
lc 21·77 14·4 26·5 9-11 5·9 9·5 
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In-plane displacement functions 
used 

-x- Four term 
- - o-- Four term (Cheung) 
-·-6-·- Eight term 

Experimental value= 17·4 ,t~m 

6 8 10 15 20 25 30 
No. of divisions along the length 

Fig. 6 (a) loaded at 10 • 

c 
0 

-~ a 

In-plane displacement functions used 

--x- Four term 

--~--- Four term (Cheung) 

-·--A-·- Eight term 

Experimental value= 21 ,t~m 

No. of divisions along the length 

Fig. 6 (b) loaded at lb. 
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In- plane displacement functions used 

-x-- Four term 
- -o-- Four term (Cheung) 
-· -b-·- Eight term 

Experimental value = 20 ,'Jm 

14 

E 
::::z.. 

c~ 13 
0 -u 
v 

12 -w 
0 

11 

10 
2 3 4 5 6 10 

(c) loaded at lc. No. of divisions 

Fig. 6 Convergent curves for column with end-plate loaded in torsion. 

obtained for the open-ended column with the 
analytical solution, which takes into account only the 
membrane stiffness of the walls and has reported good 
agreement between the experimental and analytical 
results. Instead, he should have compared the experi
mental results with the values obtained from the 
formula, which takes into consideration the transverse 
bending stiffness of the walls also. In such a case any 
difference between experimental findings and pre
dicted results could only be attributed to the fixation 
condition at the base of the column. The theoretical 
analysis assumes the column to be rigidly clamped at 
the base, whereas in fact some flexibility will be 
apparent at the base joint. 

140 

120 

The finite-element, theoretical and the experi
mental results are summarised in Table 1. If the finite 
element and the experimental results are compared, 
the error, due to the flexibility of the base increases, 
(as one would expect) from 19% at 10 to 28% at lc. 

Column with end-plate in torsion 
The convergent curves for the column with an end
plate subjected to the same skew-symmetric loads at 
10 , lb, lc are shown in Figs. 6(a), (b) and (c). The 
curves do not exhibit the monotonic characteristic 
observed in the case of the open-ended box column. 
This is because the displacement of the loaded plane 

I 
-x- Unribbed column 

E 
::;z_ 

c 
0 -u w 
;: 
w 
0 

-·-6--- Column with end-plate 
--•- Column with partitions 

X 

Distance, mm 
Fig. 7 Deflection characteristics of column in torsion. 
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Stiffness of column without cover 
plate= 100% 

~ Experimental 

D Computed 

Fig. 8 Histogram: comparison of stiffness of column, with and 
without cover plate. 

-x- Unribbed column 
-·-6-- Column with end-plate 
--+-Column with partitions 

-x-unribbed column 
-·-o-·-Column with end-plate 
--..-Column with partitions 

7 10 15 
No. of divisions No. of divisions 

(b) loaded at lb. 
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9 
-x- Unribbed column 
-·--6-·- Column with end-plate 
- -• -- Column with partitions -----------<> 

_-o-- -- -- ---

-- _v ________ X 

-u ., cr 
----~ S I a-------

a L- ------
71 ---- I 

4• 5 
I 
6 

I 

7 
I 
8 I b 9 1 

(c) loadedatlc. No. of divisions 

Fig. 9 Convergent curves for column with partitions loaded in torsion. 

is plotted against the number of elements between 
the base and the loaded plane. In the case of a 
column with a cover plate, this can be misleading, 
because the mesh subdivision between the loaded 
plane and the cover plate also has a considerable 
effect on the rate of corrvergence. 

On comparing the curves, it is noted that at lb 
convergence is much slower than at 10 • Tiris can 
be explained by the fact that the load-deflection 
curve (see Fig. 7) is approximately parabolic, with its 
maximum deflection at the centre. 

The finite-efement results in this case can be 
compared neither to the corresponding analytical 
formulae given in11 (because these formulae neglect 
the resistance offered by the walls to bending) nor to 
the experimental values, due to the flexibility of the 
bolted flange. However, an indirect comparison with 
the experimental results can be made by comparing 
the percentage increase in stiffness at 10 , lb and lc due 
to the addition of the end-plate. This is indicated in 
the histogram of Fig. 8. 

Column with transverse partitions in torsion 
Fig. 9 shows the convergent curves obtained when the 
box column with horizontal partitions is loaded in 
torsion. When analysing the results, it was found that, 
as the mesh was refined, the deflection at the 
unloaded corners remained constant, whereas at the 
points of application of load it increased steadily. 
Tiris is probably due to the high stress gradient at the 
points of load application. Since the deformation of 
the front panel is more important than that of the 
back panel, it was decided to plot in the figure the 
deflection at the point of application of the load 
rather than the average deflection of the loaded 
plane. 

As in the case of the column with an end-plate, the 
finite-element results are indirectly compared with 
those obtained experimentally by Dreyer, by 
comparing the increase in stiffness caused by 
introducing transverse partitions (Fig. 1 0). 

200 

Stiffness of column with 
cover plate = 100% 

en 
en 
ell) 

c = 100 -(/) 
jJt 

~ Experimental 

U Computed 

~ • 0 

o~--~~~~-------L~~~------~~--~----

ta lb lc 

Fig. 10 Comparison of stiffness of column with cover plate and with partitions. 
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19 

17/ -~- Unribbed column 
--o-- Column with end-plate 
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_..o---- ------o 

----
..r;y' 

.,.,...,.,-' --
-- 0 

~--- -~ -----c.:r 
72 4 6 

(c) loaded at lc. No. of divisions 
Fig.ll Comparison of convergent curves for column loaded in torsion. 

Comparison of convergent curves for unribbecl 
columns 
Figs. ll(a), (b) and (c) show the convergent curves 
obtained for the above-mentioned cases at 10 , lb and 
lc. Since a comparison is being made, only the results 
obtained from the first formulation (RECT I) are 
shown. The introduction of a cover-plate makes the 
convergence at la become virtually flat, but the curve 
at lc, which is farthest from the end-plate, remains 
virtually unaffected. With the addition of horizontal 
partitions, the curves lb and lc also become flat. It 
can be noted from Fig. 7 that even though the load
deflection curve in between the partitions does not 
vary linearly, the overall load-deflection curve can be 
approximated by a series of straight lines, which can 
be satisfied by using the four-term in-plane displace
ment functions. 

Cross-sectional deformation 
The two main components into which the total 
cross-sectional deformation can be split are 

(I) rotation (0) of the cross-section due to the 
twisting of the column. 

(2) distortion of the cross-sectional contour, the 
magnitude of which is indicated by 1/J. It 
represents the amount of distortion of the 
(right) angle between the walls. 

Fig. 12 shows the deformation of the loaded 
cross-sections when the column is subjected to 
torsional loads. From the figure the following 
observations can be made. 

(1) In the case of the open box, the cross-sectional 
distortion (1/1) is far greater than the rotation 

(8) of the cross-section. At la 1/1 is as much as 
10 times 0. 

(2) When a cover-plate is attached to the column, 
there is very little out-of-plane deformation, i.e. 
the walls remain plane. This is because the 
cover-plate provides the necessary transverse 
bending stiffness. 

(3) The introduction of an end-plate also causes the 
magnitude of 1/1 to decrease considerably. The 
maximum decrease occurs at 10 whereas at lc, 1/1 
is still greater than 0. 

(4) With transverse partitions, the greater part of 
the deformation is due to the rotation of the 
cross-section. 1/1 does not become zero because 
none of .the loads (10 , lb, lc) is applied in a 
plane containing a partition. One point to 
mention is that, due to the localised deform
ation at the junctjon of the front and side walls, 
the rotation of the front wall is greater than 
that of the back wall. Since the deflections at 
the tool point will be determined only from 
the deformation of the front panel, 01 is 
obtained only from the front panel. This 
localised deformation (the difference between 
the w-deflections of the loaded and unloaded 
corners of the cross-section, is about 4 J.Lm 
corresponding to between 10% a and 50% b of 
the mean value of w) obviously is also present 
in the case of the open column, but it becomes 
more apparent as the overall deformation of the 
cross-section reduces. 

(5) The introduction of a cover-plate or transverse 
partitions does not alter the cross-sectional 
rotation 8. This constant computed value is 
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21 Nodes 46 Nodes 

64 Nodes 14 Nodes 

Fig. 13. Different mesh subdivisions for partition with core hole. 
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nearly equal to that calculated from the theory 
of pure torsion. 

_ T(b+h) 
() - 2 GfJ b2 h2 

Column with cored transverse partitions 
The transverse partitions used in practical column 
construction are of the cored type to facilitate 
manufacture and to accommodate balance weights, 
etc. 

The effect of varying the size of the opening on 
the torsional stiffness of the column can be very 
easily studied by the finite-element method. But 
before this can be done, a preliminary investigation 
into the effect of varying the mesh subdivision in the 
partition on the displacements of 10 , lb and lc has 
been carried out. For this purpose the mesh 
employed for the main column (20 X 6) is kept 
constant, while the mesh in the partition whose core 
hole area is equal to 1/9 that of the full partition, is 
gradually refined. The four meshes employed for this 
semi-partition are shown in Fig. 13. For the purpose 
of comparison, the only one possible rectangular 
mesh has been used. Incidentally, the finest triangular 
mesh with 64 internal nodes and 13 boundary nodes 
is roughly the maximum size of substructure that can 
be handled at present with the Atlas computer. 

The convergent curves (Fig. 14) at 10 , lb, lc are 
seen to be very similar to each other, there being in 
each case a variation in computed deflection of 
approximately 5% with increasing refinement of the 
triangular mesh. A more interesting observation is 
that the rectangular mesh gives displacement values 
which are nearly equal to those obtained by the finest 
triangular mesh. Since the difference between the 
values obtained from the two fine meshes is small, it 
can be concluded that the curves have almost 
completely converged. Hence, when the size of the 
opening is being varied, the number of internal nodes 
in the mesh for the semi-partition is maintained 
constant at 64. This will ensure that the error in the 
computed deflection remains constant. The grids used 
for partitions having a core hole of 1/4, 9/16 and 3/4 
are shown in Fig. 15. In the last case, the 
substantially reduced width of the partition does not 

permit a graded triangular mesh around the aperture; 
hence a mixture of rectangles and triangles has been 
used. Had it been possible to use a triangular mesh, 
the results would not have been very different, 
because it was shown earlier that a coarse rectangular 
mesh yielded results which were nearly equal to those 
produced by the finest triangular mesh. 

The variation in the flexibility of the column with 
the size of opening in the partitions is summarised by 
the histogram in Fig. 16. It shows that initially the 
percentage increase in flexibility is nearly the same at 
10 , lb and lc, but beyond a certain value (A/A 0 = 1/4) 
the flexibility at 13 increases rapidly. From this, it can 
be concluded that if an opening, equal in area to 1/4 
of that of the partition is provided, there is no 
appreciable decrease in the stiffness. On the other 
hand, if a shallow rib, whose depth is one-tenth the 
width of the column, is introduced into an open 
column, its stiffness is increased as much as 3 times. 

Column with and without end-plate in bending 
The open column has been subjected to a pair of 

symmetrical bending loads at 10 , lb and lc. The 
convergent curves obtained from the same meshes as 
previously described are shown in Fig. 17. Indicated 
in the figure are the experimental values from Dreyer 
and the values obtained from the approximate 
formulae given 11 • 

Comparing the computed results with each other, 
the first two formulations yield similar curves, 
whereas the third formulation, which is based on the 
eight-term in-plane and the twelve-term bending 
displacement functions, yields higher initial values. 

The difference between the initial values obtained 
from the first or second formulation and the third 
formulation decreases from 10 to lc. If the assump
tion is made that in this thin-walled column the 
membrane action plays an important role, the more 
rapid convergence with the third formulation can be 
attributed to the eight-term in-plane displacement 
function, which would permit the cubically-varying 
deflection curve to be approximated much more 
easily than the linear four-term function. As the 
loading plane is varied from ]0 to lc, the effective 
length of the column is reduced and with it the 
advantage possessed by the eight-term function over 

JL_____' _______,_______----'-------'--6 

12~ + 6 6 + Rectangular mesh 
E A Triangular 
::1.. mesh 

~ Column mesh 
~ 11'---------'---------'------'------'----'------' 20x6 

~ &t Core hole arco = 1 
a + L-----'ell.-----4.aArea of part1t1on 9 

::~------~~~--~~· ---~~-~~~~~~~-10 20 30 40 so 60 "10 
Nodes 

Fig. 14 Convergent curves for ribbed column with core holes loaded in torsion 
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Fig. 18 Comparison of convergent curves for column loaded in bending at 10 • 



S. HINDUJA AND A. COWLEY 475 

the two four-term functions. 
The difference between the converged values 

obtained from the first, second and third formul
ations (about 2 J.!m) can be attributed to the 
constraint imposed on the shearing strain when using 
the third formulation as mentioned previously. 

The convergent curves obtained for the column 
with an end-plate are shown in Fig. 18. The curves are 
not only similar in shape to those obtained for the 
open box-column, but also of the same magnitude. 
This confirms that the addition of an end-plate does 
not affect the rigidity of the colum in bending. In 
view of this further investigations on the column, that 
is with transverse partitions, were not carried out. 

COMPUTING COSTS 

The computing cost incurred for the static analysis of 
a structure, excluding the. cost for data preparation, 
can be divided into two categories: 

(a) the cost for evaluating and storing the stiffness 
matrices of the different elements and sub
structures: 

(b) the cost involved in assembling the individual 
element stiffness matrices in the final structural 
stiffness matrix and solving for the nodal deflec
tions. 

The cost for (a) can be minimised by subdividing 
the structure in such a way that it contains as many 
geometrically-similar elements as possible. For such 
similar elements only a single stiffness matrix calcul
ation need be performed. 

Therefore, having determined the total number of 
sets of different elements in a particular structure, the 
cost for (a) can be estimated with reasonable 
accuracy. When using the Atlas computer the cost for 
a rectangular element stiffness matrix evaluation is 
approximately 20 np. The cost for a beam element is 
considerably less than this whilst for the triangular 
plate and solid prismatic elements the cost is a little 
more. However, this part of the cost is usually very 
much smaller than that required for {b). This portion 
of the total cost cannot be easily predetermined since 
it depends upon a number of factors, the most 
important of which are: 

{i) The nodal bandwidth which is equal to the 
maximum numerical difference between • the 
numbers associated with any two adjacent nodes. 
It should be mentioned here that every node in the 
complete structure must be labelled with a 
different numerical value (starting with zero for a 
fixed node), for the purpose of identifying a 
particular storage area in the computer with the 
particular nodal deflection. 

The total computer storage requirement and/or 
the number of transfers between working store 
and backing store is directly related to the nodal 
bandwidth. Therefore, the structural nodes should 
be numbered in such a way as to produce a 
minimum nodal bandwidth. 
(ii) The number of equations to be solved. This is 

equal to the product of the number of structural 
nodes and the number of degrees of freedom 

associated with each node. For the analysis of 
three dimensional structures it will generally be 
equal to six times the number of nodes. 
(iii) The number of different loading cases of 
interest. In this case the cost is simply propor
tional to the number of loading cases. 
As an indication of the cost of the type of analysis 

described here, consider the case of the unribbed 
column with a mesh sub-division of 20 X 6. The time 
required to compute the eight different stiffness 
matrices for the rectangular elements was approxi
mately 6 s on the Atlas computer, which corresponds 
to a computing cost of about £1·60. On the other 
hand the time required for (b) was 2·2 min, corres
ponding to a cost of £27·40. The structure contained 
260 nodes, each having six degrees of freedom, which 
involves the solution of 1 560 simultaneous 
equations, and the nodal bandwidth was 14. Table 2 
gives a general breakdown of the costs of the various 
analyses. 

TABLE 2 Computing costs 

Mesh 

5 X 1 
7 X 2 

10 X 3 
15 X 4 
20 X 6 
25 X 6 

Unbribbed 
column(£) 

3·75 
7·20 

19·20 
12-40 
29·0 
36·75 

Column with 
end-plate (£) 

4·0 
8·25 

2Hi5 
14·55 
32·20 
39-60 

Column with 
partitions (£) 

28-10 
18·15 
37-65 
44·35 

It should be appreciated that the above costs are 
applicable only to the Manchester Atlas computer 
used. The costs involved in other computers could 
(and probably would) be substantially different. It is 
likely, however, that the costs quoted are minimum 
values since the programmes used have been written 
with careful consideration of the particular features of 
the Atlas computer and the associated system of 
costing. 

CONCLUSIONS 

The finite-element technique is without doubt a 
valuable aid to the analysis and synthesis of machine 
tool structures and structural elements. Clearly it is 
technically superior to the alternative techniques of 
physical model analysis and vastly more versatile than 
the simpler beam-like element techniques. The major 
limitation to its everyday use is the potential comput
ing costs, which may be excessive. To contain the 
cost of such analysis special skill is required in 
prescribing a suitable finite-element model. The 
required skill can only be achieved by familiarity with 
the application of the programmes to the particular 
type of structure under consideration. It is therefore 
unlikely that the technique will, in the immediate 
future, be exploited directly by the machine tool 
designer. However, with suitable collaboration 
between designer and specialist the method appears 
to have substantial potential. 

For the type of column structure considered in the 
paper it is evident that both the membrane and 
flexural stiffnesses of the column walls should be 
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taken into consideration. For the evaluation of the 
membrane stiffness either the simple linear four-term 
displacement function or the four-term Chueng 
function can be recommended. The more complex 
eight-term displacement function does not exhibit 
any significant improvement in accuracy as was 
initially expected. Indeed there is a danger that with a 
fme mesh model this formulation can lead to an 
incorrect result. Although the structures analysed 
here are of rather simple configuration the techniques 
are equally suitable for more realistic machine tool 
columns, for which one might reasonably expect a 
similar degree of accuracy in the computed results. 
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APPENDIX 
FORMULAE FOR TORSIONAL DEFLECTIONS 

The deflection at any point in a thin-walled column 
clamped at its base and loaded in torsion can be 
expressed by two orthogonal components w and v 
(see Fig. 3 for coordinate system). These components 
can be calculated from the following formulae 11 • 

_ -P et2 { !::.c x 2 2·5 x tJ.d 2 2 x 3 

v- EfJ 'z ~ ·e ·tL2 -r·L +Te t-p 

- 0·6251 (2 + t)} (I) 

w =..!.. . et { !::.c . e . t~ + 2·5 x + tJ.d €2 t2 . ~ 
EfJ 2 tJ. L L. t tJ. L 

- 0·6251 (1 + t + t2)} (2) 

where tJ. = 4A 1A2-At tJ.d = 2A2As- A3A4, 
!::.c= 2AtA4 -A3As 

A 1 = (l+t)et3 {12e2 t2 + 1·875 (1-t)2 
48 

48€ 2 t 2 82 
+ 1·5 (I +4t+t2) + (1 +t)2 '];2 

(0·57 e4 t4 + 0·52 (1 +t) X (2+t2) 

+ 0·13 (1-t)2 - 0·5 € 2 t2 (3+2t+t2)} 

A = (l+t) e.t3 { 1 + 48 e2 t2 -~ . €2 t2 } 
2 12 (l+t)2 h2 5 

A = (1 +t) et3 
3 12 

{ x3 x 
A 5 = e.t e2 .t2 ·})- 0·625 LP (I +t+t2)- 0·3125 

(1-t2)-(1-t) € 2 t2£ 1·041 (3+2t+t2) 
(l+t) . h2 

-2 €2t2} 

If only the membrane stiffness of the walls is 
considered then the displacements w and v at the 
cross-section where the load is applied are given by 

w = !e~t2 { 4 € 2 (I +t)2 + 3;2 + 2t + 0·5 } (3) 

v = _..!i_ { 4 € 2 (I +t)2 + 0·5 (t2 - t + 1)} (4) 
2e8t 

DISCUSSION 

Query from S. Taylor, University of Birmingham. 

Better accuracy is obtained by finite elements if the 
load and displacement are at different points. This is 
because it avoids the effects of local loads which are 
less accurately represented. Consequently, a smaller 
number of elements will suffice in this case. With a 
very small number of large elements, the effect could 
be appreciable. 
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Reply 

This is generally true and is borne out by the results 
shown in Table 3 below. It can be observed from these 
results that, as the mesh is refined, the deflection at 
the unloaded corner remains constant, whereas that 
at the loaded corner steadily increases. The difference 
between the deflections at the unloaded and the 

TABLE 3 

la 
Mesh 

Loaded corner Unloaded corner 
(Jlm) (~m) 

10 X 3 12·77 9·426 
15 X 4 13·24 9·448 
20 X 6 13·75 9·464 
24 X 6 13·91 9·464 

loaded corners is due to the localised deformation 
occurring at the junction of the side walls and the 
front walls. In practice, however, the localised 
deformation may form an insignificant component of 
the total deformation because the load, which is 
transmitted to the column via the slideways, is spread 
over a sufficiently large area. 

lb 

Loaded corner Unloaded corner 
(~m) (~m) 

7·357 4·125 
7·592 4·216 
8·078 4·218 
8·283 4·219 
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TOOL-LIFE EQUATIONS AND MACHINING ECONOMICS 

by 

G. BARROW* 

SUMMARY 

Since F. W. Taylor first expressed the life of cutting tools in a mathematical form, several workers have proposed 
alternative equations. The important equations used in the past are reviewed and their validity discussed. The 
effects of tool-life criteria and machining conditions are considered, and the feasibility of incorporating the 
various equations into economic machining analyses are discussed. 

INTRODUCTION 

The need for accurate assessment of tool life has 
increased considerably in recent years with the 
development of numerically controlled machine tools 
and optimization procedures. The general trend has 
been the development of equations relating tool life 
to the machining variables involved. Although there 
are considerable advantages in using these equations 
for the prediction of tool life, there are cases in which 
discrete values of tool life are adequate, particularly 
for application in industry. When evaluating econ
omic cutting conditions there are obvious advantages 
in using tool-life equations rather than discrete values. 

When considering the validity of tool-life 
equations it should be remembered that they are all 
empirical in nature. In view of this it is impossible to 
make any firm decision that a particular equation is 
valid for all cutting conditions. Several of the 
equations discussed are applicable to a wide range of 
machining operations; in many cases, however, they 
have only been applied to turning operations. In view 
of this the following discussions are based on the 
turning operation only. 

TOOL-UFE CRITERIA 

Before considering the form of tool-life equations it is 
essential that the end of the life of a cutting tool is 
specified. In view of the wide range of material com
binations and cutting conditions encountered in 
practice, this is not an easy task. 

In general, a tool may reach the end of its useful 
life by any of the following modes: 

(1) clearance or flank face wear, 
{2) rake face or crater wear, 

{3) plastic deformation of the cutting edge, 
{4) thermal cracking and mechanical chipping of 
the cutting edge. 
Tool failure in the case of (3) and (4) is generally 

catastrophic in nature and should be avoided. It is, 
therefore, normal to consider tool life in terms of 
flank or crater wear {Fig. 1 ). It should be noted that 
in many cases, thermal deformation of a mild form 
does not lead to immediate tool failure, but acceler
ates the rate of flank wear. 

Because catastrophic tool failures should be 
avoided, it is essential that certain limits on wear 
should be stipulated. The following values are recom
mended. 

Carbide and ceramic tools 
Flank wear as depicted in Fig. 1 : 

VB = 0·015 in 
VN = 0·030in 
YBmax = 0·030 in 

When applying these criteria it is suggested that the end 
oftoollife be defined as when the wear reaches one of 
the limiting values stated. 

Crater wear: 

KT = 0·004 + 0·3 sin 
where s = feed in mm/rev. 

High speed steel tools 

YBmax = 0·060, or complete failure. 

Complete failure of high-speed steel is particularly 
recommended for cases in which material build-up on 
the tool makes measurement very difficult. Although 
the failure of tools by crater wear does occur, experi-

*Division of Machine Tool Engineering, Department of Mechanical Engineering, UMIST. 
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ence has shown that, provided the correct tool 
material is used, failure by flank wear is usual. In view 
of this, tool-life equations are usually developed using 
a flank-wear criterion. 

The quoted values of flank wear for carbide tools 
are by no means arbitrary. A judicious choice has to 
be made between values which are too high (high 
forces and increased chance of premature failure) and 
values too low (short tool lives). An indication of the 
problems involved can be obtained by considering 
Fig. 2 which shows schematically the relationship 
between flank wear and time. Three stages are identi
fiable: 

(a) an initial rapid wear rate, 
{b) an approximate constant wear rate, 
(c) another zone of rapid wear which leads to 
eventual failure. 
It is clear from Fig. 2 that there are considerable 

advantages in utilizing the linear portion of the curve 
as much as possible. The value of flank wear reached 
before the second {linear) stage is reached varies con
siderably for different tool and workpiece combin
ations. There is, however, a general trend depending 
on the type of carbide, as shown in Fig. 2. The curves 
in Fig. 2 are very approximate, as the properties of 
the carbide within each I.S.O. group considerably 
affect the wearing mechanism. In some cases, VB may 
be as much as 0·013 in before the linear portion of 
the curve is reached {the shape of the linear portion 
approaches zero in some cases). The mean level of 
flank wear (VB) should, therefore, be greater than 
this value. 

Carbide tools will often cut satisfactorily with 
flank wear values in excess of those which are suggested. 
There is, therefore, some 'safety margin' which is an 

Crater wear 

Section A- A 

Fig. 1 General configuation of tool wear. 

advantage when considering the intrinsic scatter in 
tool-life results. 

Although the above values for flank wear are those 
generally recommended, there are cases in which 
lower values have to be considered in view of the 
following factors: 

(a) influence of tool wear on surface fmish and 
dimensional tolerance, 
(b) with certain tool and workpiece combinations 
(and cutting conditions) fracture of the tool edge 
at certain values of flank wear, 
(c) there is also evidence1 that with some high
strength materials, metallurgical damage of the 
machined surface occurs at high flank-wear values. 
The choice of tool-life criterion has a considerable 

influence on the form of tool-life equation, as shown 
in Fig. 3. It is, therefore, difficult to compare tool-life 
data if different criteria are used to define the end of 
tool life. 
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Fig. 2 Specimen flank wear-time characteristics. 
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TOOL-LIFE EQUATIONS 

Taylor-type equations 
The best known tool-life equation is that of Taylor3 

VJO!=C (1) 

where Vis the cutting speed, T the tool life, a the 
slope of the log T -log V plot and C the so-called 
Taylor constant; that is the cutting speed for a I min 
tool life. 

This formula indicates a linear relationship 
between log T and log V (that is, a is a constant). 
Experience has shown that in general a curve results 
from a log T -log V plot and that constant a is a 
special case which occurs in certain conditions. Fig. 4 
shows linear Taylor plots obtained at UMIST, and 
Figs. 5-8 show non-linear Taylor plots obtained by 
other workers. In Fig. 6 the curves have been plotted 
in accordance with the concept of equivalent chip 
thickness, which will be discussed in detail at a later 
stage. It is, however, sufficient at this stage to con
sider it as an equivalent feed. 

Figs 4-8 and general experience of tool-life 
testing suggests that non-linear Taylor plots are most 
likely to occur in the following conditions: 

(a) when machining high-strength, thermal
resistant materials with all types of tool materials, 
(b) when machining in conditions which give very 
long tool lives, 
(c) at high rates of metal removal, 
(d) in finish turning conditions as indicated by 
Kronenberg 7 • 

There are many cases in which these general rules 
are contradicted. But, until the mechanism of tool 
wear is more fully understood, it is impossible to 
define clearly the conditions in which a Taylor 
equation with constant a applies. These general rules 
do, however, indicate the conditions in which 
extreme care in determining tool life is advisable and 
indicate the dangers of extrapolating tool-life curves. 

The Taylor equation seems to be reasonably valid 
when machining carbon and low alloy steels with all 
types of tool material in semi-roughing conditions 
(depth of cut 0·050-0·150 in and feeds of less than 
0·020 in) when cutting with speeds to give a tool life 
of between 10 and 50 min. Fortunately, when using 
carbide throwaway tools, one is chiefly interested in 
tool lives of 10-50 min, because it is in this region 
that optimum economic conditions are approached. 
An exception to this is in the case of transfer lines, 
where it is usual to change tools at half or full shift 
intervals (that is, tool lives of 240 min and more). 
This is usually the region of maximum curvature and 
extrapolation of a Taylor curve into this region can 
give considerable errors. 

Kronenberg8 has suggested a method of 
'straightening' a curved log T -log V plot. This is 
achieved by adding or subtracting a constant 
straightening factor, Ks , to or from all values of 
speed and tool life, and re-plotting the results in the 
form 

(2) 

The curvature of the original data determines whether 
the straightening factor is added or subtracted, as 
indicated in Fig. 9. Kronenberg used trial and error 
methods to determine Ks and checked his guess by 
the equation 

O:t = log [V2 + (Ks/Vl) + Ks] (3) 
log (T./T2) 

Yellowley and Barrow9 have shown that equation 
(2) implies that 

(4} 

Therefore, if the amount of non-linearity is small K ' s 
and o:1 can be obtained by plotting 1 /V against a . 

Equation (1) only relates cutting speed to tool life 
for a particular tool-workpiece combination, and 
does not consider other cutting variables and tool 
geometry. To connect tool life with several variables 
Taylor derived the equation ' 

VT= cl [1- 8/7 (32re}2] I 
(5} 

{ S21s + 5 + (2·12/32re}(48a/32re)2/ts + 
0·16 (32re)1/2 + 0·8 (32re)/[6 (32re} + 48a]} 

where V T is the cutting speed for tool life T, S is the 
feed, a is the depth of cut, re is the tool nose radius, 
and cl is a constant. 

Although this equation includes the important 
variables, feed and depth of cut, it is too complex and 
limited to be of any practical use. Taylor considered 
that feed and depth of cut could not be combined 
into a single variable. But, Kronenberg' used the data 
obtained by Taylor and found that in most cases the 
area of cut (S. a) could be used as a single variable. By 
plotting data in the form of log V T -log A, he 
developed the relationship 

(6} 

Where C2 is a constant, that is the cutting speed for 
an area of cut of 0·00 I in2, A is the area of cut and z 
the slope of the log Vr-logA plot. 

Combined with Taylor's relationship V rex = C, 
equation (6) becomes 

(7) 

A shape effect was introduced by considering the 
slenderness ratio G = a/S, so that 

(8} 

where u is a constant and the term G/5 relates G to 
an average value of G which Kronenberg considered 
to be 5. 

Although equation (8) considers both feed and 
depth of cut, the nose radius is not taken into 
account. Thus, the equation omits a relatively impor-
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tant variable and is felt to be inferior to equations 
using the concept of chip equivalent which are dis
cussed later. 

Although Taylor connected tool life with cutting 
speed, feed and depth of cut in separate equations he 
never attempted to combine them together. This is 
now done regularly and is known as the 'Extended 
Taylor Equation', 

(9) 

c3 ' a: ' {3 and 'Y being constant. 
This equation is used extensively but it still omits 

tool geometry and assumes that the exponents a: , {3 
and 'Y , are constant. As in the simple Taylor 
equation, this is not generally so and large errors can 
occur. The general trend of tool life with the cutting 
speed, feed and depth of cut is shown schematically 
in Fig. 10. The amount of curvature in a particular 
case depends on the tool and workpiece combination 
and the cutting conditions. 

Provided a , {3 and 'Y are reasonably constant, 
equation (9) is quite useful, but the evaluation of a , 
{3 ' 'Y and c3 is, however' quite laborious as at least 
three sets of tests involving fifteen tool-life values are 
required. 

Equations based on the chip-equivalent concept 
In the 1930s Woxen 10•11 suggested that tool life 
could be related to cutting temperature, by evaluating 
a heat balance in steady-state cutting conditions. He 
showed that cutting temperature was a direct func
tion of the chip equivalent, q, for a given cutting 
speed and tool-workpiece combination. The chip 
equivalent q is defined as the ratio between the length 
of the tool edge contacting the work (L) and the area 
of cut (A) as shown in Fig. 11, 

q =L/A in-1 

In some cases the inverse of the chip equivalent is 
used and is called the equivalent-chip thickness, he. 
The proposal by Woxen that temperature is a func
tion of chip equivalent has been substantiated by 
several workers using tool-work thermocouple tech
niques. 

Woxen assumed that the conditions resulting in 
constant temperature also resulted in a constant tool 
life. Using this assumption he was able to predict the 
shape of a V T -8 plot, as shown in Fig. 12. The form 
of the plot was very similar to a V T -q plot, as indic
ated in Fig. 13. Using the form of Fig. 13, Woxen 
proposed the tool-life equation 

(10) 

He found that in general, V T -q plots were not linear 
and introduced the factor (1/l+gq) to account for 
this fact and amended his equation to 

(11) 

where g is a constant. 
Tool life T was introduced as a separate factor by 

adding the term (Txl1)a and assuming that the 
Taylor equation was generally valid. 

:. V= ( i )a Gs ( ~\+g:) (12) 

where T x is a certain tool life, say 30 min, and G sis a 
constant, dependent on the work and tool materials 
and is related to Tx. 

Woxen recognized that the Taylor exponent, a , 
could vary and added a further term to overcome this 
difficulty, thus 

V= [ (i)a + g1 T] Gs ( ~\+g:) (l3) 

where g1 is a constant. 
Although the equations developed by Woxen seem 

to be valid for a wide range of cutting conditions, 
they are rather complex and difficult to use. The 
complexity of the equations is chiefly because of 
non-linearities in the original V 1 q plot, which was 
made in a linear manner. If log V T is plotted against 
log q, the resulting terms are often linear (or nearly 
so), thus tool life can be expressed as 

VT= Jqi (14) 

where J and j are constants. 
Equation (14) can be expanded to include tool life 

as a separate term, resulting in 

T~ c q!" T~q6 =C4 v 1 -- = 4 or v 1 -- (15) 

Colding12 and Brewer and Rueda13 used relation
ships of the form of equation (15) and showed that 
the exponents a and o are not necessarily constant. 
Extensive tool-life testing at UMIST has shown, how
ever, that although curved plots do occur when using 
the chip equivalent rather than the individual vari
ables, the amount of curvature is considerably 
reduced. 

Using dimensional analysis, Colding proposed an 
equation of the form 

K+aX+cY-Z+hXZ=O 

or in a more general form 

K+aX+b y2 +c Y+d y2 +eZ2 -z 
+[XY+gYZ+hXZ=O 

(16) 

(17) 

where X= log q, Y =log V, and Z =log T, and a, b, c, 
d, e, [, g and h are constants. 

The validity of equation (17) is shown in Fig. 14 
for the turning of 0·45% carbon steel. Equations (16) 
and (17) are valid over a wide range of cutting condi
tions and can cope with tool-life curves with consider
able curvature, but the evaluation of the constants to 
a reasonable degree of accuracy involves at least 
twelve tool-life points and the use of digital comput
ation techniques. 
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Konig-Depiereuz equation 
Konig and Depiereux6 developed an equation which 
can accommodate non-linearities in the log T -log V 
and log T -log S plots. Typical curves of this type are 
shown in Fig. 7. The considerable variations in slope 
of the curves are shown in Fig. 8. 

The slope of the log T -log V curve can be 
expressed as 

K=Kv vm or (
a log T) K- --- - a log v s 

and of the log T -logS curve 

or -i = ( a log T) 
a logS v 

:.-K= (alogT ar ~) 
ar av a log v s 

which gives 

and 

Now dT = 

( aT) =- T Kv ym-1 
av s 

( aT) - T. sn-1 - -- zs 
as v 

ar dV+ ar dS 
av as 

which leads to 

Jd; = J-KvV"'- 1 dV+ j-issn-tdS 

. ( -K V um is n ) .. T = exp -;;;- Y - -;;- S + C (18) 

If the slope of the log T -log V curve is constant the 
equation is modified to 

( -is n ) K T=exp nS +C v- (19) 

Konig and Depiereux developed computational 
techniques to evaluate the various constants and 
predict the tool-life curves from only five wear tests. 
Fig. 7 shows how the predicted curves are consistent 
with the experimental points. 

Discussion 
The general validity and accuracy of the various tool
life equations have already been mentioned. It is, 
however, pertinent at this stage to consider all the 
equations together and to attempt certain recom
mendations. It has already been mentioned that the 
various tool-life equations are empirical. In view of 
this, when discussing the general validity of the 

equations one has to rely very much on experience. 
The criteria for acceptable equations are as 

follows: 
(a) produce a good 'fit' to experimental points, 
(b) cater for a wide range of cutting parameters, 
speed, feed, depth of cut, and so on. 

In order to satisfy the second criterion the equations 
of interest are. 

(1) extended Taylor equation, 
(2) Kronenberg's equation, 
(3) all equations using the chip-equivalent con
cept, 
(4) Konig-Depiereux equation. 
Of these four, the equations using the chip

equivalent concept are particularly useful because, as 
well as the machine variables (speed, feed and depth 
of cut) they also include the tool approach angle and 
nose radius. The Konig-Depiereux equation does not 
cater for depth of cut in its present form, but does 
take non-linearities into account. 

If one considers the intrinsic scatter in tool-life 
results (even with closely controlled tool and work
piece materials), it is doubtful whether the more 
sophisticated tool-life equations (catering for non
linearities) are really necessary or indeed applicable at 
present, except, of course, in cutting conditions in 
which extreme non-linearities are expected, as previ
ously mentioned. In other words, when evaluating the 
constants in equations (9) and (15), a reasonable 
amount of non-linearity can be accommodated when 
applying the necessary 'safety factor'. Although it is 
relatively simple to apply confidence limits to a 
Taylor equation, it is usually adequate to use graph
ical techniques as the Taylor plot cannot automatic
ally be assumed to be linear. The same argument 
applies to several of the statistical techniques pro
posed for tool-life testing. 

In many cases tool-life data are not required in the 
form of equations but in a tabular form. If this is the 
case, an ideal technique is the one produced by 
Yellowley and Barrow9 , which uses the tool-life 
equation, 

v rx h~ = constant 

and recognizes the fact that a: and o may not be 
constant. The equation is expressed in the form of a 
T-V-he plot, as shown in Fig. 15. The technique has 
been reported in detail9 but it is relevant here to out
line the plotting procedure as follows: 

(1) evaluate one V-T curve over the required 
practical range of conditions at average values of 
feed and depth of cut (constant he), 
(2) evaluate the tool lives corresponding to other 
conditions of feed and depth of cut (various values 
of he) at an average velocity. 
Having established the tool-life points as indicated, 

it is possible to draw a straight line through the points 
at constant velocity and parallel lines through the 
other velocity points (Fig. 15). If a: and o are 
constant, the lines will all be parallel and spaced in 
accordance with a logarithmic series. In this case only 
five points are required in order to predict the tool 
life over the full working range. But, if a: and o do 
vary it is necessary to draw the 'best' set of parallel 
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lines through the data points and so average out the 
errors caused by non-linearities. For this, more data 
points are required and it is recommended that further 
points should be chosen where maximum curvature is 
to be expected, that is at low speeds and high feeds, 
and at high speeds and low feeds. The technique has 
been applied9 to the data of Konig and Depiereux 
shown in Fig. 7 using seven data points, and enabled 
the remaining tool lives to be predicted with consider
able accuracy. 

The data in Fig. 15 were obtained using several 
feeds and depths of cut and for two approach angles, 
and demonstrate the validity of using the equivalent 
chip thickness in tool life studies. From Fig. 15 it is 
possible to obtain tool-life data in a tabular form over 
a wide range of cutting conditions. There are several 
formulae for calculating the equivalent-chip thick
ness, depending on the type of tool and cutting 
conditions. Whitehead 14 has developed formulae for 
round, square and triangular throwaway tipped tools 
for all the usual combinations of feed and depth of 
cut. In view of the complexity of these equations, the 
use of nomograms is recommended. 
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MACHINING ECONOMICS 

A considerable amount of work has been undertaken 
concerning machining economics. It is only possible 
here to discuss some of the available literature and 
emphasis will be placed on the role that tool life 
equations play in evaluating optimum economic cut
ting conditions. 

The selection of economic cutting conditions is 
complicated to a certain extent by the large number 
of variables involved. True optimum conditions can 
rarely be achieved, because of tool and workpiece 
variability, inadequate machine tools and insufficient 
cost data, and so on. It should also be remembered 
that optimum conditions for one operation may not 
be the same for a complete manufacturing system . 

Machining cost and time per component 
The machining cost per component is made up of 
several different costs. There are several ways of 
expressing these, and the one shown here has been 
used by several workers in the past. 

(a) Non productive cost 

C1 =x T1 

(b) Machining cost 

C2 =x T2 

(c) Tool changing cost 

c3 =X T3 (TcutfT) 
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(d) Tool cost 

C4 = y (Tcut!T) 

where x =cost rate (labour, overheads, depreciation, 
and so on), T1 = non-productive time, T2 = machin
ing time (feed engagement)~ Tcut, T3 =cutting edge 
change time, Tcut =actual cutting time, T =tool life, 
y = tool cost per cutting edge. 

+(material cost, C5 ) (20) 

After the material specification has been deter
mined, the material cost can be omitted from the 
analysis and the total cost of 'machining' can then be 
written 

C=x(T1 +T2 +~)+y'? (21) 

The machining time per component can be written as 

(22) 

as Tcut""" T 2 • 

The variation of cost and time per component with 
cutting speed is shown in Fig. 16. Similar trends exist 
with the other principal cutting variables, feed and 
depth of cut. 

Economic criteria 
The economic criteria normally considered are the 
following. 

(a) minimum cost per component, 
(b) maximum production rate per component, 
(c) maximum profit rate per component. 
The minimum cost per component is found by 

minimizing equation (21) and the maximum produc
tion rate by minimizing equation (22). For the maxi
mum profit rate per component criterion it is 
essential that the income per component is known, 
that is: 

Profit rate, Pr = 

Income per component (I)-Cost per component (C) 
Time per component (1) 

I -y (T2) 
. I -C T that ts P = -- = ----=-----=-

' r T T 
T1 + T2 + T3 ( T) 

(23) 

and the maximum profit can be found by maximizing 
this equation. 

Several workers have used one or all of these 
criteria in evaluating economic cutting conditions. It 
can be seen from equations (21) (22) and (23) that in 
order to evaluate economic cutting conditions, it is 
essential that information is available regarding cost, 
time and tool-life data. Although it is not essential 
that tool-life data be expressed in a mathematical 
form, it is certainly more convenient and most 
workers use some form of tool-life equation. 

Restrictions on optimum cutting conditions 
In most practical cases it is impossible to apply the 

theoretical optimum cutting conditions because there 
are several constraints on the process. These have 
been discussed by several workers13 •15 •16 and in 
general the following factors have to be considered. 

Machine tool maximum feed and speed restriction
This is an obvious point but in some cases 'stepped' 
feeds and speeds can create similar problems. 

Machine tool maximum power-Cutting power can 
be expressed as 

P=Kp vsa ab 

11 

Where Kp, a and b are constants depending on the 
tool and workpiece combination, and 11 is the effi
ciency of the machine-tool drive. 

Workpiece rigidity-On certain workpieces the 
maximum force applied may have to be restricted 
because of excessive deflections. 

Surface fmish-The theoretical peak-to-valley 
height of a round nosed tool is 

sz 
h=-

8 'e 
When finish machining it is almost certain that the 
feed must be limited to achieve the required surface 
fmish. 

Cutting tool-In certain cases the cutting condi
tions must be limited to avoid failures of the cutting 
tool caused by other types of failure than those 
considered in evaluating the tool-life equations. 

Analysis based on the Taylor or extended Taylor 
equations 
The extended tool-life equation 

can be modified to 

_ A _ B1/f~. 
T- V 11o: sW - V 1to: 

by considering cases when depth of cut and feed and 
depth of cut are constant. 

Using the extended Taylor equation, there are three 
principal variables (V, S and a) to consider. Brewer17 

showed that wherever possible it is most economical 
to remove the required material in one pass. Although 
this is usually true if no constraints are imposed, it 
does not generally lead to the most economical condi
tions, as indicated by Crookall and Venkataramani18• 

But, the multi-pass case is extremely complex and it 
is doubtful at present whether the refinements 
obtained are justified. I am of the opinion that 
analyses of multi-pass cases are 'a step in the right 
direction', but industry can still benefit considerably 
by applying the much more simple single-pass case. In 
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view of this, the analyses considered are all based on 
single-pass machining. 

Considering constant depth of cut and a cylind
rical workpiece of length 1 and diameter D, equations 
(21) and (22) can be re-written 

C=xT +~+xT .!_ V(1/(H) s(1/f3- 1) 
1 )..VS 3 M 

+ yl v (1/tx-1} s(l//3}-1 (24) 
M 

and T = T + - 1- + T3 1 V (1ta- t) S (1 /13- 1 ) (25) 
1 )..VS M 

where A= 12/7fl). 

The two cutting variables, V and S, are indepen
dent, so that no unique optimum occurs. As tool life 
is usually more sensitive to changes in velocity than 
feed the 'best' optimum is usually obtained by 
utilizing the highest possible feed. Minimum cost 
and maximum production rate are, therefore, 
obtained when ac;av = 0 and ar;av = 0, respec
tively. This gives optimum tool life for minimum cost 

(26) 

and for maximum production rate 

(27) 

Armarego and Brown 15 obtained similar expres
sions for the maximum profit-rate criterion and have 
composed the three criterion, as shown in Fig. 17, 
from which it is clear that it is possible to make a loss 
when using the minimum-cost or maximum
production-rate criterion. But, provided relatively 
high feeds are used, the maximum-profit-rate condi
tions are somewhere in between the conditions which 
give minimum cost and maximum production rate. 
Although the maximum , profit rate is undoubtedly 
the best criterion to use, the analysis is complex and 
some knowledge of the selling price is required. In 
practice, evaluating the proportion of the selling price 
to allocate to each operation is a difficult, if not 
impossible, task. Therefore it is usual to use the 
minimum-cost or maximum-production-rate criteria. 
It is good practice to use conditions between those 
which give minimum cost and maximum production 
rate, as suggested by Hayes19 • 

Analyses using the chip equivalent or equivalent-chip 
thickness concept 
Colding5 •12, Brewer and Rueda13 and Radford and 
Richardson10 have used the chip equivalent (or equiv
alent-chip) thickness concept in machining economics. 
Brewer and Rueda considered the equation 

VTa h 6 =constant e 

Realizing that feed was an important variable, 
however, (particularly for surface finish constants) 
they modified the tool-life equation as follows, so as 
to retain feed as an independent variable. 

VTfl (GS)0 =constant 

where G = he/S. They also considered the optimum 
values of wearland to give minimum tool costs when 
using brazed-tipped tools, which seems to be an un
necessary sophistication. Except for these minor 
modifications the analysis was identical to that 
already discussed. ·Brewer, however, preferred the use 
of nomograms to mathematical analysis. 

Colding5 modified equation (21) to the form 

t T1 
C=x T2 (I+;+ '!J) (28) 

where tv = Tx + yfx and is defined as the time 
equivalent of tool cost and tool changing computed 
in terms of equivalent machining time. Equation (28) 
can also be written in the form 

x W 1 t T 
C= .c (1 + ...!.+---.!.) (29) 

L PS T T2 

where We is the volume of metal to be removed per 
component, that is, 

we =~~X T2 = T2 v sa in3 

thus T2 = ~ 
LxPS 

where PS = V/q the specific productivity per unit 
length of cutting edge, L. 

The productivity, P, is then given by 

P=PS X _T_ in3 min-1 in-1 

T+ tv 

Using a generalized tool-life equation of the form 

1/>(X, Y, Z)= 0 

where X = log q, Y = log V and Z = log T. Colding 
showed that the maximum value of P (minimum cost) 
occurs when 

az ea 
=-(l+t) 

ay X= X. tv 
I 

Economic cutting conditions can be found by 
digital computation or by using a simple graphical 
technique as shown in Fig. 18, in which productivity 
P is plotted against Z, with X as a parameter, using 
graphical tool data. 

Konig-Depiereux analysis 
Konig and Depiereux6 used a cost equation of the 
form 

(30) 

where K is the cost per unit volume. By incorporating 
their tool-life equation 

KV i5 
T=exp(-- vm --sn +c) 

m n 
mto equation (30), and differentiating showed that 
the economic cutting conditions could be evaluated 
from the following equations 
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ym [(Kv/n) + (Kv/m)] -log X + c Max. profit 
xT3 +y rate 

=-log (Kv V""- 1) (31) 
wd \ 

X sn = [log T + + c 
X 3 y 

-~ V"' -log(Kv vm- 1)] i8 /n (32) 

Equation (31) does not contain the feeds wd the 
economic cutting speed can be calculated uniquely, as 
shown in Fig. 19. 

Discussion 
The problems of applying a maximum-profit-rate 
criterion have already been discussed, together with 
the probability of making a loss when using the 
maximum-production-rate criterion. In view of this 
it is recommended that the minimum-cost criterion be 
used, realizing, of course, that this will not yield the 
maximum profit. In some cases (for example, sub-con
tract machining) the maximum profit rate em be 
applied successfully. 

Because of the high cost of obtaining the 
extended-tool-life equation, analyses using the chip
equivalent concept seem to have certain advwtages. 
If the procedure suggested by Colding is used, data 
are readily available for a wide range of cutting condi
tions and the graph can be used for several cases 
provided that the cost, time and tool-life data do not 
vary. This is also true of the Konig-Depiereux analy
sis. A particularly good feature of both these analyses 
is that they readily indicate the influence of the 
various practical constraints on machining costs. On 
the other hand, using the extended Taylor equation 
approach, reasonable cutting conditions can be 
chosen very rapidly by the use of equation (26), 
chwges in cost rate and tool costs being catered for 
when required. 

One of the principal features of most walyses is 
that it is usual to use one cost rate, x, to determine 
non-productive, machining and tool-changing costs. 
This assumes that the machine tool costs the same 
amount to operate whether it is cutting or not. 
Although this is obviously not the true situation, the 
use of different cost rates is difficult to apply in 
practice. 

It should also be remembered that the tool-life 
data used are necessarily rather conservative. One 
cannot, therefore, expect the application of the 
various economic walyses to yield precise results. 
But, the analyses should at least approach optimum 
conditions. 
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SUMMARY OF PRINCIPAL CONCLUSIONS 

Depending on the complexity tolerated, it is possible 
to describe empirical tool-life data in a reliable mathe
matical form. 

The Taylor-type equations are not generally valid, 
and should only be used when it is known that the 
indices are essentially constant. 

Equations using the chip equivalent or equivalent
chip thickness concept are valid and possess consider
able advantages in terms of reduced experimental 
effort. 

In view of inadequate time, cost and tool-life data, 
economic analyses can only yield approximate 
optimum conditions. 
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DISCUSSION 

Query from F. B. Hinderwell 

Since tool life prediction is said to be largely a 
question of curve fitting, could the author give some 
indication of the degree of repeatability obtained in 
the tests, particularly with different samples of 
material to the same nominal specification. 

Reply 

It is not easy to give a general answer regarding the 
repeatability of tool-life tests, since a large number of 
factors are involved even when machining material of 
the same minimal specification. One has to consider 
not only the workpiece material but also the tool 
material and, where industrial application is con
cerned, the variability from machine to machine. 

Provided some sort of tool material control such as 
visual inspection for micro-chipping and correct 
blending of nose radii etc. is employed, it is possible 
to reduce the variability of the tool material to small 
limits. It should, however, be realised· that the quality 
control at the basic manufacturing stage is also of 
importance and in my experience this control varies 
considerably for different manufacturers. Using 'good' 
tools, differences in tool-life of ± 100% (in some cases 
even higher) have to be tolerated for materials 
supplied to normal specification standards. When one 
considers the more exotic materials which have 
tighter specifications the variability is considerably 
reduced. 

When considering tool-life variability, it should be 
remembered that industry is usually concerned with 
metal removal rate and in view of the fact that tool
life is very dependent on cutting speed, a small reduc
tion in cutting speed can easily accommodate the ± 
100% variability in tool-life at a given cutting speed. 

Query from P. F. Jones, P. A. Management 
Consultants Ltd 

It is important to recognise the difficulty of applying 
much of the theoretical work in metal cutting 
economics to the practical industrial situation. In the 
first place single point turning of plain diameters is 
only a small part of machining work in industry. 
Secondly, the absorption costing technique implied in 
the general approach used is misleading as a much 
higher proportion of cost than that assumed is often 
ftxed per part produced. Bearing in mind the 
numerous variables and practical problems in the 
average machine shop, the best approach to eco
nomics is to consider incremental costs before and 
after a change is made. Provided sensible practical 
criteria are applied what is required is a simple 
methodology not advanced theoretical conceptions. 
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Reply 
The author would like to thank Mr Jones for his valu
able comments regarding the difficulty of applying 
theoretical work in metal cutting to the practical 
industrial situation. However, whilst I appreciate Mr 
Jones's concern I believe that the analyses reported in 
the paper can assist the engineer in achieving reduc
tion in costs, etc. 

Although the work described was undertaken on 
single point tools it should be remembered that the 
basic concepts can be (and have been) applied to 
other operations. Whilst the method of 'incremental' 
costs suggested by Mr Jones is obviously a valuable 
tool it is surely advisable to have an indication of the 
consequences of a change in production rate, etc., 
beforehand. 

Query from Prof. J. Peters 

I like very much your approach using the concept of 
equivalent-chip thickness or chip equivalent. 

A week ago at the CIRP meeting we discussed the 
results of our cooperative grinding work, as well as 
the combination of data of different authors 
published in literature. 

Thus, the question arose: Would we use the 
equivalent-chip thickness or its inverse the chip equiv
alent? It was decided to prefer the equivalent-chip 
thickness because it is more directly related to feed, 
whereas the value of chip equivalent increases as the 
chip thickness decreases. 

Reply 

I should like to thank Professor Peters for his 
comments and would agree with him that it is prefer
able to use equivalent-chip thickness rather than chip 
equivalent. 



SELECTION OF CUTTING SPEEDS BASED 
ON UNCERTAIN DATA 

by 

RICHARD L. KEGG* 

SUMMARY 

This paper considers how the sensitivity of the cost or time response to deviations in speed, from the theoretical 
optimum speed, decreases as the value of Taylor's exponent n increases, and evolves some clear, practical rules. 

INTRODUCTION 

In selecting cutting speeds for machining, it has 
always been taught that for each combination of 
machining conditions there is one unique speed that 
gives minimum cost. This unique speed can be 
calculated if the two constants of the Taylor tool-life 
equation: 

vTn=c (1) 

are known. It has also been taught that the exponent 
n is reasonably constant for a given cutting tool 
material, and that variations in workpiece machin
ability and machining conditions cause only the 
constant C to vary. Pilafidis1 has recently shown that 
this is wrong. Table 1 is a summary of his analysis of 
140 selected tool-life curves from published liter
ature. The tool-life exponent is not a well-behaved 
constant. It now appears that two of the inputs to the 
machining economics equations are highly variable, 
uncertain quantities. 
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As an example of the uncertainty of n, the CIRP 
cooperative research2 has shown that even under 
highly standardized, carefully monitored laboratory 
conditions, n can vary over a range of 3:1. The 
uncertainty of the tool-life equation may be further 
illustrated by statistical analysis of machinability 
data. 3 contains several tool-life vs. cut speed curves 
consisting of more than the usual number of data 
points. One of these curves is replotted in Fig. 1. 
From this we see that a straight line fits the data very 
well, but that some scatter is present. Fig. 2 shows 
the amounts by which the data deviate from the best 
straight line. A statistical analysis of these data (see 
Appendix) tells us the following: There is a 10% 
probability that the actual life of any given tool will 
lie outside a 20:1 range around the best tool-life 
curve. This means that, even having carried out such 
thorough testing, there is a good chance that our best 
estimate of tool-life will be off by a large factor when 
applied to a single case. Since this degree of scatter 
was obtained in a doctoral thesis, we might expect 
normal data-taking to produce even wider variations. 

.... 
4340 0 

v 0 
0 

30 60 100 200 
Tool life mins 

Fig. 1 Plot of tool-life against cutting speed. 

*Cincinnati Milacron Inc., U.S.A. 
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Fig. 2 Ratio of measured tool-life to Taylor curve prediction. 

If tool-life data are actually as variable as these 
results would indicate, we should seriously question 
the value of minimum cost calculations. We must 
make it very clear that the calculation of specific 
optimum cutting conditions gives only a best estimate 
which may actually be a poor one. But even though 
we cannot accurately predict the optimum speed, we 
can make good use of economic analysis. The most 
useful results for those who actually select speeds in 
practice are the general rules-of-thumb which apply 
to all machining situations, regardless of specific 
machinability data. For example, from Gilbert's 
results4 we may derive the following rules: 

I. For expensive tools, longer tool-life is more 
economical. 

2. For difficult-to-change tools, longer tool-life is 
more economical. 

3. For expensive machines or expensive labour, 
shorter tool-life is more economical. 

4. For difficult-to-machine materials, longer tool
life is more economical. 

These rules are useful and valid whether our data is 
vague or precise, repeatable or scattered. But now 
that we recognise that the data is very likely to be 
scattered and that our best estimates of cutting speed 
may be very far from optimum, are there any new 
rules we may use to minimize the results of these 
errors? The best answer in the literature comes from 
Ermer and Faria-Gonzalez5 • After plotting and 
analysing normalised cost curves, they concluded that 
'The sensitivity of the cost or time response to devi
ations in speed, from the theoretical optimum speed, 
decreases as the value of Taylor's exponent n 
increases'. The objectives of the present paper are to 
extend and investigate this interesting conclusion in 
more detail, so that some clear, practical rules can be 
discovered. 

ANALYSIS OF CUTTING ECONOMICS 

The cost of a machining operation on a single work
piece is the sum of handling costs, cost of machining 
time and cost of tool consumption. 

C = C t + 1r d L Cm - 1 + 1r d L (Cmta + C8) 1.n 
c mh 1000s .v 1 .vn 

s 
v 
ta 
Cs 
T 

1000 S C In (2) 

machining cost per part ($) 
cost of operating time ($/min) 
part handling time (min) 
workpiece diameter (mm) 
workpiece length (mm) 
feed per revolution (mm) 
cutting speed (m/min) 
tool change time (min) 
cost of tool consumed($ per change) 
tool-life (min) 

C,n are constants from the tool-life equation 

Gilbert found from equation (2) that the cutting 
speed which gives minimum cost is 

Now what we want to do is to find out what happens 
to the machining costs as we move away from this 
optimum speed. Mathematically, we want to see how 
the function Cc (v) varies around the point Cc (vee ). 
To do this it is most convenient to represent the 
function Ce(v) by its Taylor series expansion around 
the point Cc(Vec ). 

For speeds greater than Vee the cost equation may 
be represented as 

dv2 + cl I 1 ( ) dv3 + _ _ _ 
2 e Vee 6 (4) 

For speeds less than Vee the series is 

dv2 _ Cl 1 1 (V ) dv3 + __ _ 
2 e ec 6 (5) 
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Where Cc (x) is the value of the cost function 
at v =x 

c~ is the first derivative of the 
cost function with respect to 
speed 

c' I iS the Second derivative Of the 
cost function with respect to 
speed 

dv is the deviation from Vee 

There are two interesting things we can find out 
from these series. One is the cost penalty we must 
pay if we deviate from the optimum speed. This will 
give us some idea of when it is most important to 
estimate the optimum cutting speed accurately 

(6) 

The second is the difference between the cost 
penalties above and below the optimum cutting 
speed. Since we recognize that our estimate of the 
optimum speed will be in error, we should like to 
determine whether it is better to overestimate or 
underestimate 

b. C~- D. C~ = Ce (vee+ dv)- Ce (vee- dv) (7) 

If we carry out the differentiation of the cost 
equation (2) and substitute into equations (4), (5) 
and (6), keeping only the first two non-zero terms of 
the series, we get 

D. C = trdLCm ( dv ) 3 [Vee + 1 _ 5 J 
e 2000snVee Vee dv - 3n + 3 

When dv is only a few percent of Vee , the other 
bracketed terms may be neglected 

trdLCm ( dv) 2 
D.C = -

e 200 SnVee Vee (8) 

Equation (8) gives the cost penalty to be paid for 
non-optimum cutting speed. Clearly the penalty for 
larger workpieces, lighter feeds, lower speeds and high 
machine and labour costs. Since a low value of n 
generally indicates poor machinability, we can also 
note that this causes an increase in the cost penalty 
beyond that associated with lower operating speed. 

We can summarise these results by saying: 

(a) It is more important to estimate speed accurately 
for expensive machining operations. 

(b) It is most important to estimate speed accurately 
when the work material has poor machinability. 

The result (a) is obvious and does not require any 
mathematics to prove. The second conclusion seems 
reasonable when we consider the meaning of n. A low 
value of n means that tool-life changes sharply with 
changing cut speed. Thus, overall costs will be very 
sensitive to errors in speed selection for workpiece-

tool combinations which give poor machinability 
(low n). 

Now the second thing we want to analyse is the 
cost difference between overestimating the optimum 
speed and underestimating it. Substituting the 
derivatives of the cost equation into equations (4), 
(5) and (7), discarding higher powers of very small 
quantities and simplifying, we obtain 

By inspection we see that this quantity is positive 
for n values greater than one-fifth and negative for 
values less than one-fifth. For smaller n, the cost 
penalty is greater above the economic speed than 
below. For larger n, the cost penalty is greater below 
the economic speed than above. In other words: 

(c) For difficult-to-machine materials it is better to 
set the cut speed too low than to set it too high. 

(d) For easy-to-machine materials it is better to set 
the cut speed too high than to set it too low. The 
dividing line is at n = 0·2. 

Now let us see if these mathematical results are 
reasonable. We know that when the tool wear rate is 
very sensitive to speed changes (low n), the tool cost 
changes more rapidly with speed than the cost of 
time does. We also know that above the optimum 
speed, the tool cost is the dominant cost, while below 
optimum the cost of time is greatest. Therefore, for 
low n, the cost will change more rapidly above 
optimum (where the tool sensitivity to speed is fully 
felt) than below. Then, for materials with poor 
machinability (low n) it will be better to under
estimate the optimum speed than to overestimate it. 

CONCLUSIONS 

Four rules can be used to help select cutting speeds 
for lowest cost, in spite of uncertain machining data: 

(1) For materials of poor machinability (n under 
0·2) it is better to have the cut speed too low 
than too high. 

(2) For materials of good machinability (n over 
0·2) it is better to have the cut speed too high 
than too low. 

(3) The more expensive the machining operation, 
the more important it is to choose cutting 
speed accurately. 

(4) It is most important to get the best balance 
between tool cost and cost-of-time when 
machining difficult workpiece materials. 

1. 

2. 

3. 
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APPENDIX 

The data in the first four columns of Table 2 is 
copied from3 • The remaining columns are derived to 
evaluate the standard deviation according to 

From (3) we find that 

n = 0.0782 

InC= 4.4081 

and calculate 

.!.tn C = 56.3695 
n 

Using this information to compute the last two 
columns of Table 2, we find 

a 2 = (~6 . 13.5266) 

a= 0.92 

From tables of the normal distribution we see that 
90% of the time we can expect actual data to fall 
within ±1·65 a of the prediction, Tp. Therefore, 90% 
of the time: 

In TP - 1.65 X 0.92.,;;; In Texp.,;;; In Tp + 1.65 X 0.92 

In Tp- 1.52 ..;;In Texp ..;;In Tp + 1.52 

T 
lnfrg ..;;In Texp ..;;In (4.58 Tp) 

0.219 Tp..;; Texp..;; 4.58 Tp 

This means that ninety percent of the data can be 
expected to lie between one-fifth of the best Taylor 
curve estimate and four-and-one-half times the best 
estimate. The converse tells us that 10% of the time 
we can expect this tool life data to be scattered over a 
range of greater than 20: 1. 

Fig. 2 shows that the data is distributed fairly 
normally. 

TABLE 1 

Common cast irons and Aerospace materials steels 

Process 
Tool Median "n" Range Median "n" Range 

·material 

HSS 0.25 0.09-0.55 0.15 0.09-0.25 
Turning Carbide 0.45 0.10-0.80 0.20 0.15-0.25 

Ceramic 0.45 0.30-0.65 

HSS 0.50 0.10 0.75 0.15 0.05-0.30 
Milling Carbide 0.42 0.15-0.60 0.15 0.05-0.70 

Ceramic 

TABLE 2 

Cutting Tool-
y 

x+ 
velocity life In V In T 0.0782 z• 

V (ft/min) T(min) -56.3695 
y X =z 

1 70.0 2.8 4.24850 1.02962 -1.01124 1.02260 
2 60.0 34.0 4.09435 3.52637 - .48272 .23301 
3 65.0 19.6 4.17439 2.97553 - .01303 .00016 
4 70.0 1.75 4.24850 0.55962 -1.48124 2.19407 
5 80.0 1.3 4.38203 0.26236 - .07096 .00503 
6 75.0 1.6 4.31749 0.47000 - .68864 .47422 
7 55.0 27.5 4.00734 3.31419 -1.81056 3.27812 
8 85.0 0.75 4.44266 -0.28769 + .15431 .02381 
9 60.5 106.0 4.10265 4.66344 .75749 .57379 

10 65.3 53.0 4.17800 3.97030 1.04069 1.08303 
11 67.5 9.4 4.21213 2.24071 - .26524 .07035 
12 70.5 8.3 4.25562 2.11626 .16645 .02770 
13 70.5 12.4 4.25562 2.51770 .56789 .32249 
14 75.0 4.3 4.31749 1.45862 .29998 .08998 
15 85.0 2.5 4.44266 0.91629 1.35829 1.84495 
16 95.0 0.7 4.55388 -0.35318 1.51107 2.28333 

:E 13.52664 



USE OF THE SCANNING ELECTRON MICROSCOPE TO STUDY 
THE FUNCTION OF MANGANESE SULPHIDE INCLUSIONS 

IN RESULPHURISED FREE-MACHINING STEELS 

by 

W. J. WILBER,* A. W. J. ClllSHOLMt and E. J. PATTINSONt 

SUMMARY 

The scanning electron microscope provides the means for a new approach to the study of the mechanism by 
which manganese sulphide inclusions affect the machinability of free-machining steels. The use of this instrument 
in the experimental work described here has led to the conclusion that manganese sulphide inclusions affect 
the machinability of resulphurised steels chiefly by promoting the formation of a stable built-up cap on the 
cutting edge of the tool, which protects the cutting edge and reduces the rate of tool flank wear. A mechanism, 
embodying phenomena which are construed to be peculiar to the machining of resulphurised steel, is proposed here 
to explain how manganese sulphide inclusions promote this built-up cap formation. This function of manganese 
sulphide in re-sulphurised steel differs from that advanced previously, which relies on the formation of lubricating 
films on the tool surfaces. 

INTRODUCTION 

Approximately half a million tons of non-alloy free 
machining steels are produced annually in this 
country alone1 and this figure is increasing each year. 
These steels represent an appreciable percentage of 
the total national production of bar material, and the 
continued improvement in machine tools and systems 
designed for high output rates has resulted in a con
siderable demand for steels of this type possessing an 
improved and more consistent machinability. 

The free machining properties of these steels are 
usually obtained by the addition of either lead or 
sulphur to the melt during the production of the 
steel; of these, sulphur is used particularly exten
sively. Unlike lead, however, there is still controversy 
about the mechanism by which sulphur improves the 
machinability of low-carbon steels; consequently, 
further research in this field is of considerable interest 
to the steel industry in its search for better steels. 

Early research on this subject2 •3 suggested that 
manganese sulphide acted as an interfacial lubricant 
between tool and chip, but Shaw et al.4 considered 
that this explanation was inadequate, because friction 
tests indicated that manganese sulphide was a poor 
solid lubricant. Usui and Shaw5 suggested that the 
addition of sulphur to the steel reduced the flow 
stress of the steel at the high strain rates occurring in 
metal cutting. Trent6 proposed a mechanism by 

which manganese sulphide inclusions could act as an 
internal lubricant within the steel as it passed through 
the secondary flow zone. He suggested that the inclu
sions become drawn out into long thin plates, which 
allow adjacent layers of steel to flow over each other 
under much reduced stresses. Trent considered, how
ever, that manganese sulphide functioned as an 
internal lubricant as well as an interfacial lubricant. 
The influence on machinability of the frequency of 
manganese sulphide inclusion within the steel was 
clearly indicated by Richardson and Chisholm 7 , who 
found that an increase in the number or frequency of 
inclusions in ferrous materials was accompanied by a 
reduction in the chip-tool friction coefficient; they 
suggested that this was caused by the manganese sul
phide acting as an extreme pressure lubricant between 
the chip and tool. 

The recent commercial development of the scan
ning electron microscope8 •9 has enabled a new 
approach to be made to the study of these and 
related problems. The principal advantage of this 
instrument in metal cutting research is its inherently 
large depth of focus and an ability to examine directly 
specimens up to 10 mm cube in size. In this study, 
the scanning electron microscope was used in a com
parison of the machining characteristics of a resul
phurized low-carbon steel with those of a non
resulphurised steel which otherwise had approxi
mately the same chemical analysis. Special attention 

*City of Birmingham Polytechnic, Perry Barr, Birmingham. 
tDepartment of Mechanical Engineering, University of Salford, Salford. 
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was given to the examination of the flank and rake 
faces of the cutting tool, together with specimens of 
the chip underside and workpiece surfaces. It is hoped 
in this way to establish more clearly the mechanism 
by which manganese sulphide inclusions affect the 
machinability of free-cutting steels. 

EXPERIMENTAL WORK 

Work material 
The resulphurized steel used in the investigation was 
received as standard ENlA material in the 'as rolled' 
condition. It contained 0.26% sulphur and was all 
obtained from the same heat. The non-resulphurised 
steel was specially prepared so that it was nominally 
identical to the resulphurised steel except for its 
manganese sulphide content. The steels were given a 
normalizing treatment to ensure uniformity of grain 
size and hardness before conducting the cutting tests. 

Cutting and wear tests 
The cutting tests were conducted on a high speed test 
lathe at a number of cutting speeds between SO and 
700 ft/min. Measurements of tool wear, cutting force 
and rake face contact lengths were made for both 
steels at each cutting speed. 

One of the objects of the work was to examine the 
influence of manganese sulphide on built-up edge 
formation; cutting conditions were therefore chosen 
for the tests, such that a built-up edge would not 
normally form with non-resulphurised steels. 
Cemented-carbide tools containing TiC reduce the 
tendency towards built-up edge formation;10•11 

consequently, a tool composition of 6% Co, 16% TiC 
and 73% we was chosen for these tests. The tool tips 
were specially prepared from the same powder mix 
and were all sintered in the same area of the sintering 
furnace, in order to keep variations in their properties 
to a minimum. 

In selecting the tool geometry, an unusually high 
tool rake of 30° was chosen in order to minimize 
further the formation of a built-up edge. A plan app
roach angle of 30° was used to help give approximately 
orthogonal cutting conditions while still machining a 
solid bar12 • The grinding and lapping of the tools was 
carried out in a specially designed fixture 13 • 

By means of a special mirror attachment, it was 
possible to examine the flank face of the tool through 
an optical microscope without removing the tool 
from its holder13 : This device also enabled a perma
nent photographic record of the development of the 
flank wear scar during the tool-wear tests to be ob• 
tained without altering the relative position of the 
tool and workpiece. A two-component metal cutting 
dynamometer, similar to that of Chisholm and 
McDougall14 , was used to record the components of 
the resultant cutting force. 

At the end of each cutting test, the carbide tip was 
removed from the tool holder, and both the flank and 
rake faces examined in the scanning electron micro
scope. The rake face contact length was determined 
from photomicrographs produced by this means. A 
specimen of the chip was also mounted so that the 
underside could be examined; the need to conserve 

the special non-resulphurised test steel made it neces
sary in most cases, however, to study the transient 
workpiece surface produced by the tool flank by 
means of replicas. 

DISCUSSION OF RESULTS 

Wear test results 
The results of the wear tests showing the effects of 
cutting speed on flank-wear rate and cutting forces 
are presented in Figs. la and b, respectively. These 
results are discussed in conjURction with the evidence 
provided by photomicrography and with reference to 
the different regions of the chip-tool workpiece 
system. 

Flank face characteristics with non-resulphurised steel 
When machining non-resulphurised steel at cutting 
speeds of SO and 1 SO ft/min, severe chipping of the 
cutting edge occurred (Fig. 2a). As the cutting speed 
increased, this type of damage was considerably 
reduced; nevertheless, it persisted to a small degree, 
even up to the maximum cutting speed of 700 f!/min. 
It is considered that chipping of the cutting edge was 
largely caused by the brittleness of the grade of tool 
material used. Although this makes it generally un
suitable for the machining of non-resulphurised steel 
at low cutting speeds in practice, its use in these 
experiments was, as explained previously, to mini
mize the formation of a built-up edge. The chipping 
of the cutting edges did, however, inadvertently serve 
to enhance certain differences in the machinability of 
the non-resulphurised and resulphurised steels. 

A built-up edge was not observed when cutting 
non-resulphurised steel throughout the entire speed 
range investigated. At cutting speeds of up to about 
400 ft/min, many isolated particles of material were 
seen to adhere to the flank wear scar in an apparently 
random fashion (Fig. 2b ). Above this speed, the 
material adhering to the flank wear scar was visible 
chiefly as a continuous layer. This layer increased in 
length, perpendicular to the cutting edge, as the cut
ting speed increased until, at 700 ft/min, almost the 
entire width of the wear scar was covered with a 
built-up layer (Fig. 2c). 

Ignoring the results of tests in which excessive 
damage to the cutting edge rendered the results 
unreliable, Fig. 1a shows that the flank-wear rate 
when machining non-resulphurised steel was much 
higher at low cutting speeds than for the resulphur
ised steel; the difference, however, decreased with 
increasing cutting speed until at 700 ft/min the 
values obtained were similar for both steels 

Flank face characteristics with resulphurised steel 
The appearance of the flank surfaces of tools used for 
machining resulphurised steel was in marked contrast 
to that of tools used on non-resulphurised steel. 
Although the choice of cutting conditions virtually 
eliminated the formation of a built-up edge with 
non-resulphurised steel, this aim was not achieved 
when machining resulphurised steel. With the latter 
steel, a significant build-up of material occurred on 
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the tool throughout the whole speed range, although 
its form depended on the cutting speed. 

At cutting speeds between 50 and 300 ft/min, the 
build-up of material was in the form of a cap, 
restricted to the cutting edge of the tool (Fig. 3a). 
This view, taken normal to the flank, is typical of 
conditions along the cutting edges of tools used at 
speeds up to 300 ft/min. The height of the built-up 
cap is not constant along the cutting edge; similarly, 
the wear scar (outlined in Fig. 3a) is also irregular. 
The irregularity of the wear scar is more obvious in 
the optical micrograph of Fig. 3b, obtained in earlier 
experiments. Areas of the flank surface are visible 
which are almost completely devoid of a wear 
scar, but these are associated with pronounced built
up caps located on the cutting edge. It seems that 
these relatively unworn areas of the flank surface 
have been afforded almost continuous protection 
during machining; it is thought likely, therefore, that 
the built-up caps in such cases are virtually permanent 
in nature. 
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Fig. 1 Comparison of the effect of cutting speed on tool 
flank-wear rate and cutting forces when machining resulphur
ised and non-resulphurised low<arbon steels. Tool composi
tion, 6% Co, 16% TiC, 73% WC, Tool rake 30°, tool 
clearance, 3 °; undeformed chip thickness, 0·0055 in; Helical 
distance cut, 1500 ft. 

At cutting speeds of more than 300 ft/min, a 
different form of material build-up appeared at dis
crete areas on the flank surface. The build-up con
sisted of a layer of material extending for a consider
able distance perpendicular to the cutting edge (Fig. 
3c). As the cutting speed was increased, this type of 
built-up layer became more extensive, until, at speeds 
of more than 550 ft/min, it covered almost the 
complete width of the flank. The wear scar itself also 
became more uniform in width at these cutting 

Fig. 2 Tool Flank Characteristics obtained when cutting 
non-resulphurized steel. Helical distance cut, 2000 ft. 

(a) (x200) Cutting speed 50 ft/min. Chipping of the cutting 
edge. 
(b) (x200) Cutting speed 300 ft/min. Showing the adherence 
to the tool flank of particles of material. 
(c) (x200) Cutting speed 700ft/min. Typical built-up layer. 
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Comparison of flank wear of the two steels 
It seems that the built-up cap established when 
machining the resulphurised material at low cutting 
speeds has a significant influence on the wear process 
on the tool flank. The rapid formation of the built-up 
cap when cutting this material protects the cutting 
edge from the chipping (Fig. 2a) which occurs when 
machining non-resulphurized steel at the lower cut
ting speeds. In Fig. 3d, the built-up cap has been care
fully dislodged to reveal the cutting edge beneath, 
which is still relatively undamaged, even though the 
tool has machined a considerable quantity of material. 
Moreover, it was also observed that no particles had 
adhered to the flank surface of the tool, other than 
those which formed the built-up cap (see Fig. 3a). It is 
therefore suggested that in machining resulphurised 
steel, the presence of the built-up cap not only 
reduces the chipping of the cutting edge, but also 
decreases gradual wear on the flank. It is significant 
that at high cutting speeds, when built-up layers 
occur on the tool flanks with either steel, the flank 
wear rates were found to be approximately identical 
for the two steels. Thus, at these high cutting speeds, 
and in the conditions studied, resulphurisation seems 
to confer no advantage on machinability, as measured 
by tool flank wear rate. 

The behaviour of the built-up layer and built-up 
cap on the tool flank when machining these two 
materials was also found to be reflected in the cutting 
force components. When machining the resulphurised 
steel at speeds of up to 300 ft/min, the values of the 
two force components, Fe and Ft, are both low com
pared with those obtained with the non-resulphurised 
steel (Fig. lb). Both force components increased for 
the resulphurised steel with increasing cutting speed 
until, at about 700 ft/min, they had values similar to 
UJ_ose obtained with non-resulphurised steel. The sud
den increase in cutting force which occurred at about 
300-400 ft/min coincides with the transition from the 
built-up cap formation to a built-up layer. Since 
throughout this range of cutting speed, the chip thick
ness and the rake face contact length remained sub
stantially constant, the observed increase in the cutting 
force seems to be associated solely with this change 
on the tool flank. This also suggests that the built-up 
cap, when present, projects towards the workpiece 
and substantially reduces contact between the tool 
flank and the workpiece surface. 

It is significant that in a detailed examination of 
the flank wear scar with an electron probe micro
analyser, no deposits of manganese sulphide were 
observed on the flank surface over the speed range in 
which there was a built-up cap on the cutting edge. 
This indicates that the reduction in wear rate at these 
speeds with resulphurised steel was not caused by 
manganese sulphide acting as an interfacial lubricant. 
When cutting at speeds at which a built-up layer 
formed on the tool flank, isolated deposits of 
manganese sulphide were observed in hollows in the 
built-up layer and in the surface discontinuities at the 
end of the layer furthest from the cutting edge. It is 
unlikely, however, that anY potential of manganese 
sulphide to act as a lubricant influenced the wear rate 
at these speeds either, as the wear rates for both re
sulphurised and non-resulphurised steels became simi
lar (Fig. la). 

Workpiece surface characteristics 
When machining resulphurised steel at cutting speeds 
at which a built-up cap was formed, the workpiece 
surface was characterized by the presence of many 
craters, with grooves emanating from them, ploughed 
into the surface (Fig. 4). The frequency with which 
these craters appeared corresponded closely to the 
frequency of occurrence of manganese sulphide inclu
sions in the steel; it was therefore thought that the crat
ers were probably caused by the manganese sulphide 
inclusions. The material filling these craters was 
subsequently positively identified by the electron 
probe micro-analyser as manganese sulphide. The 
associated grooves were also seen to be smeared with 
manganese sulphide. 

To study the mechanism of formation of these 
craters and grooves, specimens of the workpiece 
surface were mounted in bakelite and sectioned to 
show the manganse sulphide inclusions emerging onto 
the surface. The bakelite was then carefully removed 
and, utilizing the large depth of focus of the scanning 
electron microscope, both the sectioned surface and 
the workpiece surface were examined simultaneously. 
The typical inclusion shown in the photomicrograph 
(Fig. 5) has been plastically deformed in the direction 
of cutting. It has, however, eventually been fractured, 
a groove subsequently forming in the work surface. 
Some of these inclusions deformed less easily than 
others; some deformed in a brittle manner. In every 
case, however, a groove started from the point at 
which the inclusion reached the surface. This effect 
occurred at all cutting speeds although the built-up 
layer on the tool flank tended to provide a subse
quent smoothing effect at higher speeds. 

No evidence of similar craters or grooves could be 
found on the workpiece surfaces produced when 
machining non-resulphurised steel. 

Rake face and chip underside characteristics 
The scanning electron microscope was used to com
pare the under-surfaces of the chips produced when 
machining the resulphurised and non-resulphurised 
steels. The under-surfaces of chips of the former 
natural were much smoother when machined at the 
lower cutting speeds. This difference diminished con
siderably at speeds of more than 100 ft/min. The rake 
face contact lengths also became similar for both steels 
at the higher cutting speeds. Examination of the tool 
rake face after machining the resulphurised steel 
revealed several areas of manganese sulphide deposit, 
which were positively identified by the electron 
probe micro-analyser. The presence of such deposits 
probably contributes to the formation of the smooth 
chip under-surface. These deposits ofmanganese sul
phide may or may not act as lubricant fllms. 

In order to ascertain how manganese sulphide 
reaches the rake face, a series of chip cross-sections 
was examined in the optical microscope. We observed 
that at all cutting speeds, the inclusions in the secon
dary deformation zone were drawn out into long thin 
plates (Fig. 6a), although the degree to which this 
occurred depended on the cutting speed. At the lower 
speeds, the inclusions were not greatly deformed, but 
at more than 200 ft min -"I the inclusions became pro
gressively more drawn out. Frequently, the layer of 
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metal intervening between the thin inclusion plate 
and the tool face appeared to have fractured (Fig. 
6b), allowing some slipping to occur within the inclu
sion plate, rather than at the chip-tool interface. In 
this situation, manganese sulphide could be in direct 
contact with the rake face, and could therefore 
give rise to the observed deposits. An increase in feed to 
0·01 0 in./rev or a reduction in the rake angle to 20° 

resulted in much thicker layers of manganese sulphide 
on the rake face (Fig. 7). Here, the deposit extends over 
almost the complete contact length. These observ
ations are consistent with the idea that an increased 
contact pressure between chip and tool is likely to 
increase the deposition of manganese sulphide by 
pressing the drawn out inclusion (Fig. 6b) into more 
intimate contact with the rake face. 

Fig. 3 Tool flank characteristics obtained when cutting 
resulphurised steel Helical distance cut, 2000 ft. 

(a) (x500) Cutting speed 50 ft/min. Typical built-up cap on 
the cutting edge of the tool with the wear scar outlined. 
(b) (x25) Cutting speed 200 ft/min. Helical distance cut, 
5000 ft. 
Illustrating the irregular wear scar associated with built-up 
cap formation (optical photomicrograph). 
(c) (x200) Cutting speed 400 ft/rnin. Built-up layer typical of 
those which begin to form at cutting speeds of more than 
300ft/min. 
(d) (x500) Cutting speed 150 ft/min. Built-up cap dislodged 
from the cutting tool revealing the virtually undamaged cut
ting edge. 



504 USE OF THE SCANNING ELECTRON MICROSCOPE TO STUDY THE FUNCTION OF MANGANESE SULPHIDE 

Fig. 4 (x1,000) Craters and associated grooves in the transi
ent work surface when cutting resulphurized steel. Relative 
motion of the tool is from right to left. 

Fig. 5 (x560) Work surface and section through work sur
face showing groove starting from the point at which a 
deformed inclusion reaches the work surface. Relative 
motion of the tool is from right to left. 

\ 

Fig. 6 Section through the undersurface of chips from resul
phurised steel. Cutting speed 150ft/min. 

(a) (x600) Inclusions drawn out into long thin plates which 
are separated from the rake surface by a thin layer of metal_ 
(b) (x600) The metal layer in this case has fractured and 
temporarily become attached to the tool, allowing the inclu
sion to come in contact with the rake surface. 

Fig. 7 (x500) Manganese sulphide deposit on the tool rake 
surface (the deposit has been removed towards the right). 
Cutting speed 400ft/min. Uildeformed chip thickness, ()-010 
in/rev. 
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MECHANISM FOR THE PROMOTION 
OF BUILT-UP CAP FORMATION BY 
MANGANESE SULPHIDE INCLUSIONS 

The most significant difference between the two 
steels appears to be the formation of a stable built-up 
cap when machining the resulphurised material. Fig. 8 
illustrates a proposed mechanism for the promotion by 
manganese sulphide inclusions of the formation of 
this built-up cap structure on the tool. This mech
anism offers an explanation of the various pheno
mena discussed which have been observed to be 
peculiar to the machining of resulphurised steel. Fig. 
8a shows an inclusion which is in the path of the cut
ting edge of the tool. As it approaches the highly 
stressed area near the cutting edge, the inclusion is 
drawn out with the surrounding metal (Figs 8b and c) 
until only a very thin layer of metal separates it from 
the cutting edge. A velocity gradient will exist across 
the metal layer as one side will be retarded because of 
the friction force exerted by the tool, while the other 
side will move with the velocity of the drawn out 
inclusion. As the metal layer becomes drawn out fur
ther, it will become thinner and consequently the 
shear stress will increase at the interface between the 
layer and the inclusion. If the shear stress should 
exceed the shear strength of the inclusion, shear 
would occur at the inclusion. Fracture would even
tually take place at the sides and ends of the thin 
metal layer as illustrated; this would leave the thin 
metal layer attached to the cutting edge, as shown in 
Fig. 8d. Successive repetitions of such a process 
would promote the formation of a built-up cap, each 
subsequent inclusion causing further thin metal layers 
to be deposited on the cutting edge, thus producing 
a built-up cap of laminar form. Eventually the cap 
would reach a critical size at which it would begin to 
break down. A state of equilibrium would occur in 
which the rate of breakdown balances that of build-up 
but, as only the outer layers have been observed to 
break away during cutting tests, the main body of the 
built-up cap is considered to be relatively stable. 

Naturally, inclusions do not always approach the 
cutting edge as symmetrically as portrayed in Fig. 8 
and many, while passing close enough to affect the for
mation of the built-up cap, would be carried away com
pletely in either the chip or the workpiece. In such 
cases, only the relevant part of Fig. 8 would be opera
tive. When there are no inclusions in the material, the 
formation of a built-up cap cannot be promoted in this 
way. No cap was observed when cutting non-resulphu
rised steel in the conditions of this test series. 

CONCLUSIONS 

(1) This investigation has clearly shown that, in 
the lower speed range of the machining conditions 
studied, the principal effect of adding manganese sul
phide to low-carbon non-alloy steel is to cause a 
stable built-up cap to form on the cutting edge. Both 
resulphurised and non-resulphurised steel also 
produce built-up layers on the tool flank surfaces at 
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Fig. 8 The use of the scanning electron microscope to study 
the function of manganese sulphade inclusions in resul
phurized free-machining steels. 
W. J. Wilber and A. W. J. Chisholm 

the higher cutting speeds studied. 
(2) In the lower speed range, the resulphurised 

cutting forces compared with the non-resulphurised 
steel. At higher speeds, the differences tended to dis
appear and the value of adding manganese sulphide to 
the steel appears to be diminished. 

(3) No deposits of manganese sulphide were 
observed on the tool flank surface when cutting at 
lower speeds, and only small isolated deposits were 
observed when cutting in the higher speed range. 

(4) The evidence presented here seems to show 
that neither in the high nor the low cutting-speed 
ranges does manganese sulphide affect the flank-wear 
rate by acting as an interfacial lubricant. 

(5) The under-surfaces of the chips produced by 
machining resulphurised steel were substantially 
smoother than those produced by machining non
resulphurised steel in the lower cutting-speed range. 
This was attributed to the formation of manganese 
sulphide films, which were identified on the tool rake 
face; these films do not necessarily act as a lubricant. 

(6) The evidence presented suggests that these 
deposits of manganese sulphide are formed when the 
thin metal layers, which initially separate drawn out 
inclusions from the tool rake, are left attached to the 
cutting edge, allowing the inclusion material to come 
into intimate contact with the rake surface. 

(7) Craters and associated grooves were formed on 
the transient workpiece surface when machining re
sulphurised steel as a result of the presence of man
ganese sulphide inclusions in the material. 

(8) The reduction in tool-wear rate and cutting 
forces with resulphurised steel is attributed to the 
effect of manganese sulphide inclusions in forming a 
stable built-up cap, and a mechanism explaining the 
way in which manganese sulphide inclusions promote 
this formation has been proposed here. 
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DISCUSSION 

Query from Dr G. Ba"ow, UMIST 

The author has assessed the performance of his 
cutting tools by considering wear rate and not some 
definite end point of tool life. This can be very mis
leading, since previous workers have shown that tool 
life is not always dependent on wear rate. 

It is suggested that a protective cap is formed. 
Whilst this is undoubtedly true, both the forces and 

contact length are reduced. In view of this the reduc
tion in the temperature and stresses could explain the 
reduced wear rate. 

Reply 

The authors thank Dr Barrow for his comments and, 
in reply to his first point, acknowledge the fact that 
the rate of tool flank wear is not always an indication 
of tool life when machining certain materials. How
ever, the results from preliminary tests carried out by 
the authors, together with the results from an earlier 
research programme 7 indicated that, when machining 
resulphurised steel, the rate of tool flank wear was, in 
fact, indicative of total tool life and hence was an 
acceptable criterion for comparing the machinability 
of the two steels. 

In considering the second point, the suggestion 
that the reduction in tool wear rate may be due to a 
reduction in the tool forces, contact length and hence 
temperature, is, of course, a valid one, but the results 
from an earlier research programme 7 suggested that 
the presence of manganese sulphide inclusions in the 
steel resulted in temperature reductions in the region 
of only 100°F. It was considered that such a small 
reduction would not account for the substantial 
changes observed in tool flank wear rate. 

Query from Dr M G. Stevenson 

The results are very interesting, particularly the 
relative absence of MnS fUm on the rake face. We 
agree with the small cap on the nose, but do not 
believe that this is the entire cause of the drop in 
forces in comparison with a plain carbon steel. 
Perhaps we should not yet dismiss the effect of the 
inclusions on shear flow stress. This effect may not 
exist in the primary zone, but could well exist in the 
secondary zone, where the deformations are far 
higher and cracking between inclusion/grain 
boundaries can occur. The resultant reduction in flow 
stress at the secondary zone can give the reduction in 
cutting forces found. 

Reply 

The authors appreciate the confirmation concerning 
the presence of the small cap on the nose of the 
cutting tool and agree that a reduction in the tool 
forces could also have been caused by the manganese 
sulphide inclusions causing a reduction in the shear 
flow stress in the secondary flow zone. Indeed, the 
mechanism for built-up cap formation outlined in the 
paper depends on preferential shear taking place 
within inclusions in this zone, and further work is 
being carried out in this field. It is, however, 
emphasised that the main beneficial effect of the cap 
is a reduction in tool flank wear rates, the reduction 
in tool forces being only a secondary effect. 



ASSESSING MACHINABILITY FROM FUNDAMENTAL 
WORK MATERIAL PROPERTIES 
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SUMMARY 

We describe here a theory of machining which enables the stresses, forces and temperatures in ma~hining to be 
predicted from fundamental work material properties and cutting conditions. We show how the predicted temper
atures can be related to tool life. 

INTRODUCTION 

The aim of investigations into the mechanics of 
machining is to provide a theory which will enable 
parameters such as stress and temperature to be cal
culated from work material properties and such cut
ting conditions as speed and tool geometry. Such a 
theory would be very helpful in understanding 
machinability, as it would enable estimates of power 
consumption, and, more importantly, tool life, to be 
made from the calculated stresses and temperatures. 
The present trend to more sophisticated metal cutting 
machine tools, including the introduction of adaptive 
control, makes the need for a successful theory of 
machining even more pressing. 

Although cutting tools (drills, reamers, milling 
cutters, and so on) can be very different in shape, the 
basic material removal process by a wedged shape cut
ting edge is always the same. Therefore, the basic 
mechanics of machining can be studied by consider
ing cutting with a single. straight cutting edge, and 
most researchers have done this. It is also usual to 
limit attention to the relatively simple case of ortho
gonal machining, in which the straight cutting edge is 
set parallel to the newly machined surface and normal 
to the cutting direction. If the depth of cut, t (Fig. 1), 
is small compared with its width then the process is 
approximately one of plane strain, which simplifies 
the plasticity theory used in the analysis. A further 
simplification is to consider only continuous chip 
formation (no cracks in the chip or built-up edge) 
where all parameters are constant with time. In this 
report only the idealized orthogonal process is con
sidered, but it should be pointed out that a proper 
understanding of this will throw much light on 
machining in practical cutting conditions. 

Investigations using cine filming techniques and 
quick-stop devices have shown that chip formation 
can be represented as shown in Fig. I. The chip is 
formed by plastic deformation in a zone running 
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from the cutting edge to the work/chip-free surface. 
It leaves this zone curled, that is, there is a velocity 
gradient across the chip, and in order to contact the 
plane tool face, further plastic flow occurs in the chip 
adjacent to this face. The problem is to calculate the 
size and shape of the plastically deforming regions, 
the associated stresses, strains, strain-rates and 
temperatures, the thickness and curvature of the chip, 
and the length over which the chip and tool are in 
contact. The given conditions are the tool geometry, 
in this case the rake angle, a (Fig. I), the depth of 
cut, t, the cutting speed and the appropriate proper
ties of the work and tool materials. The problem as 
stated in this way has yet to be solved and all existing 
theories make some simplifying assumptions. The 
best known theories are based on the shear plane 
model of chip formation and will be briefly con
sidered first. 
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Fig. 1 Orthogonal chip formation. 
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SHEAR PLANE THEORIES 

In the shear plane model, the chip is assumed to be 
formed by shear along a straight shear plane, AB (Fig. 
2); material approaches the shear plane AB with the 
work velocity U which is changed instantaneously at 
AB to the chip velocity V. There is no velocity 
gradient across the chip and the chip curl is neglected. 
The instantaneous change in velocity at AB requires a 
discontinuity in the tangential velocity along AB 
which is only permissible if the work material is 
assumed to be rigid-plastic and to deform with con
stant flow stress. This limitation therefore applies to 
analyses based on the shear plane model. 

~o! a given depth of cut t (Fig. 2) and rake angle 
o:, It IS clear that the geometry of Fig. 2 cannot be 
completed unless either the chip thickness, T, or 
shear angle cp (the angle between the shear plane AB 
and the cutting direction) is known. Without a know
ledge of cp (or T) no estimate of cutting forces and so 
on can be made. There have been many attempts to 
predict cp in terms of known parameters, the best 
known of which in the literature are those due to 
Ernst and Merchant1 •2• 

The shear plane AB is a direction of maximum 
shear strain rate (it is infmite in this direction as a 
result of the velocity discontinuity) and therefore 
from plasticity theory it can be assumed that, for an 
isotropic material, AB will also be a direction of 
maximum shear stress. Ernst and Merchant1 made use 
of this in the following way. They considered the 
equilibrium of the chip under the action of the force 
system shown in Fig. 3. The tool is assumed to be 
perfectly sharp and the resultant cutting force, R, is 
transmitted by the tool-chip interface and the shear 
plane AB. R can be resolved into various sets of com
ponents (Fig. 3): F and N are the frictional and 
normal forces at the tool-chip interface, Fs and FN 
are the shear and normal forces on AB, and F c and 
FT are the cutting forces in the cutting direction and 
normal to this direction. Frictional conditions at the 
tool-chip interface are represented by a mean angle of 
friction, A, with tan A = F/N. By means of this force 
diagram and the geometry of Fig. 2, the shear stress 
along AB was expressed in terms of cutting forces, 
rake angle o: (Fig. 2), friction angle A and shear angle 
cp. cp was then selected to make AB a direction of 
maximum shear stress, which gave 

(1) 

Merchant2 later derived this same equation by select
ing cp to make the work done in machining a mini· 
mum. 

Another well-known equation was derived by Lee 
and Shaffer3 who by applying ideal plasticity theory 
(in which the flow stress is assumed constant) and 
making other simplifying assumptions, showed that 

(2) 

For a given value of (A-o:) both equations (1) and 
(2) give a single value of cp. Experimental values of cp, 

calculated for measured values of chip thickness T 
from the equation ' 

tan 4> = t/T coso: 
1- t/Tsin o: 

(3) 

which is derived from the geometry of Fig. 2, and A, 
calculated for measured cutting forces, from the 
equation 

(4) 

are given in Fig. 4. These show that cp can vary over a 
wide range even for a constant value of (A-a:). 

There have been a number of attempts to modify 
both equations (1) and (2) in order to obtain better 
agreement with experimental results, the most not
able of which was by Merchantl himself. In deriving 
equation (1) he had assumed that the shear strength 
along the shear plane was independent of the normal 
stress on this plane. By taking the possible depend
ence of shear strength on normal stress into account 
Merchant obtained the equation ' 

24> = c' + o: - A (5) 

where C' is a constant for a given material and repre
sents the dependence of the shear strength on the 
normal stress. By varying c' better agreement can be 
obtained between theory and experiment. Unfortun
ately the variation of shear strength with normal 
stress req~ired to satisfy cutting data is too large. 
Kobayashi and Thomsen4 introduced the concept of 
effectiveness, which is essentially a measure of the 
departure from the minimum energy solution of 
Merchant [equation (1)]. An effectiveness value of 
unity corresponds to equation (1) and smaller values 
of effectiveness give a lower value of cp for a given 
value of (A-o:) than equation {1). By choosing suit
able values of effectiveness it is possible to satisfy any 
exper~mental v:alue of cp. Although useful in collating 
expenmental data (for example, it seems that effec
tiveness is constant for a given material and cutting 
speed) the value of the analysis is limited by the lack 
of any obvious fundamental relationship between 
effectiveness and work material properties or cutting 
speed. 

The simplified shear angle problem has clearly not 
been satisfactorily solved. Indeed, it seems that the 
shear plane model of chip formation is too far 
removed from actual chip formation to allow a 
successful solution. Experiments show that the cut
ting process is very dependent on the cutting speed 
but, except for associated variations in friction angle 
>.., speed is not taken into account in shear angle solu
tions. If instead of basing the analysis on the shear 
plane model of chip formation, a finite shear zone is 
considered, then cutting speed can be introduced into 
the analysis in terms of the strain-rate in the shear 
zone. It is then possible to take those material proper
ties which are strain-rate dependent into account. 
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SHEAR-ZONE THEORY 

Oxley and Welsh5 noted that the assumptions of the 
shear-plane model meant that no account could be 
taken of the work material's flow stress character
istics, such as strain hardening, or the influence of 
strain rate (cutting speed) on these characteristics. To 
overcome this problem, they introduced a parallel
sided shear-zone model (Fig. 5) in which the work 
velocity changes to the chip velocity through a finite 
zone CDEF with no discontinuities in velocity and a 
flnite, calculable, strain rate within the zone. The 
work material is still assumed to be rigid-plastic and 
isotropic with CD, AB and EF the directions of maxi
mum shear strain-rate and maximum shear stress. 
The overall geometry of the shear-zone model (Fig. 5) 
is the same as for the shear-plane model with the 
centre shear line AB equivalent, geometrically, to the 
shear plane ; chip curl is again neglected. The force 
diagram (Fig. 3) is equally applicable to the shear
zone model. 

By considering the stress distribution along AB 
(Fig. 5) and the direction of the resultant cutting 
force it can be shown6 that 

tan 0 = 1 + 2 (rr -Q>) - kEF - ken _I_ 
4 2kAB &1 

(6) 
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where 8 (Fig. 5) is the angle made by the resultant 
cutting force with AB; tf> is the shear angle; ken , 
kAB and kEF are the shear flow stresses along CD, 
AB and EF; and 1 and 6&1 are the length and width of 
the shear zone. From geometry 

8=tf>+A-O: (7) 

where A is the mean angle of friction as previously 
defined and o: is the tool rake angle. The total shear 
strain occurring in the shear zone is given by 

- cos 0! 
'YEF - sin tf> COS (tf>-o:) (8) 

and the mean (maximum) shear-strain rate by 

_ 0·2U coso: s-1 
1'sz- &1 cos (t/>-0!) (9) 

where U is the cutting speed in ft/min and & 1 is 
measured in inches. 

Equations (6) to (9) are sufficient to calculate 
the shear angle tf> for given values of A, o: and U if the 
flow stress characteristics of the work material and 
the width & 1 of the shear zone are known. Conver
sely, the theory can be used together with cutting 
data to calculate the flow stress characteristics of the 
work material at very high strain rates. 

The qualitative success of this theory can be 
demonstrated by considering the experimental results 
in Fig. 4 and the stress/strain curves for the corres
ponding work materials (Fig. 6). Assuming that the 
stress/strain curve of a work material is approxi
mately linear, equation ( 6) can be written in the form 

tan 8 = 1 + 2~-ct>)- m'YEF _1_ (10) 
4 2 kAB A8t 

where m is the slope of the shear stress/shear strain 
curve. It follows from this equation that large values 
of mfkAB yield small values of 8 and therefore, from 
equation (7), small values of tf>. Table 1 gives values of 
this parameter estimated from the stress/strain curves 
in Fig. 6 and it can be seen (Fig. 4) that materials 
with large values of m/kAB do machine with small 
values of tf>. 

Table 1 

Material 

SAE 1112 steel (as received) 
2024-T4 aluminium alloy 
SAE 1112 steel (annealed) 
6061-T6 aluminium alloy 
Alpha brass 

m/kAB 

0·14 
0·10 
0·25 
0·11 
0·42 

This comparison is only qualitative because the 
stress/strain curves are from 'static' (low strain-rate) 
tests and the machining results are for very high 

strain-rates and temperatures. The quantitative 
success of the theory in accounting for the influence 
of strain-rate and temperature has been described in a 
series of recent papers.6- 10 The next section considers 
a re-analysis of Merchant's2 results in terms of the 
new theory. 
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MODIFIED SHEAR-ZONE THEORY 

Experimental measurements of strain-rate along 
streamlines9 have shown that the maximum value of 
maximum shear strain-rate occurs very close to the 
plane defined by AB (Fig. 5) with 1 AB given by 

(11) 

where Vs (in. s-1 ) is the shear velocity which is equal to 
the velocity discontinuity as shown in Fig. 2, l (in.) is 
the length of AB and C is a constant for a given 
material. The distributions of strain-rate also show 
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that approximately half the total strain in the chip 
has occurred at AB, with tAB given by 

· _I COSa 
'Y AB -2 sin 1/) COS (¢-ol) (1 2) 

where 1/) (Fig. 5) is the shear angle and a the tool rake 
angle. If now the flow stress characteristics pf the 
work material are expressed by the well-known linear 
log stress/log strain relationship 

(13) 

where a1 and n are constants defining the stress/ 
strain curve for given strain-rates and temperatures, it 
can be shown10 that equation (10) reduces to 

tan0=I+2(~-IP)-Oz (14) 

where C and n are the constants in equations (II) and 
(13) respectively. For given values of a and~ (mean 
friction angle), equations (7) and (I4) can be used to 
calculate 1/), as long as C and n are known, and the 
corresponding forces can be found if the shear stress 
along AB is known. The strain-rate results9 show that 
for a low-carbon steel, Cis equal to 5-9, and in analy
sing Merchant's machining results which are for a 
steel with a somewhat higher carbon content this 
value will be assumed to be still applicable. A reverse 
analysis of Merchant's machining results in which the 
above theory is used to calculate a 1 and n yields the 
relationships 

a1 = 6I·3I + 21·9Ilog € 

n = 0·246 -0·04Ilog € 
(IS) 

where a1 is in units of 1000 lb in-2 and e in units of 
s-1 • The range of e over which these equations apply 
is Icf-I05 s-1 • It should be noted that equations 
(15) do not include a temperature term. This means 
that for the conditions considered, temperature 
effects were negligible compared with strain-rate 
effects. But, had a wider range of conditions been 
considered which could, for example, have included 
pre-heating of the work, then temperature effects 
would have had to be included. It would have been 
preferable if equations (15) had been obtained other 
than from machining tests as their use to predict 
machining results would then have been more con
vincing. Until recently, however, independent tests, 
such as high speed compression and tension tests, 
were not possible at strain-rates equal to those in 
machining. Some recent results11 on low-carbon steel 
obtained other than by machining tests are encourag
ing as they not only confirm the trends of equations 
(15) but also give good quantitative agreement with 
them. 

For given values of a, t (depth of cut, in.), U (cut
ting speed, ft min-•) and ~. the shear angle 1/) and 
corresponding cutting forces can be found as follows. 
A reasonable estimate is made of the value of 1/), and 
Vs (Vs = 0·2 U cos a/cos (1/)-cx)) and 1 (1 = t/sin IP) 
calculated and substituted into equation (11) to give 

1AB· The corresponding value of n is then found 
from (I5) (note € AB = t AB/y3) and substituted in 
equation (14) to give 0 which is then used in equation 
(7) to give ~. This process is repeated by varying 1/) 
until the value of ~ obtained agrees with the given 
value. Having found 1/), the cutting forces in the direc
tion of cutting (F c ) and normal to this direction 
(FT) are calculated from the equations 

twkAB cos~-a) 
F. =--~--~~--~ c sin 1/) cos (IP +~-a) 

t w kAB sin ~-a) 
F - -,----:-=-=---,,.,..---,---:-------o-

T sin 1/) cos (IP +~-a) 

(I6) 

where k AB is the shear flow stress along AB and w is 
the width of cut. kAB (kAB = aAB/y3) is found from 
(13) and (15) using the appropriate value of eAB 
(eAB = 'YAB/y3) found fromequation(12)with€AB 
as before. Values of 1/) and cutting forces found in this 
way are within ± 5% of Merchant's experimental 
values. 

In practice, the mean friction angle ~ cannot be 
taken as given information as it cannot be measured 
independently of machining tests and is found to vary 
widely with changes in cutting conditions. A more 
useful method in which the friction is described by 
the shear strength in the chip material along the 
tool-chip interface has recently been developed, and 
is briefly as follows: the magnitude and direction of 
the resultant force transmitted by AB are calculated 
for a range of values of 1/) as described above. Its posi
tion can also be calculated by taking moments of the 
stresses along AB about B. It is then assumed that the 
tool is perfectly sharp and that the tool-chip inter
face transmits the same resultant as AB, which is 
therefore known in magnitude, direction and posi
tion. If the distribution of normal stress at the tool
chip interface is assumed to be triangular, with the 
maximum value at the cutting edge, it is possible to 
calculate the length of tool-chip contact and also the 
mean shear stress TINT along this length. Typical 
values of shear stress found in this way for a range of 
values of 1/) are given by the full line in Fig. 7. We 
presume that actual values of 1/) will fall on the curve 
to the right of the maximum point as then any 
decrease in shear stress at the interface brought about 
by, say, lubrication, will increase 1/) as is observed in 
practice. 

To find the actual value of 1/), the chip strength at 
the interface is considered as a function of temper
ature and strain-rate (the influence of changes in 
strain being negligible in this region) with the shear 
flow stress kcHIP for Merchant's material given by 

kcHIP = lll-0·144MOD (17) 

where the units of kcHIP are IOOO lb in- 2 and OMOo 
(340<0Moo< 560) is the velocity-modified temper
ature which is given in this case by 

OMOD = OINT (I - 0·145 log 'YINT) (I 8) 
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where 8INT (°K) is the mean absolute temperature at 
the tool-chip interface and 'YINT (s-1 ) is the shear 
strain-rate at the interface. 8INT is calculated from 
the equation 

(19) 

where 8w is the initial work temperature, and 8sz 
and 8I are the temperature increases in the shear zone 
and along the tool-chip interface, respectively. By 
considering the plastic work in the shear zone it can 
be shown that 

8 _ (1-~) [Fe _TINT h sin <t>J 
sz- 121 pSt w cos (cp-a:) J (20) 

where ~ is the proportion of heat conducted into the 
work, J is the mechanical equivalent of heat 
{ft lb/C h u), p is the density of the work material 
(Ib inc.3 ), Sis its specific heat (C h u/lb 0 C}, h is the 
length of tool-chip contact and all other terms are as 
before. ~ is calculated from the empirical equations 

(21) 

1 - ~ = 0·5 + lo~~O log (Ry tan </>) 

if 0·5 < Rytan 4> < 40·0 and 1-~ = 1·0 if Rytan 4> 
> 40·0, where Ry = 720 p SUt/K is a thermal number 
with K the thermal conductivity (C h u/in. h °C). By 
considering the work done at the tool-chip interface 
and making some simplifying assumptions it can be 
shown that 

5 Uh sin tk 22 ~ ~
1/2 

pSK cos (cp-a:) ( ) 

In calculating temperatures the following properties 
are assumed; p = 0·26 lb in.-3 ; S = 0·26 C h u/lb °C; 
K= 2·1 C h u/in.h °C;J= 1400 ftlb/C h u. The shear 
strain-rate at the interface is calculated from the 
empirical equation 

1 _ 10 (12V:) s-• 
INT -y 6{f (23) 

where Vis the chip velocity (ft min-•) and Tis the 
chip thickness (in.). To find the solution for ~ 
for given cutting conditions, equations (17)-(23) are 
used to calculate kcHIP for the same range of values 
of 8 as used in calculating TINT (Fig. 7). The results 
for "cHIP found in this way are given by the broken 
line in Fig. 7. The solution is taken as the intersection 
point of the two curves, as at this point the resolved 
shear stress TINT is equal to the value of kcHIP given 
by the corresponding temperature and strain-rate, the 
process being in equilibrium. When this intersection 
occurs to the left of the maximum point of the TINT 

curve as in Fig. 7b, the solution is taken as the maxi
mum point and the tool-chip interface is no longer a 
direction of maximum shear stress. In considering 
Merchant's results, only two intersections were to the 
left of the maximum. 
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RESULTS AND DISCUSSION OF RESULTS 

Values of 4> calculated as above for Merchant's cutting 
conditions are given in Fig. 8a and b together with 
the corresponding values of mean friction angle }1. 

found from equation (7). Values of cutting force Fe 
calculated from (16) are given in Figs. 9a and b and 
values of cutting horse-power calculated from the 
equation 

(24) 

where F c is in lb and U in ft min -2 , appear in Fig. 9c. 

The predicted values of q,, }1., F c and cutting 
horse-power can be seem to be in excellent agreement 
with Merchant's experimental results. The theory 
successfully predicts than an increase in cutting speed 
(Fig. 8a), depth of cut (Fig. 8b) or rake angle (Figs. 
8a and b), will increase 4> and that an increase in cut
ting speed and depth of cut and a decrease in rake 
angle will decrease }\. The decrease in }1. with increase 
in depth of cut (Fig. 8b ), which is a somewhat sur
prising result, can be explained as follows. The 
increase in depth t increases the chip thickness T 
without seriously changing the chip velocity V, thus 
reducingtiNT (equation 23),and also increasing OINT· 
Both these changes increase OMoD (18) and thus 
reduce kcHIP (17) and with this lower frictional resis
tance, }1. decreases. The theory also _predicts that an 
increase in cutting speed, a decrease in depth of cut 
or an increase in rake angle will reduce the cutting 
force Fe, as shown in Figs. 9a and b, and the experi
mental results confirm this. The predicted decrease in 
horse-power with increase in rake angle (Fig. 9c) is 
also confirmed experimentally. 

Fig. 10 gives the results of the temperature calcul-
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ations and shows that both the shear zone and inter
face temperatures increase with an increase in cutting 
speed and decrease with an increase of rake angle. No 
experimental values of temperature are available for 
Merchant's tests for comparison, but the trends are 
similar to those obtained experimentally by others. 
Tool life is known from experimental studies to be 
very dependent on the temperature of the cutting 
edge. For example, the results of Takeyama and 
Murata12 suggest a relationship of the form 

(25) 

where L is the tool life (defined as the life for 0·024 
in flank wear), 8T is the average temperature of the 
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Fig. 8 Comparison of predicted and experimental shear and 
friction angles. 

tool (measured by a tool-work thermojunction), and 
A and M are constants for a given tool material. Con
sidering these temperature results (Fig. 1 0) in con
junction with equation (25) it is possible to derive an 
approximate relationship between tool life and cut
ting speed. When machining a heat resistant alloy 
steel with an I.S.O. Pl 0 carbide, Takeyama and 
Murata's results give 

L = n e-23 
T 

(26) 

where Lis in minutes and 8T in degrees K. Substituting 
the values of OINT for a= -10° (Fig. 1 0) into equation 
(26) gives the result indicated by the full line in Fig. 
11. It is interesting to note that the equation of this 
line is 

(27) 

which transforms into the usual form of the Taylor 
tool-life equation giving 

UL 0 "2 = 1340 (28) 

where 1340 is tne cutting speed in ft min-1 for a 
1 min tool life. The temperature exponent in equation 
(26) seems to be rather large and a value of -1 0·0 
(equivalent to a decrease in the temperature sensiti
vity of the tool) results in the exponent of equation 
(28) becoming 0·5. This range of values for the 
exponent (that is, 0·2-0·5) is often quoted for 
carbide tools. 

We ~ow have a system of equations which allow us 
to investigate the effects of variations in work 
material properties such as a1 and n on tool life. 
Allowing a1 to vary by ±10%, which roughly corres
ponds with the 'as received' range of hardness values 
for a given steel, we obtain the two dotted lines in 
Fig. 11. Taylor13 in an experimental investigation of 
tool life found a residual variance in log (tool life) of 
0·0049. Assuming a resonable number of tool-life 
observations (say about twenty) this residual variance 
can be shown to be roughly equal to a variation of 
±0·15 in log (tool life) at the 95% confidence level. 
An examination of the plotted results in Fig. 11 
shows a variation of approximately ±0·16 in log (tool 
life) at constant cutting speed. It therefore seems that 
variations in a1 (hardness) could be responsible for 
the variations in tool life observed in practice. The 
theory is now being used to investigate the influence 
on tool life of variations in other work material 
properties, including the thermal properties. 
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Fig. 9 Comparisons of predicted and experimental cutting 
forces and power consumption. 
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THE USE OF A CUTTING FORCE SPECTRUM FOR TOOL 
WEAR COMPENSATION DURING TURNING 

by 

N. AKGERMAN and J. FRISCH* 

SUMMARY 

The variations of tangential cutting force during finish turning of AISI-1045 and AISI-4130 steel have 
been measured for depth of cut from 0·001 to 0·008 in. Changes in tool geometry, such as the reduction of 
rake face areas as a wear criterion, have been obtained and the consequent modifications of the depth of cut 
on the workpiece were related to the cutting force spectrum. This relationship between machining variables 
has been incorporated into a control algorithm and the flow chart suggesting numerically controlled turning 
with corrections for tool wear is presented here. 

Aci 
Afi 
Aw 
D 
E 
Fe 
Fh 
K 
M 
Ra 
Rm 
Rs 

w 
a 
d 
do 
~ 

f 
1/c 

NOMENCLATURE 

Uncut chip cross-sectional area, in2. 
Flank wear area, in2. 
Lost rake area, in 2 • 

Workpiece· diameter, in. 
Modulus of elasticity, lbf in2. 
Vertical cutting force, lbf. 
Horizontal cutting force, lbf. 
Constant 
Bending moment, lbf in. 
Rm+R8 , dimensionless 
Ratio of Ari /Aci, dimensionless 
Ratio of slopes Aci andAfi against d, dimension
less 
Calibration weight, lbf. 
Moment arm of cutting forces, in. 
Instantaneous depth of cut, in. 
Initial depth of cut, in. 
Resolution of crossfeed mechanism, in. 
Feed, in rev- 1. 
Section modulus of tool bit, in3 . 
Subscript; i=O before cutting, i=l ,2 .... before 
ith indexing of tool. 
Height of flank wear area, in. 
Length of side cutting edge, in. 
Instantaneous projected length of side cutting 
edge, in. 
Initial and projected length of side cutting 
edge, 'in. 
Strain, rnicroin. in.-1 
Calculated strain, microin. in.-1 

Measured strain, rnicroin. in.-1 

Instantaneous side cutting edge angle, degrees 

8si Side cutting edge angle, degrees 
8 e End cutting edge angle, degrees 
88c Side cutting edge clearance angle, degrees 
8 ec End cutting edge clearance angle, degrees 
8br Back rake angle, degrees 
88r Side rake angle, degrees 
cf>c Resultant clearance angle, degrees 

INTRODUCTION 

The recent rapid development of Direct Numerical 
Control (DNC) of manufacturing processes has made 
it possible to consider self-optimizing adaptive 
control as a method for on-line use of various con
trollers. As discussed by a number of investi
gators4•8•10•11 ··the principle involves the measure
ment of pertinent quantities such as tool forces dur
ing metal turning during the manufacturing process 
and using the information as an input for a control 
loop. Measurements of temperatures, machine 
frequencies, surface measurements and other para
meters as well as tool forces can be incorporated 
into the direct computer control loop of the manu
facturing process to achieve multivariable optimizing 
strategies for the particularly desirable character
istics of the end product. 

Although decreased manufacturing costs are 
desirable, the implied aspects of this generality are: 
improved tool life, better surface finish, increased 
production rates and other features. As an impetus 
to undertaking this investigation we considered the 
case of metal turning when it is desirable to com
plete the cutting of a surface without interruption. 

*Department of Mechanical Engineering, University of California, Berkeley. 
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This might be, for example, the case in which 
expensive materials under very close tolerance and 
surface finish specifications are being machined. 
Because tool wear is unavoidable and may, in fact, 
occur and make it impossible to otherwise complete 
the operation, it is desirable to monitor such wear 
and compensate the tool position by means of an 
adaptive control loop. It has been reasonably well 
established 1•2•3•5•6•9 that correlations between tool 
wear and such cutting parameters as tool forces, 
temperatures, friction and so on can be established. 

Realizing from the literature on metal turning 
the strong interdependence between a changing 
force spectrum and tool wear, a the(}retical model is 
presented which relates the wear on the rake and 
flank faces of the tool tip to the cutting force 
vectors and the changing depth of cut on the work
piece. These essentially linear relationships have 
been experimentally verified during turning off AISI 
1045 and AISI 4130 steel. By means of a 
microscope-camera attachment on the lathe for 
monitoring tool geometry changes, and an electric 
resistance strain-gauge dynamometer on the toolbit, 
the pertinent quantities of wear and force values 
have been. determined for future duplications in 
DNC production conditions. We present an algo
rithm for incorporating the on-line force measure
ments into the closed loop of a computer controlled 
turning operation which then compensates tool wear 
by the tool position adjustments to effect the 
desired depth of cut. 

THEORY 

The theoretical model of wear has been developed 
in two sections. The first deals with the expected 
geometry caused by wear considering the lost rake 
area and decrease in uncut chip cross-section. These 
are areas PP' A and ABCP to ABC'P' shown in Fig. 2. 
The second section deals with the observed vari
ations in vertical cutting forces Fe and their rela
tionship to both the decrease in uncut chip cross
sectional area and the increase in flank wear land. 

The uncut chip cross-sectional area constitutes 
one of the primary parameters relating cutting 
forces to wear. As shown in the rakeface geometries 
of Fig. 2, the area ABCP represents an uncut chip 
cross-sectional area before wear A co. After some 
wear, the depth of cut decreases from d0 to d and 
ABC'P' becomes the new instantaneous uncut chip 
cross-section Aci. This trapezoidal area is derived 
from the rake face geometry and cutting para
meters. 

From Fig. 2 

h =/sin 000 

Transferring line CP without rotating such that 
point C coincides with B and using the law of sines 

Substituting s0 = d0 /sin0 00 in this equation and using 
the new expression for b0 , together with h = f sinO so, 

results in an expanded equation for Ac, namely 

A / 2 sin Oe sin 000 
= fd - "------=---= 

c 0 2sin(Oe+000 ) 

The general expression for instantaneous uncut chip 
cross-sectional area is found by replacing d0 by d 
and Oso by ()s, yielding 

/ 2 sin () e sin () s 
A = fd- '----"---"-

c 2 sin (Oe + Os) 
(I) 

Given the initial tool geometry it can be seen 
that ()s is a function of d, which can also be 
derived from triangle PP' A where 

e = ~ 
sin (()so - Os) sin cp 

After substituting s0 =d0 /sin0 00 , e = (d0 -d)/sin0e, 
cp = () e + () s and dividing the numerators and denomi
nators by cos Os. 

sin Oe + cos Oe tan ()s d0 sin Oe 
sin 000 -cos ()so tan Os (d0 - d) sin Oso 

Rearranging this yields 

After expanding the denominator of equation (1), 
substitution of equation (2) into (1) gives 

A _ [ _ / 2 sin Oe sin 000 J (3) 
c - d f 2d0 sin (0 00 + Oe) 

which shows the uncut chip cross-sectional area as a 
linear function of the depth of cut. 

The loss of rake area caused by wear, which is 
measured from photographs of the tool tip such as 
that shown in Fig. 8, is given as area PAP' in Fig. 2 
and 

Aw =~g. s 

Since s = s0 cos (Oso-0 5) + e cos ¢, g = e sin ¢. 
Substituting these terms shows that the wear area 

X 
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is a fWlction of the depth of cut, being zero for 
d = d0 and_B 8 =_gso· When d and_B8 are zero, the 
wear area becomes a maximum 

(Awkax = ~o ( ta~oBe + ta:oBso ) (5) 

Plots showing the linear relationship of Aw 
against d from the above equations as well as corres
ponding experimental points are shown in Figs. 4 
and 5. 

The vertical cutting force has two components, 
one of which is used in deforming the chip, the 
other existing as a friction force on the flank, which 
increases as the wear land on the flank increases. 
The latter component is assumed to be zero in a 
newly ground tool, so that at the beginning of a cut 
the vertical force goes entirely into chip formation. 
Correspondingly, when all possible wear has 
occurred, so that Ae = 0, the vertical force is 
entirely frictional. There are two first-order para
meters determining Fe, Ae, and Ar the flank wear 
area. 

The triangular flankwear area shown as AP'F in 
Fig. 3 can be found from the geometric relation
ships of the tool flank shown in that figure. 

(6) 

As the height of the flankwear area lh and the 
length of the side cutting edge 18 change as wear 
proceeds, they can be expressed as functions of the 
depth of cut d. They are also dependent on the 
resultant clearance angle <Pe which can be 
measured, therefore, 

d 
l = -----=---~ 
s sin Bs cos Ot,r cos Bsr 

r d -d J lh = - 0-- - {do -d) tan Bt,r 
tan eft 

(7) 

k cosp 
tan <Pe = sin Be + tan Bee cos Be {8) 

sin (Bso +Be) 

where 

112 
- 2 tan Bee tan Bsc cos (B80 + Be) J 

The following equation is proposed as a relationship 
of the cutting force Fe to both Ae and Ar 

(9) 

where 

Ra =Rm +Rs 

R = (Ar)d=o 
m (Ae)d = d0 {1 0) 

R = d(Ar)/d (d) J 
8 d(Ae)/d {d) 

d=o 

Rm constitutes the ratio of maximum areas, and R 8 

is the ratio of slopes when the depth of cut is con
sidered to be zero. Given the initial tool geometry 
and depth of cut, Rm and R 8 are determined. At 
the beginning of a cut A f = 0, R 0 and Ac are deter
mined from the tool geometry and Fe is measured. 
Therefore, equation (9) can be rewritten to obtain 
K as 

(11) 

The value of K is affected by variables such as 
workpiece material, cutting fluids and so on. How
ever, as can be seen in Fig. 6, the theoretical curve 
starts and coincides with the initial experimental 
points for Fe and d. With increasing tool wear the 
depth of cut, d, decreases and, if a dynamometer is 
used to measure Fe, then by means of direct numer
ical control, equations (1 0) and (11) can be used to 
anticipate changes in d. Therefore, Fe can be used 
as feedback variable in the control algorithm. 

Assuming a crossfeed resolution M, the tool 
will be indexed whenever d0 -d ;;;;. d, causing an 
increase in Ae of [M. With inward movement of 
the tool the geometries of Ae and Ar will change, 
however. Instead of calculating d after each Fe 
measurement it will be more efficient to compute 
that value of Fe at which tool indexing should 
occur. The tool will be indexed when Fe ~ Fei> 
where Fei is the calculated force level at which the 
ith indexing takes place. A ei and A fi are then 
defined as those areas just before the ith indexing. 

Derivation of the equations for tan Bsi, Aei> An, 
are not repeated for the sake of brevity, but are 
given for i p 1 as: 

tanB · = do -M 
SI {iM/tan Be) + [d0 + (i- 1) L'ld] /tan B so 

(2a) 

and 

[ 
_ / 2 sin Be sin Bso J (3a) 

X f 2 [d0 + (i-l)L'ld] sin (Be+ Bso) 

Immediately after the i-th indexing, the uncut chip 
cross-sectional area is A ci + [M and decreases to 
A e,(i+t) just before the next indexing. 
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Using tan ~e from Equation (8), the value of Ali can be 
determined from 

and 
(d0 - M)/sin Osi 

I . = 
Sl COS Obr COS eSC 

(6a) 

/hi = iM [-1- - tan ~r ] cos Osr 
tan cf>e (7a) 

Using the analysis given, the following control 
algorithm can now be outlined. 

1. Read in the initial tool geometry and cut
ting parameters, eSO> Be ' ese ' Bee ' ebr' 
8sc, d0 , M, andf 

2. Calculate Ra from equation (10). 
3. Start cutting and measure Fe· Determine K 

from equation (11 ). 
4. Seti = 0. 
5. Seti = i + 1. 

6. Determine Aei and An. 
7. Fei=K(Ra Aci+Afi). 
8. Measure Fe. 
9. If Fe > Fci , go to 8. Otherwise go to 10. 

10. Increment the tool inward by amount M. 
11 . Go to step 5. 
12. End. 
The computer will be looping between steps 8 and 

9, measuring Fe and comparing it with Fei. It is desir
able to take, say, 500 samples in 5 s for averaging and 
noise filtering. The actual sample IUlmber depends on 
the force transducer sensitivity, equipment character
istics as well as on the desired smoothness of the 
signal. Another method for obtaining a smooth signal 
would be to compare the present Fe value with the 
previous value. Because an increased Fe implies an 
increase in d which is impossible, the computer pro
gram is instructed to set the present Fe value to the 
previous one. Finally, electronically filtering the 
signal before it is sampled by the computer would 
achieve the desired smoothness. 

Fig. 1 Photograph showing experimental test apparatus: 
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Tool Motion 

Schematic Diagram of Rake Face Showing the 

Different Geometl"ic Variables 

Side View 

End View 

Fig. 2 Schematic diagram of cutting tool rake face geometry. 
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Projection of Tool 
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Fig. 3 Schematic diagram of cutting tool flank geometry. 
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Fig. 5 Calculated and experimental tool rake wear against 
depth of cut for initial cutting depths below 0.004 in. 
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Fig. 6 Calculated and experimental cutting forces against 
depth of cut for AISI-1045 and AISI-4130 steel. 

EXPERIMENTS 

The experimental tests were conducted on a 14 X 
30 in lathe with the workpiece mounted on a high
precision air bearing spindle, instead of the regular 
headstock. However, feed was obtained through the 
regular lathe drives with a carriage monitoring dial 
accurate to ± 0·0005 in/fC~ The workpiece materials 
were AISI-1045 medium carbon steel and AISI-
4130 molybdenum steel, and the cutting tool was 
high speed steel. The cutting speed and feed were 
held constant at I 00 f.pm. and 0·002 in./rev, respec
tively. Tests were performed at different depths of 
cut, ranging from 0•0017 -0·008 in, without cutting 
fluids. 

The angles used in the tool geometries were: 5° , 
back rake; 0°, side rake; 30°, side cutting edge; 10°, 
side clearance; 30° , end cutting edge; and 10°, end 
clearance. The nose radius was considered nominally 
to be zero. The tool bit was instrumented with four 
temperature compensated electric resistance strain
gauges to make up the force dynamometer, shown in 
Fig. 1 which illustrates the test apparatus configur
ation. The two gauges on the vertical toolbit sides 
measured the strain caused by the horizontal force 
and the other pair on the top and bottom surfaces 
measured that caused by the vertical force during 
cutting. For each newly ground tool configuration, 
the distance from the tip to the centre of the strain
gauges was re-measured as the moment arm. As 
shown in Fig. 8, Vickers indentations were made on 
the tool rake and flank faces for the purpose of esta
blishing a fixed coordinate system from which the 
losses in rake and flank areas can be measured, as 
wear progresses. The cutting was stopped at intervals 
of 1 in. along the workpiece and by means of the 
microscope on the three-axis support, shown in Fig. 
1, the rake face and flank were photographed for 
evaluation later. For output of the electric resistance 
strain-gauges in the force dynamometer the signal was 
fed into two carrier amplifiers which were synchron-
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ized to avoid spurious component readings. The 
amplifier outputs were fed into attenuators, set to 
obtain 2 V output at 2 em of vertical oscilloscope 
beam deflection. An eight-track Sanborn 3907A 
magnetic tape recorder with a maximum input signal 
level of± 2 V was used for recording the strain read· 
ings from the dynamometer. The two force signals 
were recorded in FM at 3! i.p.s., (maximum rise time 
20 ms) and played back at 60 i.p.s., giving a 16:1 
time compression. 

Each experimental test was initiated by preparing 
the mounted workpiece with a carbide tool and 
checking alignment for parrallelism with the Bed
ways, and calibrating the tool, with its Vickers inden
tation coordinates, for strain-gauge signals to the 
recording equipment. After obtaining all the neces
sary measurements of tool position, workpiece dia
meters and so on, the cut was started with a certain 
initial depth of cut. As mentioned previously, the cut 
was interrupted to photograph the tool for wear and 
checking of the instrument calibrations. Data analysis 
of the tape-recorded signal from each test was accom
plished by digitizing the analogue signal onto com
puter tape through an analogue to digital converter 
system attached to a PDP-7 computer. Sampling and 
evaluation of the digitized data and the conversion to 
force values was done by computer sub-routines 
which, although they have been described in detail12 , 

have been omitted here. The digitized force measure
ments were plotted from punched tape output on a 
Gerber automatic drafting machine. A typical plot of 
vertical and horizontal forces against cutting distance 
is shown in Fig. 7. The reduction in rake face and 
flank areas was measured with a planimeter from 
photographs such as the one shown in Fig. 8 and the 
information used to correlate the change in depth of 
cut to the corresponding force measurement. 

DISTANCE CUT ALONG \IORICPIECE l JN. l 

Fig. 7 Typical plot of experimental tool forces against cut
ting distance for AISI- 1045 steel from dynamometer 
records. 

Fig. 8 Typical photograph of worn tool rake face showing Vickers reference marks and change of depth of cut. 
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RESULTS AND DISCUSSION 

The theoretical as well as experimental results show 
the two distinct aspects of the study, one being the 
relationship of wear geometry to the instantaneous 
depth of cut and the other the wear geometry related 
to the vertical cutting force. Although the uncut chip 
cross-sectional area is not easily measurable, the theo
retical model permits derivation of Aw, the lost rake 
area caused by wear. By superimposing the original 
tool contour on all successive photographs of the rake 
face, as shown in Fig. 8, the wear area can be 
measured to a high degree of accuracy. These 
measurements are listed in Table 2 for seven tests, six 
of which were performed on AISI-1045 and, for 
verification purposes, one was performed on AISI-
4130. The depths of cut corresponding to these 
quantitative tool wear values are also shown in Table 
2, and the details of pertinent test characteristics have 
been assembled in Table 1. The latter table also shows 
the amplifier sensitivities12 necessary for quantizing 
the forces from strain-gauge recordings. The wear 
losses in rake areas from Table 2 have been plotted in 
Figs. 4 and 5, the solid points signifying the initial 
depth of cut. The proximity of test points to the 
theoretically calculated lines verifies the linear rela
tionship between these two parameters. Although 
wear rate is a function of material properties, the 
wear geometry remains essentially one in which the 
above-mentioned linear relationship continues as wear 

Table 1. Test data 

Test No: 2 3 

Moment arm (in) 0·9589 0·9554 0·9504 

Initial depth of 
cut (in) 0·0055 0·0031 0·0040 

Diameter of piece 
(in) 2·930 2·904 2·877 

Distance 

progresses over a considerable cutting distance for the 
two materials under consideration and initial depths 
of cut ranging approximately from 0·001 to 0·010 in. 

Theoretical and experimental efforts were directed 
towards a correlation between the cutting forces and 
wear geometry as an index of the changing depth of 
cut when metal turning is progressing. The cutting 
force Fe consists of the chip deforming component 
and the friction component on the flank wear area, 
which are brought together in the area relationship 
shown in equation (10). This equation does not 
require arbitrary constants for its solution as all 
necessary parameters such as initial tool geometry, 
depth of cut and feed, are determined. The theoret
ical cutting forces are plotted against depth of cut, d, 
and the experimental values against the depths of cut 
from Table 2 are found to correlate with the curves 
passing through the initial values of d, shown as 
darkened points. The typical plots of experimentally 
determined cutting forces Fe and Fh are shown in 
Fig. 7. However, such a larger value of Fe makes it a 
more desirable parameter against which tool wear 
through changes in depth of cut can be anticipated. 
The relationships established here between continu
ously recorded cutting forces and measured tool wear 
are shown to be usable quantities for a computer 
algorithm by means of which direct numerical 
control in maintaining a prescribed depth of cut can 
be achieved during metal turning. 

4 5 6 7 

0·9450 0·9188 0·9015 0·8935 

0·0080 0·0021 0·0017 0·0060 

2·843 2·804 2·804 2·495 

between Rake 0·01535 0·01575 0·01587 0·01587 0·01575 0·01575 0·01575 
Vickers 
indentations 
(in) Flank 0·00787 0·00984 0·00984 0·00984 0·00984 0·00984 0·00984 

Amplifier 
sensitivity Fc so 20 20 50 10 10 50 

(p.e cm-1 ) Ft. 10 10 10 10 10 10 20 

Material AISI 1045 AISI 1045 AISI 1045 AISI 1045 AISI 1045 AISI 1045 AISI 4130 

Cutting velocity = 100 surface ft min-1 • Feed = o-002 in. rev-1 • 
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Table 2. Depth of cut and tool wear measurements from rake face photographs 

Test No I Test No 2 Test No 3 Test No 4 Test No 5 Test No 6 Test No 7 

5·5 0·0 
4·5 9·7 
4·2 12·4 
3·6 18·4 
3·4 22·7 
3·0 26·3 
2·6 28·9 
2·2 31·3 
1·9 37·0 

3·1 0·0 
1·9 6·6 
1·0 12·3 
0·8 13·5 
0·4 15·2 

4·0 0·0 
2·4 9·2 
2·3 10·4 
2·0 12·5 
1·6 17·6 
1·1 20·4 
0·6 23·4 
0·3 25·3 
0·2 26·3 

*Loss of rake area of tool caused by wear. 

CONCLUSIONS 

For the materials and test conditions of the experi
mental investigation described here, together with the 
theoretical analysis, the following conclusions may be 
drawn. 

I. A linear relationship exists between the prin
cipal cutting force and the instantaneous depth of cut 
during turning of AISI-1045 and AISI-4130 steel in 
the test conditions described. 

2. Tool wear, as measured by loss of rake and 
flank areas, is linearly related to the resulting change 
in depth of cut. 

3. Continuous monitoring of force dynamometer 
recordings allows the tool position to be adjusted to 
maintain the desired depth of cut over the length of 
the turned workpiece. 

4. The use of a tool force dynamometer as a moni
toring device for adaptive control in direct numerical 
control (DNC) machining has been evaluated. 

5. An algorithm to achieve prescribed dimensional 
requirements in DNC metal turning, when possibly 
excessive tool wear occurs, has been presented. 
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DISCUSSION 
Query from A. H Redford, U.S.A.L.F. 

If the system is to be used for very fine finishing 
operations with very fine tolerances, has any work 
been carried out into investigating the effect of vary
ing mechanical properties of the workpiece on the 
accuracy of the system. 

Reply 

No work has been specifically done to investigate the 

effect of varying mechanical properties of the work
piece. In our experiments the workpiece material was 
used in the as-received condition and our observation 
is that a tolerance of ±0.0005 in. can be maintained 
while turning a piece of about 3 in. diameter and 8 in. 
long. It may be possible to operate in a narrower 
tolerance band by employing a filtering logic, 
whereby signals that are very high or very low with 
respect to the previous signal level will be disregarded. 
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DESIGNING IN DIGITAL SPACE 

by 

W. B. HEGINBOTHAM* 

SUMMARY 

It is shown that, by using a digital space table, a draughtsman can make use of a simplified NC machine tool 
positioning system, in order to cater for most dimensional problems. 

INTRODUCTION 

Apart from the consideration of strength, stiffness 
and mechanical functioning, the allocation of dimen
sions in engineering components is left to the indivi
duality of the designer and draughtsman. To some 
extent decisions are influenced by styling and other 
factors such as ease of maintenance or servicing but 
generally however the decision to make something 25 
mm thick or space screws round a 5 em pitch circle 
diameter is somewhat arbitrary and there may be an 
almost infmite combination of dimensions all of 
which would produce satisfactory strength, function
ing, aesthetic appeal, serviceability and reliability. 

The consequence of this is that, by and large, the 
specifications for machine tools are influenced by the 
need to incorporate an enormous range of flexibility 
so as to cater for variability. A numerically controlled 
machine tool is a supreme example of automated 
flexibility which will cater for whims in design down 
to dimensional differences of something like 0·02 
mm. This is not to say that we need to produce parts 
to less accuracy but that the 'network' of design 
space is too fine. Also, the finer the network the 
more expensive is the means which has to be used to 
cater for its whims. It would seem sensible to coarsen 
the design network whilst still maintaining the preci
sion with which we can reproduce this network. Drill
ing holes, for instance, could be carried out by auto
matic, non-feedback type positioning devices which 
can be made much cheaper if a coarse digital network 
is adopted and the designer educated to use dimen
sions from rectangular arrays which are multiples or 
functions of the digital network. 

An example of such a machine is shown in Fig. 1; 
it was developed using the efforts of three under
graduate project students, Marshall1 , Arnold2 and 
Good3 • The positioning system uses the principle 

whereby double-acting air cylinders are adapted so as 
to generate exact lengths, e.g. 0·5 mm, 1 mm, 2 mm, 
4 mm, 8 mm, ... , which can be cascaded together so as 
to generate any length in 0·5 mm steps up to the 
maximum sum of all the extended lengths of the 
cylinders. Such a system can be very precise and its 
control system relatively simple. 

In this case a fluidic control system with a drum 
programmer was used and the layout of the system is 
as shown in Fig. 2. The positioning system was there
fore 'open loop' but its state monitored and sequenti
ally interlocked with the functioning of the drilling 
and tapping heads. The basic accuracy of the system 
(max cumulative error) was± 0·002 in and the basic 
incremental dimension 1/32 in. The max traverse in 
two directions was 7 31/32 in. 

Another system4 has been applied to a programm
able assembly machine using a unique system of 
mechanical locks. This particular system has an 
accuracy of ± 0·03 mm over a travel of 250 mm for 
95% confidence limits and will repeat to ± 0·02 mm 
at any position. 

Immediately the question arises: how does one 
cater for dimensions which, owing to other reasons, 
do not tum out to be an integer function of the basic 
network spacing? For instance, if any gearing is 
involved in the design, then the space will have to 
provide discrete dimensions coinciding with the 
centre distances for running standard gears. 

How, therefore, might one get over this problem 
when designing in a rectangular digital space net
work? The following elementary analysis will show 
that a much wider range of possibilities is feasible 
than one might imagine and by accepting a suitable 
design philosophy a wide range of conditions can be 
catered for. Fig. 3 illustrates the situation in a plane 
square digital network where the co-ordinates of any 
point are (mk, nk): m and n are integers and k is the 

*Production Engineering Department, The University, Nottingham. 
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network spacing. It is immediately obvious that with 
different values of prime numbers for m and n there 
are a large number of other networks which can be 
generated at other angles to the original one, the 
number of which is determined by the size of the 
network itself (Fig. 4). Considering one quadrant 
bounded by OyOx (Fig. 3), each of which sub tend Q 
spaces, then it can be shown that the total number of 
dimensions one can ob~ain measuring from 00 
throughout the whole space is given by 

(1) 

where Q is the number of integers of the basic net
work bounding the problem. 

In this space, however, there will be duplication of 
dimensions in different directions, that is, when the 
root (n2 + m2)112is the same, i.e. in a direction 
governed by, sa~, when n/m is equal to 3 and when 
nfm is equal to 1/3. Hence the total number of discrete 
dimensions in the system will be contained between 
the line y = x and the Ox axis and this can be 
deduced as follows 

z - ZT -Q + Q 
u 2 

Therefore substituting from (1) gives 

z = (Q + 1)2 + Q- 1 
u 2 

Therefore 

Zu =! Q (Q + 3) (2) 

Depending on the fmeness of the grid, there may 
be dimensions inside the number Zu which are very 

Fig. 1 

nearly the same and could be used for a similar func
tion but these numbers will occur by natural coincid
ences and, if the numbers are expanded to enough 
decimal places, then they will be slightly different. 
There will be other exact duplications if (m2 + n2 )lf2 
is the same even though m and n are different, 
e.g.(l2 + 82)1/2=(42 + 72)112_ 

Fig. 2 

y 
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X 

Fig. 3 Charac teristics of a plane square digital network. 

y 

Fig. 4 Derivation of subsiding networks. 
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DIRECTION IN WHICH A PARTICULAR 
NUMBER CAN BE OBTAINED 

This will clearly depend on the ratio m/n. Hence start
ing at the origin (Fig. 5) we can measure in two direc
tions to give the same length 

m<n 

m>n 

Clearly 

If we start to measure from co-ordinates m1 -n1 

then the choice will be much wider (Fig. 6). There are 
two families of vectors mirrored about line y = ± x 
when m < n. We can measure in direction 

First family 

m>n 

ell = tan-1 ( w) 
ell + 90° 

ell + 180° 

eu + 270° = -812 

Second family e12 = 90° -ell 
e12 + 90° 

y 

\m':n 
~\ 

... 

e12 + 180° 

e12 + 270° =-ell 

y=x 

m. 

Fig. 5 

y y=x 

~------------------------------x 

i= 1 n 
refers to angle 

number in system 

Fig. 6 

TERMINOLOGY 

j = 1 or 2 
refers to 1st or 2nd family 
j=l m<n 
j= 2 m >n 

The number of networks available is not easily 
calculable but will be a function of the number of 
prime numbers in between 1 and Q which bound the 
network. However, the basic network spacing obtain
able will be (m2 + n2 ) 112 where neither m nor n has a 
common factor. Therefore any length which can be 
obtained can be given as: L = ki (m2 + n2 ) 112 , where 
k is the primary grid spacing, I is any integer and 
(m2 + n2 ) 112 is the size of the derived grid inclined 
at an angle tan- 1 (m/n) to the Ox axis. 

In order to simplify the problem of experimenting 
with different sized networks a 'unit network' table 
has been developed, that is, taking k = 1 and finding 
all the sizes measured from 00 which can be 
obtained in between a line y = x and. the Ox axis. 
The number of these available is at present limited by 
the size of the store on the KDF9 computer in the 
Cripps Computing Centre, University of Nottingham, 
but it is possible to deal with problems where Q = 
100. A sample section of the unit digital space chart 
is shown on Table 1. 

It is clear that use of the 100 units of digital space 
need not be restricted to the space covered by the 
computer because we can shift our origin of co
ordinates and indeed we need to do this to set up 
particular dimensions for particular positions. The 
numbers are printed out in order of magnitude and 
can be used as follows. 

If the dimension required is Z and k is the basic 
network spacing, then Z/k will give the unit number 
to look for in the unit digital space table. Therefore 
the nearest number to this is selected and then multip· 
lied by k to give the actual dimension which can be 
obtained. By reading off the appropriate values of n 
and m on the table, the various directions in which 
one can obtain this dimension can be derived (Fig. 6). 
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Fi~ 7 Alternative arrays of hole spacings on constant pitch circle diameters. 

Table 1 

Range 82·0000 to 84·0000 

L I m n 

82·0000 82 0 I 
82·006I 1 I 82 
82·0366 1 57 59 
82·0975 2 2 41 
82·1523 1 43 70 
82·2192 2 3 4I 
82·2800 1 29 77 
82·3286 1 53 63 
82·3772 3 5 27 
82·4621 4 8 19 
82·5409 3 9 26 
82·6I96 1 51 65 
82·7103 1 21 80 
82·7587 3 19 20 
82·8010 2 25 33 
82·86I3 I 25 79 
82·9277 23 2 3 
83·0000 83 0 1 
83·0060 I 43 71 
83·0963 1 4 83 
83·1865 2 I9 37 
83·2166 1 6 83 
83·2406 1 23 80 
83·2947 1 7 83 
83·3847 1 32 77 

THE GENERATION OF PITCH CIRCLE 
DIAMETERS FOR SPACING HOLES 

ROUND A FLANGE 

(} (deg) 

0·00 
0·70 

44·01 
2·79 

3I·56 
4·18 

20·64 
40·07 
10·49 
22·83 
19·09 
38·12 
14·71 
43·53 
37·15 
I7·56 
33·69 

0·00 
3I·20 

2·76 
27·I8 
4·13 

16·04 
4·82 

22·57 

Four hole locations are easily obtained at diameters 
of 2k/ or y2k/ and this will give an even spacing 
of four holes in each case but with holes on the x and 
y axis in the former case at 45° to Ox and Oy in the 
latter case. 

Eight hole spacings can be obtained at discrete 

L I m n (} (deg) 

82·0000 2 9 40 I2·68 
82·0244 58 1 I 45·00 
82·0549 I 3 82 2·10 
82·0975 2 23 34 34·08 
82·20IO 1 14 81 9·81 
82·2192 2 27 31 41·05 
82·2922 2 18 37 25·94 
82·3468 1 34 75 24·39 
82·3893 2 4 41 5·57 
82·4621 4 13 16 39·09 
82·5651 I 16 81 11-17 
82·6378 1 30 77 21·29 
82·7345 37 I 2 26·57 
82·7647 5 7 15 25·02 
82·8070 1 56 6I 42·55 
82·8734 2 6 41 8·33 
82·9699 2 11 40 I5·38 
83·0060 1 31 77 21·93 
83·0241 1 2 83 I·38 
83·0963 1 53 64 39·63 
83·1865 2 7 4I 9·69 
83·2I66 5 9 14 32·74 
83·2406 I 40 73 28·72 
83·3547 2 21 36 30·26 
83·4086 1 51 66 37·69 

ratios of m/n which will result in pairs of holes 
mirrored about the lines y = ± x. This means that for 
eight hole spacings round a flange we can obtain 
symmetrical arrays of groupings of pairs of holes 
about these two lines. (See Fig. 7 .) It may be possible 
to get almost exactly equal spacings by choosing m 
and n correctly. 

Other types of network need to be explored such 
as rectangular networks with k1 x and k 2y in the x 
andy directions respectively or equilateral triangular 
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networks, the latter having the advantage that, if 
using a set of plates pre-drilled with holes, then 
each hole would be in a position where its radial 
distance from its adjoining hole was the same. The 
two controlling movements would, therefore, have to 
be inclined at 60° and the mathematics of this type 
of space needs developing. 

EXAMPLE 

A typical but elementary design problem is that of 
designing a gear base and this can be dealt with as 
follows. 
From Fig. 8, the following data is obtained 

Wheel 

A 

B 

c 
D 

N 

20 

9 

31 

13 

From 
chart 

PCD 

2·5 

1·125 

3·875 

1·625 

m n 
True 

length 

Centre distances 

AB = 1·25 + 0·5625 = 1·8125 
CD= 1·9375 + 0·8125 = 2·7500 

use 0·040 in grid spacings 

Thus size in a unit network - 1·8125 
- 0·040 

AB =45·3125 

CD= 2"75 = 68·75 
0·040 --

Fig. 9 Layout of gearbox 

AB 45·31 1 17 42 1·8124 22°-31 

CD 68·7677 1 45 52 2·750708 40°-54 

17 = 0·405 8 22° 31 42 11 = -

533 

Thus it is seen that any designer draughtsrnan by using the digital space table can utilize a simplified 
numerically controlled machine tool positioning system to cater for most dimensional problems with which he is 
likely to be faced. 
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Range 48·0000 to 50·0000 

L I m n 0 (deg) 

48·0000 48 0 1 0·00 
48·0416 2 1 24 2·39 
48·0937 3 1 16 3·58 
48·1664 4 1 12 4·76 
48·2701 1 11 47 13·17 
48·3735 6 1 8 7·13 
48·5077 1 7 48 8·30 
48·6621 8 1 6 9·46 
48·7647 1 23 43 28·14 
48·8365 3 11 12 42·51 
49·0000 49 0 1 0·00 
49·0408 1 17 46 20·28 
49·0918 1 3 49 3·50 
49·2443 5 4 9 23·96 
49·3356 1 15 47 17·70 
49·4065 1 29 40 35·94 
49·5177 2 17 18 43·36 
49·6488 1 23 44 27·60 
49·7293 1 13 48 15·15 
49·8197 1 9 49 10·41 
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L I m n 0 (deg) 

48·0104 1 1 48 1·19 
48·0521 1 10 47 12·01 
48·1041 1 33 35 43·32 
48·2597 1 27 40 34·02 
48·3011 1 22 43 27·10 
48·3839 1 15 46 18·06 
48·5077 1 12 47 14·32 
48·7032 2 8 23 19·18 
48·7955 1 34 35 44·17 
48·8467 1 19 45 22·89 
49·0102 1 1 49 1·17 
49·0408 1 2 49 2·34 
49·1630 1 4 49 4·67 
49·2443 1 11 48 12·91 
49·3660 1 6 49 6·98 
49·4773 12 1 4 14·04 
49·5782 1 33 37 41·73 
49·6488 1 28 41 34·33 
49·7393 1 25 43 30·17 
49·9300 3 9 14 32·74 

DISCUSSION 

Query from A. H. Redford, U.S.A.L.F. 

Has the author carried out any work on adding a 
coarse pitch angular motion to the system. If so, what 
kind of effect does this have on the accuracy of the 
system. 

Reply 

We have not carried out any work on adding an 
incremental angular motion to this system. We have 
considered the feasibility of doing this, but any such 
addition would, of course, put up the cost of the 
system which would decrease the differential in costs 
between -a full numerically controlled system and our 
present incremental set up. I therefore consider that 
we should concentrate on using the simplest system 
that can be devised to control the position of the 
working heads, because the basic cost of such a device 
is one of the main factors. The whole idea behind this 
paper is to show how a cheap and simple device using 
a 'coarse' design space can be utilised most effec
tively. We have, of course, considered the possibility 
of making an incremental angular table using the 
locking system that is the main feature of the posi
tioning system described in the paper. 



A COMPUTER-AIDED STUDY OF THE TEXTURE OF THE WORKING 
SURFACES OF GRINDING WHEELS 

by 

C. P. BHATEJA, A. W. J. CHISHOLM and E. J. PATTINSON* 

SUMMARY 

A computer-aided technique for studying the surface texture of the working surfaces of grinding wheels has been 
developed. This has been used to investigate the effect of wheel dressing conditions on the behaviour of the 
grinding wheel surface during use in grinding. It has been found that the total number of surface asperities on the 
working surface of a sharp wheel is virtually independent of the dressing feed, though with a degree of bunching 
of asperity peaks towards the outer region of the wheel surface. The degree of bunching of these asperity peaks 
decreases with increasing coarseness of dressing. The valleys in the surfaces, on the other hand, have a Gaussian
type frequency distribution. Significant changes in the forms of the frequency distributions of both asperity 
peaks and valleys on the working surface of the grinding wheel occur when the wheel becomes substantially worn. 
It is thought that the technique may be used in further studies of the wearing action of grinding wheels. 

INTRODUCTION 

The dressing of a grinding wheel has been shown to 
influence the geometry of the wheel surface1 and the 
wheel's wear characteristics2 • The dressing process 
affects the active grit density on the wheel surface 
and hence the cross-sectional area and length of the 
grinding chips produced in grinding3 , all of which are 
important basic parameters of the grinding process. 
The grinding wheel's behaviour during grinding is thus 
governed by the characteristics of its working surface. 

The present investigation was concerned with a 
detailed study of the texture of the working surface 
of the grinding wheel, and of the effects of wheel 
dressing and wheel wear. Several parameters 
commonly used to describe the characteristics of 
surface texture have been used in this study of grind
ing wheel surface texture. These have been evaluated 
using digital techniques from the surface profiles 
obtained with the aid of a profilometer. The effects 
of different dressing feeds, of workpiece hardness and 
of wheel wear were studied in the grinding of steel on 
a surface grinding machine using alumina grinding 
wheels. 

EXPERIMENTAL PROCEDURE 
AND TEST CONDITIONS 

Dressing treatment 
The grinding wheel used in the experiments was a 
plain- cylindrical-type white alumina wheel. Dressing 

*University of Salford 

was carried out by traversing a diamond tool in a path 
parallel to the wheel axis across the peripheral surface 
of the wheel. The angle between the tool axis and a 
radial line in the wheel at the point of contact was 10 
degrees lagging with respect to the peripheral motion 
of the wheel. A special traversing mechanism was 
used to provide known uniform dressing feed rates. 
So that the initial condition of the grinding wheel was 
always constant prior to giving the wheel the selected 
experimental dressing treatment, a preliminary dress
ing was given to the wheel consisting of several passes 
of a diamond tool at a constant feed of 1 ·25 X 10-4 
in/rev, but with decreasing depths of cut, as follows: 

No. of passes 

4 

20 

10 

Depth of cut (in) 

0·0005 

0·00025 

0·0001 

The final dressing treatment (Table 1) was then 
carried out in a single pass using a special diamond, 
tool preserved for the purpose. 

Grinding experiments 
The grinding operation used in the experimental work 
was carried -out without cross feed on a conventional 
horizontal spindle surface grinding machine. The in
feed was established normal to the ground surface of 
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the workpiece after each traverse of the workpiece; it 
was measured by means of a dial indicator micro
meter. Grinding was carried out on a carbon steel, 
both in a hardened and in an unhardened condition. 
Tests were performed in each case with a ,coarsely 
dressed and a fmely dressed wheel (Table 1 ). In all 
the four tests (designated as Tests 1 to 4) grinding 
was carried out until 1 in3 of work material per inch 
width of active wheel surface had been removed. The 
width of the workpiece was smaller than that of the 
grinding wheel. By interrupting the grinding opera
tion at intervals and by using the wheel to grind a 
thin steel blade, and thereby to reproduce the wheel's 
worn stepped profile on the blade, it Wa$ possible to 
measure the development of radial wheel wear during 
each test. The height of the step on the measuring 
blade was determined by means of an inductive-type 
comparator gauge. 

To explore the texture of the grinding wheel sur
face a profilometer was used which employed a 
diamond stylus capable of being traversed parallel to 
the wheel axis across the wheel surface. The surface 
profile was obtained as the output from an 
inductive-type transducer actuated by the stylus and 
using a strip chart recorder. The stylus was a 90 
degree pyramid having a tip radius of 0·001 in. 
Several profilograms were obtained at each of a 
number of randomly located places around the wheel 
circumference, for every determination of the wheel 
texture. The profilograms were converted into numer
ical data using an electronic trace follower facility; 
the various surface texture parameters described in 
the following section were evaluated with a digital 
computer. The computer programs used for these 
determinations were written4 in Algol. 

Table 1. Experimental conditions 

Grinding wheel 

Specification: 

Size: 

WA 100 I V 7G (White alumina grit and Vitrified bond) 

8inX!'inX 2in 

Workpiece material 

Chemical Composition: (%) 

carbon 1·0 manganese 1·3 silicon 0·3 
chromium 0·5 tungsten 0·5 vanadium 0·2 

Hardness HV 240 

Heat treatment 
Heated to 800°C, hardened by quenching in oil and tempered at 100°C 

Final hardness 

Dressing conditions 

Type: 

HV840 

Depth of cut of the 
dressing tool: 

Dressing feed Test No. 

Grinding conditions 

Type: 
Wheel speed: 
Workpiece speed: 
Wheel depth of cut: 

1 
2 
3 
4 

Single point diamond dressing 

0·001 in 

Dressing feed Condition of work material 
(in/rev) 

0·001 } 
0·013 

unhardened 

0·001 } 
0·013 

hardened 

surface 
4500 ft/min 

60ft/min 
0·00025 in/pass 

Cross feed of the workpiece table: 
None 
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SURFACE TEXTURE PARAMETERS 

The texture of the working surface of a grinding 
wheel consists of asperities having different shapes 
and sizes and arranged at different radial distances 
from the wheel axis. In a single cross section or 
profile of the wheel surface, each asperity appears as 
a pair consisting of a peak and an adjoining valley. To 
specify the surface texture parameters used in this 
study, it is necessary first to define an imaginary line 
called the mean line5 • This lies in the general direc
tion of the. surface profile (i.e. in the direction of the 
X axis, Fig. 1) and is such that the sum of the areas 
enclosed between the line and the profile on each 
side of the mean line are equal. The distance between 
the highest peak and the lowest valley in the wheel 
surface profile, measured perpendicular to the mean 
line, is referred5 to as the maximum peak-to-valley 
height, Hpv . 

The centre line average height, CLA, (Fig. 1) is 
defined5 as 

CLA • i ~~Y-Hm I dX (l) 

0 

The bearing area characteristic of the surface6 is 
represented by the curve obtained by plotting the 
ratio, for a particular height level, of the sum of the 
intercepts in the solid material parallel with the X
axis to the total length of the surface at the height 
level, against the height level concerned. An associ
ated parameter is the degree of fullness 7 of the 
surface, Dr: this is the ratio of the area between the 
section profile and the lowest valley level, to that of 
the rectangle passing through both the highest peak 
and the lowest valley and completely enclosing the 
profile. 

The frequency distributions of the occurrence of 
peaks radially in the wheel were expressed in terms 
of the cumulative radial distributions of the asperity 
peaks above specified height levels in the wheel 
profile. This distribution was expressed as a percen
tage of the total number of peaks which occurred in 
the section profile under consideration. The frequency 
distribution was plotted against radial distance in the 
wheel. At the outer surface, that is at the highest peak 
level of the profile, the percentage of peaks by this pro
cedure was zero (Fig. 1 ). The cumulative distribution 

y 

Assumed 
arbitrary X-axis 

H = .!f.LYd:x: m L 0 
L 

CLA = .!.l IY-H jd:x: L 0 m 

30~Valle~IOO 
Nv I 

N Peaks p , , 
I 

0 100 

Peaks and 
valleys ('X.) 

Cumulative distributions 

NP' Nv-percentage of peaks 
occurriiiQ above and valleys 
below any height level 
respectively 

Fig. 1 Surface texture parameters 

of valleys was correspondingly defined as the percen
tage of all valleys which occurred below a given radial 
height level. The percentage of valleys at the outer 
surface was, thus, 100. 

DISCUSSION OF RESULTS 

Radial wheel wear 
The radial wear of the grinding wheel found in Tests 
1 and 2 on the unhardened steel exhibited the three 
usual stages of wear, primary, secondary and tertiary 
(Fig. 2). However, when grinding the hardened steel 
(Tests 3 and 4) wheel wear was not so severe, and 
only the first two stages of wear were observed; the 
rapid increase in wear associated with tertiary wear 
did not occur during the duration of these particular 
tests. The coarse dressing feed in both cases gave 
generally higher amounts of radial wheel wear than 
the fme dressing feed. 

Test 
Dressing Condition of 

feed (in/rev.) work material 

0·001 } Unhardened 
0·013 
0·001 } Hardened 
0·013 

Work material removed, Vm (in3/in) 

Fig. 2 Wear characteristics of the grinding wheel 

The distribution of asperities 
Fig. 3 shows typical cumulative radial distribution 
curves of asperity peaks and valleys for a sharp grind
ing wheel. Different symbols have been used in the 
figure for the results from individual profilograms. 
The shapes of the curves for the peaks and for the 
valleys are seen to be significantly different. Attempts 
were made to fit empirical relationships to these 
curves and it was found that the distribution of peaks 
could be fitted approximately using a polynomial 
relationship, while the distribution of valleys could be 
fitted approximately with a Gaussian relationship. 

The polynomial relationship may be expressed 
mathematically as 

N=1-(1-h)" 
p 

(2) 

where Np represents the ratio of the number of peaks 
occurring within a depth h below the highest peak to 
the total number of peaks throughout the whole of 
the surface profile. Mean curves were drawn from 
several profilograms for the distribution of peaks for 
sharp wheel surfaces (Fig. 4). From these, the values 
of the exponent n were estimated to be approxi
mately 4·0 and 2 ·5 for the fine and coarse dressing 
feeds respectively. 

The polynomial type distribution of peaks means, 
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Table 2. Summary of results from the analysis of the surface of the grinding wheel 

Volume Stage of 
of work wheel 

Test material wear or Radial 
No. removed, condition wheel 

vm of wheel wear 
(in3 per in) surface (10-3 in) 

0·000 Primary { 0·000 
0·105 0·020 

1 0·238 secondary { 0·350 
0·455 tertiary { 0·590 
0·998 3·200 

0·001 primary { 0·055 
0·051 0·350 

2 0·244 secondary { 0·650 
0·584 tertiary ~ 

1·250 
0·987 2·850 

3 0·000 sharp 0·000 
0·957 worn 0·700 

4 0·000 sharp 0·000 
0·942 worn 1·400 

in effect, that the percentage of peaks occurring 
within the active region of the grinding wheel surface 
(that is the region concerned .most with cutting 
material) is greater than that which would occur if 
the distribution was random, or even uniform. This 
bunching of asperity peaks towards the active outer 
region of the wheel is accentuated when a fme dress
ing feed has been used. Using the results of Fig. 4 and 
the value of Hpv given in Table 2, it can be estimated 
that, for a wheel dressed with a fme feed, approxi
mately 35% of the total number of peaks lie 
within the active region with the depth of cut 
actually used during grinding, compared with only 
15% for the coarsely dressed wheel. 
· The results in Table 2 show that the total number 
of asperities which occur on a sharp wheel surface is 
the same for both the fme and the coarse dressing 
feed. The estimated values of the corresponding 
active grit densities per square inch of wheel surface 
area are 12 500 and 5400 for the finely dressed and 
coarsely dressed wheels, respectively. An actual count 
using an optical microscope of the density of active 
grits for similar experimental conditions resulted4 in 
values of 10 500 per in2 and 4600 per in2 • The dis
crepancies in the values obtained by the two methods 
may have been caused by elastic deformation of both 
wheel and workpiece during grinding8 • The coarse 
feed thus leaves fewer asperities within the active 
region of the sharp wheel surface. It also gives a 
greater maximum peak-to-valley height for the sur
face profile (Table 2). This indicates that the effect of 
dressing penetrates deeper into the surface at the 
coarser dressing feed. This is consistent with the hypo
thesis proposed by Pattinson and Chisholm2 that the 
severity of the damage caused to the wheel surface 
material increased with the magnitude of the dressing 

Maximum Centre- Total 
Degree peak-to- line number 

of fullness, valley average of 
Dr height, height, as peri-

Hpv CLA ties 
(10--6 in) (10--6 in) per in, 

N 

0·642 2210 472 192 
0·639 2701 550 194 
0·628 3337 618 182 
0·547 3680 691 177 
0·431 3949 739 167 

0·592 2805 555 194 
0·592 3144 609 192 
0·541 3650 722 171 
0·526 3908 733 169 
0·511 4193 751 163 

0·650 2299 467 196 
0·618 2839 572 164 

0·600 2751 560 193 
0·631 6476 1220 138 

feed. 
The mean bearing area curves for the sharp wheels 

(Fig. 5) are consistent in shape with the cumulative 
distribution curves described above. The fme dressing 
feed gave a greater bearing area at all intermediate 
height levels compared with the coarse dressing feed. 

Effects. of wheel wear 
Changes in type of wheel wear which occurs as wear 
develops during the wheel life between dressing treat
ments may be expected to be reflected in the charac
teristics of the wheel surface; such changes may be 
studied using the techniques described .above. The 
possible usefulness of these techniques for the study 
of the mechanism of wheel wear in grinding may thus 
be examined. 

The primary wear stage creases when about 0·08 in3 

of work matl(rial per inch of wheel width has 
been ground (Fig. 2). In this stage of wear, the shapes 
of the cumulative asperity distributions were found 
to remain virtually unchanged, as did the total 
number of asperities, N (Table 2). Further, only 
modest changes were observed in the degree of full
ness, Dr, and the maximum peak-to-valley height, 
Hpv . These observations are consistent with a wear 
mechanism involving mainly grit fracture. Such a 
mechanism would tend to maintain the sharpness of 
the wheel surfal.:e and hence the original geometrical 
characteristics of the dressed wheel surface, since 
wear by fracture would be similar in its influence to 
the actual dressing process. 

Comparison of Fig. 6a with Fig. 3 shows that, dur
ing the secondary stage of wheel wear, there was still 
no substantial change with increasing wheel wear in 
the character of the cumulative distribution curves 
for the asperity peaks or valleys; however, in the 
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polynomial type of curve for the distribution of 
asperity peaks, reductions in the values of the expo
nent n were found to occur for both dressing feeds. A 
number of other changes also occurred in the values 
of the parameters of the wheel surface (Table 2). The 
total number of asperities, N, decreased; moreover, 
both the maximum peak-to-valley height, Hpv• and 
the CLA height of the profile increased. The changes 
in the cumulative distribution of peaks along with the 
observed changes in N and Hpv mean that the 
number of asperities which occurred within the outer 
height levels of the wheel decreased with increasing 
wear. 

These trends are thought to be consistent with a 
wear mechanism consisting mainly of gradual attri
tion of the asperity peaks; in this mechanism clusters 
of small asperity peaks would merge into one another 
to form large single asperities, a process which would 
result in the observed reduction in the number of 
peaks in the active cutting region of the wheel sur
face. However, the observed decrease in the degree of 
fullness, Dr, and the rise in the maximum peak-to
valley height with increasing wear (Table 2) suggest 
that wear or changes in the wheel during the second
ary stage occurred by fracture at the lower height 
levels in the surface. 

When the wheel wear becomes severe, as in the 
tertiary stage (Tests 1 and 2 in Fig. 2), the cumulative 
distribution curves of asperity peaks change from the 
polynomial type to the Gaussian type (Fig. 4). This 
change means that with the occurrence of severe terti
ary wear the number of peaks within the active 
region of the grinding wheel surface is reduced 
considerably. A corresponding reduction in the bear
ing area at any level in the wheel surface profile also 
occurs (Fig. 5). Fig. 6 shows that the change in the 
cumulative distribution of the valleys in the tertiary 
wear stage is not nearly as great as that of the peaks. 
Even though the same arriount of work material had 
been ground in the tests on hardened steel, where 
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tertiary wear did not develop, it is of interest to note 
that no changes in the types of the cumulative distri
bution curves for peaks and valleys did in fact occur 
(Fig. 7). 

A mechanism in which complete or large portions 
of grinding grits are removed from the bond material 
is illustrated diagramatically in Fig. 8. Also shown 
qualitatively are the resulting changes to be expected 
in the cumulative distributions of peaks and valleys. 
Thus, this type of wear mechanism would tend to 
reduce significantly the bunching or concentration of 
asperity peaks within the active region of the wheel 
surface profile. Such changes do in fact occur with 
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tertiary wear (Figs. 4 and 6). This mechanism of bond 
post rupture may also explain the large reductions 
observed in the bearing area (Fig. 5) and in the degree 
of fullness, Dr, (Table 2) of the surface, both of 
which would not occur if wear by attrition predomin
ated during this stage of wheel wear. The large 
increase in Hpv (Table 2) is also consistent with 
bond post rupture. 

It will be noted that tertiary wear which involves 
large amounts of radial wheel wear, caused apparently 
by bond post rupture in the wheel, would cause an 
obvious loss of wheel form. 

CONCLUSION 

A technique for the numerical analysis of the texture 
of the working surface of a grinding wheel has been 
developed. This method has been applied to the 
investigation of the effects of the wheel dressing feed 
on the wheel surface geometry, both for freshly 
dressed wheels and for wheels worn during grinding. 

For a sharp or freshly dressed wheel, the curve 
representing the cumulative radial distribution in the 
wheel of the surface asperity peaks was found to be 
polynomial in form. The curves were shaped such 
that the peaks were bunched more towards the outer 
periphery of the wheel surface (that is towards the 
wheel's active region) than towards the wheel centre. 
This bunching of the peaks towards the wheel's active 
region was less pronounced with the coarser dressing 
feed than with the fine feed. The valleys in the sur
faces, on the other hand, were randomly distributed 
radially, for both the coarse and the fine dressing 
feeds; thus the cumulative radial distribution curves 
for the valleys approximated to a Gaussian type. It 
follows that there were many more peaks than valleys 
in the active outer region of the wheel's surface, an 
effect more marked when the wheel had been dressed 
with the fine feed. Perhaps rather surprisingly, the 
total number of asperities on the sharp wheels was 
little affected by the magnitude of the dressing feed 
used. 

Consistent with these surface characteristics were 
the further observations that the bearing area, at a 
given depth, and the degree of fullness were greater 
for the fine dressing feed ; the fine feed also gave 
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lower values of average roughness and peak-to-valley 
roughness. 

It was found that wheel wear only significantly 
affected the surface characteristics of the wheel with 
the onset of tertiary stage wear. With this heavy wear, 
which was only detected when grinding the un
hardened materials, the cumulative radial distribution 
of asperity peaks changed from the polynomial to the 
Gaussian form, whilst that of the valleys changed 
from the Gaussian to the polynomial form. The latter 
displayed the greater concentration of valleys towards 
the wheel centre. Thus, for badly worn wheels, the 
excess number of peaks over the number of valleys in 
the active region of the wheel surface was less than 
for sharp wheels. Furthermore, the actual number of 
asperity peaks occurring within the active region of a 
worn wheel surface was reduced considerably. These 
changes could be used to indicate the onset of 
tertiary wear and hence the end of the useful life of a 
grinding wheel. One obvious effect of diamond dress
ing on a worn grinding wheel was therefore to 
produce a rearrangement of asperities on the wheel 
surface causing, within the active region, significant 
increases in both the actual number of asperity peaks 
and the 'excess number of peaks over valleys'. 

The technique established in this work has been 
used to study the mechanism of wear during the 
primary, secondary and tertiary stages of wheel wear. 
The results suggest that the changes observed in the 
parameters used in this work to describe the wheel 
surface texture are consistent with the predominance 
of a particular mechanism of wear in each of these 
stages. 
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DISCUSSION 

Query from M M Sfantsikopoulos UMIST 

Did the combination of grinding wheel grit size 100 
with a tip radius of 0.001 in. of the diamond stylus 
prove satisfactory as far as repeatability of the pro
fllograms is concerned? 

Reply 

The two main requirements of the stylus are 
sensitivity and stability, and obviously each could be 
improved at the cost of the other. Tests were 
conducted to determine an optimum geometry and 
material of the stylus and the 90° diamond pyramid 
stylus with a tip radius of 0.001 in. was found to be 
quite satisfactory for the grinding wheel used. 
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SUMMARY 

This paper deals with the selection of equipment for digital surface topography measurements and the theoretical 
and practical aspects of the digital computer programming required. 

Amplitude and frequency characterization of a surface by computation of digital records is discussed with refer
ence to engineering requirements and the practical accuracy obtainable. The application of these techniques to three
dimensional surface measurements is also included. 

INTRODUCTION 

Modern engineering surface topography was initiated 
by Abbot and Firestone 1 in 1933 who first built a 
stylus measuring device; very little was known about 
the importance of surface finish at that time. Since 
then measuring equipment (still mainly stylus 
devices) has improved considerably and there has 
been increasing debate concerning which surface para
meters are important. Unfortunately, different para
meters are useful indicators for different properties so 
ideally several should be available. Commercial 

analogue devices become more expensive as the 
number of parameters evaluated is increased and they 
are usually limited to centre-line average height (R 3 ) 

(see Fig. 1} and peak-to-valley height (Rmax ). How
ever, digital computation is now widely available, and 
elaborate an'atytical processing is quite possible with 
no extra capital outlay once basic facilities are av.ail
able. 

This paper deals with the problems of obtaining 
accurate digital results by optimum use of equipment 
and programming techniques. 

Rmax = Peak to vallt>y height 

R p = Ppak height 

Ra = Average roughness he;ght 

RII4S =root mean squall! 
117 standard deviation) 

Rm = Valley deplh 

L 

Sample Length 

Fig. 1 Definitions of surface topography parameters. 

*Department of Mechanical Engineering, University of Birmingham. 
ti.M.I., Birmingham. 
:j:Department of Industrial Metaliurgy, University of Birmingham. 
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SPECIFICATION OF THE PROBLEM 

Recent research shows that the following parameters 
may be useful for certain engineering specifications. 
R 3 (general), slope2 --s and bearing area6 (for joint 
stiffness), bearing area and peak-to-valley height (for 
lubrication). Slope is a frequency characteristic: the 
others are amplitude characteristics. 

Typical modem equipment measures the average 
roughness height, (R 3 or CLA), peak height, valley 
depth and peak-to-valley depth. In addition, a profilo
gram of the surface is also provided. For a full discus
sion of such devices readers are referred elsewhere 7• 8 • 

DIGITAL EQUIPMENT 

Digital equipment (Fig. 2a) should be capable of 
providing with high accuracy all the results that the 
analogue devices can. Our equipment is typical and 
will be described in detail. Fig. 2b shows the 
schematic layout. Regardless of whether new equip
ment is to be bought, consideration must be given to 
minimum requirements. It is ideal to have on-line 
facilities available, but this is seldom possible owing 
to excessive tie-up of computer time; the usual mode 
of operation is off-line with a suitable means of data 
storage (punched tape in our case). The exact choice 
of equipment depends on available funds; Table I 
compares some of the possible devices. 

Before a decision is made on the above the ordin
ate spacing must be chosen. This depends on the 
surface characteristics with which the recording speed 
and the stylus traversing speed must be commensu
rate. Commercial equipment usually provides three or 
four stylus traversing speeds and digital recording 
speeds. Table 2 shows the range of ordinate spacing 
available with the authors' Talysurf III and Solatron 
analogue-to-digital converter (A.D.C). A very large 
number of close ordinates is usually undesirable as 

differentiation becomes less accurate and computer 
time is increased. 

For the purpose of this paper the authors con
sidered surfaces with roughness R 3 ~ 1J.Lm. Such 
surfaces can be generated by a variety of common 
production processes including not very fine grinding. 
On the basis of the above assumption an ordinate 
spacing of 5 J.Lm appeared to be the best compromise. 
Such spacing was obtained by a stylus traversing 
speed of 50 J.Lm/s and a recording speed of 10 ordi
nates/s. Since the published analysis is only intended 
to characterize surface microtopography all surfaces 
were selected with negligible waviness. For such sur
faces the sample length equals the length of stylus 
traverse (the analysis of waviness by digital means is 
fully described by Whitehouse and Reason11). 

The sample length depends on the object to be 
measured, number of ordinates and ordinate spacing. 
Work by Sharman10 indicates that samples of at least 
300-500 ordinates are required for accurate com
putation when considering amplitude characteristics; 
our work suggests 500 ordinates (for amplitude 
characteristics) and 1000 ordinates (for frequency 
characteristics). Most of our specimens were 10 mm 
long from each surface; samples 7 ·5 mm long were 
recorded, containing a sample size of 1500 ordinates. 

The remaining problem is to finalize the choice of 
A.D.C. The Solatron apparatus made for the purpose 
incorporates a standard voltage source to shift bipolar 
to unipolar signals, saving the recording of one 
character (the + or - sign). Easy adjustments and 
remote start facilities are normal fitments. The Sola
tron has a special control unit for use with various 
commercial surface topography measuring devices, 
which eliminates the need for external amplifiers and 
such. The Talysurf III provides a modified and un
modified profile for digitizing purposes. Filtering, if 
required, is carried out by digital programming. 

Table 1. Analogue-to-digital converter characteristics 

Maximum Comparative Comparative Can 
character cost record data 

Device recording density be fed 
speed/s directly 

to 
computer? 

Magnetic tape 200-800 10 1000 Yes 

Punched paper tape 80-150 10 Yes 

Punched cards 35 Yes 

Teleprinter 35 2 No 
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Table 2. Ordinate spacing as a function of A.D. C. speed and stylus 
traversing speed 

Digitizing speed (ordinate/sec) 4 10 20 

Stylus speed Horizontal gearbox 
in/s magnification 

setting 

0·04 (x 5) 

0·01 20 

0·002 100 

0·0004 500 

CLA 
Peak height - Multi Valley depth 

parameter Peak to valley height r- meter 

f 

ordinate spacing (in) 

0·010 0·004 0·002 

0·0025 0·001 0·0005 

0·0005 0·0002 0·0001 

0·0001 0·00004 0·00002 

Fig. 2a. General arrangement of the computerized equipment 
used for surface topography measurement. 

Analogue Paper 
to r--- tape -r-- Oigrta l 

drgital punch computer 
converter 

4 

Control 
Control variables 

Ampifrer -- vertrcal 
:::-__ scale 

Stylus Gearbox 

I J .:iiZ..-
f"TLLZLl f Surface Profrle 

chart 

Control 
digrtrz rng speed 

and 
sample srz!Z 

Computer 
program 

Comput e-1 
ers parame t 

Control recorcjqr ~Profrle chart 
st Ius y 

velocity 

Fig. 2b Computerized surface measuring equipment (schematic). 

PROGRAMMING 

Parameters may be split into two categories, amplitude 
and frequency characteristics. As a signal is measured 
in the form of amplitudes, the Ra, Rmax are rela
tively simple to program; however, frequency charac
teristics require greater care in their evaluation. 

Amplitude characteristics require some type of 
centre line or mean line to be fitted to the data 
before they can be evaluated. A number of standards 
and articles deal with this topic8 ·u. 

First a centre line is established as a reference from 
which an integrated average of the whole of the 
defined length of the profile is obtained. The centre 

line has the nominal shape of the defined length and 
is so positioned that the sum of squares of equally 
spaced ordinates measured from it is a minimum. The 
centre line or mean line is found automatically by 
electrical integrating instruments built into most of 
the available surface measuring devices. 

When examining by digital methods the micro
topography of a specimen free from waviness, a 
straight centre line was fitted to the recorded data 
(see appendix). The equation which determines the 
location of the centre line is the following (Fig. 3): 

.P;=]J+b(i-7) (1) 
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where Yi = value of the ith centre line ordinate with 
respect to an arbitary datum 
Ji = value of the average o~dinate with respect 
to the same datum as for Yi 
i =number of the ith ordinate 
i =half the number of ordinates in the recorded 
profile presumed an even number 

The parameter b describing the slope of the centre 
line can be determined as follows: 

i=N 

L(i-iJy; 
b = i= 1 

i=N 
:L(i -1)2 

i = 1 

(2) 

where N =number of ordinates in the recorded proftle 
Y; = value of the ith recorded ordinate with 
respect to the same datum as for Y; andy. 

The values of y and b are evaluated tirst and 
equation 1 is applied to every ordinate Yi· The ordi
nates with respect to the centre line are computed as 
follows. 

{3) 

For the examination or filtering of waviness the 
reader is referred to the work of Reason and White
house11•13•14; the former includes algorithms to 
simulate the action of the filter now specified in a 
number of national standards. 

Amplitude characteristics 
The most common surface topography parameter, 
Ra, can be defined as 

l i=N 

R-a =- LIY;*I 
N i= 1 

(4) 

The accuracy of such a statistical parameter can be 
estimated by a standard deviation aRa evaluated from 
samples with average values Ra, each containing N 
ordinates. The standard deviation of the population 
of ordinates from which samples are taken is ap. The 
sample ~tandard deviation aRa can be determined by 

(5) 

Thus, larger samples give more accurate Ra values of 
a length or area, whatever the population may be. 
This is generally known as a law of .JN and is widely 
applied in quality-control techniques. 

It should be noted that this theoretical accuracy 
will probably not be achieved in practice due to diffi
culties in producing a surface that is uniform all 
over15 , but small areas on a surface may be very uni
form. For example aRa for a sample containing 600 
ordinates is given by aRa = ap/y600 or 4% of aP. 
Thirty actual Ra values measured from samples of 
600 ordinates taken from an area of several square 

inches had a standard deviation (aRa) of 10% of the 
ordinate population standard deviation; however, 
thirty samples taken from a small zone approximately 
0·38mm wide had a aRa equal to 3% of the ordinate 
standard deviation, within the limit predicted above. 

Another commonly used group of parameters is 
made up of peak height, valley depth, peak-to-valley 
height (Rmax ) and fullness coefficient (see Fig. I). 
These are extreme-value parameters based on indivi
dual extremes, so their significance depends on their 
statistical accuracy, which depends on the sample 
size. For simplicity, it may be assumed that the 
heights of the ordinates on the surface above and 
below the datum have a Gaussian distribution (few 
production processes give exactly this, but many 
agree closely15 ). Only O· 13% of such a surface will be 
above three times the standard deviation (a) above 
the centre line. In order to study these extremities 
accurately, very large samples (number of ordinates) 
are needed, that is, at least 10 000 in the above case. 
These disadvantages limit the use of extreme-value 
parameters. For certain design problems, however, 
accurate knowledge of Rmax is important, for 
example, in the design of hydrodynamic bearings. 

Many surface characteristics, such as, lubricant 
retention, joint stiffness and wear modes, depend on 
the Abbot-Firestone bearing area curve which repre
sents the ratio of the total length of material inter
cepted at a specified level to a reference length L 
(Fig. I). This is found by scanning the ordinates by a 
reference level and finding the percentage of the sur
face above each level. A number of prototype 
analogue devices have been developed which do this 
automatically16•17 but these are not yet in widespread 
use. 

Digital programming is straightforward. Few pro
gram instructions are required, which although 
repeated many times (as the reference level is moved), 
still require very little time. For example splitting 
1500 ordinates heights into 40 intervals takes less 
than 2 minutes on the I.C.L. KDF 9 on which most 
of the authors' work is processed. 

To obtain a smooth bearing area curve, a large 
number of data should be split into a large number of 
classes; it is little use having a large number of classes 
unless there is plenty of data available. The least 
accurate portion of the curve will be the upper parts 
where only a small amount of the surface (few ordi
nates) is available. Accuracy improves as the level 
moves down the profile and more of the surface is 
included. 

Xm 

Fig. 3 Evaluation of ordinate spacing. 
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Frequency characteristics 
There are three principal ways of characterizing 
frequency: 

(i) Fourier and power spectrum analysis, 
(ii) autocorrelation functions, 
(iii) derivatives. 

Fourier analysis and autocorrelation functions are 
powerful techniques that may be programmed with
out difficulty 18 and a fair amount of work has been 
carried out 19•20 and continues in this aspect of 
surface measurements. However, results are still 
largely theoretical, although attempts are being made 
to link theory with engineering properties. 

Many surface properties are directly dependent on 
derivatives, mainly the first and second. 2-s, 21 • 22 

For this reason the authors use derivatives for 
frequency characterization. There are a number of 
difficulties associated with the evaluation of deriva
tives whether carried out by analogue or digital com
putation. Using the equipment described, the 
ordinate values are recorded to three significant. 
figures which represents an 'average accuracy' of one 
part in 500 or 0·2% which will be fairly constant, as 
will be the ordinate spacing. The accuracy of the 
difference depends on the magnitude of the differ
ence. For normal surfaces, slopes are less than 15°, 
usually l-5° and less for worn surfaces2 . Fig. 4 

Fig. 4 Errors occurring during differentiation. 

shows the errors that are typical using a simple 
differentiation formula, the accuracy of the derivative 
being one order of magnitude less than the accuracy 
of the original signal. The resulting derivatives will be 
scattered about their true values, so some means of 
smoothing (removing random electrical and mechan
ical noise) must be employed. A large number of 
smoothing techniques have been known for many 
years18 but the time required for manual comput
ation discouraged their use until electronic digital 
computation facilities became available. The follow
ing paragraphs examine relevant aspects of the topic. 

Kopal23 recommends first that the sample interval 
(ordinate spacing) to minimize 'noise' is chosen by a 
method which in practice amounts to trial and error. 

This is impractical in most instances as most A.D.C.s 
have only a limited range of speeds which, even when 
combined with the range of stylus traversing speeds, 
is unlikely to give a large well-covered range of ordi
nate spacings (see Table 2). The authors preferred to 
choose an ordinate spacing as described in the section 
'Digital Equipment' and then check the accuracy when 
the smoothing technique has been chosen (see 
below). 

The actual form of smoothing depends on the 
likely noise level and usually involves fitting a second, 
third, fourth or even higher-order polynomial (or an 
approximation to one, to three or more adjacent ordi
nates). The smaller the order of the polynomial fitted 
to the number of adjacent ordinates considered, the 
greater will be the smoothing, as the fit will be less 
accurate. The choice of polynomial is largely empir
ical and is not significant provided the same one is 
used for all computations. The authors used a fourth
order polynomial fitted to seven adjacent ordinates18 , 

the least squares fit being used. Fig. 5 shows how this 
is done. It should be noted that the entire polynomial 
is not required, only the value of the smoothed ordi
nate Y ~ to replace the ordinate Y 4 • The calculation 
in Fig. 5 is then performed on the ordinates Y2 -Y8 

giving the smoothed ordinate Y; to replace the ordi
nate Y 5 • The calculation is applied to successive 
ordinates along the profile until all have been 
smoothed. 

Averagt> digitizer accuracy Sy ~o ·2 '/, 

Average slope o<. "' 2' 

Hence LIY= 2 h olan c< "' 0 · 35 }" 

For average value of Ra .. 2-5p-~y=O.oos,......, 

Slope accuracy 

Variation in slope 

1> Y _ • o. ooz.; • 1 A • 1 1SY-- '(f:"l5 ==- . ~ • 

values LIY ! &Y 
2 ho 

= 0-1135 t 1·4l 

A series of experiments was carried out using the 
smoothing technique described to establish the 
accuracy of the method. The main test involved using 
the program to evaluate surface topography para
meters of a standard series of data for which exact 
analytical solutions were known. The values of a sine 
series were taken from trigonometrical tables, 
recorded at 15° intervals (24 values per wavelength, 
to three significant figures). The evaluated parameters 
agreed closely with the theoretical values (Table 3), 
being more accurate than the results evaluated by the 
same program without smoothing. Real surfaces do 
not consist of a single sine series but may be approxi
mated by a combination of different sine and cosine 
series (20) of different frequencies (Fourier series). 
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Table 3. Errors of parameters evaluated from a sine series 

Parameter Error% Type of parameter 

Ra 0·15% Simple average 

Standard deviation (a) 0·15% Simple average 

Peak height 0·5% Highest point (individual) 

Valley depth 0·5% Lowest point (individual) 

First derivative average 2% Average of first derivative 
modulus 

Second derivative average 3% Average of second derivative 
modulus 

-~~ ~--,.- --~ 
1-""" 

y1 y2 y3 y4 Ys Ys y7 yS 

'----

y4 is r~ced by the smoothed val.Je given by: 

Y£ = 211 [131y4 • 75{y3 • y5 ) - 30(y2 • y6 ) • 5(~ • y7 >] 
This is the least square fit polynomial 

Fig. 5 Smoothing by fitting a polynomial. 

The higher harmonics of such a series will not be 
sampled in such a satisfactory way, but these com
prise a smaller part of the surface, so the overall error 
will not be large and will be within 10-15% for the 
evaluated derivatives of most real surfaces. To obtain 
this accuracy, the first derivatives must be smoothed 
in the same way before the parameters are evaluated 
and the second derivatives evaluated and smoothed in 
turn. 

APPLICATION IN THREE DIMENSIONS 

accurate measurements in three dimensions which is 
not prohibitively time consuming. A comparison of 
various techniques is given by Grieve24 . The stylus 
device has most often been used in the past for engi
eering surfaces 15 and we have developed this technique 
and increased its scope to enable a very wide range of 

The characterization of three-dimensional phenomena 
should enable any directionality or variation in uni
formity across a measured sample to be clearly 
shown. In the study of surface topography the main 
problem has been to develop a method of making 
objects to be repeatedly measured at the same place 
with reasonable speed (using a modification of 
Williamson and Hunt's relocation technique25 ). The 
authors record 22 000 spot heights from an area 0·25 
rum by 5 rum, depending on the scale required26 ; the 
data consisting of 25 close parallel profiles each con
taining over 900 ordinates. Amplitude characteristics 
are evaluated in an analogous way to that described in 
the earlier section, a two-dimensional array of ordi
nate heights being used rather than the one
dimensional array. 

A directional surface is one on which machining 
marks in one direction predominate, for example, a 
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turned or shaped surface. A non-directional surface is 
one on which any marks are in random directions, 
that is, sand-blasted or spark-eroded surfaces. These 
directional properties may in certain instances be of 
interest, for example, in sliding contacts. Although it 
is usually possible to distinguish such surfaces with
out difficulty, some quantitative frequency character
ization is desirable. The authors use derivatives. 

When examining multiple-profile records such 
information is available by finding derivatives in two 
mutually perpendicular planes that are also perpen
dicular to the surface, that is, parallel to the profile 
direction (Fig. 6), 

(6) 

and perpendicular to the profile direction 

(7) 

Data smoothing in two directions is more complex 
than in one direction, but may be programmed with-

Fig. 6 Derivatives in two directions. 

out difficulty, especially if a large capacity computer 
is available. Simple methods of smoothing are recom
mended; three or five adjacent ordinates in each 
direction should be fitted to a low-order polynomial, 
the geometric or arithmetic mean of the two values 
for the coinciding smooth ordinates being chosen as 
the actual smoothed ordinate. 

An important advantage of surface representation 
in three dimensions is that true high spots of the 
surface may be found easily, that is, a point above its 
eight nearest neighbours is a true summit (Fig. 7). In 
a single profile, an indicated high spot may in fact 
only be on the side of a summit. The authors have 
found that there are only about half the number of 
true summits in a surface as there are peaks indicated 
in single profile analysis for random sand-blasted 
surfaces. 

0 

Fig. 7 Definitions of peaks and true summits. 

Generally, the authors consider that single profiles 
give sufficient information for almost all applications 
when considering non-directional surfaces, and for 
many applications even when considering directional 
surfaces. 

CONCLUSION 

The paper describes theoretical and practical tech
niques for investigating amplitude and frequency 
characteristics of surface topography measurements 
by numerical methods. Although the examples con
sidered are of surface topography, the authors' field of 
interest, much of the information is applicable to any 
type of data. 
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APPENDIX 

As can be seen from Fig. 3 the parameter a represents 
the intercept and parameter b the slope of the centre 
line. The ordinates with respect to the centre line can 
be determined numerically as follows: 

If one introduces a centroid with coordinates, 

X= l: X; 
N 

andji = l:y; 
N 

(1) 

(2) 

(where N = number of ordinates), then all calcul
ations can be considerably simplified. In particular it 
can be shown that 

where 

Yi = y. + (x;-x) Y; (x.- x) 
I ( )2 I x;-x 

l:(x· -x)f a=y and b = 11 

l:(x;- x) 

For constant ordinate spacing IJ. x = constant 

XI = IJ.x 
x2 = 2/J.x 
X3 = 3/J.x ....... 
X;= i!J.x 
.x = z!J.x 

By considering equations 1, 2 and 4 

* [ _ (i - 7) Y; . . ] 
Y; = Y; - Y + (i _ 7)2 (z - 7) 

(3) 

(4) 

where Y;* = value of ordinates with respect to the 
centre line 
Yi = value of recorded ordinates with respect 
to an arbitrary datum 
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CHOOSING MANUFACTURING RESOURCES 

by 

G. A. E. SEWELL* 

SUMMARY 

~rom a basis of_ a kn_own ~ork load and_ the known capabilities of manufacturing resources, a set-theoretic analy
sts_leads t~ th~ tdentific~tion_ of constramts bearing upon the process of resource selection in any given case. A 
smtable c~tenon of opttmahty then permits an optimal selection to be made by linear or other mathematical 
programmmg methods. 

INTRODUCTION 

It is the purpose of this paper to describe a method of 
selecting those resources best suited to undertake a 
given work load. Whilst in this paper attention is 
focused on resources such as the machinery used in 
the manufacturing industry, a similar approach may 
be used in the treatment of other resource selection 
problems. 

The necessity of brevity prevents a complete treat
ment of this subject in this paper and a detailed 
analysis is developed in the publications quoted 
later1- 3 • 

DOMAINS OF CAPABILITY 

The detailed analysis2 of the properties of domains of 
capability may be illustrated by means of the familiar 
Venn diagram. Thus, for example, Fig. 1 represents 
the universe of resources (machines) which are or 
may be of current interest. Any particular machine 
will be represented by a point within the defined 
universe. For convenience, sub-regions may be identi
fied which contain exclusively points relating to 
specific sets of machines, that is collections of 
machines, each of which possesses certain specified 
properties. Frequently any given set may be further 
divided into sub-sets. Thus, for example, the set ML 
of all lathes may be regarded as being compounded of 
type A lathes and type B lathes. This union is 
expressed algebraically as 

(1) 

It is also convenient to define a universe of work as in 
Fig. 2. Every job of work can be represented by a 

*University of Salford. 

point in this universe. Sets of work having particular 
p~operties can be identified. For example, by scan
mng through the whole universe of work, job by job, 
and identifying all those jobs which could be done by 
a specific machine, a set of jobs is obtained which 
constitutes the domain of capability of that machine. 
If such a scanning operation is to be carried out by 
automatic computers, it is convenient to make use of 
s~ntential functions2 •5 to relate the significant proper
ties of work and machines. 

The domain of capability of a particular machine 
is shown in Fig. 2 as domain Cm. Since the whole 
universe of work has been scanned, any job which 
could be done by this particular machine will be 
represented by a point within Cm. Clearly, Cm will 
also be the domain of capability of all the other 
machines whose construction and performance are 
identical to those of the given machine. 

The work which is tendered to any particular 
workshop is, of course, a small part of the universe of 
w~rk and ~s rep~esented by the shaded region, W, in 
Ftg. 2. It ts obvtous that none of this work W lies 
within Cm, so that this workshop has no use for type 
m machines. Type 1 machines (domain of capability 
C1 ) can undertake part of the work of the workshop 
and, indeed, could undertake other work also. 

Machines of type 2 are in a similar state to those 
of type 1. However, in the case of type 3 machines 
work is available which would exercise their fuli 
capability. 

If machines of types 1, 2 and 3 were the only ones 
available, then, clearly, no matter how many of such 
resources were chosen, much of the load on the work
shop could not be executed. This illustrates that some 
selection problems are insoluble. 

The domains of capability of type 2 and type 3 
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machines intersect, indicating that for some work a 
choice has to be made as to which type of machine 
shall be chosen to do it. 

The work which could be done by type 2 
machines is identified as the intersection, W 2 , o( sets, 
namely 

(2) 

and for type 3 machines similarly 

(3) 

The work which could be done by either type 2 or 
type 3 machines is w23• where 

(4) 

Finally, in this illustration, the work which can be 
done by type 2 machines only is 

(5) 

(6) 

where C/ is the part of the universe of work lying 
outside c3. 

Machines 

Fig. 1 

Work 

Fig. 2 

CONSTRAINTS ON RESOURCE SELECTION 

Following the method described by Sewell and 
Porter3 , let it now be supposed that W is the amount 
of work tendered to the workshop, not in total but 
every month, then, clearly, it is necessary to select a 
sufficient number of type 2 machines to complete 
W02 in a period not longer than one month. This 
condition is expressed by the relationship 

(7) 

where N 2 of type 2 machines are required, each hav
ing £ 2 {hours) of productive capacity and where L 02 

(hours) is the duration of the productive phases of 
W02 . Because of the time required for setting, main
tenance and so on, £ 2 will be less than the working 
hours per month. 

In reality, the work W will be subject to fluctu
ation and progressive change, necessitating an 
analysis1 admitting statistical variation of various 
parameters. For the present, it is convenient to take 
W as an average quantity and therefore effectively 
constant. 

Similarly, for type 3 machines, the constraint 

{8) 

is obtained. 
So far, no account has been taken of the work 

w23• which can be done by either type 2 or type 3 
machines. With respect to work W23 , it is not true to 
say that either one of the two types of machine is a 
necessary resource, since to each choice an alternative 
exists. There is, however, another set of machines 
able to do this work W23 , which does not permit any 
alternative choice, that is either w23 is done by 
machines drawn from this new set or it is not done at 
all. This new set is in fact the union of the sets of 
type 2 and type 3 machines, namely 

{9) 

whose domain of capability is 

{10) 

The work this new set is required to undertake is 
clearly 

and its capacity (E2N 2 + E 3N 3 ) is constrained by 
the requirement that 

It is therefore required to choose N 2 and N 3 in such a 
way as not to violate these constraints and presum
ably, so that some function of N 2 and N 3 , such as 
operating cost or profit, is optimized. 

Evidently it is the fact of the intersection of C2 
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and C3 that yields the important third constraint, 
since, for example, although the constraint which 
refers to the union (C1 U C2 ), namely 

is valid, it is not of importance, being less restrictive 
than the associated constraint 

(14) 

and 

(15) 

Normally, of course, it is necessary to consider the 
case of many machines having a variety of specific
ations and multitudinous intersections of their 

EtNI 

E2N2 

£3N3 

E4N4 
EtNl + E2N 2 

E2N2 + E3N3 

SOME OTHER APPLICATIONS AND EXTENSIONS 

Although it has been convenient to refer to the 
domains of capability of machines, it is not necessary 
to restrict the conception in this way. A 'machine' is 
in fact any system for doing work. In general there
fore, a domain of capability could be that of a 
machine tool, a workshop, a firm, an industry or a 
complex of international technological functions. 

In particular, by defining the domains of capa
bility of resources within a certain workshop and 
those of the external world at large, it is easy to 
investigate the merits of sub-contracting work. In this 
case, a straightforward application of the above 
method will indicate precisely which work should be 
sub-contracted and which retained. 

In a second application, a novel type of machine 
may be conceived and it may be required to know 

~La 

~ Lc 

~Le 

~ Lg 
~La+ Lb + Lc (16) 

~ Lc + Ld + Le 
£3N3 + E4N4 ~ Le + Lr + L8 

EtNt + E2N2 + £3N3 ~ La + Lb + Lc + Ld + Le 
E2N2 + £ 3N3 + E4N 4 ~ Lc + Ld + Le + Lr + Lg 

EtNt +E2N2 + £ 3N3 + E 4 N 4 ~La + Lb + Lc + Ld + Le 

domains of capability. Constraints of the form just 
considered may be identified from the intersection of 
particular pairs of domains of capability and, subse
quently, the machine sets of the given pair may be 
regarded as uniting to form a new and more compre
hensive set having a correspondingly extended 
domain of capability. An investigation of the inter
section of this new domain of capability with others 
leads to the identification of further important 
constraints. fu this way, a hierarchy of progressively 
more comprehensive machine sets and the corres
ponding constraints may be identified. Ultimately, 
either a single class will be obtained which includes 
every essential machine type or several ultimate but 
disjoint classes will be defined. In either case, all the 
constraints required for the solution of the selection 
problem will be obtained. For example, the con
straints appropriate to the system shown in Fig. 3 are 
as given in (16). 
In practice of course, the whole process can be 
carried out easily by a computer programmed to 
execute a simple algorithm in order to identify a 
complete set of constraints and then to determine the 
required optimal solution by, for example, a well
known method of integer programming. 

Fig. 3 

+ Lr + Lg 

Work 
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whether the machine should be made and used within 
a given workshop or not. For example, the relative 
merits of owning and using lathes which are also 
capable of slot-milling operations may be investi
gated. It is relatively easy to define both the domain 
of capability of such a machine and the cost of mak
ing and operating any appropriate number of them. 
Hence the relative advantages of innovations in manu
facturing system design may be assessed in relation to 
the advantages of already established systems. 

An application or extension of the above analysis, 
which is to some extent still the subject of research, 
is that in which the calculation indicates not only 
which machines are required but where they should 
be placed in the particular workshop and by what 
means workpieces should be transported between 
them. 

This type of application is particularly important 
when analysing the case of factories employing 
production lines in which some machines are 
necessarily markedly under-utilized. In effect, the cost 
of moving workpieces around the shop floor requires 
balancing against the cost of having little-used 
machines. 

The method of analysis is broadly similar to that 
developed above and yields a similar complement of 
constraints. However, since the topography and 
potential layout of the workshop must be included in 
the analysis, it is convenient to stipulate that each set 
of machines shall consist of not more than one 
member. The number of elements per machine set is 
thus one or zero. If several machines of the same type 
are required, this is achieved by including multiple 
similar sets (each with either zero or one member). 

The positioning of individual machines is 
constrained by geographical domains of the elements 
involved. Thus the geographical domains of machines 
and gangways may not intersect and both those 
domains must lie within the domain of the workshop 
itself. 

The various possible methods of inter-machine 
transport, such as trucks, conveyors, cranes and 
porters, can be defined as machines having domains 
of capability. The constraints which relate to these 
transport devices have two particular features: (i) a 
very large number of constraints is obtained, even 
with small numbers of work stations, and (ii) the 
constraints include terms whose value depends upon 
the location of work stations and are non-linear. 

At the time of writing, this general problem has 
been solved in simple cases only. Various ways of 
improving the tractability of this problem to solution 
are known. For example, if internal transport is 
provided by methods other than conveyors, the 

problem can be reduced to the linear from described 
above. 

If the inclusion of conveyors is necessary, the 
magnitude of the problem may be reduced by stipul
ating that loop conveyors (closed circuits) shall be the 
only type considered. If, by an inspired guess in a 
given case, it can be said that only certain of the total 
possible number of conveyor routes need be con
sidered, the particular problem reduces to an easily 
handled size. 

CONCLUSIONS 

In this paper a set-theoretic approach has been used 
to show how the problem of the selection of 
resources to undertake a defmed programme of work 
may be reduced to a form suited to solution by well
known methods of mathematical programming. 

The approach described is such that the whole 
process of data reduction can be performed conveni
ently by automatic computers. 

Whilst the basic method is particularly suited to 
the treatment of problems in which work stations are 
grouped according to function, other problems may 
also be treated and in its extended form the method 
will indicate the ideal location of work stations and 
forms of internal transport in suitably tractable cases. 

Other applications of the method include the 
problems of sub-contracting work, the properties of 
machine design innovations and the allied problem of 
machine replacement or renovation. 

The method is also applicable to general problems 
of resource selection: for obvious reasons it has been· 
convenient to confine attention to the choice of 
manufacturing systems. 
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THE ANALYSIS OF ROTARY FORGING INVESTIGATIONS 
AS AN AID TO DESIGN 

by 

E. APPLETON* and R. A. C. SLATERt 

SUMMARY 

The paper presents further results of the research which has been pursued by the authors into the subject of 
rotary forging with an experimental machine using pure lead as a model material to simulate the forging of hot 
steels. Solid circular cylinders of different height/diameter (H/D) ratios, and also hollow circular cylinders of 
constant internal/external diameter ratio (d/D = 0.5) but different H/D ratios, were upset slowly by rotary 
forging involving different magnitudes of axial force. The interrelationship between the axial force, number of 
revolutions of the upper rotary platen and the resulting deformation of the cylinders was investigated. This 
interrelationship is presented in a simple and convenient form which is intended to assist designers or users of 
this type of unconventional machine. Experimental results are also given for the energy required to rotary forge 
the solid circular cylinders. 

A 
D 

d 

H 

NOTATION 

a constant 
external diameter of solid and 
hollow cylindrical specimens 
internal diameter of hollow cylin
drical specimens 
translational energy transmitted 
to specimen during upsetting 
rotational energy transmitted to 
specimen during upsetting 
total energy transmitted to speci
men during upsetting 
axial force exerted on specimen 
initial height of cylindrical speci
mens 
final height of cylindrical speci
mens 
vertical height of cylindrical 
specimens at any instant 
an index 
fractional reduction 
instantaneous torque to which 
specimen is subjected 
mean torque to which specimen 
is subjected 
angular displacement of upper 
rotary platen about the axis of 
the machine 

8 

angular speed of upper rotary 
platen about the axis of the 
machine 
angular displacement of upper 
rotary platen about its geometric 
axis 
angular speed of upper rotary 
platen about its geometric axis 
angle of inclination of the geo
metric axis of the upper rotary 
platen to the vertical axis of the 
machine 

INTRODUCTION 

Rotary forging is a novel metal forming process which 
is intended to permit smaller machines, involving 
lower capital cost, to be used for suitable forging 
applications. The rotary forging concept and the 
essential design features of the experimental machine 
used during this present study have been introduced 
and discussed previously1 •2 and will, therefore, only 
be briefly referred to here. 

In this process, the workpiece is positioned 
between a flat lower platen which is capable of vert
ical movement only and a skewed upper conical 
platen, of apex angle 160° , which can be rotated 
about the vertical axis of the machine and also about 
its own geometric axis. The application of a relatively 
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small axial force, via the platens, intially cal'lses the 
upper platen to be indented into the workpiece. This 
indentation produces a small plastically deforming 
zone below the upper rotary platen-workpiece inter
face and within this zone both radial and circum
ferential flow occurs. If the plastically deforming 
region is then rotated relatively through the work
piece material by rotation of the upper conical platen 
about the vertical axis of the machine, the workpiece 
is upset in a progressive manner. It has been shown1 

that the axial force required for slow rotary forging is 
a small fraction of that required for the conventional 
slow upsetting of circular cylinders having H /D ratios 
of less than unity. The authors2 have also referred to 
the practical bounds which are significant in the 
application of the rotary forging process for the up
setting of circular cylinders using pure lead as a model 
material to simulate the forging of 'warm' and 'hot' 
steel. These bounds are associated with the formation 
of 'mushroom' heads during the upsetting of rela
tively tall billets when the magnitude of the axial 
force is inadequate, and also with the phenomenon of 
tensile instability followed by fracture at the centre 
of shallow billets. The investigations described in the 
present paper refer, principally, to conditions produc
ing specimens which are within the previously defined 
acceptable bounds for satisfactory rotary forging. 

The current research has been directed towards an 
investigation of the rotary forging process with parti
cular reference to the interrelationship of the impor
tant forging parameters which influence the upsetting 
of solid and hollow circular cylinders. By expressing 
these relationships in a simple algebraic or graphical 
form, the authors intend to assist designers and users 
of these unconventional machines. Two particular 
aspects are considered which have stimulated interest 
during past discussions. 

The economic viability of any mass production 
facility is highly de~ndent on the cycle rate of that 
facility. For a simple single-stage process such as hot 
die forging using a single blow or stroke, the process 
cycle may be classified into three phases. These are 

(a) the loading or charging time, 
(b) the deformation or metal working time, and 
(c) the ejection or retraction time. 

The period devoted to each phase of the cycle is 
dependent on the particular process. However, it is 
obvious that in the case of rotary forging, the first 
and last phases in a production cycle will be limited 
by the auxiliary equipment and are not likely to be 
affected by the characteristics of the rotary forging 
process. It is also likely that the deformation or metal 
working time for rotary forging will be longer than 
certain metal forming techniques such as high rate 
forming. Thus, information relating to the metal 
working time is important because it is this which 
may commend or detract from the industrial applic
ation of the process. The investigations reported in 
this paper have necessarily been restricted to slow 
rotary forging from practical considerations of 
control and capacity of the experimental machine. 
Nevertheless, it is envisaged that the speed of rotation 
of the upper platen would be high for an industrial 
application. Having selected the speed of rotation of 
the upper platen, the period for the metal working 

phase is then dependent on the number of revolutions 
required to perform the desired operation. 

The first relationship discussed is that between the 
number of revolutions required to perform a desired 
deformation, in this case the required fractional 
reduction in height during simple upsetting, and the 
effect of axial force and initial specimen shape. 

The second aspect discussed concerns the total 
energy required to effect the desired deformation. 
The energy required to perform an upsetting oper
ation by rotary forging is supplied from two sources. 
Translational energy is supplied by the vertical 
motion of the lower platen and its magnitude is given 
as the product of the constant axial force and the 
reduction ·in specimen height. Hence, this transla
tional energy can be expressed as 

(1) 

The other source of energy is the rotational energy 
supplied during rotation of the upper conical platen. 
This energy component is given as the product of the 
instantaneous torque and the angular displacement of 
the upper platen and can be expressed as 

ER = ~~ Tda (2) 

Because the torque has been found to be a variable 
during an upsetting operation, the form of equation 
(2) is necessary. 

The principal objectives of this paper are there-
fore: 

(I) to present the interrelationships which exist 
between the important rotary forging parameters 
during the slow upsetting of solid and hollow 
circular cylinders as an aid to design, and 
(2) to discuss aspects concerned with the energy 
required to effect the upsetting operation. 

INSTRUMENTATION OF THE 
EXPERIMENTAL ROTARY FORGING 
MACHINE, FORGING CONDITIONS 

AND SPECIMEN MATERIALS 

The experimental rotary forging machine employed 
for these investigations, illustrated in the photograph 
of Fig. 1, has been described in detail elsewhere1•2• 

Only the minor modifications which were necessary 
to accommodate the various transducers will, there
fore, be described here. 

Three transducers have been fitted to the machine 
and by means of these it was possible to monitor (a) 
the torque applied to the specimen, (b) the reduction 
in height during an upsetting operation, and (c) the 
angular position of the upper conical platen at any 
instant during the process. The signals from the trans
ducers were indicated with the aid of a UV recorder. 

Torque transducer 
A torque transducer was devised for measurement of 
the torque applied to the specimen by the upper 
rotary platen. The simplest method for indicating this 
torque was found to be by measuring the reaction 
torque at the lower platen. A diagrammatic arrange
ment of the lower platen-pressure spindle incorpor
ating the torque transducer is presented in Fig. 2. The 
torque meter is provided at the reduced diameter 
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portion of the pressure spindle on which four strain 
gauges are bonded and connected to form a Wheat
stone bridge circuit. The Wheatstone bridge circuit 
was used to control the balance under conditions of 
zero torque and the reaction torque at the lower 
platen produced an output signal which was amplified 
and displayed on a U.V. recorder. The gauge system 
was self-compensating for bending of the pressure 
spindle, temperature changes and axial load changes. 
The calibration of applied torque as indicated by the 
U.V. recorder galvanometer-spot displacement was 
determined by mounting the lower platen-pressure 
spindle assembly in a torsion testing machine and 
applying known magnitudes of torque. The cali
bration was found to be substantially linear. 

Angular displacement transducer 
A simple, inexpensive, angular displacement trans
ducer, as shown in Fig. 3, was designed and manufac
tured to measure the angular position of the upper 
rotary platen at any instant. 

The drive shaft from the main gear reduction unit 
was extended above the horizontal transmission gears 

POWER PACK 

u.v. 

and was used to drive through a miniature gearbox 
producing a 9: 1 gear reduction. The output from the 
miniature gearbox was then used, in turn, to drive a 
ten-turn potentiometer via a disc clutch coupling. 
This clutch coupling could be set to rotate the poten
tiometer spindle without slipping. After the travel of 
the potentiometer was completed the clutch would 
slip and thus prevent the potentiometer from over
running. The difference in voltage across one of the 
ends of the potentiometer and the moveable tapping 
was used to indicate the angular position of the upper 
rotary platen at any instant. Once again, the output 
signal was indicated by means of the U.V. recorder. 

Linear displacement transducer 
A resistance-type linear displacement transducer was 
used to measure the movement of the pressure 
spindle and hence the lower platen relative to the 
support plate of the machine. The displacement of 
the lower platen is equal to the reduction in height of 
the specimen and by this means it was possible to 
record the instantaneous specimen height during 
deformation. 

UPPER CONICAL PLATEN 

ANGULAR DISPLACEMENT 

TRANSDUCER HOUSING• 

~ 
HEAD 

TOR~UE 

TRANSDUC"-"''----

AMPLIFICATION I BALANCE 

CIRCUITRY 

Fig. 1 Side view of the experimental rotary forging machine showing location of transducers and other instrumentation 
(linear displacement transducer not visible). 



560 THE ANALYSIS OF ROTARY FORGING INVESTIGATIONS AS AN AID TO DESIGN 

LOWER PLAT£N 

Fig. 2 Lower platen-pressure spindle assembly incorpor
ating the torque transducer. 

1---- - POTEN TI OMETER 

COUPL IN G 
1---l-+-- & CLUTC H 

MIN I ATURE 
1'--+-i- - GEAR BOX 

Fig. 3 Angular displacement transducer. 

Forging conditions 
The experimental rotary forging machine is capable 
of considerable variation in the forging conditions. 
However, for the investigations reported here, certain 
parameters were maintained constant. All of the 
experiments were performed using the minimum
speed setting for rotation of the upper conical platen 
(& = 7·93 rev/min) although the machine is capable 
of rotational speeds up to a maximum of 80 rev/min. 
The UQper platen was not rotated about its geometric 
axis ({3 = 0).). A further condition relating to the 
upper rotary platen was that the inclination of its 
geometric axis to the vertical axis of the machine was 
maintained constant at its maximum value, namely, 
8 = 10°. This angle is necessary in order to produce 
specimens having parallel upper and lower plane 
surfaces with the particular upper platen geometry 
that was used. 

Previous investigations have shown that frictional 
conditions at the lower platen are important especi
ally for upsetting using a flat lower platen. In this 

case, only the frictional forces are available to main
tain the specimen in an axial position during what is 
essentially a non-axisymmetrical process. Thus, for 
reasons of specimen positional stability, a rough, 
high-friction lower platen was used and found to be 
satisfactory. 

Pure lead cylindrical specimens 
For these experiments, pure lead specimens were 

machined having a nominal diameter of 1 in but with 
height/diameter (H/D) ratios varying between ! and 
1. Hollow cylindrical specimens were also manufac
tured having a nominal external diameter of l in and 
an internal diameter of! in. These specimens were of 
H/D ratios varying between ! and 1. All the speci
mens were initially annealed in boiling water for a 
period of 30 min and then allowed to cool. 

EXPERIMENTAL PROCEDURE 
AND MEASUREMENTS 

Relation between fractional reduction and number of 
revolutions of the upper conical platen (a) for cylin
drical specimens of different inital (H/D) ratios using 
constant axial force 
The upper and lower platens of the experimental 
machine were cleaned with trichloroethylene and the 
lever system was carefully balanced for the no-load 
condition. A solid cylindrical specimen of initial 
H(D ratio = 1 was then lightly smeared with 
machine oil and placed centrally under the upper 
conical platen. Accurate positioning of the specimen 
was effected by means of a template which located 
onto the lower platen. This platen was then raised 
until the specimen was just touching the upper 
conical platen. The U.V. recorder was then switched 
on and the datum positions of the traces were 
adjusted. The paper was then arranged to leave the 
recorder at a suitable speed. After a few seconds the 
rotary forging machine was loaded by means of the 
lever system, thus subjecting the specimen to the 
required constant axial force (FA = 792 lbO. The 
depth of indentation of the upper platen into the 
specimen was proportional to the displacement of the 
appropriate trace at that instant. After the drive 
motor was started the upper conical platen was 
allowed to rotate for approximately twenty revolu
tions. The specimen was then removed and examined 
for defects and shape. The entire procedure was then 
repeated for other initial H(D ratios of 3/4, 1/2, 
7/16, 3/8, 5/16, 1/4 and 1/8, and again for hollow 
cylinders having initial H/D ratios of I, 3/4, 1/2 
1/4. 

Relation between fractional reduction and number of 
revolutions of the upper rotary platetl (a ) for cylin
drical specimens subjected to different values of axial 
force (H /D = 1 ). 
The above procedure was repeated for this phase of 
the investigation. However, in this case, solid and 
hollow cylindrical specimens having an inital H/D 
ratio = 1 only were used but were subjected to 
different magnitudes of axial force. 
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Relation between total deformation energy and frac
tional reduction during the slow rotary forging of 
solid cylinders with different values of axial force 
(H/D = 1). 
The total energy required to effect a given fractional 
reduction by rotary forging was measured experi
mentally by summation of the rotational energy 
supplied to the specimen via the upper conical platen 
and the translational energy supplied by means of the 
lower platen. 

The energy available from the upper conical platen 
was determined from the torque-angular displace
ment trace produced by monitoring the output 
signals from the torque and angular displacement 
transducers to the U.V. recorder during the deform
ation. A mean value of torque was determined for 
each revolution of the upper conical platen and thus 
the rotational energy supplied during a single revolu
tion was equal to the product of the mean torque 
(T m) and the angular displacement 2n radians. The 
total rotational energy was then given as the sum
mation of such components during the whole deform
ation process. 

Hence, rotational, energy supplied by the upper 
conical platen is given by 

ER=Lg(Tm.2n) (3) 

where a is the number of complete revolutions. 
The energy supplied by the lower platen was deter

mined simply from the product of the known valu~ 
of axial force (FA) exerted on the specimen and the 
reduction in height of the specimen. The reduction in 
height was indicated by means of the third U.V. 
recorder trace. 

RESULTS AND DISCUSSION 
Relation between fractional reduction and the 
number of revolutions of the upper conical platen 
(a) for cylindrical specimens of different initial 
H/ D ratios using constant axial force 
This relationship was investigated for pure lead solid 
cylindrical specimens having initial H/D ratios vary
ing between 1/8 and 1 which were upset by rotary 
forging maintaining various constant magnitudes of 
axial force (FA). In addition, the relationship was 
also investigated for pure lead hollow cylinders having 
initial H/D ratios varying between 1/4 and 1. How
ever, it is considered appropriate to present in Fig. 4 
and Fig. 5, respectively only those relationships 
corresponding to a constant axial force of 792 lbf as 
being representative of all the results obtained during 
these particular investigations. 

By referring to Figs 4 and 5, it is interesting to 
note that the relation between fractional reduction 
and the number of revolutions of the upper conical 
platen is of the form 

(4) 

in which A is the fractional reduction corresponding 
to one revolution of the upper conical platen and n is 
the constant slope of all the graphs which are plotted 
logarithmically. 

As might be anticipated, the value of A for both 
the solid and hollow circular cylinders is seen to be 
dependent on the initial H/D ratio. However, the 

value of n is independent of the initial or current 
H/D ratio and has the constant approximate value 
of0·4. 

Relation between fractional reduction and number of 
revolutions of the upper conical platen (a) for cylin
drical specimens with different values of axial force 
(H/D = 1) 
The relationships corresponding to a constant initial 
(H/D) ratio of unity are illustrated in Fig. 6 and Fig. 7 
for the solid cylinders and hollow cylinders respec
tively. These are also of the same form described for 
the previous two cases and defined by equation ( 4 ). 
The value of A is now shown to be dependent on the 
magnitude of the axial force involved, but the index n 
is, once again, found to be unaffected and has the 
same value as for the previous cases. 

During this particular investigation, the range and 
number of experiments employed permitted a more 
detailed study to be made of the character of the 
constant A. The manner in which A, that is, the frac
tional reduction produced after a single revolution of 
the upper conical platen, varies with the axial force is 
illustrated in Fig. 8. 

The 'mushroom' effect which was previously 
noted for solid circular cylinders1 •2 is also evident 
during the slow rotary forging of hollow cylinders. 
The hollow cylindrical specimens shown in Fig. 9 
indicate that the extent of this undesirable effect is 
reduced as the magnitude of the axial force is 
increased. It will also be seen that both inward and 
outward flow occurs. 

Relation between total deformation energy and frac
tional reduction during the slow rotary forging of 
solid cylinders with different values of axial force 
(H/D = 1) 
A particular case is considered in Fig. 10 for solid 
pure lead cylinders having an initial H/D ratio of 
unity, in which the experimental relation between the 
total deformation energy and fractional reduction is 
shown for different values of axial force. 

For relatively high values of axial force, that is, 
FA ;;;;. 1300 lbf, the experimental points are seen to 
approximate to a single curve, indicating that the 
efficiency of the process is not affected significantly 
by the magnitude of the axial force producing the 
deformation. In fact, the process, by its nature, 
dissipates energy from the upper conical platen to 
supplement that supplied by the lower platen. For 
example, if the axial force is reduced for a particular 
deformation then a consequently greater number of 
revolutions of the upper conical platen are required 
to supply the necessary total energy to effect the 
desired deformation. However, for low values of axial 
force, that is FA < 1300 lbf, the relationship is seen 
to vary with the axial force. This can be explained in 
terms of the 'mushroom' effect. It follows that the 
formation of a 'mushroom' head on the specimen 
would require less energy than if the deformation 
were more homogeneous. Curves corresponding to 
values of axial force FA of 792 lbf and I 032 lbf 
could be expected to deviate from the single curve as 
is the case shown in Fig. 10. By referring to Fig. 6 it 
can be seen that the transition from the deformation 
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displaying a 'mushroom' head characteristic to a more 
homogeneous final specimen shape occurs when the 
axial force is about 1300 lbf, thus further supporting 
the views expressed. 

For purposes of comparison, a theoretical curve is 
also presented in Fig. 10 which shows the deform
ation energy required to effect a given fractional 
reduction for the conventional upsetting of a solid, 
pure lead cylinder, having the same initial dimensions 
as the test specimens. In this case, the upsetting 
operation is assumed to be homogeneous and the 
material to be rigid-perfectly plastic. From previous 
work2 it is known that the mean quasi-static yield 
stress Y= 2180 lbf/in 2 at the ambient temperature of 
21 o C and the mean engineering strain-rate of 17 X 
10-3 s-I. The deformation energy (E) is then given 

by H" VY'" VYin [1/Q- R)] (5) 

in which V is the volume of the cylinder, € the 
natural compressive strain anq R is the fractional 
reduction. 

When comparing the experimental and theoretical 
curves it must be remembered that the energy 
required for homogeneous deformation during low 
values of fractional reduction will appear as an over
estimate, since the test material is considered as 
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Fig. 8 Relation between constant A in equation R = Aan 
and axial force (FA) for solid cylinders of pure lead (H/D = 1). 

rigid -perfectly plastic, whilst the pure lead used 
approximates to an elastic-perfectly plastic material 
having a relatively low elastic modulus. Nevertheless, 
Fig. 10 shows that because upsetting by the rotary 
forging process is inhomogeneous, the energy 
required to effect a given fractional reduction is not 
likely to be less than that for conventional upsetting. 

CONCLUSIONS 

1. A general expression involving experimentally 
determined constants describes the relationship 
between the fractional reduction (R) and the number 
of revolutions of the upper conical platen (a) for 
various rotary forging conditions. 
This expression is of the form 

R =A an 

2. The value of the index n ~ 0·4 is the same for 
solid and hollow circular cylinders and is independent 
of the initial H/D ratio and axial force involved. The 
constant A, however, is dependent on both the initial 
H/D ratio of the cylinder and axial force employed. 

3. The total energy required to effect a given frac
tional reduction during upsetting by rotary forging is 
independent of the axial force involved, provided the 
'mushroom' head effect is avoided. · 

4. Because upsetting by the rotary forging process 
is inhomogeneous the energy required to effect a 
given fractional reduction is not likely to be less than 
that for conventional upsetting . 
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DISCUSSION 

Query from C. Jubb 

It is stated that 'the energy required for homogeneous 
deformation during low values of fractional reduction 
will appear as an overestimate' . The reason given is 
that the lead deforms elastically as well as plastically. 
In other words, the elastic work is ignored. Neglecting 
this form of work would surely lead to an under
estimate rather than an overestimate of the energy 
requirements. 

Reply 

It is recognised that lead only approximates to the 
behaviour of an idealised rigid-perfectly plastic 
material and has a small component of deformation 
which is elastic. However, Dr Jubb's assumption that 
the elastic work has been ignored is not quite correct. 
In fact, the work associated with the elastic defor
mation has been determined assuming the mean 
uniaxial yield stress of value Y as Fig. II indicates. 



E. APPLETON AND R. A. C. SLATER 565 

The deformation energy/unit volume is repre
sented by the area under the true stress-natural strain 
curve, i.e. 

E/V= fade 
If the area A is equal to area B, then the mean yield 
stress is given by Y such that, 

E/V- Ye =fade 
Considering the curve up to low values of strain 

(0-X): the area below the experimental curve is less 
than that below the idealised rigid-perfectly plastic 
line for the same strain range, that is, 

V fade< VYe 
The energy required for homogeneous deform

ation assuming a rigid-perfectly plastic material 
having a mean yield stress Y thus appears as an over
estimate for low values of strain, compared with the 
case for an elastic-plastic deformation. 
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Query from D. B. Laycock 

Is any information available as to how the final 
product shape is developed? That is, does the product 
shown in Fig. 9, associated with the highest axial 
force, develop via the sequence shown for the lower 
axial forces, so that the mushroom head is always 
developed, but subsequently eliminated when the 
higher axial forces are employed? 

Reply 

This and previously-published papers have dealt with 
the mushroom head phenomenon in terms of an un
desirable final shape of an upset cylindrical product 
and, therefore, no description has been given of the 
transient formation of a mushroom head. Neverthe
less, it is known that the formation of a mushroom 
head during the upsetting of a circular cylinder could 
have certain industrial applications. 

It is possible, however, to present a qualitative 
description of the progressive formation of a mush
room head. Firstly, by employing a high axial force, 
the plastically deforming zone beneath the upper 
rotary platen will extend to the lower platen and a 
mushroom shaped product will not be formed. The 
magnitude of the axial force required to achieve this 
condition depends mainly on the initial H/D ratio of 
the specimen. If a reduced axial force is used it is 
possible to achieve the condition for which, initially, 
the plastically deforming zone does not extend to the 
lower platen, but after a few revolutions of the upper 
platen and an appropriate reduction in specimen height, 
the plastically deforming zone reaches the lower platen 
and flow in the lower portion of the specimen takes 
place, producing a somewhat truncated shape. The use 
of a considerably reduced axial force will not produce a 
plastically deforming zone which extends to the 
lower platen and the increase in the specimen dia
meter in the upper portion causes a further decrease 
in the penetration of the plastic zone as deformation 
proceeds. If the decrease in depth of penetration of 
the plastically deforming zone is greater than the 
reduction in specimen height, flow at the lower 
platen will never take place and a characteristic 
mushroom shape will be produced. 

Query from S. Shima 

I am not familiar with rotary forging. But I really do 
not see why you have used pure lead as specimens. If 
you are thinking of only hot forging for application, 
pure lead is a good model material. However, if you 
are going to apply this technique to cold forging, the 
linear relationship between the fractional reduction 
and logarithm of number of revolutions and also 
deformation pattern (mushroom type etc.) would be 
different for other workhardening material. 

Reply 

Although the authors are in agreement with much of 
this contribution there is probably some need for 
clarification of the relationship of this work to 
possible industrial application of the process. 

Firstly, because of the limited capacity of the 
experimental rotary forging machine, it has only been 
possible to use model work materials. However, this 
limitation on the experimental programme is not 
overwhelming and there is still a formidable amount 
of research which may be carried out using model 
materials. It is recognised that results obtained using 
model materials, or indeed any model technique, 
must be carefully studied in order to draw con
clusions that may be extended and applied to fore
casts for the forging of engineering materials. 

It is stated clearly at several points in the paper, 
including the summary, that for this particular 
investigation pure lead was used as a model material 
to simulate the forging of hot steels. The investi
gations up to this time have been subjected to a 
practical limitation of forging load. However, it 
should be emphasised that there are indications given 
in previously published work that the application of 
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rotary forging could be quite extensive, including the 
hot, warm or cold forging of plain carbon and alloy 
steels. Obviously in the case of the rotary forging of a 
workhardening material, the relationship, 

R =A a."·, 

is not expected to be valid nor as conveniently 
mathematically described. However, it is possible that 
the relationship may be described by the equation 

R =A c/(R) 

where f(R) indicates that the gradient of the logarith
mic relationship is a function of the deformation. 



TOOL-LIFE TEST IN CLAMP SHEARING 
OF STEEL BAR AND WIRE 

by 

T. NAKAGAWA* and K. MIYAMOTOt 

SUMMARY 

At present the clamp shearing method is being used almost exclusively on pure non-ferrous metals for obtaining 
the smooth sheared edges of the bar but it has not been adopted for steel material because of the short life of the 
shearing tool. Here the tool-life tests are conducted on several kinds oflow-carbon steel bar and wire, using a 
specially designed hydraulic clamp shearing machine, and are compared with the results for copper. 

INTRODUCTION 

The 'clamp shearing' method is one in which the axial 
movement of the bar is restricted in shearing time by 
clamping. This shearing method has already been put 
to use in the precision shearing of bar and wire. How
ever, there is a limit to the type of material sheared 
by this method and only non-ferrous material like 
pure aluminium, copper and lead has been used 
successfully. There is no clear prospective idea at 
present in the field of precision shearing of steel bar 
and wire, but its development is strongly desired in 
the billet production required for the cold forging of 
steel. 

From some preliminary experiments and esti
mates, it is generally supposed that the life of shear
ing tools is short when used on steel. However, this 
paper now deals in greater detail with tool-life tests 
conducted on several kinds of low-carbon steel bar 
and wire, using a specially designed clamp shearing 
tool and a newly developed hydraulic clamp shearing 
machine. 

METHOD OF TOOL LIFE TEST 

Clamp shearing tool and machine 
Two types of clamp shearing tool are used in this 
tool-life test. The fust is one using a polyurethane 
rubber die cushion (see Fig. la) which can easily be 
attached to an ordinary mechanical press. In this case, 
it is inevitable that work material sticks on the side 
face of the moving blade: it results from the clamped 
state of the bar at the time of its backward stroke. 

In the second type, a hydraulic clamp shearing 

machine, as shown in Fig. lb, is used to overcome 
this defect. It is a specially designed machine in which 
the clamping force is released when the moving blade 
reaches the bottom dead point of its stroke. The 
experiments are done at 30 strokes/min and the 
actual shearing speed is 60-80 mm/sec. Here both 
the shearing force and clamping force are available 
from the same hydraulic source. The clamping force 
is magnified three times by a lever action and the bar 
clamping is done by two clamping plates with semi
circular grooves along them. The bar is restrained 
from bending or jumping by the friction between 
both the clamping grooves, and is also restricted from 
any axial movement. The bar is fed continuously 
between rollers which are driven by an electric motor. 
This machine is also provided with a bar supply 
device, so that the bar or wire rriay be sheared fully 
and automatically. 

Shearing tool 
Both blades are of open type with a semicircular 
shape, as shown in Fig. 1 c, and have been designed so 
that no separate knock-out device is required. In the 
polyurethane cushioned tool, the material of the tool 
is ordinary heat-treated die steel (quenched and 
ground), while in the other cases the cutting edge is 
made of cemented carbide. This cemented carbide 
blade is selected to be of rather soft quality to avoid 
any chipping, but the hardness may be as high as 
HRC84. 

The tool construction and tool geometry are 
almost the same as that described in a previously 
presented paper1 but in addition a roller bearing is 
used here to guide the shearing blade and thus avoid 
scoring between the blade and stopper plate. Though 

*Institute of Industrial Science, University of Tokyo, Japan 
tMiyamoto Industries Ltd., Tokyo, Japan 
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Table 1. Bar and wire materials tested 

Mechanical properties 

Dia. of bar Tensile Elongation Reduction Tool Lubricant Number of 
No. Material Heat treatment X length strength (%) of area material used sheared pieces 

(kg/mm2 ) (G.L.) (%) produced,N 

Bonderite and 
Steel Hot rolled 5·5 8mm 32-0 25·9 80·5 Die steel Bonder lube and 10000 
0·05%C (100 mm) machine oil 

2 Steel Hot rolled 10·0 10mm 33·0 32·5 81·0 Cemented Oil with MoS2 50000 
0·05%C (50 mm) carbide 

Hot rolled-annealed Bonderite and 
3 Steel and drawn 10·0 10 mm 44·2 29·3 74·7 Cemented Bonder lube and 11 000 

0·1%C (35 mm) carbide oil with MoS2 

Hot rolled-annealed Bonderite and 
4 Steel and drawn 10·0 10mm 49·3 29·3 76·9 Cemented Bonder lube and 12000 

0·2%C (35 mm) carbide oil with MoS2 

5 Copper Cold drawn 14·9 14 mm 35·1 20·7 62·5 Cemented Oil with MoS2 30000 
(pure) (full hard) (41 mm) carbide 

zero clearance is desirable to get a good sheared sur
face, about 0·01 mm clearance has been adopted in 
actual practice to avoid scoring. The clamping force is 
equal to three times the shearing load. 

Bar and wire material tested 
The tool-life test was conducted on four types of 
steel and also on pure copper as detailed in Table 1. 
In cases 1 and 2, the material of the bar is the same as 
low-carbon steel but the sizes of bar differ in the ratio 
of 1:2, approximately. In cases 3 and 4 the bar 
material is annealed to increase the ductility. In case 
5, copper material has been used for comparison 
only. In all cases, except case 1, cemented-carbide 
tools are used with the hydraulic clamp shearing 
machine. 

EXPERIMENTAL RESULTS 

The tool-life test was continuously conducted with
out any intermediate checking on the tool to avoid 
the change of shearing conditions. 

Sheared surface 
The main advantage of clamp shearing is to get a 
good, smooth sheared surface. Fig. 2 shows the 
appearance of a sheared surface obtained in the 
experiment. Some small hair cracks are observed in all 
pieces. In the case of steel of 0·05% C cracks looking 
like scratch cracks start appearing from 30 000 pieces 
onwards and these become more clear and visible 
thereafter. In the case of 0·1% C steel the cracks start 
earlier and are comparatively bigger and deeper in size 
than in the case of 0·05% C. In the case of 0·2% C 
steel the material cannot be sheared successfully as it 
produces deep cracks in the middle of the section due 
to its low ductility. Contrary to this, in the case of 
copper the surface is very clear and no big cracks are 
observed even after 30 000 shearing strokes. This is 
because of its high ductility. 

Fig. 3 shows the typical roughness change of 
sheared surfaces measured with regard to a certain 
number of shearing strokes for 10 mm diameter steel 
bars of 0·05% C and also 15 mm diameter copper bar. 
From measurements, the following observations have 
been made: The surface roughness increases as the 
number of shearing strokes increases. This rate .of 
increase in roughness is different for different 
materials; the less ductile the material, the greater is 
the rate of increase in roughness. 

When the roughness of the remaining end of the 
billet was compared for the same 0·05% carbon steel 
after 10 000 shearing strokes, it was found that the 
5·5 mm diameter steel bar had greater roughness than 
the 10 mm diameter bar. This increased roughness is 
caused by sticking on the moving quenched die steel 
blade. 

Wear of tool 
Fig. 4 shows a photograph of the blade surfaces of 
the shearing tool after 50 000 strokes for 0·05% C 
steel. The tool is observed to have carried the wear 
trace on its surface. Consequently some sticking of 
the work material in the form of molten steel is 
observed on the side face of the cemented-carbide 
tool blade and is understood to be due to a temper
ature rise under high axial pressure causing the 
sheared surface of steel bar to melt and stick to the 
blade. The same sticking breaks down in the subse
quent shearing cycle, along with some carbide tool 
material, which finally results in greater surface 
roughness on the sheared billet (see Fig. 3). 

This wear of the cemented carbide is quite high 
and unexpected; it may be due to the softness of 
cemented carbide. However, in the above experiment, 
the cemented-carbide tool was chosen, not on the 
basis of hardness, but on stiffness to avoid unneces
sary chipping. Therefore it can be assumed that the 
cemented-carbide tool of greater hardness will have a 
longer life. 
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c. 

Fig. 1 (a) Clamp shearing tool using the polyurethane die 
cushion for 5·5 mm diameter 0·05% C steel wire. 
(b) Hydraulic clamp shearing machine for 10 mm diameter 
steel bar and 15 mm diameter copper. 
(c) Shearing tool blades of cemented carbide attached to the 
above hydraulic machine. 

Fig. 5 shows the roughness profile of shearing 
tools used on different materials as measured along 
X-X. It is observed that the roughness profile 
obtained in the case of 0·05% C steel after 50 000 
strokes is the same as that for 0·1% C steel after 
II 000 strokes. This clearly indicates that the tool 
life for 0·05% carbon steel material is about five times 
that of 0·1% carbon steel; in the case of copper no 
wear is observed on the tool. 

In the case of 5·5 mm diameter steel of 0·05% C, 
the moving blade is found to have some sticking on 
its surface , whereas the stationary blade does not 
have so much. This sticking occurs mainly during the 
backward stroke of the moving blade, damaging the 
remaining end of the clamped bar before the next 
shearing cycle occurs, thereby leaving some hatches 
on the sheared end. 

From the above results on I 0 mm diameter steel of 
0·05% C, the wear of the shearing blade is found to 
be about 25J1 after 50 000 strokes which results in an 
increase of clearance to 50J1. The reason for the 
occurrence of scratch cracks (see Fig. 2) may be due 
to this increase in clearance . This is further confirmed 
by the results of shearing tests carried out for differ
ent values of clearance using a clamp shearing mech
anism. 

From Fig. 6, which shows the above test results 
and the sheared surface obtained for different clear
ances, it can be seen that the sheared surface obtained 
for a clearan<;e of 0·04-0·06 mm is the same as the 
sheared surface obtained at 50 000 strokes. 

Quality of sheared billet 
Fig. 7 shows the relation of number of strokes against 
burr height and weight of sheared billet, respectively. 
It can be seen that the height of burr developed is 
almost constant irrespective of the number of strokes. 
It is well known that the height of burr depends on 
the amount of cutting-edge radius of the tool which 
in turn results from the wear of the tool. It can thus 
be concluded that the wear of a tool increases with 
the number of strokes, but the amount of cutting
edge radius is almost constant with the stroke 
number. 

It was also noted that the difference in burr height 
observed on the two ends of the sheared billet was 
not much. In any event, the burr height obtained by 
this clamp shearing is so small, less than 0·3 mm, that 
it can easily be removed in a simple barrel-finishing 
machine. Therefore the burr problem in clamp shear
ing is not a major one. From Fig. 7b it can be seen 
that the variation in weight is within ± 0·5%. From 
these results, it can be stated that a billet produced in 
this way is better than a saw-cut billet. As regards the 
perpendicularity of the sheared plane with the billet 
axis, it is within 1 o, and the radius of steel billet 
corner is about 3- 4% of its diameter, except in the 
case of copper, for which it is about 1·5%. The vari
ation in these values is very small, even for a large 
number of shearing strokes. 
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Fig. 3 (above) Surface roughness of sheared billets of 10 mm 
diameter 0·05% C steel (the remaining end of the billet). 

Fig. 4 (right) Appearance of shearing blades of cemented 
carbide after 50 000 shearing strokes of 10 mm diameter 
0·05% C steel bar. 
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Fig. 5 Surface profiles of shearing blades measured in X-X 
direction after tool-life tests. 
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Fig. 6 Appearance of sheared surface of 10 mm diameter 
0·05% C steel bar for different clearances. 

Q30.----------------------------, 

0.25 

E 
!:0.20 ,~) \ .R _)'---<t0.2%C Steel 
.t:: ,' '/.. )\ )', 

' ,r' , ,' . . "a. 
~ ol5 , I cr ct , 
: . ,' jt ','0 0.1% C Steel 

o 0.10 / 0.05% C Steel 

~ / x o.o · 

0 2 4 6 8 10 20 30 40 50 lxl03l 

a. 

2 

b. 

Number of strokes N 

I I I I q I I 

05%C 

, st~''l 
40 50 lxl o'l 

Fig. 7 Accuracy of sheared billets; (a) burr height in sheared 
billet, (b) variation of weight in sheared billet. 

ACKNOWLEDGMENT 

The authors would like to thank Mr M. Oshima of 
Miyamot Industries Ltd. and Mr M. Nagase of Tokyo 
University for their assistance in these tool-life tests; 
M/S Kobe Steel Ltd. and M/S Nippon Steel Corpor
ation for the steel bars and wire, and also Mr K. 
Asami of M/S Brother Industries Ltd. for his assistance 
in tool making. Further, they wish to thank Mr V. 
Nagaraju of the Mechanical Engineering and Develop
ment Organization, India, for his kind assistance in 
writing the manuscript. 

1. 

2. 

REFERENCES 
NAKAGAWA, T., and MAEDA, T., Preprint of 
4th Int. Cold Forging Conf., DUsseldorf, 351 
(1970). 

FUKUI, S., MAEDA, T., and NAKAGAWA, T., 
Sci. Papers of Inst. Phy. Chern. Research, 64, I 
(1970). 

DISCUSSION 

Query from M Maj, McPhersons Limited, Australia_ 

Possible improvements of the results. When working 
on the problem of cropping of steel (K1016) 0.16% C 
for consequent backward extrusion, similar problems 
of surface imperfections were observed. The cropping 
was done by the Hungarian type cold flow method, 
where axial stresses are applied, which is to some 
extent similar to the clamp shearing method of 
Professor Nakagawa. Considerable improvements 
were noted when: 

(a) A small land was created by grinding a relief 
above the cutting edge of the moving and 
stationary dies, as per Fig. 8, and the backing 
plate relief was made. 

(b) Speed variation led to considerable improvement 
in the face finish, that is, higher speeds produced 
a better finish. 

The second phenomenon markedly worsened the 
tool-life and in consequence simple high energy rate 
cropping has been adopted and a special small petro
forge type machine built. Could Professor Nakagawa 
comment on the two phenomena above? 

Annealing of steel bar of 0.1% prior to cropping to 
increase the ductility of the material. 

If one considers following with cold forging opera
tions, such as backward extrusion, there might be a 
danger of undesirable workhardening affecting these 
operations. 

This might lead to the need for a secondary 
annealing before the extrusion in some cases and put 
in doubt the whole economics of the process. 

Has workhardening been observed in the 'clamp 
shearing' process? If so, did it affect further process
ing (if the slugs were used for backward extrusion)? 
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Reply 

A similar type of relief is used in clamp shearing of 
non-ferrous material. In the case of steel, sticking can 
be avoided to some extent by the introduction of 
relief of blades, but it seems difficult to obtain any 
remarkable improvement of the tool-life. 

Speed effects in clamp shearing and axial compres
sive shearing were observed, the same as you point 
out, and details are published1 . This speed effect is 
attributable to the temperature rise by adiabatic 
plastic deformation in the shearing zone. 

Clamp sheared slugs have about 10-15% work
hardening layer relative to diameter. Those slugs 
annealed after being sheared are just equivalent to 
machined slugs for extrusion, and, if not annealed, 
they can be extruded without trouble. But the 
maximum force in the extrusion of a clamp sheared 
slug is about 10% larger than that of a machined slug. 
This difference is comparatively small because the 
sheared end surface of a slug does not suffer from 
much deformation in most cases of extrusion2 • 

Query from Dr. M. K. Das and V. G. Wong, University 
of Birmingham. 

High axial compressive stresses are generated in the 
clamped shearing process. Though this compressive 
stress is useful from a crack supression point of view 
(thereby resulting in a good quality billet), sticking 

friction occurs at the tool surface, as proved by the 
experimental results reported in the present paper. 
Therefore, it is essential, for the interpretation of 
tool-life data, to know the current axial compressive 
stress generated. Clearly, a material having a higher 
tensile strength will generate higher axial stress, and 
will adversely affect the tool wear, as can be seen 
from Fig. 5. . .. 

Other variables of interest will be the 1mt1al 
surface roughness of the tool blade surfaces, abrasive 
wear characteristics of the tool material and the 
sharpness of the cutting edges. It will be useful to 
have some of these figures, at progressive stages of the 
tool-life tests, along with load-penetration profiles 
(both axial and in the shearing directions). 

Reply 

The axial compressive force originated in clamp shear
ing has already been measured and reported: it is 
about half the shearing resistance1 . It is better for the 
tool wear to reduce this axial compressive force, but 
difficult to control this force in clamp shearing. 

I don't think that the surface roughness of a shear-
ing tool is an important factor in this case. . 

We did not measure the stroke-load curve, but th1s 
curve will be changed to some extent by the sticking 
and wear. This report does not deal with the analysis 
of tool wear, but with tool-life in a practical case. 



ELASTIC STRESSES AT SEALS IN PLAIN AND NECKED 
OPEN-ENDED CYLINDERS UNDER INTERNAL AND EXTERNAL PRESSURES 

by 

B. LENGYEL and D. C. HARVEY* 

SUMMARY 

The finite-element method of stress analysis has been used to compute elastic stresses at the seals in plain and 
necked cylinders under internal and external pressures, under open-ended conditions. The analysis indicates that 
although tensile axial as well as hoop stresses are present at the seals, away from the seals the stress conditions are 
significantly more severe, so that fatigue failures due to repeated pressures would not normally be expected in the 
vicinity of the seals for either type of cylinder made of ductile materials. Experiments indicate the validity of this 
conclusion. However, additional axial compressive loading must be provided when the absence of axial tensile 
stresses could be important, such as in the brittle liner of an open-ended compound vessel for very high cyclic 
pressures. 

INTRODUCTION 

With the development of new manufacturing 
processes which employ very high fluid pressures, 
such as hydrostatic extrusion or the isostatic compac
tion of powders, a great deal of attention has been 
focused in recent years on various container designs 
suitable for high cyclic pressures. An initial study has 
indicated1 that open-ended compound containers 
made of concentric cylinders, with a pressurized fluid 
layer between the component cylinders, could provide 
a promising solution to this design problem. Two 
alternative designs of this type have been put 
forward: two or more concentric cylinders with the 
interfacial supporting fluid layer between them under 
static pressure and, alternatively, where the support
ing fluid pressure is built-up in constant proportion to 
the bore pressure, the 'floating liner' design2 • 

It has been realized, furthermore, that experiments 
using cyclic bore pressures and static or cyclic 
supporting pressures on monobloc open-ended cylin
ders offer a convenient way of investigating the effect 
of the various stress components in container fatigue, 
and that such experiments might yield results on 
which the design of compound vessels for cyclic 
pressures could be based3 . Investigations have there
fore been commenced both to establish fatigue design 
criteria for pre-stressed compound vessels and to 
prove the usefulness of the fluid support principle in 
vessels for high cyclic pressures. 

In previous experiments monobloc cylinders with 
closed ends have been subjected to cyclic bore pres-

sures and the results analysed with reference to the 
Lame stresses in the bore4 •5 • It was found that the 
bore shear-stress range primarily determined the 
fatigue life. Other work6 established that while the 
axial tensile stress remained the intermediate prin
cipal stress, it had no effect on the life of thick-walled 
cylinders subjected to repeated internal pressure. 

ln the present experiments, however, the tensile 
hoop stresses are reduced or completely suppressed in 
the open-ended cylinder by pre-stressing with a static 
outside pressure or by the application of a cyclic 
supporting pressure. In such conditions the stresses at 
pressure discontinuities, particularly possible tensile 
stresses in the cylinder wall introduced by the seals, 
might cause failure at Lame stresses significantly less 
than the critical values. The same could of course 
apply to the liners of pre-stressed compound con
tainers. It is therefore important to analyse the wall 
stresses at pressure discontinuities in compound 
containers as well as in the fluid supported cylinders 
used in the fatigue experiments. This report describes 
the analysis of stresses at seals in a plain and in a 
necked open-ended cylinder, the specimens used in 
fatigue tests under internal and external pressures. 
The geometry of the specimens is broadly similar to 
proven specimen designs used by Morrison et al4 and 
Austin and Crossland5 • The general conclusions of 
the analysis are valid also for the liners of fluid 
supported compound vessels. 

An analysis of the stresses in the necked static 
support specimen (Fig. la) could be achieved experi
mentally by strain gauge or photoelastic methods. 

*Department of Mechanical Engineering, Imperial College, London 
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The use of strain gauges could prove difficult in the 
seal region in a fluid pressure environment, and prob
lems would certainly arise if through-the-wall stresses 
were needed. Three dimensional photoelasticity using 
either the stress-freezing or sandwich technique 
appears to be a better experimental technique, 
although only very small model pressures would be 
needed, and under these conditions the viscoelastic 
behaviour of the rubber seal would not be represent
ative. A theoretical analysis by Kudo and Matsubara 7 

revealed that stress discontinuities in cold forging dies 
are greatly influenced by Poisson's ratio. This would 
cast doubt on the validity of the stress freezing 
photoelastic approach in this application. However, 
the sandwich technique has been successfully 
employed to determine the stress distribution in an 
extrusion container during extrusion8 • 

A variety of methods are available for theoretical 
analysis of the discontinuity and steady stresses in a 
thick-walled cylinder subjected to a band of pressure. 
One of the most exhaustive treatments of the subject 
is given in the 'Thick-Walled Cylinder Handbook'9 

where the Fourier integral method is used to calculate 
the stress distribution in plain semi-infinite cylinders 
with internal pressure, internal shear, external pres
sure, or external shear loading. Similar results are 
reproduced by Timoshenko and Goodier10 from the 
paper by Barton 11 • In these analyses the pressure 
loading is assumed to reduce instantaneously to zero 
at the end of the pressure band, which probably 
represents a more severe situation than in practice 
with a rubber seal and mitre ring. The fact that analy
sis of semi-infinite cylinders does not take account of 
end effects in short cylinders is a further unrepresent
ative feature. 

Kudo and Matsubara 7 used the successive over
relaxation method due to Southwell to calculate the 
stresses induced in a cylindrical die of finite length by 
a band of uniform internal pressure. The analysis 
shows that considerable constraint is provided by the 
pressure-free ends of the die so that hoop stresses less 
than the corresponding Lame values are present in the 
pressurized portion of the die. The maximum con
straint is provided when the pressure-free length is 
greater than 0·5 to 1·0 times the bore diameter, in the 
case of a pressurized length equal to the bore dia
meter. Lame hoop stresses are only achieved when 
the pressurized length is greater than three times the 
bore diameter for the case of K = 5 (K = outside 
diameter /bore diameter of the cylinder) and a 
pressure-free length equal to the bore diameter. 
Although most of the analysis assumes a rectangular 
or step pressure distribution, an example is given of a 
trapezoidal or ramp pressure distribution. This has 
the effect of significantly reducing the amplitude or 
severity of the stress discontinuities. 

Thick-shell analysis has been used12 to investigate 
stress distributions in a thick-walled vessel subject to 
equal internal and external pressure. The results of 
finite element analysis were also presented and 
provided a useful comparison. Two arrangements 
were considered, one an open-ended cylinder with a 
ram seal halfway down the bore, and the other an 
open-ended cylinder with a rigidly constrained end 
and pressure over the whole length. The analysis 

shows that significant tensile longitudinal stresses are 
induced in the bore of the cylinder on the ram side of 
the seal and that the magnitude and distribution of 
longitudinal stress is unaffected by the nature of the 
pressure drop at the seal, be it a step function or 
ramp function over 0·2 in. The latter conclusion con
tradicts the findings of Kudo and Matsubara 7 and 
seems intuitively unlikely. Furthermore, the finite
element-predicted longitudinal stress distribution 
exhibits a sharper stress discontinuity than the thick
shell analysis, although the peak values are in agree
ment. Tensile longitudinal stresses in the bore are also 
predicted near the end of the constrained cylinder. 
However, higher tensile stresses can be found in the 
same region on the outside of the component. It was 
agreed in the discussion on this paper that the loading 
case of zero internal pressure with external pressure 
could give rise to significant discontinuity stresses and 
should not be ignored. 

The numerical method of boundary-point-least
squares14 was used by Simonen et al 13 to examine dis
continuity stresses in a plain cylinder of K = 2. No 
end effects were considered and a ramp function 
pressure drop over a length of 0·05 in was assumed. 
Internal and external pressure loadings were applied 
separately, and the conclusion in both cases was that 
the most severe shear stresses were to be found in the 
pressurized portion of the cylinder away from the dis
continuity. 

The examples quoted in the previous paragraphs 
serve to show the importance of detailed analysis of 
stress discontinulties at seals in high-pressure cylin
ders. The most significant feature of such discon
tinuities is the possibility of longitudinal tensile 
stresses. Both the longitudinal and hoop stress condi
tions are greatly influenced by factors such as the 
relative pressurized and unpressurized lengths of the 
cylinder, the K ratio, and the pressure drop function. 
A further complication not dealt with in previous 
analyses is the precaution usually taken with fatigue 
specimens of necking the cross-section in the region 
of intended failure. It was decided to examine the 
plain and necked static support specimens, K = 1·75, 

0·375 

Mitre rings 

(a) 

0·045 X 45° 
Mitre rings 

0·125 dia. 
'o' ring 

0·0625 X 45° 
Mitre rings 

0·62510. 
1·000 0.0. 
X 0·155 
Hallprene seal 

Mitre rings 

0·125 rad 

(b) 

Fig. 1 Necked (a) and plain (b) cylinders of K = 1·75 with 
seals. All dimensions in inches. The position and dimensions 
of the seals on the plilln specimen are the same as on the necked 
specimen. 



B. LENGYEL and D. C. HARVEY 575 

for internal and external pressure loadings (Fig. 1). 
The finite-element method seemed the best choice 
for analysis, and a programme was already available 15 

for axisymmetric solids of revolution. 

FINITE-ELEMENT ANALYSIS 
OF THE TEST SPECIMENS 

The finite-element method of stress analysis is today 
the major computer-orientated stress-analysis tech
nique, and is rapidly gaining acceptance as an altern
ative to the traditional experimental techniques. The 
subject is treated at length by Zienkiewicz 16 . The 
method involves the division of a structure or con
tinuum into a number of small ('finite') elements, 
commonly triangular in cross-section, interconnected 
at their corners. These connecting points are known 
as nodes, and external loading is applied to the body 
via the nodal points. In the case of plane stress or 
plane strain the elements are effectively triangular 
laminae, and in the axisymmetric case are rings of tri
angular cross-section. 

Two specimen geometries were analysed using an 
Imperial College (Mechanical Engineering Depart
ment) axisymmetric finite-element programme on the 
College IBM 7094 computer. The programme has the 
facility for elastic-plastic analysis, although only 
elastic analysis was performed. The necked and plain 
versions of the static support specimen were selected 
for analysis, although the information gained about 
stress discontinuities at seals and the specimen length 
required to develop Lame stress conditions would 
read across to other similar geometries, such as the 
dynamic support specimen. 

The finite-element mesh was made as fine as poss
ible within the limitations of the programme and the 
available computer core store. The mesh was defined 
uniformly along the length of the specimen. This was 
considered preferable to the alternative of a coarser 
mesh away from stress concentrations and a finer 
mesh around the stress concentrations themselves, as 
the stress gradients are too severe in a thick-walled 
cylinder even in Lame stress regions for a true repre
sentation of the total stiffness of the cylinder by a 
coarse mesh. The configuration used in the analysis is 
shown in Fig. 2, and it will be noticed that the mesh 
coarsens radially outwards from the bore. The radial 
heights of the elements were calculated to give the 
same hoop stress gradient radially across each 
element. The pitch of the elements axially is 0·1 in. 
Because of geometrical symmetry about the centre 
sections of both the necked and plain specimens, it is 
sufficient to consider only half the total length of 
each specimen, as shown in Fig. 2, which is an illus
tration of the final version of the input data as drawn 
by the Calcomp plotter. 

Two loading conditions were analysed for each 
specimen geometry. The first condition was unit 
internal pressure applied uniformly to a fixed length 
of the bore, and then a linear decrease to zero over 
one element length, that is 0·1 in. The second condi
tion was unit external pressure again decreasing lin
early to zero over one element. The positions of these 
ramp function pressure drops correspond closely to 
the extreme positions of the mitre rings in the static 

support rig. The internal and external mitre rings 
were I /16 in and 3/64 in long, respectively. Both 
upper and lower external seals were 1 /8 in diameter. 
The ram seal was 9/32 in long and the lower internal 
seal was 1/16 in diameter. Thus the assumption made 
in the finite-element analysis loading was that the 
pressure drop occurred mainly in the mitre ring, and 
that the seals themselves transmitted pressure hydro
statically for a good proportion of their length. This 
assumption seems reasonable, although there is no 
direct evidence to support it. The loading conditions 
are shown diagramatically in Fig. 2. 

0 1·0 1·5 2·0 

/~ ~ rO.D. 

V\ /V\ VVV\ /\ (\f'v 
lv' v' ./ 'V ./ ./ ./ 

'-Bore f T 1 1 Plain cylinder f 
Centre section_/ 

Fig. 2 Finite-element mesh and pressure loading of plain and 
necked cylinders. 

RESULTS OF ANALYSES 

The results of finite-element analyses on both the 
plain and necked static support specimen for internal 
and external pressure are summarized in Figs 3-8. 
The vertical axes indicate stresses in any unit per unit 
pressure, if both stress and pressure are expressed in 
the same unit. Or, in other words, the stresses are 
given as a multiple of the pressure loading. The plots 
were obtained by first plotting the element stresses 
for elements closest to the inside and outside 
surfaces, which gave the general trend of the distri
butions. Boundary stress conditions were then evalu
ated by taking radial cross-plots at appropriate 
intervals and extrapolating to the boundaries. The 
somewhat laborious procedure is achieved numeric
ally in more sophisticated finite-element programmes. 
Nevertheless the cross-plots provide a useful check 
both on the accuracy of the finite-element results, 
and on the degree of guesswork involved in extra
polation. Fig. 3 shows a few hoop stress cross-plots 
for the plain cylinder with internal pressure. It can be 
seen that in the central region of the specimen the 
element stresses lie very close to the true Lame 
stress distribution. In the seal region, however, the 
radial distributions are changing rapidly particularly 
near the bore. Extrapolation is more doubtful in this 
region, and if greater accuracy were required, a much 
finer finite-element mesh would be essential. The 
hoop stress cross-plots for the necked specimen with 
internal pressure, and the external pressure cases, 
exhibited similar characteristics to Fig. 3. The axial 
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stress cross-plots were also clearly defined except in 
the region very near to the seal where extrapolation 
was more doubtful. These local inaccuracies however 
are of only minor importance in the overall longi
tudinal stress distribution plots Figs 4-8. 

Internal pressure loading 
Figs 4 and 5 deal respectively with the plain and 
necked specimens under unit bore pressure. The 
concept of the necked design is of course to minimize 
any undesirable stress conditions in the seal region, 
and thereby ensure fatigue failures within the necked 
region only. The hoop stress distributions do show 
that the reduction of stress takes place more gradu
ally over a longer distance in the necked specimen, 
but that this also has the effect of reducing the speci
men length over which Lame conditions apply. In the 
plain specimen the hoop stress distribution is within 
t!% of the Lame values for a total length of 2 X 
I! in = 2~ in out of the 4 in length subjected to fluid 
pressure. The corresponding length for the necked 
specimen is about 2 in. The magnitude of the bore 
hoop stress a0 discontinuity is 0·15 stress units per 
unit pressure, that is 1 5% of the bore pressure in both 
cases, although the discontinuity takes place at a 
slightly higher stress level in the plain cylinder. For 
pressure p and Poisson's ratio v the discontinuity 
range for a step function pressure drop is 2vp 7 , say 
0·56 units in the present case if p = 1. The ramp 
function pressure drop over 0·1 in applied in the 
fmite-element analysis is the reason for this differ
ence. It has been shown 7 that a ramp function over 
0·031 in causes the discontinuity range to fall to 
about 0·42 units. If in the same way the step function 
discontinuity curve were terminated at points corres
ponding to a ramp function over 0·1 in the discon
tinuity range would fall to about 0·2 units per unit 
pressure. 

The axial stress Gz distributions at the bores of 
both plain and necked cylinders are very similar, 
slightly lower peak stresses occurring in the necked 
cylinder. At the pressure-free ends of the cylinders 
tensile axial stresses are predicted, but only of about 
0·18 units magnitude. On the other hand, the peak 
compressive axial stress in the pressurized region is 
about 0·5 units giving a total discontinuity range of 
0·68 units per unit pressure. The corresponding range 
for a step-function pressure drop would be 1·0 unit, 
although this time the difference is not so directly 
related to the pressure-drop function. It is more likely 
that the proximity of the seal to the end of the cylin
der has reduced the magnitude of the tensile axial 
stress. Larger tensile axial stresses are in fact 
predicted on the outside diameter of the specimen, 
although these would not normally be significant. 

The shear stress arz vanishes over the bore surface 
and thus the so called 'Bore' Grz stress distribution 
refers to material just below the bore surface. 

External pressure loading 
The stress distributions due to unit external pressure 
are shown in Figs 6 and 7. The necked cylinder again 
exhibits a more gradual decay of bore and outside 
diameter hoop stress ( a0 ) than the plain cylinder but, 

as before, this is associated with a smaller length of 
the cylinder for which Lame conditions apply. The 
plain cylinder hoop stress values, however, are within 
1% of the Lame values for some 2 X I! = 3 in of the 
total 5 in length of the cylinder. As the external seal 
is very near to the end of the cylinder, the hoop stress 
discontinuity which would be expected on the out
side diameter has no opportunity to develop. 

Tensile axial stresses Gz are generated at the bore 
in the pressurized region of peak magnitude 0·38 
units per unit pressure in the plain cylinder, and 0·24 
units in the necked cylinder. Corresponding compres
sive axial stresses can be observed on the outside dia
meter although the stresses in the necked cylinder are 
increased considerably in the large-diameter region 
because of the additional axial fluid pressure loading. 
The shear stress Grz just below the outside surface, 
and referred to as 'O.D.' Grz exhibits the character
istic peak in the region of the seal, and in the necked 
cylinder a second peak can be observed in the trans
ition region between the radiused and parallel 
portions of the specimen. 

t 

2·0 

2 

ot=~~~==~~1~~~~:d 
0·5 0·6 0·7 0·8 

1 Radius (in) -

Bore Outside 
diameter 

Fig. 3 Radial cross-plots of element hoop stresses. Plain 
cylinder with unit bore pressure. 
Axial coordinate of cross-plots: 1, 0·15 in; 2, 0·2 in; 3, 
Q-45 in; 4, 0·5 in; 5, 0·55 in; 6, 0·6 in; 7, 2·4 in; 8, 1·5 in. 
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Fig. 4 Stresses at the bore and on the outside diameter 
(O.D.) of the plain cylinder with unit bore pressure. 
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Fig. 6 Stresses at the bore and on the outside diameter 
(O.D.) of the plain cylinder with unit external pressure. 
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Fig. 7 Stresses at the bore and on the outside d iameter 
(O.D.) df the necked cylinder with unit external pressure. 

Fig. 8 Stresses at the bore and on the outside diameter 
(O.D.) of the plain cylinder with external pressure half the 
bore pressure of unity. 

I 

CONCLUSIONS 

(a) The difference between the stress distributions 
in necked and plain cylinders is so small that there is 
little advantage in using a necked specimen design. In 
fact, apart from manufacturing simplicity, the plain 
cylinder is more attractive because of the greater uni
formity of stress conditions in the central region of 
the specimen. 

(b) The tensile axial stresses at the pressure-free 
end of the bore of a cylinder with internal pressure 
are considerably less than the tensile hoop stresses in 
the same area, therefore their effect is probably 
negligible in fatigue. The same argument applies to 
the tensile axial stresses predicted on the outside dia
meter in the pressurized region of the specimen. As 
the nominal bore hoop stress at the seal is about half 
of the Lame value, fatigue failures due to repeated 
pressure should not occur at the seal unless fretting 
damage at the mitre ring becomes significant. 

(c) The case of external pressure loading is applic
able to the situation in a static support fatigue test 
when the internal pressure is reduced to zero. In this 
case the axial tensile stress at the bore could be 
important, particularly in a brittle material with low 
tensile strength. However, in a material such as EN25 
the very large compressive hoop stresses would con
siderably retard (if not prevent) the development of a 
fatigue crack. 

(d) A most important condition is when both 
internal and external pressure loadings are present, 
such as in a static support or dynamic support fatigue 
test. In Fig. 8 the stress distributions have been 
plotted from Figs 4 and 6 for the case of a plain 
cylinder, when the external pressure is half the inter
nal pressure and the latter has the value of unity. It 
can be seen that although a tensile Lame hoop stress 
of 0·48 units is present at the bore in the central 
region of the specimen, in the seal and pressure-free 
regions the bore hoop stress is entirely compressive. 
However, the tensile axial stress at the bore in the seal 
region is augmented by the external pressure loading, 
achieving a peak of almost 0·4 units. This would not 
normally be serious in fatigue for a ductile material 
such as EN25, owing to the small range of the axial 
stress and the presence of local compressive hoop 
stresses. If the internal and external seals were 
opposite one another, rather than displaced as in the 
present case, then the axial stresses due to internal 
and external pressure loading would tend to cancel 
out and this would help to minimize tensile axial 
stresses. However, the displacement of the seals is an 
essential design feature of the necked specimen, and 
it was a matter of convenience to use the same 
arrangement for the plain specimen. An additional 
axial compressive stress would need to be provided 
even with opposite seals, if it were important to elimi
nate tensile stresses altogether. 

(e) These conclusions indicate that fatigue results 
on plain cylinders of ductile materials under cyclic 
pressure are representative of the effect of Lame 
stresses. There is no need, therefore, for the use of 
necked cylinders with their more complex manufac
turing and testing problems, which could become 
particularly troublesome in testing under simul-
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taneous internal and external pressures. Experiments 
have proved the validity of this conclusion: fatigue 
failure in the vicinity of the seals has never occurred 
in specimens of EN25 steel. A typical fracture of 
these specimens is shown in Fig. 9. 

(f) This analysis indicates, furthermore, that axial 
tensile stresses at the seals in the fluid-supported 
brittle liner of an open-ended compound vessel could 
cause fatigue failure at cycle lives less than those 
predicted from the Lame stresses. Optimum designs 
could be developed for such cases by carefully select
ing the position and configuration of the seals and by 
axially pre-stressing the liner. 

(g) The accuracy of the analysis of stress discon
tinuities at the seal is dependent, not only on the 
fineness of the fmite-element mesh, but also on the 
gross assumptions made about the normal and shear 
loadings at the seal. Knowledge of these loading 
conditions is needed if the design and positioning of 
high pressure seals is to be optimized. 

Fig. 9 Typical fatigue failure of EN25 plain cylinders. 
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DISCUSSION 

Query from C F. Noble, UMIST 

It appears that the cylinder design you have 
considered in your paper is more appropriate to iso
static compacting than hydrostatic extrusion. In the 
former only relatively small movement of the piston 
will be incurred. However, in hydrostatic extrusion 
the movement will be considerable and since the seal 
is usually attached to the piston the configuration 
will be completely different at the end of the stroke 
from that shown in Fig. 1. Does your analysis err on 
the safe side under this condition and, if so, why? 

Reply 

The paper analyses stresses at seals in fatigue specimens. 
We agree that,inhydrostaticextrusion, conditions could 
be different when the seal is attached to the plunger, 
but this is by no means always the case. Unfortu
nately, no data is available in the literature regarding 
the relative merits of stationary and moving seals in 
fatigue. Work is being carried out at present at 
Imperial College, which should provide some 
guidance to designers on this particular point. 
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